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Theme 


Heat  transfer  and  cooling  in  gas  turbine  engines  are  still  key  factors  to  achieve  high  performance,  increased  life  and  improved 
reliability.  Any  progress  in  this  field  will  lead  to  a  reduction  of  maintenance  cost  and  fuel  consumption. 

The  purpose  of  this  Symposium  was  to  bring  together  experts  from  industry,  research  establishments  and  universities  to  discuss 
fundamental  and  applied  heat  transfer  problems  relevant  to  gas  turbines,  to  exchange  practical  experience  gained  and  to  review 
the  state  of  the  art. 

The  Symposium  focused  on  turbine  blade  cooling  (both  external  and  internal  heat  transfer);  heat  transfer  in  combustors,  to 
disks,  in  labyrinth  seals,  and  in  shafts;  measurement  techniques  and  prediction  methods;  as  well  as  interactions. 


Theme 


Le  transfert  thermique  et  le  refroidissement  continuent  a  jouer  un  role  cle  dans  Tobtention  de  meilleures  performances. 
I'augmentation  de  la  duree  de  vie  et  I'amdioration  de  la  fiabilite  des  turbines  a  gaz.  Tout  progres  r^lise  dans  ce  domaine 
permettra  de  reduire  les  couts  de  maintenance  et  de  diminuer  la  consommation  de  carburant. 

L'objet  du  Symposium  etait  de  rassembler  des  specialistes  de  I’industrie.  des  etablissements  de  recherche  et  des  universites  pour 
discuter  des  problemes  fondamentaux  et  d'application  en  transfert  thermique  dans  les  turbines  a  gaz.  La  reunion  a  foumi 
I'occasion  pour  un  echange  d’experience  pratique  et  I'examen  de  I’etat  de  Part  dans  ce  domaine. 

Le  Symposium  a  traite  du  refroidissement  des  aubes  de  turbine  (le  transfert  thermique  interne  et  exteme),  du  transfert 
thermique  dans  les  chambres  de  combustion,  les  disques,  les  presse-gamitures  a  labyrinthe  et  les  arbres,  ainsi  que  des  methodes 
de  prevision  et  des  techniques  de  mesure  et  les  interactions  qui  en  resultent. 
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R<ri>ert  E.  Mayle 
Rensselaer  Polytechnic  Institute 
Troy,  New  York  12180 
United  States 


It  is  always  good  to  partidpate  in  such  a  symposium  where  all 
of  those  attending  have  a  common  interest  and  objective. 
Somehow  it  gives  me  a  feeling  of  compatriotism,  creativity 
and  accomplishment-  It  is  even  better  when  the  nearly  one 
hundred  and  forty  of  us  attending  not  only  come  from  multi- 
frrious  nations,  but  also  from  industry,  universities  and 
various  goverrunent  agendes.  This  sort  of  meeting  provides 
the  best  in  diversity  of  approaches  to  our  conunon  problem 
and  the  best  chance  for  the  diffusion  of  our  ideas.  As  we  have 
experienced  this  week,  the  outcome  was  not  only  forty  pres¬ 
entations  which  covered  most  aspects  of  gas  turbine  heat 
transfer  and  cooling,  but  lively  discussions  and  a  comradery. 
In  addition,  I  had  some  impressions.  Some  arose  from  what  I 
have  heard  this  week,  some  were  reflections  of  what  I  have 
experienced  during  my  twenty-some  years  as  an  active 
researcher  in  the  gas  turbine  heat  transfer  community,  and 
some  involved  what  I  foresee  concerning  research  and 
development  in  the  fidd  of  gas  turbine  heat  transfer.  Now  I 
wish  to  share  them  with  you. 

During  this  Symposium,  the  80th  Symposium  of  the  Propul¬ 
sion  and  Energetics  Panel  of  AGARD,  the  common  interest 
has  been  'Heat  Transfer  and  Cooling  in  Gas  Turbines”  and 
the  cottunon  olqective  has  been  to  improve  gas  turbine  dura¬ 
bility  and  performance.  Seven  years  ago,  the  Propulsion  and 
Energetics  Panel  held  a  similar  symposium  (see  AGARD  CP 
390),  and  the  interest  and  objective  were  the  same.  What  has 
changed?  From  the  standpoint  of  fundamental  understand¬ 
ing,  not  much.  Progress  in  fundamental  understanding  is  slow, 
as  I  will  now  illustrate  with  a  story.  About  twenty  years  ago 
when  I  started  my  career  in  the  field  of  gas  turbine  heat  trans¬ 
fer,  my  supervisor  told  me,  contrary  to  my  belief,  that  the 
lamiruir-turbulent  transition  problem  had  been  solved  and 
that  I  should  work  on  the  mudi  more  relevant  problem  of  film 
cooling.  So  I  begun  my  work  in  film  cooling  and  today,  in  spite 
of  my  efforts  then  and  those  of  many  others  since,  we  still  can¬ 
not  predict  heat  transfer  downstream  of  an  arbitrary  film 
cooling  scheme  because  the  fundamental  problem  of  film 
cooling  renoains  unsolved.  The  story  does  not  end  here  and,  in 
fact,  closes  at  the  beginning.  About  four  years  ago  I  b^;an 
working  on  the  transition  problem  again,  although  I  was  inter¬ 
ested  in  its  unsteady  aspects,  and  was  surprised  to  learn  how 
little  our  fundamenaJ  understanding  of  transition  had 
changed  in  twenty  yean.  Indeed,  it  really  hasn’t  dunged  much 
since  1951  when  Emmotu  discovered  the  formation  of  turbu¬ 
lent  spots  in  a  laminar  boundary  layer. 

So  what  has  dunged?  From  the  fundamental  standpoint,  not 
much.  From  the  standpoint  of  a  gas  turbine  design  engineer, 
however,  a  lot  Since  the  last  symposium,  there  has  been  an 
increasing  flow  of  dau  from  a  wide  variety  of  experiments 
pertaining  to  gas  turbiiM  heat  transfer,  much  of  which  is  well 
documented.  This  has  provided  the  designer  wifli  a  contimi- 
ing  update  of  his  or  bn  data  base.  Some  of  these  data  were 


obtained  in  full-scale  turbine  test  facilities  using  advanced 
data  acquisition  systems,  and  some  were  obtained  in  large 
scale  test  facilities  operated  according  to  the  fluid  mediimk 
similarity  prindples.  Each  type  of  frdlity  is  needed,  aldiou^ 
I  favor  the  large  scale  type  b^use  of  their  simplicity  arid  flu 
chance  of  obtaining  more  detailed  data.  In  addition,  there 
have  been  significant  advances  in  numerical  methods  of  aiul- 
ysis  and  experimental  techniques  which  together  will  provide 
the  foundation  of  our  future  gas  turbine  design  systems.  So 
the  changes  depend  upon  our  standpoint  and  needs,  even 
though  the  primary  interest  and  objective  of  our  conununity 
have  remained  the  same. 

This  Symposium  covered  most  aspects  of  heat  transfer  and 
cooling  in  gas  turbines.  This  ituy  be  seen  from  the  titles  of  the 
sessions  themselves,  namely, 

•  Thrbine  Blades  —  Exterrial  Heat  Transfer 

•  Tbrbine  Blades  —  Internal  Heat  Transfer 

•  Measurement  Techniques 

•  Rotating  Disks,  Labyrinth  Seals  and  Shafts 

•  Combustors 

•  Design,  Interactions 

•  Prediction  Methods. 

After  reviewing  the  papers  presented  in  these  sessions,  not 
including  the  Keynote  Address,  I  would  say  about  eighteen 
concerned  increasing  our  data  base,  ten  concerned  numerical 
methods  of  analysis,  five  concerned  measurement  techniques, 
five  concerned  full-scale  engine  simulation  tests  for  the  pur^ 
pose  of  design  substantiation,  and  only  one  concern^  a 
fundamental  question  regarding  gas  turbine  heat  transfer. 
Except  for  a  few  which  addressed  specific  design  issues,  most 
contain  some  element  of  research,  some  element  of  *iiew- 
ness”.  Coming  back  to  the  point  I  made  earlier,  and 
considering  the  numbers  above,  it  should  not  surprise  anyone 
that  a  lot  has  changed  from  a  designer’s  standpoint  while  not 
much  has  changed  from  the  fundamental  standpoint  Now  I 
wish  to  discuss  some  of  the  advances  I  think  we  have  made  in 
the  last  seven  years,  and,  in  so  doing,  I  will  also  try  to  indicate 
their  future  impact  on  gas  turbine  heat  transfer  and  cooling 
design. 

In  recent  years,  the  most  significant  advances  have  been  in  the 
areas  of  unsteady  flow,  transitional  flow,  and  rotatioaal  flow, 
and  in  applications  of  the  experimental  liquid  crystal  tedr- 
nique  and  the  computaticmal  fluid  dyruunic  methods.  Since  1 
am  personally  involved  in  two  of  these  areas,  namdy, 
unsteady  and  transitional  flow,  I  will  start  with  them. 

I  strongly  believe  that  the  largest  improvements  of  durability 
and  efficiency  in  future  gas  turbine  engines  depend  upon  our 
understanding  of,  and  our  ability  to  predict  the  highly 
unsteady  and  three-dimensional  flows  ^ch  occur  ^diin 
these  engines.  In  addition,  I  truly  believe  that  die  last  frboder 
in  gas  turbine  technology  is  understanding  and  either  actively 
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or  passively  controlling  these  flows.  The  recent  advances  in 
this  area  have  been  swift  About  seven  years  ago  we  just 
started  to  digest  the  first  truly  unsteady  heat  transfer  and  aer¬ 
odynamic  results,  and  now  we  already  have  simple,  but  useful 
unsteady  flow  models  for  transition  and  complex,  but  practi¬ 
cal  unsteady,  three-dimensional  computer  programs.  The 
advances  being  made  in  this  area  have  been  fundamental  as 
well  as  practical.  Today,  Dr  Hah'  described  his  unsteady, 
three-dimensional  computer  program  and  told  us  that  the 
time-averaged  aerodynamic  loss  associated  with  these  flows  is 
not  equal  to  the  loss  predicted  by  a  steady  flow  calculation 
using  the  time-averaged  inlet  flow  conditions.  Earlier  this 
week,  I  described  a  simple  model  for  unsteady,  multimode 
transition  and  showed  even  for  two-dimensional  flow  that  the 
time-averaged  heat  load  on  a  cooled  turbine  airfoil  cannot  be 
calculated  using  a  steady  flow  analysis  with  time-averaged 
inlet  flow  conditions.  In  other  words,  correct  predictions  of 
either  the  aerodynamic  losses  or  blade  heat  transfer  require 
unsteady  flow  considerations.  In  addition,  Dr  Epstein 
described  the  three-dimensional  eflects  of  a  non-uniform 
inlet  temperature  profile  on  turbine  blade  heat  transfer.  Pres¬ 
ently,  OUT  design  systems  either  neglect  these  unsteady, 
three-dimensional  effects  or  incorrectly  attempt  to  take  them 
into  account  by  using  time-  and  circumferentiaily-averaged 
inlet  conditions.  We  should  be  working  hard  toward  replacing 
these  systems  with  their  unsteady,  three-dimensional 
counterparts  and  using  the  new  systems  to  design  three- 
dimensionally-tailored  cooled  airfoils  having  lower 
aerodynamic  losses  which  can  operate  at  higher  inlet  temper¬ 
atures. 

Coming  back  to  the  story  I  related  earlier,  laminar-turbulent 
transition  has  been  a  problem  for  many  years  and  is,  since 
most  flows  in  a  gas  turbine  are  transitional,  still  an  important 
problem  to  solve.  Fortunately,  there  have  been  significant 
advances  here  too.  As  explained  in  my  recent  review  paper* 
on  the  subject,  the  advances  have  not  been  in  “fixing  up”  old 
two-dimensional,  steady-flow  models  of  the  phenomenon, 
but  in  accepting  and  using  the  turbulent  spot  ideas  of 
Emmons.  Mr  Clark  showed  us  very  clearly  this  week  that 
these  ideas  provide  an  accurate  description  of  transitional 
flow.  The  new  ideas  also  allow  us  to  solve  the  unsteady  transi¬ 
tional  flow  problems  such  as  those  discussed  in  my 
presentation.  All  of  the  advances  here  are  very  recent,  and  can 
be  attributed  solely  to  a  revolution  in  our  thinking  more  than 
anything  else.  Presently,  however,  most  design  systems  still 
use  the  old  methods  for  calculating  transitional  flows.  We 
should  be  working  towards  incorporating  the  new  thinking 
into  these  design  systems  and  obtaining  data  to  clarify  some  of 
the  missing  details  in  the  new  models. 

The  work  in  rotational  flow  with  heat  transfer  can  usually  be 
divided  into  three  areas;  flow  in  disk  cavities,  flow  through 


labyrinth  seal  passages,  and  flow  in  airfoil  cooling  passages. 
Advances  in  all  of  these  areas  have  mainly  been  associated 
with  acquiring  more  information  about  these  flows,- which,  in 
turn,  has  helped  to  dispel  some  of  the  “mysticism”  surround¬ 
ing  (no  pun  intended)  them.  The  more  common  experiments 
involve  rather  sophisticated  rotating  test  models  and  data 
acquisition  systems  such  as  that  described  by  Prof.  Morris.  A 
conceptionally  simpler  rotating  test  facility  using  the  liquid 
crystal  measurement  technique  was  described  by  Prof.  Metz¬ 
ger.  While  interest  in  rotating  flows  and  the  heat  transfer 
associated  with  them  is  relatively  recent,  research  and  adv¬ 
ances  have  generally  followed  the  increase  in  turbine  inlet 
temperatures  and  coincided  with  the  designer’s  need.  Calcu¬ 
lation  methods,  such  as  those  described  separately  by 
Professor  Owen  and  Professor  Launder,  have  also  been  deve¬ 
loped  to  handle  these  complicated  flows.  Presently,  however, 
most  design  systems  use  correlations  to  predict  the  effects  of 
rotation  on  turbine  heat  transfer.  Here,  we  should  continue  to 
develop  practical  computational  methods  for  these  flows, 
particularly  methods  which  can  handle  rotational  flows  in 
complex  airfoil  cooling  passages. 

Following  up  on  this  statement,  it  is  now  clear  that  computa¬ 
tional  fluid  dynamic  and  heat  transfer  programs  have  now 
been  developed  to  a  point  where  they  become  more  attractive 
to  use  as  a  design  tool.  Euler  solvers  are  now  commonly  used 
by  aerodynamicists  and  Navier-Stokes  solvers  are  quickly 
being  introduced.  Before  these  programs  can  become  a  main¬ 
stay  of  the  heat  transfer  design  system,  however,  they  must 
become  more  accurate.  The  comparisons  between  calculated 
and  experimental  results  shown  separately  by  Dr  Ghana  and 
Dr  Rivir^  just  aren’t  good  enough  yet  for  heat  transfer  design 
purposes.  Nevertheless,  it  is  now  practical  to  consider  a 
design  methodology  which  uses  computational  fluid  dynamic 
and  heat  transfer  programs,  together  with  liquid-crystal-type 
experiments  to  “quick  check”  the  design  and  subsequently 
modify  it  accordingly.  As  shown  by  Dr  Pirrelli,  this  method 
appears  most  suitable  for  designing  turbine  blade  cooling 
flow  systems  where  the  geometry  of  the  passages  and  the 
flows  within  them  are  so  complex  that  our  correlation  laden 
design  programs  are  only  approximate  anyway.  This  is  the 
direction  of  the  future,  both  for  internal  and  external  flows, 
and  we  should  be  pursuing  it  vigorously. 

In  conclusion,  there  have  been  many  changes.  There  have 
been  many  advances,  and  if  we  are  as  successful  in  the  next 
seven  years  as  we  have  been  in  the  last,  the  next  symposium 
will  be  well  worth  attending.  It  has  been  a  pleasure  to  particip¬ 
ate  in  this  Symposium.  The  presentations  and  discussions 
have  been  very  good  and  stimulating.  Now  I  wish  to  close  by 
thanking  the  Propulsion  and  Energetics  Panel  and  all  those 
who  participated  in  the  Symposium.  It  has  been  a  very  worth¬ 
while  experience. 


'  The  authors  named  in  this  report  are  those  who  presented  their  papers.  They  may  not  be  the  paper’s  first  author. 

’  TheRcdeof  Laminar-'Ibrtauient  Transition  in  Gas  TiitbineEn^es,”J.Tiirtemachinery,Vol.  113, 1991,  pp.  509-537. 
'  Dr  Rivir  presented  the  paper  authored  by  Haldeman,  Dunn,  MacArthur  and  Murawski. 
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Abatract 

A  theory  for  unsteady,  multimode  transition  on  gas  turbine  air¬ 
foils  is  presented.  The  theory,  which  provides  a  correction  to  the 
Mayle-Dullenkopf  multimode  model,  considers  a  more  physi¬ 
cally  correct  viewpoint  by  taking  into  account  the  periodic  dis¬ 
turbance  caused  by  both  the  wake-induced  turbulent  strips  and 
the  "becalmed"  flow  following  them.  In  addition,  a  comparison 
of  the  theory  with  data  is  provided,  which  shows  excellent  agree¬ 
ment,  and  results  illustrating  the  effects  of  transition  onset  dis¬ 
tance  and  wake-passing  Strouhal  number  on  multimode  transi¬ 
tion  are  presented. 

List  of  Symbols 

a  production  rate  of  turbulent  strips 

c  airfoil  chord 

n  production  rate  of  turbulent  spots  per  unit  distance  in  the 
spanwise  direction 
Nu  Nusselt  number 

Re  Reynolds  number 

S  Strouhal  number 

t  time 

U«  free-stream  velocity 

X  surface  coordinate  in  stream-wise  direction 

xtn  onset  of  the  wake-disturbed  normal  transition 
xtw  onset  of  the  wake-induced  transition 

Greek 

T  intermittency 

7  time-averaged  intermittency 

V  kinematic  viscosity 

o  Emmons'  spot  propagation  parameter 

T  wake-passing  period 

o>  wake-passing  frequency 

Subscripts 

L  laminar 

n  normal  transition  mode 

T  turbulent 

w  wake  induced  transition  mode 

Introductian 

In  the  past,  laminar-to-turbulent  boundary  layer  transition  on 
gas  turbine  airfoils  was  considered  to  be  a  "steady"  event,  or  at 
least  a  statistically  steady  event,  and  was  calculated  as  such. 
During  the  past  decade  or  so,  however,  experimental  evidence 
began  to  appear  which  showed  otherwise  and  now,  after  numer¬ 
ous  experiments  (Pfeil  and  Herbst,  1979,  Herbst,  1980,  Pfeil  et 
al.,1983,  Hodson,  1984,  SchrOder,  1985, 1989, 1990,  Ashworth  et  al., 
1985,  Doorly  et  al.,  1985a,  b  and  c,  1988,  Dring  et  al.,  1986,  Dunn  et 
al.,  1986,  Wittig  et  al.,  1988,  LaGri^  et  al.,  1989,  Dong  and 
Cumpsty,  1989a  and  b,  Mayle  and  Dullenkopf,  1989, 1990,  Uu  and 
Rodi,  1989,  Dullenkopf,  et  al.,  1991,  Orth,  1991,  and  Dullenkopf, 
1992),  it  is  generally  accepted  that  transition  on  gas  turbine  air¬ 
foils  is  unsteady  and  that  the  unsteady  passing  of  wakes  from  the 
previous  airfoil  row  (see  Pig.l)  has  the  greatest  effect  In  partic¬ 
ular,  it  is  now  recognised  that  the  wakes  themselves  produce 
nearly  two-dimensional,  spanwise-oriented,  turbulent  strips 


which  periodically  propagate  and  grow  along  the  airfoil  surface, 
as  shown  in  the  lower  portion  of  Fig.  2,  such  that  the  affected  flow 
is  part  of  the  time  laminar  and  part  of  the  time  turbulent  This 
transition  is  called  "wake-induced  transition"  and  was,  until 
recently,  considered  to  be  the  main  unsteady  effect  of  the  wake  on 
the  flow.  The  fraction  of  time  the  flow  is  turbulent  is  defined  as 
the  intermittency,  y.  For  laminar  flow  y  =  0,  while  for  turbulent 
flow  Y  =  1.  For  transitional  flow,  of  course,  y  lies  between  zero 
and  unity.  Several  intermittency  distributions  for  wake-in¬ 
duced  transition  ore  shown  in  the  upper  portion  of  Fig.  2.  In  this 
figure,  the  onset  of  wake-induced  transition  is  presumed  to  occur 
at  the  streamwise  position  xtw- 

Some  of  the  same  experiments  (Pfeil  and  Herbst,  1979,  Herbst, 
1980,  Pfeil  et  al.,  1983,  Wittig  et  al.,  1988,  Mayle  and  Dullenkopf, 
1989, 1990,  Dullenkopf,  et  al„  1991,  Schroder,  1985, 1989, 1990,  and 
Dong  and  Cumpsty,  1989a  and  b),  however,  also  revealed  that 
transition  by  any  other  mode  can  occur  between  the  passing  tur¬ 
bulent  strips.  In  each  case,  the  transition  taking  place  between 
the  strips  was  a  periodically  disturbed  version  of  that  which 
would  have  occurred  there  if  the  mainstrean.  flow  had  been 
steady.  For  this  reason,  and  in  the  following,  this  transition 
will  be  referred  to  as  the  "wake-disturbed"  transition.  A  typical 
intermittency  distribution  for  a  transition  which  would  occur  if 
the  mainstream  flow  was  steady  is  shown  in  Fig.  3.  In  this  fig- 
ure,  the  onset  of  transition  is  presumed  to  occur  at  the  streamwise 
position  Xtn  caused  by  a  random  production  of  turbulent 

spots  as  first  described  by  Emmons  (1951)-  An  interesting  con¬ 
sequence  of  a  combined  unsteady,  wake-induced  and  wake- 
disturbed  transitional  flow  is  that  multiple  regions  of  laminar 
and  turbulent  flow  can  occur  simultaneously  on  the  same  sur¬ 
face.  That  is,  an  instantaneous  snapshot  of  the  flow  over  a  gas- 
turbine  airfoil,  say,  may  show  a  laminar  boundary  layer  near 
the  leading  edge,  a  wake-induced  turbulent  strip  farther  down¬ 
stream,  followed  by  a  second  region  of  laminar  flow,  and  an¬ 
other  transition  to  turbulent  flow  by  any  one  of  the  usual  modes, 
be  it  natural,  bypass,  or  separated-flow  transition.  This  multiple 
transitional  behavior  is  called  "unsteady,  multimode  transi¬ 
tion"  or  simply  "multimode  transition"  (Mayle,  1991). 

To  this  author's  knowledge  the  first  evidence  of  multimode  tran¬ 
sition  was  presented  by  Pfeil  and  Herbst  (1979)  and  later  de¬ 
scribed  in  a  series  of  articles  by  Herbst  (1980),  Pfeil  et  al.  (1983), 
and  Schroder  (1985).  They  measured  the  steady  and  unsteady 
velocity  components  in  a  flow  along  a  flat  plate  positioned 
downstream  of  a  rotating  cylinder  of  circular  spokes  aligned 
parallel  to  the  leading  edge  of  the  plate.  Besides  discovering  that 
the  wakes  produce  turbulent  strips  and  correctly  describing  the 
wake-induced  transition  process,  they  discovered  that  a  periodi¬ 
cally  unsteady  transition  could  occur  between  the  strips.  In  this 
regard,  they  were  the  first  to  establish  the  basic  features  of  the 
multimode  transition  process  as  we  know  them  today.  Later, 
Wittig  et  al.  (1988)  measured  the  time-averaged  heat  transfer  on 
a  gas  turbine  airfoil  in  an  unsteady  wake-disturbed  incident 
flow  which  clearly  showed  multimode  transitional  behavior. 
These  measurements  were  obtained  for  wake-passing  Strouhal 
numbers  less  than  four  and  indicated  that  one  could  easily  treat 
the  wake-disturbed  transitional  portion  of  the  flow  as  steady. 
Later  measurements  obtained  by  Dullenkopf  et  al.  (1991)  and 
Dullenkopf  (1992)  for  higher  Strouhal  numbers,  however,  showed 
that  this  is  not  always  the  case.  About  the  same  time,  Dong  and 
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Cumpsty  ( 1989a  and  b)  presented  their  measurements  on  the  un¬ 
steady  interaction  between  wake-induced  turbulent  strips  and  a 
separated-flow  transition  bubble.  In  these  papers,  where  velocity 
measurements  on  a  compressor  blade  in  an  unsteady  wake- 
disturbed  incident  flow  are  reported,  it  is  clearly  shown  that 
laminar  separation  was  suppressed  as  the  strips  passed  over  the 
separation  location.  In  fact,  for  certain  conditions,  it  was  found^ 
that  the  wake  flow  prevented  both  separation  and  transition  from 
occurring  at  all,  such  that  the  flow  between  the  turbulent  strips 
remained  laminar  all  the  way  to  the  airfoil's  trailing  edge. 

In  developing  their  theory  for  wake-induced  transition,  Mayle 
and  Dullenkopf  (1989)  also  presented  a  model  for  unsteady, 
multimode  transition.  Based  on  the  results  of  Wittig,  et  al.,  1988, 
which  indicated  little  interaction,  and  Emmons'  (1951)  turbulent 
spot  transition  theory,  they  obtained  an  expression  for  the  time- 
averaged  intermittency  of  a  multimode  transitional  flow  by  as¬ 
suming  that  the  downstream  transition  was  undisturbed  by  the 
wake-induced  turbulent  strips  except  to  the  extent  that  the  areas 
covered  by  the  strips  were  always  turbulent.  Specifically,  this 
was  done  by  considering  the  production  of  turbulent  strips  and 
spots  to  be  independent  of  one  another  and  the  downstream  tran¬ 
sition  to  be  steady.  As  shown  in  their  original  paper,  the  agree¬ 
ment  between  this  model  and  measurements  for  small  Strouhal 
numbers  was  excellent.  As  shown  recently  (see  Dullenkopf  and 
Mayle,  1992,  Fig.  2),  however,  their  model  fails  to  predict  the  cor¬ 
rect  behavior  for  higher  wake-passing  frequencies.  In  addition, 
the  theory  is  incapable  of  predicting  either  an  extended  laminar 
or  wake-disturbed  transitional  flow  region  such  as  observed  by 
Dong  and  Cumpsty. 

The  present  paper  is  an  effort  to  correct  these  shortcomings.  In 
the  following,  the  idea  of  a  "becalmed"  flow  will  first  be  intro¬ 
duced  and  its  effect  on  wake-disturbed  transition  described. 
Then  the  Mayle-Dullenkopf  multimode  transition  result  will  be 
outlined  and  a  new  theory  introduced  which  accounts  for  the  ef¬ 
fect  of  the  becalmed  flow.  This  is  followed  by  a  comparison  of  the 
new  theory  with  data.  Finally,  the  results  of  several  parametric 
studies  for  multimode  transition  are  presented. 

THhe  'Becalmed"  Flow 

As  shown  by  Schubauer  and  Klebanoff  (1955)  the  flow  directly 
following  a  turbulent  spot  is  laminar  and  stable  with  regard  to 
any  disturbances  impressed  upon  it.  Although  not  "calm,"  the 
flow  within  this  region  has  been  called  "becalmed."  While  the 
reason  for  this  behavior  is  not  yet  known,  the  implication  in 
terms  of  transition  is  clear;  turbulent  spots  can  not  be  produced  at 
any  position  on  the  surface  covered  by  this  stable  flow.  Recent 
measurements  by  Orth  (1991)  show  that  a  similar  becalmed  flow 
also  follows  a  turbulent  strip.  Therefore,  in  multimode  transi¬ 
tion  where  wake-induced  turbulent  strips  pass  through  another 
transition  region,  both  the  disturbance  of  the  strips  and  the  sta¬ 
bility  of  the  flow  following  them  must  be  taken  into  account. 

Considering  the  effect  of  the  becalmed  flow  on  a  boundary  layer 
in  multimode  transition,  an  instantaneous  view  of  the  boundary 
layer  and  its  intermittency  distribution  may  appear  something 
like  that  shown  in  Fig.  4.  In  this  figure,  the  flow  upstream  of  xtw 
is  supposed  fully  laminar,  while  that  far  downstream  is  expected 
to  be  fully  turbulent.  At  the  instant  shown,  the  first  turbulent 
strip  has  yet  to  interact  with  the  transition  occurring  down¬ 
stream,  while  the  second  strip,  together  with  its  attendant  be¬ 
calmed  flow,  lies  within  it.  Since  the  becalmed  flow  prevents 
any  turbulent  spots  from  forming  where  they  would  normally 
form,  a  completely  laminar  "strip"  follows  the  turbulent  strip  as 
it  propagates  through  the  wake-disturbed  region  of  transition. 
Unlike  the  turbulent  strips,  however,  and  as  will  be  seen  later, 
these  laminar  strips  decrease  in  length  as  they  propagate  down¬ 
stream. 

The  various  laminar,  turbulent,  laminar  becalmed,  and  transi¬ 
tional  flow  regimes  corresponding  to  the  flow  just  described  are 
shown  in  the  distance-time  diagram  of  Fig.  6.  Cuts  parallel  to 
the  X  axis  describe  the  instantaneous  state  of  flow  on  the  surface, 
while  vertical  cuts  describe  the  unsteady  behavior  of  the  flow  at  a 
fixed  position  on  the  surface.  The  instantaneous  state  repre- 


^  N.  Cumpsty,  1992,  private  communication. 


Figure  1.  Unsteady  flow  In  a  turbine  passage  with  multi- 
mode  transition. 

sented  by  the  dashed  line  in  this  figure  corresponds  to  that  shown 
in  Fig.  4.  The  dark  gray  areas  in  Fig.  5  represent  the  turbulent 
flow  regions  caused  by  the  wakes,  i.e.,  turbulent  strips.  Their 
period  corresponds  to  the  wake-passing  period  T.  Measurements 
show  that  these  strips  are  nearly  two-dimensional  and  travel  at 
an  average  velocity  equal  to  about  0.7  U..,  which  is  slower  than 
the  wake.  The  velocities  of  the  leading  and  trailing  edges  of 
these  strips  are  presented  in  Table  1,  together  with  data  previ¬ 
ously  gathered  on  turbulent  spots.  Their  growth  rate  is  given  by 
(U|e  -Ute).  Hence,  turbulent  strips  and  spots  propagate  and  grow 
at  about  the  same  rate.  Furthermore,  as  shown  by  Orth  (1991),  the 
rate  is  independent  of  whether  or  not  the  flow  is  accelerating  or 
decelerating.  This  latter  observation  confirms  the  assumption 
made  by  Chen  and  Thyson  (1971)  in  their  transition  model. 
Since  turbulent  strips  and  spots  simply  convert  with  the  flow,  it  is 
always  possible  to  represent  their  boundaries  by  straight  lines  in 
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Flgura  2.  Waka-lnduead  transition  on  a  surfsea  and  timo- 
avsragsd  Intarffliltaney. 
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FIgura  3.  Intarmittancy  diatrlbutlona  lor  a  normal  tranal- 
tlon  In  ataady  flow. 

an  x-t  plot,  even  if  the  iree-etream  velocity  varies.  This  may  be 
done  by  using  a  transformed  streamwise  coordinate  x  = 
U„fdji’/V(x').  Figure  5  has  been  drawn  with  this  in  mind. 


Table  1 


Reference 

Type 

UleAJ- 

Ut*/U« 

Orth 

(dp/d'<  ■  0,  >  0,  and  <0) 

Strips 

0.88 

0.5 

Schubauer  &  Klebanoff 

(dp/dx-O) 

Spots 

0.88 

0.5 

Wynanski  et  al. 

(dp/dxsO) 

Spots 

0.89 

0.5 

The  white  areas  in  the  figure  represent  the  laminar  portions  of 
the  flow  on  the  surface.  They  have  been  separated  into  two  re¬ 
gions,  however,  in  order  to  distinguish  the  laminar  becalmed 
flow  from  the  remaining  laminar  flow.  The  line  separating 
these  regions  represents  the  trailing  edge  of  the  becalmed  flow. 
Schubauer  and  Klebanoff  measured  a  trailing  edge  velocity 
equal  to  the  Tollmien-Schlichting  wave  speed.  In  their  case,  the 
speed  was  0.29U..  Orth's  data  indicates  a  similar  situation  ex¬ 
ists  for  turbulent  strips.  From  his  data,  the  trailing  edge  velocity 
of  the  becalmed  flow  is  estimated  to  lie  between  0.30U.  and 
0.38U_.  The  latter  value  nearly  corresponds  to  the  Tollmien- 
Schlichting  wave  speed  for  the  critical  Reynolds  number  of  in¬ 
stability,  while  the  former  nearly  corresponds  to  that  found  by 
Schubauer  and  Klebanoff.  These  facts  strongly  suggest  that  the 
size  of  the  becalmed  region  is  connected  to  the  Tollmien- 
Schlichting  wave  speed.  If  true,  then  the  trailing  edge  velocity  of 
the  becalmed  flow  will  vary  slightly  with  streamwise  distance 
as  the  boundary  layer  grows,  however,  there  are  not  enough  data 
available  to  prove  it.  Neglecting  this  variation  and  using  the 
average  of  the  above  values,  the  trailing  edge  velocity  of  the  be¬ 
calmed  flow  will  be  about  0.34U..  From  this  and  the  values 
given  previously  for  the  turbulent  strip  velocities,  it  is  easy  to 
calculate  that  the  ratio  between  the  residence  time  of  the  be¬ 
calmed  flow  over  a  point  on  the  surface  and  the  residence  time  of 
the  turbulent  strip  itself  is  about  unity. 

The  light  gray  areas  in  Fig.  5  represent  the  transitional  flow  oc¬ 
curring  between  the  turbulent  strips  and  becalmed  flow.  It 
should  be  shaded  light  to  dark  from  left  to  right  indicating  the 
laminar-to-turbulent  transition  as  shown  in  Fig.  3.  This  may 
be  either  a  natural,  bypass,  or  separated-flow  transition.  Since 
the  turbulent  spots  which  cause  this  transition  are  produced  only 
at  xtn  and  only  after  the  becalmed  flow  has  passed,  transition 
can  only  occur  within  the  skewed  triangular  portion  shown.  The 
interval  of  time.  Tp,  during  which  spots  can  be  produced  is  easily 
determined  from  geometry  to  be 


In  r  .Is  (*m'Xtw)  /  1  1 

r  ■  t  ((Uu)bU|,J  = 


(xtn  2  xtw) 


(1) 


Figure  4.  An  Instanisnsous  view  of  e  multimode  trensl- 
llonsl  flow. 


where  Tw  is  the  interval  of  time  during  which  turbulent  strips  are 
produced  by  the  wake  at  xtw.  and  (Ut»)b  is  th®  trailing  edge  ve¬ 
locity  of  the  becalmed  region.  Using  (Ute)b  *  0.34U,.  and  Ule  = 
0.88U,>„  this  expression  becomes 


Tp  s  t  -  Tw  -  l.SOfxtp  -  XtwVUo*  (2) 

The  maximum  distance  downstream  at  which  transition  by  any 
other  mode  can  begin  is,  therefore,  xtp  max  =  ’ttw  +  O.SSft  -  Tw)U_. 
Introducing  the  wake-passing  Strouhal  number,  S  =  o>c/U_, 
where  o>  is  the  wake-passing  frequency,  this  condition  may  be 
rewritten  as 


Axtn  max 
c 


Xtn  max  •  ^tw 
c 


(3) 
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Figure  5.  Multimode  transHlon  In  the  x-t  plans. 
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FIgur*  7.  Watca-inducad  production  function  for  tur- 
bulant  atrlpa. 


Figure  6.  Topology  diagram  for  aingla  and  multimodo 
tranaltlon,  it,,  s  0. 

This  relation  is  plotted  in  Fig.  6  for  Tw  =  0.  If  the  distance  be¬ 
tween  the  onset  of  transition  for  an  undisturbed  incident  flow 
and  wake-induced  transition  is  greater  than  this,  then  transi¬ 
tion  cannot  occur  between  the  strips,  and  only  wake-induced 
transition  will  occur.  For  Axtn  <  Axt„  niax<  however,  a  multi- 
mode  transition  will  occur.  The  problem  now  is  to  determine  the 
time-averaged  intermittency  for  multimode  transition. 

A  Multimode-Tianaition  Intennittency  Model 

The  time-averaged^  intermittency  for  wake-induced  transi¬ 
tion  was  obtained  by  Mayle  and  Dullenkopf  (1989)  and  is  given 
by 


7w(*)  =  1  ■  exp|^-4afano(^)(-g^)  j  ;  (x  2  xtw)  (4) 

where  "a"  is  the  production  rate  of  turbulent  strips,  o  is  one-half 
of  their  growth  angle  in  the  x-t  plane  (a  -7.4°),  and  Us  » Iheit  av¬ 
erage  propagation  velocity  (Us  “  0.7U»).  A  sketch  of  this  expres¬ 
sion  showing  the  effect  of  increasing  wake-passing  frequencies 
(decreasing  t)  was  given  in  the  upper  portion  of  Fig.  2.  To  obtain 
eq.  (4),  Mayle  and  Dullenkopf  assumed  that  the  wakes  turned  the 
production  of  turbulent  strips  on  and  off  as  they  passed  over  the 
location  xtw.  Their  assumed  production  rate  distribution  is 
shown  in  Fig.  7.  Later  (1990),  for  typical  gas  turbine  flows,  they 
found  eq.  (4)  could  be  replaced  by  a  much  simpler  expression, 
viz.. 


Yw(x) 


1  ■  ex] 


(*  2  Xtw) 


(5) 


The  multimode  model  proposed  by  Mayle  and  Dullenkopf  uses 
eq.  (5)  for  the  wake-induced  intermittency  and  eq.  (6)  for  the 
wake-disturbed  intermittency,  together  with  a  superposition 
model  which  provides  the  fraction  of  time  the  flow  is  turbulent 
when  both  transition  processes  occur  simultaneotuly,  viz., 

Y(x)  =  1  -  (1-Yn)(l-Yw)  (7) 

The  present  theory  attempts  to  correct  their  result  by  modifying 
eq.  (6)  to  account  for  the  periodic  passing  of  the  turbulent  strips 
and  their  becalmed  regions  of  flow. 

Since  turbulent  spots  cannot  be  produced  at  xtn  when  either  a  tur¬ 
bulent  strip  or  its  attendant  becalmed  flow  is  directly  above,  it  is 
assumed  that  the  production  of  turbulent  spots  at  xtn  will  be  as 
shown  in  Fig.  9.  This  production  function  may  be  substituted  di¬ 
rectly  into  Emmons'  general  intermittency  expression  and 
time-averaged  similar  to  that  done  by  Mayle  and  Dullenkopf 
(see  Appendix,  1989)  to  obtain  the  time-averaged  intermittency 
distribution  for  wake-induced  transition.  Although  the  analysis 
is  not  simple,  it  can  be  shown  that  for  small  values  of  noUwt^  the 
solution  is 


Yn(Jt)  =  1  -  ex| 


pj^-(^X~)(*-Xtn)^j  :  (x  i  Xtn) 


(8) 


The  restriction  on  nqU.t^  implies  that  the  dimensionless  pro- 
duction  rate  nqv^AJ^,  for  typical  mid-sized  gas  turbines  should 


be  less  than  (10)'^.  This  implies  that  the  free-stream  turbulence 
level  should  be  less  than  eight  percent  (see  Mayle,  Fig.  9,  1991). 
Since  this  restriction  is  quite  reasonable  for  gas  turbine  flows,  it 
would  appear  that  eq.  (8)  will  provide  a  good  approximation  for 
the  time-averaged  intermittency  distribution  in  the  wake-dis¬ 
turbed  transition  regime  on  a  turbine  airfoil. 


A  plot  of  this  expression  and  its  comparison  to  some  experimen¬ 
tal  results  are  provided  in  Fig.  8.  The  agreement  is  seen  to  be 
excellent  even  ^ough,  as  it  turns  out,  the  value  of  atw  is  much 
larger  than  that  for  which  eq.(4)  was  derived. 

An  expression  for  the  time-averaged  intermittency  for  either 
natural  or  by-pass  transition,  assuming  all  turbulent  spots  are 
randomly  produced  at  xtn  was  given  by  Dhawan  and  Narasimha 
(1958),  viz.. 


:  (x  2  xtn)  (6) 

In  this  expression,  n  is  the  turbulent  spot  production  rate  per  unit 
distance  in  the  spanwise  direction  and  o  is  Emmons'  dimen¬ 
sionless  spot  propagation  parameter^  which  depends  on  the  shape 
and  velocity  of  the  spot.  A  sketch  of  this  expression  was  given  in 
Fig.  3.  Comparisons  of  eq.  (6)  to  experimental  results  may  be 
found  in  the  original  paper  by  Dhawan  and  Narasimha,  among 
many  others  (see  Mayle's  1991  review).  The  agreement  is  found 
to  be  excellent 


Yn(*)  =  1  -  exp^-(^)(x-xtn)^j 


With  this,  the  present  method  for  predicting  the  time-averaged 
intennittency  in  multimode  transitional  flows  is  to  use  eqs.  (7), 
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7  Averaged  over  one  wake-passing  period 
^  See  Emmons  (1951) 


Figure  8.  A  eemparlsen  of  wake4ndueod  transition 
theory  with  experiment. 


0  t-^n  T 

TIME,  I 


Figure  9.  Production  function  for  turbulent  spots 
when  disturbed  by  wekes. 

(5)  and  (8),  with  tn  obtained  from  eq.  (2).  The  quantities  na,  xtw. 
and  xtn  may  be  obtained  from  correlations  presented  by  Mayle 
(1991).  A  simple,  but  good,  method  for  obtaining  the  Nusselt 
number  distribution  (or  the  distribution  of  any  boundary  layer 
quantity)  is  to  use  Emmons'  superposition  model,  viz., 

Nu(x)  =  (1  -  y)  Nul(x)  +  Y  Nut(x)  (9) 

where  Nul  and  Nut  are  the  Nusselt  numbers  for  fully-Iaminar 
and  fully-turbulent  flow  on  the  surface.  When  using  this  ex¬ 
pression,  however,  and  as  shown  by  Dhawan  and  Narasimha, 
the  fully-turbulent  boundary  layer  must  be  considered  to  start 
from  the  onset  of  transition.  For  other  boundary  layer  quanti¬ 
ties,  such  as  the  energy  thickness,  one  substitutes  the  correspond¬ 
ing  quantities  for  Nu,  Nul,  and  Nut  into  eq.  (9). 

A  Compariaan  of  the 'nieoiy  with  Data 

The  only  data  available  with  which  this  theory  can  be  compared 
are  the  heat  transfer  measurements  presented  by  Dullenkopf,  et 
al.  (1991).  The  measurements  were  obtained  on  an  airfoil  in  a 
full-scale,  stationary  cascade,  with  an  unsteady  wake  generator 
of  rotating  bars  placed  upstream.  The  apparatus  and  experimen¬ 
tal  technique  have  been  completely  described  by  Wittig  et  al. 
(1988)  where  some  preliminary  results  were  given.  All  of  the  re¬ 
sults  may  be  found  in  Dullenkopf  s  dissertation.  Measurements 
without  bars  were  also  obtained  both  with  and  without  an  up¬ 
stream  turbulence  grid.  For  the  data  shown  below,  the  inlet  flow 
velocity  was  80  m/s  and  the  angular  velocity  of  the  rotating  bars 
was  262  radians/s.  The  different  wake-passing  frequencies 
were  obtained  by  rotating  a  different  number  of  bars.  The  airfoil 
chord  was  82  mm. 

For  each  test,  the  time-averaged  intermittency  data  was  evalu¬ 
ated  using  the  measured  Nusselt  numbers  and  eq.  (9),  viz.. 

.  _  Nu(x)  -Nul(x) 

^  ~  Nu(x)t  -Nul(x) 
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Figure  10.  Comparison  of  multlmoda  transition  theory  with 
dels. 
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Figure  11.  Airfoil  heat  transfer  data  and  prsdictlons. 

and  compared  to  the  theory  calculated  as  explained  above.  The 
values  of  Nut  ond  Nul  were  obtained  from  the  data  taken  with¬ 
out  bars  and  with  the  turbulence  grid  in  and  out,  respectively. 
The  values  of  xtw  were  obtained  by  a  best  fit  to  the  wake-induced 
portion  of  the  data,  while  the  xm  values  were  obtained  by  a  best  fit 
to  the  wake-disturbed  portion.  The  latter  values  correspond 
closely  to  those  which  would  be  predicted  using  the  free-stream 
turbulence  of  the  incident  flow  between  the  wakes  and  the  corre¬ 
lations  presented  by  Mayle  (Figs.  10  and  15,  1991).  While  simi¬ 
lar  correlations  do  not  exist  for  xtw,  ell  the  values  obtained  by 
fitting  the  data  were  found  to  lie  near  the  minimum  pressure  re¬ 
gion  on  the  airfoil.  This  corresponds  to  Mayle's  rule  of  thumb 
(see  discussion  on  pp.  522  and  523,  1991).  TTie  value  of  no  was 
obtained  by  fitting  the  transition  data  obtained  on  the  airfoil  for  a 
steady  incident  flow,  undisturbed  by  wakes,  and  with  no  grid. 

The  results  for  the  suction  side  of  the  airfoil  are  shown  in  Fig. 
10.  (See  Dullenkopf  and  Mayle,  1992,  for  a  discussion  on  the  ef¬ 
fect  of  the  wakes  on  the  pressure  side  of  the  airfoil.)  In  this  fig¬ 
ure,  the  wake-passing  Strouhal  numbers  are  based  on  the  inlet 
velocity.  A  typical  Strouhal  number  for  a  mid-sized  gas  turbine 
is  about  four.  Each  data  set  represents  an  average  of  four  to  five 
test  runs  with  a  scatter  of  less  than  five  percent  The  theoretical 
values  of  the  time-averaged  intermittency  were  calculated  from 
eqs.  (5),  (7),  (8)  and  (2),  with  Tw  =  0.  The  agreement  between  data 
and  theory  is  excellent,  even  for  the  highest  Strouhal  number 
where  the  effect  of  the  turbulent  strips  and  becalmed  flow  on  the 
downstream  transition  is  the  largest  For  this  case,  the  intennit- 
tency  calculated  using  the  original  Mayle-Dullenkopf  multi- 
mode  model  is  also  shown  and  predicts  a  shorter  transition  to 
fully  turbulent  flow.  The  difference  between  these  two  predic¬ 
tions  is  the  result  of  taking  into  account  the  becalmed  flow.  The 
differences  for  the  lower  Strouhal  numbers  are  much  smaller 
and  are  not  shown  for  clarity. 

The  results  shown  in  Fig.  10  for  the  two  highest  Strouhal  num¬ 
bers  are  presented  as  Nusselt  number  distributions  in  Fig.  11. 
The  data  is  that  measured  directly,  while  the  theoretical  values 
were  calculated  using  eqs.  (5),  (7),  (8),  (2)  and  (9).  The  agree¬ 
ment  is  excellent. 

Some  Calculations 

While  the  above  comparisons  provide  a  typical  example  of  mul¬ 
timode  transition,  the  effects  of  onset  location  and  wake  Strouhal 
number  on  the  overall  behavior  are  not  so  obvious.  These  effects 
are  shown  in  Figs.  12  and  13  where  calculated  time-averaged 
intermittency  distributions  are  plotted  against  the  streamwise 
distance  measured  from  the  onset  of  wake-induced  transition. 
In  each  of  these  figures, 'y  has  been  calculated  using  eqs.  (2),  (5), 
(7)  and  (8)  with  Tw  =  0  ®nd  noc^/U*  -  1. 

The  effect  of  distance  between  the  onset  of  wake-induced  transi¬ 
tion  and  the  onset  of  wake-disturbed  transition  is  shown  in  Fig. 
12  where  Axtn/c  =  (xtn  -  HvVc-  In  general,  the  position  where 
each  curve  leaves  the  wake-induced  transition  curve  divides  the 
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FIgur*  12.  Elfact  of  tranalllon  onMt  dlilane*  on  tho  llmo- 
avoragod  Intarmittaney  lor  multlmoda  tranaltlon. 


flow  into  two  regimes.  Upstream  of  this  position,  the  flow  is  dom¬ 
inated  by  the  wake-induced  transition  process,  while  down¬ 
stream  it  is  dominated  by  the  wake-disturbed  process.  In  Fig.  12, 
it  is  obvious  that  as  the  ^stance  between  the  two  transition  onset 
locations  increases,  more  of  the  flow  over  the  surface  is  domi¬ 
nated  by  the  wake-induced  transition  process.  Not  so  obvious  is 
the  effect  of  the  becalmed  flow.  This  effect  may  be  seen  by  com¬ 
paring  the  length  of  the  wake-disturbed  transition  region  for  dif¬ 
ferent  values  of  f'o''  larger  dxtn^c,  the  effect  of  the  be¬ 

calmed  flow  is  to  decrease  the  time  during  which  turbulent  spots 
can  be  produced,  therefore  delaying  transition  to  fully  turbulent 
flow. 


The  effect  of  Strouhal  number  on  multimode  transition  is  shown 
in  Figs.  13a  and  b  where  calculations  for  Strouhal  numbers  S  = 
2,  4  and  8  are  presented.  Here  the  effect  of  the  becalmed  flow  is 
more  obvious.  As  the  Strouhal  number  increases,  the  time  dur¬ 
ing  which  turbulent  spots  can  be  produced  between  the  strips  de¬ 
creases,  again  delaying  transition  to  fully  turbulent  flow.  As 


STREAMWISE  DISTANCE,  (x  -  x^/c 
(b) 

Figure  14.  Elfact  ol  wake  Strouhal  number  on  multlmoda 
transition  with  ssparated-llow  transition;  (a)  AXt„  ■  0.S, 
(b)  Ax,„  =  1.0. 


STREAMVWSE  DISTANCE,  (x  -x^/C 

(a) 


(b) 

Figure  13.  Etfael  ol  wake  Strouhal  number  on  munlmeda 
transition;  (a)  AXm  ■  OJ,  (b)  Ax,n  ■  l-O- 


pointed  out  earlier,  and  as  shown  in  Fig.  6,  it  is  possible  for  large 
values  of  either  S  or  Axm/c  that  no  transition  will  occur  between 
the  turbulent  strips.  Ibe  condition  for  this  to  occur  is  given  by 
eq.  (3). 

Since  the  behavior  for  large  values  of  S  and  Axtp/c  is  similar  to 
thet  observed  by  Dong  and  Cumpsty,  a  calculation  was  per¬ 
formed  using  a  simple  model  for  separated-flow  transition.  The 
model,  although  strictly  hypothetical,  is  based  on  the  separated- 
flow  transition  model  presented  by  Mayle  (1991)  which  presumes 
a  similarity  between  separated-flow  and  attached-flow  transi¬ 
tion.  The  implication  is  that  separated-flow  transition  may  be 
treated  as  a  short  attached-flow  transition  when  calculating  the 
intermittency  distribution.  Arbitrarily  assuming  noc*/U„  « 
0.1,  which  provides  a  short  transition  length,  time-averaged  in¬ 
termittency  distributions  were  calculated  using  eqs.  (2),  (5),  (7) 
and  (8).  The  results  of  these  calculations  are  shown  in  FTgs.  14a 
and  b  for  several  "separated-flow"  multimode  transition  situa¬ 
tions  where  "separation"  was  assumed  to  occur  at  Axtn-  The 
trend,  which  clearly  shows  a  delay  in  transition  to  the  fully  tur¬ 
bulent  state,  may  explain  the  observations  of  Dong  and  Cumpsty. 
Again,  the  effect  is  caused  by  the  periodic  passing  of  the  wake- 
induced  turbulent  strips  and  becalmed  flow.  In  this  ease,  how¬ 
ever,  it  is  physically  attributed  to  the  fact  that  neither  separation 
nor  transition  can  occur  when  the  strips  and  the  becalmed  flow 
pass  over  the  separation  point 

Condusions 

A  model  for  multimode  transition  which  correctly  predicts  ex¬ 
perimental  results  for  high  as  well  as  for  low  wake-paasing  fre¬ 
quency  was  developed  by  accounting  for  the  effects  of  the  be¬ 
calmed  flow  following  the  wake-induced  turbulent  strips.  The 
model  also  predicts  that  transition  to  the  fully  turbulent  state  will 
be  delayed  by  the  unsteady  effect  of  passing  wakes.  This  effect, 
which  has  been  observed  experimentally,  depends  on  both  the 
wake-passing  Strouhal  number  and  the  distance  between  the  on¬ 
set  of  wake-induced  transition  and  the  onset  of  wake-disturbed 


K-7 


transition.  For  larger  values  of  both,  it  was  shown  that  multi¬ 
mode  transition  cannot  occur.  A  criterion  for  this  situation  was 
also  provided. 
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ABSTRACT 

In  HP  turbines,  predictions  of  the  heat  transfer  to 
the  blade  and  endwalls  is  particularly  important  for  an 
accurate  assessment  of  turbine  component  life.  On 
the  endwalls,  there  are  often  complex  3D  (secondary) 
flows  present  which  make  predictions  of  heat  transfer 
particularly  difficult. 

A  detailed  investigation  of  this  area  has  been  carried 
out  on  a  fully  annular  cascade  of  highly  30  nozzle 
guide  vanes.  Measurements  were  made  on  the  vane 
and  endwalls  to  determine  heat  transfer  and 
aerodynamic  characteristics.  Testing  was  conducted 
in  a  short  duration  Iseniropic  Light  Piston  test 
facility,  at  engine  representative  Reynolds  number, 
Mach  number  and  gas-to-wall  temperature  ratio. 
Interpreted  test  data  are  compared  with  computations 
obtained  at  test  conditions. 


A  highly  three-dimensional  nozzle  guide  vane  has 
been  designed  and  tested  at  DRA  Pyestock.  The 
prime  objective  was  to  produce  a  challenging 
three-dimensional  design  which  would  act  as  a 
stimulus  for  aerodynamic  and  thermodynamic 
research.  Fully  three-dimensional  flow  calculation 
methods  were  employed  in  the  design  of  the 
variable-lean  nozzle  guide  vane.  Figure  1  shows  the 
details  of  the  vane  and  the  computational  grid  used. 

The  purpose  of  this  paper  is  to  describe  heat  flux  and 
pressure  measurements  obtained  from  a  set  of  NGV’s 
using  the  Isentropic  Light  Piston  Facility  (ILPF)  a 
short  duration  heat  transfer  tunnel.  The  NGV 
annular  ring  was  tested  over  a  range  of  Reynolds 
number,  Mach  number  and  gas-to-wall  temperature 
ratios,  representative  of  engine  conditions.  The 
detailed  measurements  are  compared  with  theoretical 
flow  and  heat  transfer  predictions. 


1.  INTRODUCTION 

In  order  to  increase  thrust-to-weight  ratio  and 
achieve  maximum  cycle  efficiencies  with  gas  turbine 
engines  it  is  necessary  to  raise  the  cycle  temperatures 
to  the  maximum,  within  the  constraints  of  structural 
integrity.  Thus  the  need  to  understand  in  detail  and 
predict  accurately  the  heat  transfer  distributions  for 
high  pressure  ti^ines  becomes  an  important  factor. 
The  presence  of  complex  highly  thtw-dimensional 
secondary  flows  within  the  turbine  passage  makes  the 
mrbine  designer’s  task  very  difflculL 

Several  different  investigations  of  nozzle  guide  vane 
(NOV)  aerofoil  and  endwall  heat  transfer  behaviour 
have  been  reported  in  the  literature.  The  work  of 
York  et  al  (1983),  Gladden  et  al,  (1988)  and  Boyle  et 
al  (1989),  concentrated  on  two-dimensional  cascade 
measurements,  and  although  general  features  of  the 
flow  were  modelled  radial  pressure  gradients  were 
not  Granziani  et  al  (1979),  and  Gaugler  and  Russell 
(1983),  correlated  detailed  heat  transfer 
measurements  with  secondary  flow  patterns.  This 
work  was  not  representative  of  engine  operating 
conditions  in  terms  of  Reynolds  number,  Mach  number 
and  gas-to-wall  temperature  ratio.  More  recent  work 
by  Harasgama  et  al,  (1990),  and  Harvey  et  aL  (1990), 
have  shown  detailed  information  on  the  pattern  of  heat 
transfer  within  a  NGV  passage.  However,  these  NOV 
designs  incorporated  relatively  few  three-dimensional 
features. 


Figure  1.  HTDU  4X  vane  and  computational  grid 


2  DESIGN  DETAILS 


2.1  Duty 

The  aerodynamic  design  of  the  high  pressure  turbine 
was  target^  for  a  future  engine  of  advanced  military 
duty.  The  turbine  has  been  designated  the  High 
Temperature  Demonstrator  Unit  (HTDU)  4X.  It  has 
the  following  overall  design  parameters. 


Stator  outlet  temperature  (SOT)  2066.1K 
Specific  wmk  capacity  ((^AT/T)  179.6  J/Kg  K 
Stage  loading  factor  AH/U^  2.002 
Stage  pressure  ratio 
Flow  flinction  VaAl^ 

NOV  flow  functitm  wVT/P 


2.416 

0.62S 

1.06xl0->KgVKtrf/sN 
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\{ean  rotor  hub/tip  ratio  0.87 

Number  of  NGVs  27 

Number  of  rotor  blades  56 

2.2  Overall  Design  Objectives 

The  HTDU  4X  NGV  was  designed  to  take  account  of 
three-dimensional  aerodynamic  effects.  Full 
three-dimensional  inviscid  time  marching  flow 
calculation  methods  such  as  those  developed  by 
Oenton  (1982),  provide  the  scope  for  a  better 
understanding  of  the  aerodynamics  in  complex  three- 
dimensional  blade  passages.  Such  tools  have  been 
used  to  design  the  HTDU  4X  blading  in  order  to 
control  the  flow  in  a  particular  manner  and  hence 
achieve  high  efficiency.  The  design  criteria  set  for 
HTDU  4X  were:- 

i  Maximise  space/chord  ratios  without  penalising 
aerodynamic  performance  by  controlling  the 
aerodynamic  lift  across  the  span  of  the  blade. 

ii  Control  of  secondary  flows  and  deleterious 
pressure  gradients  within  the  blading  to  achieve 
lower  losses. 

Item  (i)  should  result  in  significant  advantage  in 
terms  of  reduced  aerofoil  numbers,  lower  weight  and 
reduced  cooling  flow  and  therefore  be  of  direct 
benefit  to  military  engines  operating  at  high  SOT.  In 
the  case  of  (ii)  there  is  a  significant  amount  of 
research  (Horton  et  al,  1991),  which  demonstrates 
that  endwall  profiling  can  be  very  effective  in 
reducing  endwall  secondary  flows,  and  the  strength 
of  the  passage  vortices  which  contribute  significantly 
to  the  overall  turbine  losses.  An  undesirable 
migration  of  endwall  boundary  layer  flows  on  to  the 
aerofoil  can  be  controlled  by  correct  optimisation  of 
the  three-dimensional  geometry.  The  inclusion  of 
such  features  should  facilitate  achievement  of  high 
target  efficiencies. 

Although  designed  with  the  Denton  code  this  paper 
presents  comparisons  of  experimental  dau  with 
predictions  tom  the  three-dimensional  Dawes 
Navier-Stokes  code  (Dawes,  1986). 

2.3  HTDU  4X  NGV  Design  Details 

The  following  design  concepts  were  applied;- 

i  Spanwise  control  of  aerodynamic  lift. 

ii  Variable-lean  of  the  NGV  trailing  edge. 

iii  Control  of  aerofoil  pressure  surface  diffusion. 

The  principle  of  spanwise  graduation  of  aerodynamic 
lift  to  maximise  space/chord  ratio  without  penalising 
aerodynamic  performance  is  achieved  by  the  variation 
in  loading  tom  hub  to  tip.  The  tip  is  forward  loaded 
and  the  hub  rearward.  In  the  hub  regions,  where 
exit  Mach  numbers  are  highest  aerodynamic  lift  is 
deliberately  restrained  to  moderate  levels.  In  the 
centre  and  outer  span  regions,  where  exit  and  peak 
surface  Mach  number  levels  are  lower,  higher  levels 
of  loading  can  be  tolerated.  This  provides  the 
potential  for  increasing  aerodynamic  lift  but  at  the 
expense  of  some  risk  of  boundary  layer  thickening  or 
separation  on  the  back  surface,  with  accompanying 
increase  in  profile  loss.  The  diffusion  on  the  back 
surface  must  be  controlled  to  avoid  this  happening. 


Variable-lean  is  applied  to  the  NGV  through  compound 
tangential  and  axial  lean  ct  the  trailing  edge.  The 
purpose  of  this  three-dimensional  geometry  is  to 
control  (i)  secondary  flows  in  the  passage,  (ii)  the 
aerodynamic  loading  on  aerofoil  sections  close  to  the 
endwalls,  (iii)  the  migration  of  boundary  layers  on 
the  aerofoil  surfaces. 

Control  of  aerofoil  pressure  surface  diffusion  involves 
the  concept  of  designing  the  aerofoil  pressure 

surfaces  for  minimum  forward  pressure  surface 
diffusion  adjacent  to  endwalls.  This  principle  has 
been  applied  successfully  to  previous  research 
turbines.  The  method  involves  thickening  up  the 
forward  pressure  surface  of  the  aerofoil  close  to  the 
endwalls  so  that  velocities  are  increased  in  this 

region. 

There  is  no  doubt  that  the  HTDU  4X  NGV  is  an 
adventurous  design  in  that  it  embodies  to  an  extreme 
degree  design  concepts  which  are  believed  to  be 
sou.-td  in  principle  but  have  yet  to  be  clearly 
demonstrated.  The  present  tests  have  enabled  some 
of  these  concepts  to  be  assessed. 

3  EXPERIMENTAL  FAdLITY 

The  tests  were  performed  in  the  DRA  Pyestock  ILPF. 
This  is  a  short  duration  transient  rig,  designed  to 
allow  high  quality  heat  transfer  and  aerodynamic 
measurements  to  be  taken  for  a  full-size  annular 
cascade  of  turbine  vanes.  The  use  of  this  technique 
for  turbomachinery  measurements  was  pioneered  by 
Schultz  et  al,  (1973),  The  Pyestock  facility  is 
described  by  Brooks  et  al,  (198S).  A  schematic  view 
of  the  ILPF  is  shown  in  Figure  2. 


Figure  2.  The  l.sentropic  Light  Pi.ston  Facility 


A  light  free  piston  is  forced  along  a  tube  by  high 
pressure  air.  The  action  of  the  piston  compresses 
and  thereby  heats  the  air  ahead  of  it.  When  a 

predetermined  level  of  pressure  is  reached  a  fast 
acting  valve  opens  allowing  the  heated  air  to  flow 
through  the  working  section  and  into  a  dump  tank. 
This  gives  steady  state  operating  conditions  for  the 
duration  of  the  run,  which  can  be  varied  tom  about 
0.5  to  1.0  sec  depending  on  the  rise  in  air 

temperature  required.  The  test  conditions  can  be 
matched  to  engine  values  of  both  Reynolds  number 
and  Mach  number.  Engine  values  of  gas-to-wall 

temperamre  ratio  are  also  matched.  A  major 
extension  of  the  facility,  to  enable  heat  transfer  data 
to  be  taken  tom  a  rotating  rotor  mounted  downstream 
of  the  nozzle  row,  has  been  designed  and 

manufactured  and  is  currently  being  commissioned. 

For  heat  transfer  measurements  the  NOVs  ate 
manufactured  from  machinable  glass  ceramic 
(Coming  Macor)'  which  has  a  low  thermal  diffiisivity, 
on  which  ate  painted  thin  film  gauges.  The  rapid 
change  in  surface  temperature  during  an  ILPF  run  is 
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convened  to  heat  transfer  rate  by  an  electrical 
analogue  circuit  which  solves  the  one-dimensional 
transient  heat  conduction  equation  (Oldfleld  et  al, 
1984).  The  output  signal  is  then  digitised  and 
recorded  on  a  mini  computer.  The  present  tests 
included  thin  film  gauges  at  10%,  20%,  40%,  60%,  80% 
and  90%  spanwise  locations  with  12  on  the  suction  side 
and  10  on  the  pressure  side  at  each  spanwise  location. 
There  were  82  gauges  on  the  inner  wall  and  76  gauges 
on  the  outer  wall.  With  this  level  of  instrumentation 
it  was  possible  to  obtain  an  accurate  distribution  of 
vane  surface  and  endwall  heat  transfer.  Accuracy  of 
the  present  heat  transfer  data  is  within  ±S%.  Figure  3 
shows  vanes  instrumented  with  thin  films. 


Figure  3.  Vanes  instrumented  with  thin  films 


The  distribution  of  static  pressure  on  the  NGVs  was 
measured  using  surface  tappings,  and  the  inlet  total 
pressure  was  determined  using  3  inlet  probes, 
positioned  at  120®  intervals  circumferentially.  Tht 
pressure  signals  were  lecoided  using  a  fast  acting 
ScanivalveJ  ZOC  (Zero,  Operate,  Calibrate)  system. 
The  NGVs  were  fitt^  with  tappings  at  S%,  10%,  20%, 
40%,  60%,  80%,  90%  and  9S%  span  with  14  on  the 
suction  side  and  11  on  the  pressure  side,  at  each 
spanwise  location.  The  inner  platform  was 
instrumented  with  83  pressure  tappings  and  the  outer 
platform  contained  77  pressure  tappings.  The  overall 
accuracy  for  the  aerodynamic  results  is  such  that  the 
isentropic  Mach  numben  calculated  from  the  measured 
static  pressures  are  accurate  to  within  ±  0.1%  for 
transonic  flow  conditions.  At  low  flow  velocities  the 
error  is  significantly  larger,  representing  about  10% 
at  0.1  Mach  number  due  to  the  smaller  difference 
between  the  total  and  static  pressures.  All  tests  were 
performed  with  a  turbulence  grid  at  4.5  axial  chords 
upstream  of  the  NGVs,  giving  an  inlet  turbulence 
level  of  6.3%.  Table  1  shows  details  of  the  NGV 
operating  conditions. 

4  AERODYNAMIC  RESULTS 
4.1  Surface  Aerodynamics 


TABLE  1.  TEST  OPERATINC  CONOmONS 
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little  influenced  by  changes  in  exit  Mach  number. 
The  suction  side  results  are  similar  for  all  three 
conditions  during  the  initial  acceleration  fiom  the 
leading  edge  to  approximately  20%  axial  chmd.  The 
below  design  and  design  Mach  number  condition  show 
diffusion  once  the  initial  acceleration  peak  has  been 
reached,  whereas  the  above  design  condition 
continues  to  accelerate  further  before  diffusion  takes 
place  at  approximately  85%  axial  chord. 

Measured  and  predicted  Mach  number  disnibutions  at 
60%  span  at  the  design  condition  are  shown  in  Figure 
5.  As  can  be  seen  the  Dawes  code  (Dawes,  1986) 
does  not  predict  the  suction  side  diffusion  very  well. 
Possible  reasons  for  this  could  be  ina^uate 
modelling  of  the  trailing  edge  geometry,  differences 
between  the  modelled  and  true  downstream  atmulus 
duct  and  the  lack  of  grid  resolution.  The  grid  used 
for  this  prediction  is  74  axial,  25  radial  and  25 
tangential  points  on  a  sheared  H  grid.  The 
discrepancies  near  the  leading  edge  on  the  pressure 
side  are  attributed  to  experimental  error.  The  total 
to  static  pressure  differences  are  small  in  this  region, 
thus  the  error  in  isentropic  Mach  number  becomes 
more  significant.  The  remainder  of  the  pressure 
surface  is  very  well  modelled. 


Ma  =  0.75 


FRACTION  or  AXIAL  CHORD 


Figure  4.  60%  span  Mach  number  variation 


Mach  number  distributions  at  60%  span  for  three  Mach 
number  conditions  are  shown  in  Figure  4.  The 
measured  Reynolds  number  has  been  kept  constant  for 
these  results.  The  pressure  side  aer^ynamics  are 


1  Coming  Macer  Trademark  of  Coming  Macor 
Glass,  Coming,  USA 

2  Scanivalve  -  Trademark  of  Scanivalve  Cotp, 
San  Diego,  USA 


Measured  and  predicted  suction  side  isentropic  Mach 
number  distributions  for  three  exit  Mach  number 
conditions  are  shown  in  Figure  6.  Mach  numbers  at 
the  vane  root  are  higher  than  the  tip,  as  required  by 
radial  equilibrium.  The  distributions  indicate  a 
significant  change  in  aerodynamics  as  the  exit  Mach 
number  is  increased  from  the  below  design  condition 
to  design  and  above  design.  The  predictions  show 
similar  features  to  the  experimental  results.  The 
initial  rapid  acceleration  is  predicted  well  in  all  three 
cases,  with  some  differences  towards  the  tip. 
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Figure  5.  Vane  surface  Mach  number 
distribution  at  60%  span. 

However,  this  region  has  highly  3D  geometry  and  is 
of  particular  difficulty  for  instrumenting  static 
tappings.  It  is  possible  that  some  tappings  may  not 
be  normal  to  the  local  surface.  The  wanes  afe 
manufactured  by  the  use  of  a  computer  numerically 
controlled  machine  and  arc  then  hand  finished  to 
achieve  a  smooth  surface  pardcularly  at  the  leading 
edge,  at  the  junction  between  endwalls  and  the  vane 
and  at  the  trailing  edge.  This  final  finishing  process 


may  have  introduced  small  local  differences  in  these 
areas. 

Discrepancies  towards  the  trailing  edge  of  the  vane 
vary  depending  on  the  Mach  number  condition.  For 
the  below  design  case  the  prediction  compares  very 
well  with  a  few  small  differences  near  the  trailing 
edge  between  40%  and  60%  span.  As  previously 
discussed,  the  design  and  above  design  conditions 
show  much  less  agreement  with  the  prediction  once 
the  initial  acceleradon  peak  is  reached.  The 
experimental  results  show  mainly  diffusion  but  the 
pi^ction  indicates  a  further  acceleration. 

The  measured  pressure  side  isentropic  Mach  number 
for  the  design  condition  is  shown  in  Figure  7  together 
with  a  prediction.  The  prediction  compares  very  well 
with  the  computed  results.  This  was  dso  true  of  the 
below  and  above  design  Mach  number  condition. 

Hub  and  casing  Mach  number  distributions  for 
measured  and  predicted  results  are  shown  in  Figure 
8a  and  8b.  The  hub  Mach  numbers  exceed  those  on 
the  casing  due  to  the  radial  equilibrium  criteria. 
When  operating  at  the  high  Mach  number  condition  the 
hub  platform  shows  a  trailing  edge  shock  impinging  on 
the  suction  surface.  The  comparison  between 
measured  and  computed  results  shows  very  good 
agreement,  for  both  hub  and  casing  platforms.  These 
results  obviously  validate  the  3D  Navier-Stokes  code 
as  a  fast  and  relatively  accurate  method  for  the 
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Figure  6.  Comparison  of  measured  and  predicted 
suction  surface  Mach  no 


aerodynamic  design  of  turbine  NGVs.  However,  the 
suction  side  prediction  towards  the  trailing  edge  could 
be  improved  further  and  warrants  more 
investigation. 

4.2  Exit  Area  Traversing 

The  total  pressure  trace  obtained  from  the  centre  hole 
of  the  three  hole  probe  together  with  a  3D  flow 
(Dawes,  1986)  prediction  are  shown  in  Figure  9.  A 
small  amount  of  digital  smoothing  has  been  applied  to 
the  measured  data  to  remove  high  frequency  noise. 
The  application  of  3  hole  probes  in  the  ILPF  has  been 
describe  by  Harasgama  and  Ghana  (1990). 


Measured  Predicted 


Figure  7.  Comparison  of  measured  and  predicted 
pressure  surface  Mach  no 
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Individual  experimental  sweeps,  after  processing, 
have  been  combined  to  form  the  complete  area 
traverse.  The  traverse  was  carried  out  at 
approximately  5%  axial  chord  downstream  of  the 
trailing  edge.  The  measured  profile  wakes  can  be 
clearly  seen,  at  mid-height  the  wake  is  considerably 
wider  than  that  near  the  endwalls.  The  wake  is  wider 
due  to  the  trailing  edge  stacking;  the  probe  tip  is 
thus  further  from  the  trailing  edge  at  mid-height  than 
near  the  root  and  tip.  The  measured  data  also  show 
areas  of  significant  total  pressure  loss,  these 
correspond  to  the  horse-shoe  vortex  as  seen  in  Figure 
12a.  The  Navier-Stokes  prediction  also  shows  wider 
wakes  at  mid-height  than  near  the  endwalls  and 
compares  very  well,  although  the  areas  of  much  larger 
loss  created  by  the  horse-shoe  vonex  are  not 

predicted  at  all. 

5  HEAT  TRANSFER  RESULTS 

Nusselt  number  distributions  on  the  vane  aerofoil 
surface  at  60%  span  for  5  running  conditions  are 
shown  in  Figure  10.  As  can  be  seen  the  Nusselt 
number  increases  as  Reynolds  number  is  increased, 
on  both  suction  and  pressure  side.  The  variation  of 
heat  transfer  with  Mach  number  is  also  shown  on 

Figure  10.  In  this  case  Nusselt  number  decreases 
with  increasing  Mach  number.  This  is  due  to  the 
shear  stress  in  the  boundary  layer  decreasing  as  the 
flow  velocity  increases.  These  results  are  in 

agreement  with  the  work  of  previous  authors  (Jones 
et  al,  1989). 

Contours  of  Nusselt  number  overlaid  onto  a  3D  view  of 
the  NGV  suction  side  are  presented  in  Figure  11.  It 
can  be  seen  that  there  is  a  significant  effect  of  the 
secondary  flow  on  the  heat  transfer  distributions. 
The  effect  is  seen  to  be  more  pronounced  at  the  tip 

than  the  hub.  The  mid-span  Nusselt  numbers 


towards  the  trailing  edge  are  consistently  higher  than 
near  the  endwalls,  for  all  operating  conditions.  This 
is  due  to  endwall  boundary  layer  migration  onto  the 
vane  suction  side  resulting  from  secondary  flow  in  the 
vane  passage.  Flow  visualisation  performed  on  the 
endwall  and  vane  surface  in  the  ILPC  (Figure  12a  and 
12b)  indicate  that  the  secondary  flow  is  stronger  near 
the  casing  than  at  the  hub.  This  effect  is  well 
predicted  by  the  Dawes  (1986)  flow  solver  as  can  be 
seen  in  Figure  13,  The  hub  sei  rndary  flow  appears 
on  the  suction  surface  later  than  the  casing  and  does 
not  migrate  along  the  span  to  the  same  extent.  The 
prediction  shows  this  effect  but  to  somewhat  lesser 
extent  than  indicated  by  the  flow  visualisation. 

Increasing  Reynolds  number  causes  the  Nusselt 
number  over  the  entire  vane  surface  to  increase, 
whilst  on  the  suction  surface  the  reverse  occurs  for 
increasing  Mach  number.  The  pressure  side  Nusselt 
number  distributions  did  not  vary  significantly  with 
the  Mach  number  changes  and  there  is  very  little 
spanwise  variation,  see  Figure  14. 

Endwall  heat  transfer  is  affected  by  the  inlet 
boundary  layer,  vane  aerodynamic  loading  and  the 
geometry  of  the  vane  passage.  The  tests  have  shown 
that  there  are  some  differences  in  the  inner  and  outer 
wall  Nusselt  numbers  both  in  magnitude  and 
distribution.  Figure  15  shows  hub  Nusselt  numbers 
for  all  conditions.  As  the  Reynolds  number  is 
increased  the  region  of  highest  heat  transfer  becomes 
concentrated  at  the  pressure  side  trailing  edge. 

The  inlet  endwall  boundary  layer  stagnates  at  the 
vane  leading  edge  and  forms  a  horseshoe  vortex.  The 
two  legs  of  this  vortex,  on  the  pressure  and  suction 
sides,  proceed  into  the  two  adjacent  passages.  The 
pressure  side  leg  is  swept  across  the  endwall  by  the 
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Ma  =  0.75 


Predicted 


Ma  =  1.10 


Figure  8b.  Measured  and  predicted  easing  Mach  number  distribution 


passage  secondary  vonex  to  the  suction  side  and  then 
up  the  vane  suction  surtace.  This  causes  the 
boundary  layer  to  be  stripped  ol'f  the  endwall  and 
convected  to  the  suction  side  of  the  passage  and  then 
up  the  suction  surface  of  the  vane.  A  new  thin 
highly  skewed  boundary  layer  thus  forms  behind  the 


separation  line,  which  results  in  high  heat  transfer  in 
this  region  (Ghana.  1992).  Low  values  of  heat 
transfer  lu-e  evident  close  to  the  suction  side  of  the 
passage  after  approximately  50%  axial  chord.  This  is 
generated  by  the  low  energy  fluid  migrating  across 
from  the  pressure  side  trailing  edge  region.  Outer 


Measured 


Predicted 


Figure  9.  Measured  and  predicted  total  pre.ssure  contours  105%  axial  chord 
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Figure  14.  Pressure  side  Nusselt  number 
distribution 

An  attempt  has  been  made  to  compute  the  Nusselt 
number  distribution  to  the  vane  at  60%  span.  Figure 
17  shows  measured  and  predicted  aerofoil  Nusselt 
numbers.  The  predictions  were  performed  using 
versions  of  the  Stancool  and  Texstan  boundary  layer 
codes  (Crawford  and  Kays,  1976).  The  codes  were 
run  using  the  predicted  pressure  distribution  from  3D 
Dawes.  Two-dimensional  calculations  were  performed 
along  grid  lines  on  the  vane  surfaces;  no  allowance 


for  surface  curvature  was  included.  The  grid  lines  in 
this  region  follow  the  stream  lines  very  closely.  The 
inlet  turbulence  was  set  at  6.5%.  The  Prandtl  mixing 
length  model  was  used  with  Van  Driest  damping  in  the 
near  wall  region. 

The  Texstan  computation  was  started  close  to  the 
leading  edge  from  a  specified  boundary  layer 
dimension.  In  the  case  of  Stancool  an  initial  distance 
from  the  stagnation  point  was  specified.  It  was  found 
that  the  subsequent  turbulent  boundary  layer 
development  was  only  weakly  dependent  on  the  initial 
laminar  region.  Transition  location  was  determined  by 
the  correlation  of  Abu-Ghannam  and  Shaw  (1980)  in 
the  case  of  Stancool  computations  and  a  transition 
Reynolds  number  of  2(X)  was  specified  for  Texstan.  It 
will  be  seen  that  transition  is  quite  well  predicted 
using  both  approaches.  The  heat  transfer  levels  are 
in  error  by  around  30%  in  the  worst  case,  for  the 
pressure  side,  but  the  errors  are  more  typic^y  10%. 
The  pressure  surface  results  from  Texstan  show  good 
agreement.  The  discrepancies  towards  the  trailing 
edge  are  probably  due  to  irregularities  in  the  trailing 


edge  predicted  pressure  distribution  from  Dawes,  as 
discussed  in  Section  4.  On  the  suction  surface 
Texstan  performed  less  well  with  a  large  over-shoot 
but  then  approached  the  experimental  results. 
Stancool  predicted  the  suction  side  Nusselt  number 
distribution  reasonably  well  but  substantially  under 
predicted  on  the  pressure  side.  Stancool  results  with 
the  transition  location  determined  by  a  Reynolds 
number  of  200  predicted  slightly  later  transition  and 
gave  slightly  better  results. 


remain  to  be  explored.  These  include  smoothing  of 
the  imposed  free  stream  velocity  distribution, 
curvature  specification  and  introduction  of  turbulent 
transpon  equations. 

CONIXUSIONS 

A  highly  3-dimensional  nozzle  guide  vane  has  been 
successfully  designed  and  tested  at  engine 
representative  conditions. 


The  Texstan  code  used  was  an  earlier  release  and  did 
not  include  many  of  the  features  of  the  more  mature 
Stancool  code.  Many  refinements  to  the  predictions 


Three  sets  of  aerodynamic  measurements  have  been 
taken  at  diffeient  Mach  number  conditions.  The 
results  indicate  the  vane  is  generally  operating  as 


Figure  16.  Casing  Nusselt  number  distributions 


designed  with  some  unexpected  behaviour  towards  the 
suction  side  trailing  edge.  This  warrants  further 
investigation.  The  flow  visualisation  of  endwall  cross 
flow  indicated  the  presence  of  secondary  flows  and 
ties  in  with  measured  heat  transfer  panems.  Regions 
of  high  heat  transfer  found  in  other  designs 
previously  (Harasgama,  1990)  in  the  endwall  mid 
passage  region  have  been  reduced  in  area  and 
confined  to  the  trailing  edge  region.  Variation  of  the 
Nusselt  number  with  changes  in  Reynolds  number  are 
consistent  with  classical  flat  plate  analogy.  The 
effect  of  Mach  number  variation  on  Nusselt  number 
confirms  results  reponed  by  other  authors. 

All  the  measurements  and  predictions  indicate  that  the 
secondary  flows  present  are  strongest  near  the 
casing.  The  downstream  area  travening  technique 
has  produced  good  results,  and  these  compare  well 
with  those  predicted  using  the  3D  Dawes  Navier 
Stokes  solver.  However  the  computations  made  so  far 
show  no  evidence  of  the  endwall  horse-shoe  vortices. 

Boundary  layer  heat  transfer  calculations  at  60%  span 
on  the  vane  surfaces  are  promising.  Transition  was 
well  predicted  using  either  a  Reynolds  number  of  200 
or  the  correlation  of  Abu-Ghannam  and  Shaw. 
Predicted  heat  transfer  levels  are  in  error  by 
typically  10%  with  a  worse  case  error  of  30%.  Further 
work  is  obviously  required  to  resolve  inconsistencies 
and  refine  the  results. 


PWSSURf  SURFACE  lENGfH  ./I  SUCtiQN  SUHfACC  LENGTH 

Figure  17.  Predicted  and  measured  aerofoil 
Nusselt  number  at  60%  span 
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NOMENCLATURE 

Cp  -  Specific  heat  at  constant  pressure 

AH  -  Enthalpy  change 

Mn  -  Isentropic  Mach  number 

Re  -  Reynolds  number  based  on  true  chord 

P  -  Total  pressure 

T  -  Total  temperature 

AT  -  Temperature  change 

Va  -  Axial  Velocity 

U  •  Mean  Blade  Speed 
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Discussion 


QUESTION  1: 

DISCUSSOR:  T.  Arts,  von  Karman  Institute 

Did  you  measure  the  inlet  pressure  and  temperature  profiles  and  did  you  take  them  into 
account  in  your  predictions? 

AUTHOR'S  REPLY: 

The  boundary  layer  thickness  has  been  measured.  It  is  very  small  and  has  been  taken 
into  account  in  the  Navier-Stokes  calculations.  The  temperature  profile  is  almost  linear. 
The  calculation,  however,  does  not  take  this  into  account. 

QUESTION  2: 

DISCUSSOR:  C.  Hah,  NASA  Lewis  Research  Center 

What  type  of  transition  model  was  used  for  the  full  three-dimensional  flow  and  heat 
transfer  calculation? 

AUTHOR’S  REPLY: 

For  the  full  three-dimensional  calculation  the  start  and  end  of  transition  was  specified. 
For  the  two-dimensional  boundary  layer  calculation  a  transition  momentum  thickness 
Reynolds  number  of  200  and  the  correlation  of  Abu-Ghannam  and  Shaw  were  both  used. 
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SUMMARY 

Results  of  naphthalene  sublimation 
measurements  and  flow  visualization 
studies  near  the  base  of  round  and  a 
square  cylinders  mounted  on  a  flat 
plate  are  compared  with  similar 
measurements  in  the  endwall  region 
of  a  turbine  blade.  Differences  and 
similarities  of  the  flow  and  mass 
transfer  are  discussed.  Samples  of 
mass  transfer  distribution  and 
visualization  results  in  the  region 
are  provided.  Supported  by  the 
sublimation  and  the  flow 
visualization  resiilts  models  for  the 
vortex  structure  in  the  flow  are 
suggested. 


NOMENCLATURE 

C  Blade  chord  length 

D  Diameter  of  round  or  side  of 

square  cylinders 

Df  Difiusion  coefficient  of 
napthalene 

hm  Mass  transfer  coefficient 

Re  Reynolds  number(UC/v  or 
UD/v) 

Sh  Sherwood  Niimber  (hm  C/Df 
or  hm  D/Df) 

Sg  Curvilinear  distance  along 
the  suction  side  (Fig.  5) 


Stm  Mass  transfer  Stanton 
number  (hm/U) 

Sto  Mass  transfer  Stanton 

number  in  the  absence  of 
protrusion 

U  Upstream  velocity 
X,Y,Z  Coordinate  system 

5i  Boundary  layer 

displacement  thickness 
V  IQnematic  viscosity  of  air 

INTRODUCTION 

Knowledge  of  flow  and  temperature 
fields  near  the  junction  of  a  body 
attached  to  a  surface  is  required  in  a 
number  of  systems.  Junctions  of 
blades  to  hub  in  turbomachinery,  flat 
fins  to  pipe  or  pin  fins  to  plate  in 
heat  ex^angers,  and  wings  to  body 
in  air  planes,  are  only  few  examples 
where  the  knowledge  is  useful. 

Investigation  of  the  flow  field  near 
such  junctions  are  reported  by  many 
authors.  References  (1-4)  contain 
results  of  flow  measurement  near 
the  junction  of  a  round  cylinder 
mounted  on  a  flat  plate,  and 
references  (5-8)  provide  information 
on  the  flow  near  the  base  of  a  turbine 
blade.  These  investigations  indicate 
that  the  flow  boundary  layer 
separates  ahead  of  the  projected 
body  and  a  system  of  interacting 


vortices  are  formed.  The  largest  of  points  to  a  vortex  up-wash  region  or 
these  vortices,  commonly  called  a  detachment  of  the  flow.  The 
horseshoe  vortex,  is  the  one  that  is  extrema  are  particularly  useful  when 
most  mentioned  in  the  literature,  a  vortex  (or  a  separated  region)  is 
Smaller  vortices  (a  comer  vortex  very  small  (and  close  to  the  wall)  so 
and  sometimes  pairs  of  counter  that  other  means  of  detection  fail  to 
rotating  vortices)  are  also  reported,  indicate  it. 

The  important  parameters  that 

influence  the  vortex  stmcture  have  Conventional  heat  transfer 
been  determined  to  be  the  flow  measurements  (wall  temperature 
Reynolds  number  (based  on  the  and  wall  heat  flux  measurements), 
protrusion's  dimension),  the  due  to  finite  conductivity  of  wall 
thickness  of  the  boimdary  layer,  and  materials,  are  generally  not  capable 
the  size  and  the  shape  (blimtness)  of  of  showing  the  effects  of  very  small 
the  protrusion.  The  flow  is  found  to  fluctuating  vortices  (or  separated 
be  unsteady.  regions).  In  contrast,  the 

naphthalene  sublimation 
In  front  of  an  upright  cylinder  measurements,  if  carried  out  locally 
mounted  on  a  flat  plate,  different  over  fine  enough  grids,  can  easily 
numbers  of  vortices  (Ref  4)  with  pick-up  the  sharp  local  variations  in 
varying  strengths  (Ref  9)  are  mass  transfer  though  these  are 
reported.  The  observed  numbers  of  integrated  over  time.  In  the 
vortice,  besides  being  influenced  by  following,  mass  transfer  results 
geometrical  dimensions  and  flow  measured  at  the  base  of  protruding 
conditions,  appears  to  have  been  cylinders  and  a  turbine  blade  are 
affected  by  the  observation  tedmique  reviewed  and  some  important 
and  the  size  and  the  speed  of  inferences  drawn  from  them  are 
response  of  the  sensor  employed.  A  discussed, 
similar  situation,  enhanced  in 

complexity  by  the  blade  shape,  the  Measurement  technique  and 
flow  incidence  angle,  and  the  cross  procediure 
flow  in  the  passage,  prevails  in 

studies  of  flow  near  the  base  of  a  Most  of  the  results  to  be  discussed  in 
turbine  blade.  the  next  section  are  obtained  using 

naphthalene  sublimation;  a  mass 
Many  studies,  e.g.  references  (9-24),  transfer  process  employed  to 

have  reported  heat  or  mass  transfer  measure  the  mass  (an^ogous  to 

measurements  near  the  jimction  of  a  heat)  transfer  coefflcient.  In  this 

protruding  object.  These,  in  addition  technique,  the  surface  upon  which 
to  providing  knowledge  needed  for  heat  transfer  distribution  is  sought  is 
thermal  design  applications,  often  covered  (usually  by  casting)  with  a 
contribute  to  understanding  of  the  thin  layer  of  naphthalene.  The 

prevailing  near-surface  flow  surface  is  then  exposed  to  the  flow  of 

structure.  For  example,  a  sharp  local  air  where  some  of  the  naphthalene 

maximum  in  heat  transfer  (if  will  sublime  and  enter  the  flow.  The 

detected)  can  indicate  a  down-wash  rate  of  sublimation,  and 

region  of  a  vortex  or  the  consequently  the  mass  (heat) 

reattachment  region  of  a  separated  transfer  coefficient,  can  be 

flow.  Conversely,  a  local  minimum  determined  by  measuring  the 


exposure  time  and  the  local  depth  of 
the  sublimation.  The  sublimation 
depth  is  obtained  from  accurate 
measurement  of  the  naphthalene's 
surface  profile,  relative  to  a  datum, 
before  and  after  its  model's  exposure 
to  the  flow.  The  strength  of  this 
measurement  technique  is  in  that  it 
is  non-intrusive  and  has  high 
resolution  (better  than  0.025  mm  in 
locating  the  sensor  and  0.000025mm 
in  measuring  the  sublimation  depth). 
Thus,  it  is  capable  of  detecting  sharp 
local  gradients.  Further  details  of 
the  procedure  and  the 
instrumentation  can  be  found  in 
references  (9  and  12).  Improvement 
of  the  system  and  an  analysis  of  its 
precision  are  covered  in  (Ref  24  and 
25).  An  important  feature  of  the 
improved  system  is  that  it  combines 
a  rotating  table  and  a  three 
dimensionally  moving  depth  gauge 
(LVDT)  holder.  Fig.  1,  which  enables 
scanning  of  arbitrary  cylindrical 
surfaces  for  surface  profile 
determination. 

In  discussing  the  mass  transfer 
measurements  reference  will  be 
made  to  results  of  flow  visualization 
studies.  The  visualizations  results 
are  obtained  by  spreading  a  thin 
layer  of  a  mixture  of  light  oil  and 
lampblack  powder  on  a  surface  of 
interest.  The  shear  force  from  the 
flow,  moves  the  lampblack  particles 
in  the  oil  leaving  a  trace  behind 
which  indicates  ^e  direction,  and 
qualitatively  the  magnitude,  of  the 
forces  on  the  surface.  In  an  up-wash 
region  of  a  vortex,  where  low 
momentiun  fluid  from  opposing  sides 
come  together,  the  lampblack 
accumulates  (here  mass  transfer 
might  be  a  local  minimum).  In 
contrast,  in  a  down-wash  region  of  a 
vortex  the  lampblack  is  dispersed  to 
the  sides  leaving  a  bare  surface  (here 


a  local  maximum  in  mass  transfer 
might  be  expected).  Extreme  care 
must  be  exercised  in  interpreting  the 
visualization  results,  particularly, 
when  amall  fluctuating  vortices  are 
involved. 

Discussion 

Mass  transfer  measurements  on  a 
plate  near  its  junction  with  a  circular 
cylinder  and  on  a  circular  cylinder 
near  its  junction  with  a  plate  are 
reported  in  (Ref  12)  and  (Ref  13), 
respectively.  Local  maximum  and 
minimum  in  mass  transfer  are 
observed  which  are  attributed  to  the 
action  of  vortices  in  the  flow.  Based 
on  this  measurement  and  the 
results  obtained  by  others,  a  model 
of  vortices  is  presented  in  Fig.  2.  The 
model  includes  a  large  horseshoe 
vortex  (VI)  a  comer  vortex  (V2)  and 
a  smaller  vortex  (V3)  above  the 
comer  vortex.  Later  measurements 
(Ref  9,  15)  support  the  model  and 
show  that  the  vortex  above  the 
comer-  vortex  (V3)  becomes  weaker 
and  possibly  disappears  at  lower 
Reynolds  numbers.  A  photograph 
taken,  by  authors  of  ref.  (Ref  15), 
firom  a  naphthalene  covered  cylinder 
is  presented  in  Fig.  2  as  a  visible 
evidence  for  the  vortex  system.  The 
cylinder  has  been  over  exposed  to  air 
flow  (an  exposure  time  of  several 
hours  versus  30-45  minutes  for  a 
normal  mass  transfer  measurement) 
so  that  the  depth  of  the  sublimed 
naphthalene  rendered  by  vortices 
could  be  more  easily  visusdized.  The 
photograph  clearly  shows  action  of 
the  vortices  that  have  produced  the 
considerable  change  in  the  siirface 
profile.  A  more  complete  vortex 
stmcture,  however,  is  deduced  from 
the  mass  transfer  distribution  for 
which  the  change  of  surface  profile  is 
only  in  the  hundredths  (or  at  the 


most  one  tenth)  of  a  millimeter. 
The  photograph  reveals  the 
multiplicity  of  the  vortices  that  form 
in  the  region  (a  smaller  vortex,  V4,  or 
its  effect  as  will  be  presented  shortly 
seems  not  to  have  survived  the 
change  of  the  surface  profile). 

Mass  transfer  distributions  near  the 
base  of  a  square  cylinder  mounted 
perpendicularly  on  a  plate  (Ref 
16,17)  shows  repeated  lo^  maxima 
and  minima  in  Sherwood  number, 
both  on  the  cylinder  and  the  endwall. 
These  together  with  re^valuation  of 
the  earlier  results,  suggest  a 
modified  model  of  vortex  system  as 
shown  in  Fig.  3.  This  flow  structure 
resembles  that  offered  in  Fig.  2, 
exception  being  indtision  of  vortices 
V4,  VS,  and  V6.  Introduction  of 
vortex  V4  makes  the  up*wash/down- 
wash  regions  correspond  to  the 
minimum/maximum  in  the  measured 
wall  mass  transfer  and  the  rotation 
between  vortices  V2  and  V3 
compatible.  This  newer  model 
represents  measurements  on  both 
square  and  round  cylinders.  The 
fimction  of  the  weaker  vortex  V4,  in 
separating  vortices  V2  and  V3,  seems 
to  have  been  substituted  by  the 
ridge  between  the  adjacent  trenches 
on  the  photograph  shown  in  Fig.  2. 
The  replacement,  perhaps,  has  been 
a  gradual  take  over  caused  by  the 
change  in  surface  profile.  The 
counter-rotating  pair  of  vortices 
V5,V6  is  added  upstream  and  under 
vortex  VI  for  similar  reasons;  to 
match  mass  transfer  variations  and 
make  rotations  compatible.  Presence 
of  this  pair  has  been  observed  by 
Baker  (^f  1)  and  are  also  evident  in 
mass  transfer  data  (Ref  15,  16). 
Note  that  incompatibility  in  direction 
of  rotation  between  V4  and  a  stretch 
of  V2  above  it  makes  the 
arrangement  unstable. 


Consequently,  the  arrangement 
frequently  breaks  down  and  forms 
again.  Similar  unstable  behavior, 
perhaps  caused  by  the  inherent 
instability  due  to  opposite  rotation  of 
V5  and  a  stretch  of  VI  is  observed  in 
a  preliminary  fog  (smoke) 
visu^zation  study.  Also  noticeable 
is  the  resemblance  in  structure 
between  proposed  vortex  groups  V2, 
V3,  V4  and  VI,  V6,  V6.  The 
resemblance  is  well  justified  because 
the  turned  flow  along  the  cylinder 
faces  an  obstacle  (the  endwall)  the 
same  way  that  the  original  flow 
along  the  endwall  faces  the  cylinder. 

If  the  rate  of  mass  transfer  is  a 
measure  of  the  intensity  of  a  vortex, 
then  the  ratio  of  local  peak  rendered 
by  vortex  V2  on  cylinder  to  that  on 
endwall  should  be  close  to  unity. 
This  ratio  is  about  0.90  (cf  Fig.  3)  for 
a  square  cylinder  and  0.87  [15]  for  a 
circular  cylinder  (in  reality  the  peak 
on  the  cylinder  is  caused  jointly  by 
V2  and  V4  and  on  the  endwall  by  VI 
and  V2  which  indicates  that  vortices 
VI  and  V4  may  have  similar 
contribution  in  carring  mass  away 
from  the  wall).  The  ratio  of  the  peak 
mass  transfer  caused  by  the  (V5,V6) 
vortex  pair  to  that  caused  by  (V1,V2) 
is  approximately  0.7  for  the  square 
cylinder  (cf.  Fig.  3)  and  0.4  for  the 
round  cylinder  (Ref  15),  indicating  a 
relatively  stronger  (V5,V6)  pair  in 
front  of  the  square  cylinder.  For  the 
same  cylinder  sizes  (25.4  mm),  and 
about  the  same  boundary  layer 
displacement  thicknesses  (2.474  mm 
vs  2.388  mm),  this  relative  higher 
strength  is  despite  lower  Reynolds 
number  (18800  vs  30060),  for  the 
square  cylinder.  The  reason  is 
attributed  to  the  difference  in 
bluntness  of  the  cylinders;  the 
abrupt  obstruction  of  flow  by  square 
cylinder  versus  a  more  gentle  and 
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gradual  obstruction  by  the  round 
cylinder. 

The  effect  of  the  flow  angle  (angle 
between  upstream  velocity  and 
normal  to  the  surface  facing  the  flow) 
on  mass  transfer  from  a  square 
cylinder  and  its  base  plate  is 
discussed  in  reference  (Ref  17). 
Figure  4,  as  an  example,  shows 
mass  transfer  distribution  on  the 
base  plate  (endwall)  when  the  flow 
angle  is  20  deg.  For  comparison  a 
lampblack  visualization  of  the 
surface  flow  is  also  included.  A 
horseshoe  vortex  system  forms  in 
front  of  a  side  which  has  flow  angle 
less  than  or  equal  to  45  deg.  For  the 
side  with  flow  angle  greater  than  45 
deg.,  no  clear  signs  of  vortex 
formation  is  observed. 

A  horseshoe  vortex  forms  ahead  of 
the  leading  edge  of  a  turbine  blade  at 
its  junction  with  an  endwall. 
Although  the  blade's  leading  edge 
may  be  well-rounded,  the  flow  wUl 
sense  a  blunt  body  with  a  shape 
depending  on  the  blade  profile  and 
the  flow  incidence  angle.  The  vortex 
system,  therefore,  will  be  expected  to 
be  influenced  by  the  flow  angle,  the 
shape  of  the  blade,  the  presence  of 
neighboring  blades,  and  the  blades 
arrangement  (solidity  ratio).  From 
mass  transfer  measurements  on  the 
endwall  (Ref  23),  and  on  the  blade 
(Ref  24),  in  a  specie  turbine  cascade 
the  vort^  structure  that  is  shown  in 
Fig.  5  is  inferred.  Distribution  of 
mass  transfer  near  the  blade's 
stagnation  line  (Ref  26)  agrees  well 
with  the  measurements  reported 
along  the  stagnation  line  of  a  circular 
cylinder  (Ref  9)  at  a  comparable  flow 
Reynolds  number  (about  12000  based 
on  the  blade's  leading  edge 
diameter).  Thus  vortices  ^own  in 
Fig.  5  are  similar  to  those  expected 


in  firont  of  a  blunt  cylinder  though  at 
a  lower  Reynolds  number;  as  the 
equivalent  of  V3  and  V4  (dT  Fig.  3) 
are  not  present  while  the  pair  V5,V6 
which  reflects  the  bluntness  of  the 
blade  are  included. 

Effects  of  neighboring  blades  on  the 
leading  edge  vortices  are  evident  in 
Fig.  6.  (Ref  27),  showing  lampblack 
visualization  of  the  surface  flow 
between  adjacent  blades.  Several 
regions  of  flow  having  different 
origins  or  characeter  are  distinct  and 
labeled  in  the  adjacent  sketch.  The 
labeling  is  in  accordance  with  the 
vortex  (see  identification  in  Fig  5)  or 
the  flow  that  washes  the  region.  The 
footprint  of  vortex  V2  can  not  be 
clearly  seen  in  this  visualization; 
therfore,  it  is  not  marked. 
Boimdaries  of  the  labeled  regions  are 
the  approximate  location  of  the  up- 
wash/down-wash  line  of  the  vortex. 
The  intersection  of  the  leading-edge- 
stagnation-plane  and  the  endwall  is 
marked  DL  (dividing  line).  The 
near-surface-flow  contained  between 
adjacent  dividing  lines  will 
eventually  pass  through  the  passage. 
In  contrast  to  the  case  of  a  single 
cylinder,  extension  of  the  legs  of 
vortices  around  the  blade's  leading 
edge  is  influenced  by  the  neighboring 
blade.  The  cross  flow  in  the  passage 
diverts  the  near-endwall-flow  of  the 
entrance  region  (regions  VI,  V5,  V6, 
...)  to  cross  over  to  ^e  suction  side  of 
the  blade  A.  It  also  seems  to 
contribute  to  earlier  detachment  of 
the  pressure-side-leg  of  the 
horseshoe  vortex  (VI)  from  the 
pressure  side  of  the  blade  B.  The 
suction-side-legs  of  vortices  VI,  V2 
(not  shown),  V5,  and  V6  of  the  blade 
A  are  pushed  to  converge  and  remain 
attached  to  its  suction  side.  They 
(the  suction  side  legs)  are  eventu^y 
forced  to  rise  along  the  suction 


surface  and  move  away  from  the 
endwall.  The  remnants  of  the 
suction-side-legs  of  vortices  from 
blade  A  (specifically  V5  and  V6),  the 
diverted  upstream  flow,  and  the 
pressure-side-legs  of  vortices  from 
blade  B,  approach  the  suction  surface 
at  a  flow  angle  lees  than  about  45 
deg.;  a  condition  seemingly  required 
for  formation  of  a  new  horseshoe 
vortex  system  (see  earlier  paragraph 
on  the  effects  of  flow  angle).  This 
condition  and  the  interaction  of  the 
various  flow  stream  in  this  area 
create  a  new  vortex  system  part  of 
which  lays  over  a  strip  along  the 
junction  of  suction  side  and  the 
endwall  (Ref  27).  The  result  is  a 
region,  extending  to  near  the  trailing 
edge,  covered  with  many  interacting 
vortices  (Fig.  6).  Figure  7  shows  a 
representative  mass  transfer 
distribution  on  the  suction-side  and 
the  endwall  in  this  region  with  its 
multiple  local  maxima  and  minima. 
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Figure  1-  Surface  profile  measurement  system 


Figure  2-  The  vortex  system  and  photograph  of  its  effect  near  the  base 
of  a  round  cylinder  (Refs.  9  and  15) 
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Mass  transfer  on  the  plate 


Mass  transfer  on  the  cylinder 


Figure  3-  Mass  transfer  distribution  (Ref.  16)  and  the  vortex  system  near  the 

base  of  a  square  cylinder 
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Mass  Transfer  Distribution  on  the  Endwall  [23] 
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Mass  Transfer  Distribution  on  the  Suction-Side  [24] 
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Mass  Transfer  Distribution  on  the  Suction-Side  [24] 
(Blown-up  of  the  Near  Endwall  Region) 


Figure  7-  Mass  transfer  distribution  in  the  junction  region  of  suction  side 

and  the  endwall 


Discussion 


QUESTION  1: 

DISCUSSOR:  A.  Heselhaus,  Institut  fur  Antriebstechnik 

Were  the  endwalls  also  coated  with  naphthalene  when  the  mass  transfer  measurements 
on  the  blade  surface  were  made,  emd  were  the  blade  surfaces  naphthalene-coated  for  the 
endwall  measurements. 

AUTHOR’S  REPLY: 

The  case  of  both  endwall  and  cylinder  coated  with  naphthalene  has  been  studies  and 
published  (Ref.  15).  The  effect  as  I  recall  is  slight  reduction  in  local  maximum  mass 
transfer  on  the  cylinder. 
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ABSTRACT 

The  purpose  of  the  paper  is  to  try  to  describe  some  of  the 
influences  on  external  convective  heat  transfer  of  a  coolant 
film  whose  position  varies  along  the  suction  side  of  a  high 
pressure  turbine  nozzle  guide  vane.  The  measurements 
were  performed  in  the  short  duration  Isentropic  Light 
Piston  Compression  Tube  facility  CT-2  of  the  von  Karman 
Institute.  The  effects  of  external  and  internal  flow  are 
considered  in  terms  of  Mach  number,  Reynolds  number, 
freestream  turbulence  intensity,  blowing  rate  and  coolant 
to  freestream  temperature  ratio.  The  way  to  evaluate 
those  results  in  terms  of  heat  transfer  coefficient  is  finally 
discussed. 

LIST  OF  SYMBOLS 

d  cooling  hole  dituneter 

h  heat  transfer  coefficient 

ho  heat  trtmsfer  coefficient  without  cooling 

m  blowing  rate 

M  MeK:h  number 

Re  Reynolds  number 

s  non  dimensional  wetted  length 

Tu  freestream  turbulence  intensity 

Subscripts 

o  total  condition 

1  inlet  condition 

2  exit  condition 

oo  upstream  condition 

c  coolant  condition 

is  isentropic  condition 

1.  INTRODUCTION 

The  strong  interest  devoted  to  the  convective  heat  treinsfer 
phenomena  existing  in  the  first  stages  of  a  modem  high 
pressure  gas  turbine  is  motivated  by  the  important  thermal 
loads  observed  in  this  severe  environment.  .\n  efficient 
cooling  of  the  blades  and  the  endwalls  is  most  often  required 
to  prevent  an  early  degradation.  Film  cooling  is  one 
of  the  techniques  applied  for  this  purpose.  Considering 
the  complexity  of  the  flow  developing  in  modern  aero¬ 
engines,  tin  experimental  approach  in  conditions  and  with 
models  representative  of  reality  is  absolutely  necessary.  A 
large  number  of  research  programmes  have  therefore  been 
undertaken  over  the  25  last  years  to  investigate  numerous 
aspects  of  the  film  cooling  technique. 

A  lot  of  parameters  have  to  be  considered  to  correctly 
simulate  the  geometry  and  the  flow  conditions  encountered 
in  modem  turbines  :  airfoil  geometry,  coolant  emission 
location  and  geometry,  gas  to  wall  temperature  ratio. 


blade  loading,  freestream  Reynolds  number,  freestream 
turbulence  intensity,  secondary  flows,  coolant  to  freestream 
mass  weight  ratio  and  temperature  ratio,  etc... 

Many  experimental  investigations  have  been  presented  on 
the  fundamental  aspects  of  film  cooling.  Their  objective 
was  to  understand  and  to  eventually  model  the  thermal 
and  aerodynamic  characteristics  of  a  coolant  film.  Typical 
examples  of  this  type  of  research  were  published  by 
Goldstein  [1].  Teekaram  et  al.  [2]  and  Sinha  et  al.  [3]. 
Some  of  the  available  measurements  on  film  cooled  turbine 
cascade  models  were  presented  by  Lander  et  al.  [4],  Nicolas 
i:  Le  Meur  (5].  Ito  et  al.  (6),  Daniels  [7],  Dring  et  al.  [8], 
Horton  et  al.  [9],  Camci  k  Arts  [10],  Nirmalan  k  Hylton 
[11],  Arts  k  Bourguignon  [12].  A  large  number  of  these 
heat  transfer  data,  presented  either  in  terms  of  heat  transfer 
coefficient  or  in  terms  of  adiabatic  effectiveness,  are  however 
difficult  to  use  as  such  for  modem  cooled  gas  turbine  design 
because  of  the  limited  range  of  test  conditions  considered 
in  some  of  these  investigations. 

Over  the  last  10  years,  SNECMA  and  the  von  Karman 
Institute  have  been  conducting  a  systematic  research 
programme  on  the  aerodynamic  and  thermal  performances 
of  uncooled  and  cooled  two-dimensional  vanes  and  blades. 
The  main  objective  of  these  investigations  is  to  develop 
and  to  verify  accurate  and  reliable  calculation  methods 
under  the  presence  of  film  cooling;  a  second  objective  is 
to  possibly  identify  relatively  simple  correlations,  taking 
into  account  the  freestream  and  flow  parameters,  to  be 
eventutilly  used  during  the  design  procedure  of  new  blades. 
The  selection  of  the  different  airfoil  geometries  and  cooling 
configurations  did  not  especially  depend  upon  the  fact  that 
these  profiles  eventually  were  or  were  not  used  in  an  existing 
engine.  The  tested  models  were  rather  considered  as 
general  demonstrator  test  cases,  representative  of  modem 
aerodynamic  design. 

The  more  specific  objective  of  the  present  paper  is  to 
describe  one  of  the  investigated  topics,  namely  to  quantify 
the  influence  on  convective  heat  transfer  of  a  coolant  film 
whose  emission  position  varies  along  the  suction  surface  of  a 
high  pressure  turbine  nozzle  guide  vane.  The  effects  of  both 
external  and  internal  flows  are  considered  in  terms  of  Mach 
and  Reynolds  number,  freestream  turbulence  intensity, 
blowing  ratio  and  coolant  to  freestream  temperature  ratio. 
A  discussion  of  the  heat  transfer  characteristics  along  the 
pressure  side  of  the  same  airfoil  has  been  presented  in  an 
earlier  publication  [12]. 


2.  EXPERIMENTAL  APPARATUS 

2.1.  Wind  tunnel 

This  experimental  investigation  was  performed  in  the  von 
Karmtm  Institute  Isentropic  Light  Piston  Compression 
Tube  Facility  CT-2.  The  basic  principles  of  this  type 
of  short  duration  wind  tunnel  were  established  about  20 
years  ago  by  Jones  and  Schultz  [13).  Its  operation  is 
based  on  the  isentropic  compression  in  a  large  cylinder 
of  a  test  gas,  usually  air,  by  means  of  a  light  weight 
piston.  A  vohune  of  gets  at  well  defined  total  pressure 
and  temperature  is  generated  in  this  way.  The  flow  is 
then  admitted  in  the  test  section  by  opening  a  fast  acting 
slide  valve  isolating  the  compression  cylinder  from  the  test 
section.  Consttuit  freestream  conditions  are  maintained  for 
about  0.5  s.  The  flow  is  dumped  in  a  large  reservoir,  sealed 
from  atmosphere  and  eventually  separated  from  the  test 
section  by  a  sonic  throat  in  order  to  maintain  constant 
aerodynamic  conditions  downstream  of  the  test  section. 

The  definite  advantage  of  this  type  of  wind  tunnel  is  to 
provide  at  relatively  low  cost  an  exact  similitude  in  terms 
of  Mach  number  as  well  as  gtis  to  wall  and  gets  to  coolant 
temperature  ratios  with  respect  to  the  values  currently 
observed  in  modern  aero  engines.  Further  details  about 
the  \'KI  CT-2  facility  were  presented  by  Riduuds  jl4)  and 
Camci  (15). 

2.2.  Test  model 

The  measurements  described  in  the  present  paper  were 
carried  out  along  a  film  cooled  nozzle  guide  vane  mounted  in 
a  linear  cascade  configuration.  This  cascade  consisted  of  5 
blades  (4  passages).  The  central  blade  was  instrumented 
either  for  static  pressure  or  for  convective  heat  transfer 
measurements  (Fig.  1  j. 

Eight  independent  cooling  locations  were  consideretl  on 
four  different  interchangeable  models:  4  wi're  locnte<l  on 
the  suction  side  and  4  on  the  pressure  side  (one  pair  on 
each  model).  Each  of  these  emission  sites  consisted  of 
two  staggered  rows  of  30  cylindrical  holes  (d=0.5  mm). 
.As  in  many  other  previous  investigations,  the  row  and 
hole  spacing  were  both  eciual  to  3  hole  diameters  and  the 
upstream  row  was  angled  at  50'’  with  respect  to  the  blade 
surface.  The  downstream  row  axis  was  parallel  to  the 
upstream  one. 

•As  mentioned  in  the  introduction,  only  the  measurements 
along  the  suction  surface  will  be  considered  in  the  present 
investigation.  Along  this  surface,  the  4  emission  sites  were 
respectively  located  at  3.9%  (El),  11.1%  (E2),  20.9%  (E3) 
and -30.1%  (E4)  of  the  suction  side  wetted  length.  These 
locations  were  selected  to  olitain  a  maximum  of  infonnation 
on  the  coolant  film.  They  do  not  necessarily  duplicate  the 
exact  cooling  configurations  observed  in  a  real  engine. 

Velocity  distributions  were  only  measured  for  the  uncooled 
configuration.  The  instrumented  profile  was  equiirperl  with 
28  static  pressure  tappings.  The  four  different  cooled  blades 
for  convective  heat  transfer  measurements  were  made  of 
Macor  gla-ss  ceramic.  They  were  instrumented  by  means 
of  45  platinum  thin  film  gauges  (Fig.  2).  The  coolant 
was  independently  supplied  to  each  cooling  site  through 
a  cylindrical  cavity  extending  along  the  bltide  height,  by 
means  of  a  regenerative  type  cryogenic  heat  exchanger  to 


simulate  different  coolant  to  freestream  temperature  ratios. 

The  cascade  model  was  finally  equipped  with  the  necessary 
instrumentation  (pressure  and  temperature  probes)  to 
record  the  upstretim  tottil  pressure  and  temperature  as 
well  as  the  freestream  turbulence  intensity,  the  downstream 
static  pressure  distribution  across  at  least  two  passages  and 
the  coolant  flow  characteristics. 

2.3.  Measurement  techniques 

Local  wall  static  pressure  and  upstream  tottd  pressure 
measurements  provided  the  isentropic  Mach  number 
distribution  around  the  blade.  .A  transient  measurement 
technique,  described  by  Schultz  and  Jones  [16],  was  used 
to  determine  local  wall  heat  fluxes.  The  convective 
heat  transfer  coefficient  h  used  in  this  paper  is  defined 
as  the  ratio  of  the  measured  wall  heat  flux  and  the 
difference  between  the  upstream  freestream  and  the  local 
wall  temperatures.  It  is  important  to  remark  that  the 
present  heat  transfer  measurements  provide  a  spanwise 
averaged  infonnation  as  the  different  thin  films  were  about 
20  mm  long.  The  coolant  mass  flow  was  measured  by 
means  of  a  choked  orifice  and  miniature  total  pressure 
and  temperature  probes  continuously  jirovided  the  coolant 
characteristics  at  the  inlet  and  the  exit  of  the  plenum  cavity. 

The  uncertainty  on  the  measured  (juantities  has  been 
discussed  in  earlier  ptiblications  [10.  12.  15).  Repeatability 
w.as  found  to  be  very  good,  a.s  well  for  repeated 
measurements  on  a  given  model  tus  for  similar  measurements 
(zero  coolant  ma.ss  flow)  repeated  on  different  models. 

2.4.  Test  conditions 

The  test  programme  was  condticted  ticcording  to  the 
following  matrix  : 


Ile2,i, 

•Mr.,, 

Tu.xi 

2.25  10'* 

1.10 

1-4-G  % 

2.25  10" 

0.85  -  1.25 

4  % 

1.50  10" 

1.10 

4  % 

CO 

O 

1.10 

4  % 

For  each  test  condition.  5  to  7  values  of  the  blowing  rate 
and  3  values  of  the  coolant  to  freestream  temperature  ratio 
were  considered. 

3.  BLADE  VELOCITY  DISTRIBUTION 

The  ksentropic  Mach  number  distributions  were  experimen¬ 
tally  determined  along  the  blade  profile  for  different 
loadings.  These  measurements  were  performed  at  zero 
coolant  mass  flow.  Typical  results  are  presented  in  Figs. 
J  (Mz.i«  =1.10)  and  4  (Mi., ,=0.851;  the  isentropic  Mach 
number  distributions  tire  ]>lotted  in  function  of  the  relative 
suction  and  pressure  side  wetted  lengths.  They  are  also 
compared  to  a  numerical  prediction,  obtained  from  a  two- 
dimensional  Euler  solver  developed  at  VKI  [17).  The 
•agreement  between  measured  and  calculated  values  is  quite 
good. 

.A  velocity  peak  is  clearly  ob.served  around  10%  of  the 
jircssure  side  wetted  length.  .As  demonstrated  in  an  earlier 
publication  [12],  it  is  responsible  for  the  existence  of  a  small 
recirculation  bubble  in  this  region.  .A  shock  is  identified 
idong  the  suction  siiie  (s~0.50)  at  nominal  conditions 
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(M2.,,=1.10).  The  change  in  acceleration  along  the  front 
part  of  the  blade  (S2;0.26)  has  to  be  kept  in  mind  for  the 
interpretation  of  the  heat  transfer  results. 

4.  HEAT  TRANSFER  WITHOUT  FILM 
COOLING 

In  order  to  establish  a  base  line  for  our  measurements, 
the  influence  of  the  most  important  freestream  parameters 
(Mach  and  Reynolds  numbers,  turbulence  intensity)  was 
first  investigated  on  an  uncooled,  smooth  profile  without 
any  film  cooling  holes  present.  These  results  are  presented 
as  heat  transfer  coefficient  evolutions,  plotted  in  function 
of  the  relative  suction  side  wetted  length. 

The  influence  of  blade  loading  will  first  be  discussed  as 
it  seems  to  be  the  main  parameter  affecting  the  onset  of 
transition  (Fig.  5).  At  nomintJ  Mach  number  (M2,i.=l. 10), 
transition  starts  at  s~0.26;  this  is  shown  by  the  random 
appearance  of  turbulent  bursts  when  looking  at  the  time 
history  of  the  local  heat  flux  signals.  This  position 
corresponds  to  the  first  change  in  velocity  gradient  observed 
in  Fig.  3.  .A.S  the  flow  reaccelerates  further  downstream,  the 
complete  transition  process  is  delayed,  and  even  stabilized 
until  s~0.50,  which  is  the  position  at  which  the  shock 
wave  is  observed.  .A  fully  turbulent  boundary  layer  is  then 
established.  The  transitional  nature  of  the  boundary  layer 
between  s~0.26  and  s~0.50  is  farther  demonstrated  by  the 
almost  constant  level  of  the  heat  transfer  coefficient  ;  a 
laminar  behaviour  would  show  a  definite  decrease  of  the 
latter.  It  finally  seems  that  a  small  separation  bubble 
appears  just  upstream  of  the  shock  wave.  This  is  shown  by 
a  decrease  in  heat  flux  measured  by  the  Itist  gauge  before 
the  impingement  point  of  the  shock  on  the  suction  surface. 
A  better  evidence  of  this  phenomenon  is  observed  at  lower 
Reynolds  number  (Fig.  G). 

.A  similar  discussion  can  be  made  for  M2,i,=1.25.  The 
only  difference  is  a  slightly  later  establishment  of  the  fully 
turbulent  boundary  layer.  This  is  consistent  with  a  small 
sluft  to  the  right  of  the  velocity  peak  when  the  nozzle  works 
at  higher  loading.  For  M2.,j=0.S5.  the  maximum  velocity 
peak  is  .shifted  to  the  left  (s~0.43).  (Fig.  4).  This  results  in 
a  shorter  transition  length.  A  higher  level  of  heat  transfer 
is  also,  as  expected,  measured  along  the  turbulent  part  of 
the  boundary  layer. 

The  influence  of  freestream  Reynolds  number  is  presented 
in  Fig.  6.  A  first  overall  effect  is  observed  on  the  mean  level 
of  the  heat  transfer  coefficient.  For  the  nominal  (2.25  10®) 
and  highest  ( 3.0  10®)  values  of  Re2,„,  the  onset  of  transition 
is  again  observed  at  s~0.26,  whereas  the  boundary  layer 
.seems  to  remain  laminar  until  the  shock  for  the  lowest  value 
(1.5  10®)  of  Re2.ij.  For  the  highest  Reynolds  number  value, 
the  effects  of  transition  result  in  a  very  qiiick  increase  of 
the  heat  transfer  coefficient  and  a  short  transition  length  : 
the  heat  load  on  the  blade  is  much  more  important. 

The  influence  of  turbulence  intensity  is  shown  in  Fig.  7. 
As  expected,  its  main  effect  is  observed  in  the  stagnation 
region  and  along  the  laminar  portion  of  the  boundary 
layer.  It  does  not  have  any  influence  on  the  onset  of 
transition.  A  definite  effect  is  nevertheless  observed  along 
the  transitional  part  of  the  boundary  layer,  especially  at 
the  highest  turbulence  intensity  (Tuoo=6%). 


existence  of  the  cooling  holes  on  boundary  layer  transition. 
In  order  to  avoid  any  undesirable  film  cooling  effects  due 
e.g.  to  recirculation  between  the  two  rows  of  holes,  the 
plenum  cavities  were  filled  as  carefully  as  possible  with 
rubber  seals.  The  results  are  presented  in  Fig.  8,  and 
compared  to  the  heat  transfer  distribution  measured  along 
the  smooth  blzide.  -A  definite  effect  is  observed.  It  appears 
that  the  transition  is  now  always  triggered  by  the  presence 
of  the  rows  of  holes:  its  onset  indeed  corresponds  to  their 
position.  The  only  exception  is  configuration  El,  where  the 
acceleration  seems  to  be  high  enough  to  maintain  a  laminar 
boundary  layer. 

5.  HEAT  TRANSFER  WITH  FILM  COOLING 
More  than  500  heat  transfer  distributions  were  obtained  for 
the  different  cooling  configurations  by  varying  both  fiee- 
stream  and  coolant  conditions.  Some  typical  examples  of 
the  information  obtained  from  this  test  programme  will  be 
presented  in  terms  of  h/ho  distributions.  The  base  line 
reference  cases  correspond  to  the  heat  transfer  distributions 
measured  along  the  four  different  profiles  (El,  E2,  E3.  E4) 
equipped  with  cooling  holes  but  with  zero  cooling  mass  flow 
(Fig.  8). 

5.1.  Discharge  coefficient 

The  discharge  coefficient  evolutions  corresponding  to  the 
four  injection  configurations  are  presented  in  Fig.  9  as 
a  function  of  coolant  to  freestream  pressure  ratio.  These 
tests  were  made  for  three  different  coolant  to  freestream 
temperature  ratios.  Depending  upon  configuration  and 
pressure  ratio,  the  discharge  coefficient  values  rtinge 
between  0.4  and  0.8.  These  tests  were  carried  out  for 
different  freestream  Reynolds  numbers. 

5.2.  Effect  of  cooling  flow  on  transition 
(configuration  El) 

The  cooling  flow  has  a  direct  influence  on  the  transition 
process  of  the  suction  side  boundary  layer  when  considering 
configuration  El.  Figure  10  shows  the  measurement 
results  obtained  for  two  extreme  values  of  the  blowing 
rate  at  a  relatively  low  coolant  to  freestream  temperature 
ratio  ( Toc/Ti)i  =0.620.  The  mea.surcincnts  were  performed 
at  nomin2il  values  of  .\I2,,(1.10).  Re2,,,  (2.25  10®)  and 
Tuoo  (4%).  One  remarks  that  for  the  lowest  value  of 
the  blowing  rate  (m=0.454),  a  relatively  good  protection 
of  the  blade  surface  is  ensured  just  downstream  of  the 
emission  location  whereas  higher  values  of  the  heat  transfer 
coefficient  are  measured  for  the  highest  value  of  the  blowing 
rate  (m=1.708).  It  seems  that  the  higher  momentum  of 
the  coolant  film  induces  higher  local  turbulence  and  leads 
to  an  increase  of  the  heat  transfer  coefficient.  One  also 
observes  that  the  "plateau"  region  identified  at  zero  blowing 
rate  between  s~0.25  and  s::;0.50  does  not  exist  anymore. 
The  heat  transfer  coefficient  increases  from  the  onset  of 
transition.  This  behaviour  is  somewhat  similar  to  the 
one  observed  at  zero  cooling  flow  and  highest  freestream 
turbulence  ( Fig.  7).  The  negative  effect  of  the  coolant  film, 
destabilizing  the  boundary  layer  and  providing  very  little 
efficiency  in  the  transition  region  is  clearly  demonstrated 
here.  It  also  stresses  the  importance  of  accurate  transition 
modeling  when  trying  to  predict  this  type  of  flow.  Farther 
downstream,  however,  after  the  establishment  of  a  fully 
turbulent  boundary  layer,  the  positive  effect  of  the  coolant 
film  is  again  demonstrated. 


Tests  were  finally  performed  to  verify  the  influence  of  the 


5.3.  Effect  of  coolant  temperature 

The  effect  of  coolant  temperature  is  demonstrated  on 
configuration  E3  (Fig.  11).  The  measurements  were 
performed  at  nominal  freestream  conditions  (M2,i,=1.10, 
Rej. 11=2.25  10®,  Tuoo=‘l%),  for  an  intermediate  value 
of  the  blowing  rate  (m::0.470)  and  for  three  different 
values  of  the  coolant  to  freestream  temperature  ratio 
(T.^/To,  =0.617,  0.689  ajtd  0.769). 

The  results  presented  in  figure  11  show,  as  e.xpected, 
the  decrease  of  heat  transfer  coefficient  with  coolant 
temperature.  The  most  important  differences  are  observed 
just  downstream  of  the  emission  location.  .4t  constant 
blowing  rate,  increasing  the  coolant  temperature  will 
decrease  the  coolant  density  and  increase  its  velocity  as 
well  as  its  momentum.  This  explains  the  almost  monotonic 
increase  of  h/ho  at  low  values  of  Toc/Toi  compared  to 
the  decreasing/increasing  behaviour  at  higher  values  of  this 
temperature  ratio.  This  effect  was  alreadv  reported  earlier 
(Ref.  10]. 

The  impingement  of  the  shock  wave  on  the  s^u'tion  side  is 
still  observed.  Finally,  it  seems  that,  close  to  the  trailing 
edge,  the  coolant  effect  is  rather  small  when  lowering  the 
coolant  temperature  below  a  certain  limit.  This  would 
lead  to  a  sharper  heat  transfer  coefficient  increase  along 
the  suction  side  length  when  dealing,  at  least  at  this  value 
of  the  blowing  rate,  with  lower  coolant  temperatures. 

5.4.  Effect  of  blowing  rate 

The  effect  of  blowing  rate  is  demonstrated  on  configurations 
El,  E2  and  E4  (Figs.  12  a.b.c).  These  measurements 
were  again  performed  at  nominal  freestream  conditions 
(M2.m  =  1.10,  Rea,. ,=2.25  10®.  Tn,o=4%)  and  for  a 
relatively  low  coolant  to  freestream  temperature  ratio 
(Toc/Toi  i:0.620).  The  non  dimensionalized  heat  transfer 
coefficient  evolution  has  been  plotted  in  function  of  the 
blowing  ratio  at  four  distinct  locations,  respectively  at  2, 
10.  50  cooling  hole  diameters  dowti.stre.-un  of  the  emission 
location  and  just  upstream  of  the  trailing  edge  (last 
measurement  point). 

Let  us  first  consider  configuration  El  (Fig.  12a).  Just 
downstream  of  the  cooling  holes  [2  diameters),  the  heat 
transfer  coefficient  regularly  increases  with  the  blowing 
ratio.  For  values  of  m  larger  than  0.8,  the  heat  transfer 
level  with  coolant  emission  is  even  more  important  than 
without.  This  effect  is  due  to  the  high  perturbating  effect 
of  the  jets  at  the  largest  value  of  the  blowing  rate.  Farther 
downstream  (10  dituneters)  the  optimum  value  of  m  seems 
to  be  around  0.8;  a  regular  increase  of  h/h,  is  observed  for 
larger  values.  A  very  strong  increase  of  h/h,  is  detected  50 
diameters  downstream  of  the  cooling  holes.  It  is  due  to  a 
different  transition  mechanism,  as  explained  in  section  5.2. 
Close  to  the  trailing  edge,  an  almost  monotonic  decrease  of 
h/h,  is  measured. 

Similar  conclusions  can  be  drawn  when  looking  at  the 
results  obtained  for  configuration  E2  (Fig.  12b).  The 
major  difference  however  is  that  the  non  dimensionalized 
heat  transfer  coefficient  value  always  remains  below  1 .  Very 
good  performances  of  the  coolant  film  arc  observed  along 
the  suction  side,  even  if  they  deteriorate  somewhat  close 
to  the  injection  holes  (2  and  10  diameters)  when  increasing 
the  blowing  rate.  An  optimum  value  of  the  latter  would  be 
of  the  order  of  0.65  ...  0.75  for  the  present  configuration. 


If  one  finally  considers  configuration  E4  (Fig.  12c),  it 
appears  that  only  the  region  just  downstream  of  the  cooling 
holes  is  negatively  affected  by  the  highest  blowing  rates. 
Farther  downstream,  the  non  dimensionalized  heat  transfer 
coefficient  continuously  decreases  with  increasing  values  of 
m.  A  h/h„  value  equal  to  0.55  is  even  measured  in  the 
trailing  edge  region  for  the  highest  blowing  rate.  The 
optimal  value  of  m  would  here  be  of  the  order  of  0.75  ... 
0.85. 

5.5.  Effect  of  Reynolds  number 

The  effect  of  Reynolds  number  on  configuration  E2  is 
presented  in  figures  13  a,b,c.  The  measurements  were 
performed  at  nominal  Mach  number  (M2,i,  =  1.10)  and  free¬ 
stream  turbulence  intensity  (Tuoo=4%)  and  for  a  low 
coolant  to  freestream  temperature  ratio  (Toc/Tqi  ;i;0.62). 
The  non  dimensionalized  heat  transfer  coefficient  is 
plotted  in  function  of  the  blowing  ratio  at  three  different 
locations,  respectively  2.  10  and  50  cooling  hole  diameters 
downstream  of  the  emission  location. 

By  comparing  the  results  obtained  for  the  three  considered 
Reynolds  numbers,  a  definite  difference  appears  between 
the  lowest  (1.5  10®)  and  the  two  highest  (2.25  10®  and 
3.0  10®)  values.  Small  differences  are  measured  in  the 
latter  case  whereas  much  higher  heat  transfer  coefficients 
are  identified  for  Re2,,,  =  1.50  10®.  This  is  due  to  the  nature 
of  the  boundary  layer.  .4t  this  low  Reynolds  number,  it  is  in 
a  laminar  state  without  cooling  and  in  a  highly  transitional 
state  with  cooling.  Especially  at  50  diameters  downstream 
of  the  emission  location  ( Fig.  13  c)  the  detrimental  effect  on 
h/ho  of  this  early  transition  is  somewhat  compensated  by 
the  coolant  layer  as  the  blowing  ratio  increases.  The  same 
effect  was  observed  along  the  ])ressure  side  of  this  airfoil 
(Ref.  12]. 

0.  SUMMARY  -  CONCLUSIONS 
Experimental  results  have  been  obtained  from  a  systematic 
research  program  on  external  convective  heat  transfer 
measurements  with  film  cooling  along  the  suction  side  of  a 
high  pressure  ttirltine  nozzle  guide  vane.  The  major  effects 
of  the  different  main  and  coolant  How  parameters  on  the 
heat  transfer  coefficient  have  been  identified. 

,\  better  tliermal  protection  is  olttained  for  all  configura¬ 
tions  when  the  blowing  ratio  is  increased,  except  : 

-  in  the  near  hole  region  (up  to  10-15  cooling  hole  diameters 
downstream  of  the  emission  .site); 

-  in  the  transitional  region,  where  the  coolant  film  induces 
an  earlier  and  more  abrupt  transition  to  the  turbulent 
status  of  the  boundary  layer. 

The  present  investigation  not  only  demonstrates  the  heat 
transfer  coefficient  variations  due  to  geometrical  and  aero- 
thermal  modifications  but  also  emphasizes  the  boundary 
layer  perturbation  due  to  the  coolant  layers.  It  also  stresses 
the  importance  of  an  accurate  transition  and  turbulence 
modeling  when  trying  to  numerically  predict  this  type  of 
flow. 

Acknowledgments 

The  authors  wish  to  thank  SNECMA  for  the  financial 
support  and  the  permission  to  publish  the  paper  and 
the  technical  personnel  of  the  VKI  Turbomachinery 


3-5 


Depzirtment  for  the  assistance  throughout  the  testing 
program. 

REFERENCES 

1.  Goldstein,  R.J.:  Film  Cooling.  Advances  in  Heat 
Transfer,  \ol.  7,  Academic  Press,  1971,  pp  321-379. 

2.  Teekaram,  A.J.H.;  Forth,  C.J.P.:  Jones,  T.V.:  Film 
cooling  in  the  presence  of  mainstream  pressure  gradients. 
ASME  Paper  90-GT-334,  1990. 

3.  Sinha.  A.K.;  Bogard,  D.G.;  Crawford,  M.E.:  Film 
cooling  effectiveness  downstream  of  a  single  row  of  holes 
with  variable  density  ratio.  ASME  Paper  90-GT-43,  1990. 

4.  Lander.  R.D.;  Fish,  R.W.;  Suo,  M.:  External  heat 
transfer  distribution  on  film  cooled  turbine  vanes.  J.  of 
Aircraft,  Vol.  9,  No  10,  1972,  pp  707-714. 

5.  Nicolas,  J.  Le  Meur,  A.:  Curvature  effects  on  a  turbine 
blade  cooling  film.  ASME  Paper  74-GT-156,  1974. 

6.  Ito,  S.;  Goldstein.  R.J.;  Eckert,  E.R.G.;  Film  cooling  of 
a  gas  turbine  blade.  J.  of  Engineering  for  Gas  Turbine  and 
Power,  Vol.  100,  1978.  pp  476-481. 

7.  Daniels,  L.C.:  Film  cooling  of  gas  turbine  blades.  PhD 
Thesis,  University  of  Oxford,  UK.  1979. 

8.  Dring,  R.P.;  Blair.  M.F.;  .loslyn,  H.D.:  .4n  experimental 
investigation  of  film  cooling  on  a  turbine  rotor  blade.  J.  of 
Engineering  for  Gas  Turbine  and  Power.  V'ol.  102.  No  1. 
1980,  pp  81-87, 

9.  Horton.  F.G.;  Schultz,  D.L.;  Forest,  A.E.:  Heat  tremsfer 
measurements  with  film  cooling  on  a  turbine  blade  profile 
in  cascade.  .ASME  Paper  85-GT-117,  1985. 

10.  Camci.  C.  i:  Arts.  T.:  Short  duration  ineirsurements 
and  numerical  simulation  of  heat  transfer  along  the  suction 
side  of  a  film  cooled  gas  turbine  blade.  J.  of  Engineering  for 
Gas  Turbine  and  Power.  Vol.  107,  No  4,  1985,  pp  991-997. 

11.  Nirmalan.  V.  i;  Hylton,  L.D.;  .An  experimental 
study  of  turbine  vane  heat  transfer  with  leading  edge  and 
downstream  film  cooling.  .ASME  paper  89-GT-G9.  1989. 

12.  Arts.  T.  i:  Bourguignon,  A.E.:  Behaviour  of  a  two 
rows  of  holes  coolant  film  along  the  pressure  side  of  a  high 
pressure  nozzle  guide  vane.  ASME  Paper  S9-GT-186,  1989. 
J.  of  Turbomachinery,  Vol.  112,  No  3,  1990,  p  512. 

13.  Jones.  T.V.;  Schultz,  D.L.;  Hendley,  A.D.;  On  the  flow 
in  tin  isentropic  free  piston  tunnel.  .ARC  R&M  3731,  1973. 

14.  Richards,  B.E.:  Heat  transfer  measurements  related  to 
hot  turbine  components  in  the  von  Karman  Institute  Hot 
Cascade  Tunnel.  ‘Testing  and  Measurement  Techniques  in 
Heat  Transfer  and  Combustion'  AGARD  CP  281,  Paper  6. 
1980. 

15.  Camci.  C.:  An  experimental  and  theoretical  heat 
transfer  investigation  of  film  cooling  on  a  high  pressure  gas 
turbine  blade.  PhD  Thesis.  Katholieke  Universiteit  Leuven. 
Belgium,  1985. 

16.  Schultz,  D.L.  i:  Jones,  T.V.;  Heat  transfer 
measurements  in  short  duration  hypersonic  facilities. 
AGARDograph  165.  1973. 


17.  Arts,  T.:  Etude  de  I’ecoulement  tridimensionnel 
complet  dans  un  etage  de  turbine  transsonique.  PhD 
Thesis,  Universite  Catholique  de  Louvain,  Belgium,  1982. 


Fig.l  -  Cascade  model 


Fig.2  -  Heat  transfer  models 
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Fig.3  -  Blade  velocity  distribution  (Mj.i,  =  1.10) 
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Fig.4  -  Blade  velocity  distribution  (Mj.,,  =  0.85) 


Fig.6  -  Heat  transfer  without  film  cooling 
Influence  of  Reynolds  number 
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Fig.7  -  Heat  transfer  without  film  cooling 
Influence  of  freestream  turbulence  intensity 


Fig.5  -  Heat  transfer  without  film  cooling 
Influence  of  blade  loading 


Fig.8  -  Heat  transfer  without  film  cooling 
Influence  of  the  existence  of  the  cooling  holes 
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Fig.9  -  Discharge  coefficients  Fig.l2a  -  Effect  of  blowing  rate  (El) 
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Fig.  10  -  Effect  of  cooling  on  transition  (El) 


Fig.  12b  -  Effect  of  blowing  rate  (E2) 


Fig.  11  -  Effect  of  coolant  temperature  (E3) 


Fig.l2c  -  Effect  of  blowing  rate  (E4) 
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Fig.  13a  -  Effect  of  Reynolds  number  (E2) 


Fig.l3b  '  Effect  of  Reynolds  number  (E2) 


Fig.l3c  -  Effect  of  Reynolds  number  (E2) 


Discussion 

QUESTION  1: 

DISCUSSOR;  P.  Harasgama,  ABB 

Have  you  assessed  the  effect  of  blowing  rate  on  the  actual  heat  flux  and  compared  this  with 
the  uncooled  heat  flux  in  the  laminar  regime? 

AUTHOR'S  REPLY; 

No,  we  did  not.  Comparisons  were  done  based  on  the  heat  transfer  coefficient  only. 
QUESTION  2 

DISCUSSOR:  P.  Harasgama,  ABB 

Did  you  perform  experiments  with  more  than  one  row  of  cooling  holes  (i.e.,  2,  3  or  4) 
operating  simultaneously? 

AUTHOR’S  REPLY: 

Those  configurations  were  not  considered  in  the  present  program.  The  program  only 
focused  on  individual  configurations. 
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ETUDE  EXPERIMENT  ALE  DU  TRANSFERT  DE  CHALEUR  PRES  D'UNE  PAROI  PLANE  CHAUFFER  EN  PRESENCE  D'INJECTIONS  MULTIPLES 
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1.  RESUME : 

L'article  pr^sente  lea  rdsultata  d‘une  dtude  expirimentale  d6taiU6e  des 
champs  adrodynamique  et  thermique  au  sein  de  la  couche-limite  d'une  paroi  plane 
chauffde  en  pr6serkce  d'injectioru  localis6es  d'air  chaud.  Pour  deux  valeurs  du 
rapport  des  vitesses  jeu/6coulcnient  principal  (0.6  et  1,6)  les  trots  composantes  du 
vecteur  vitesse  et  la  temperature  locale  de  i'6coulemem  sont  mesurdes  en  de 
nombreuses  positions,  respectivement  par  anemometrie  LASER  Doppler  I  Taide 
d'une  soruk  HI  froid.  Une  carte  de  la  temperature  de  la  paroi  plane  est  obtenue  au 
moyen  d'une  camera  infra-rouge.  Les  rdsultats  montrent  I'aspect  fortement 
thdimensiormel  de  I'ecoulement  en  aval  des  jets  qui  est  domine  par  la  presence  de 
structures  tourbillonnairet.  Ces  demierea  gdnerent  des  zones  de  forts  taux  de 
turbulence  et  oni  une  grande  influence  sur  le  champ  de  temperature  dans  le  siU^e 
des  jets.  Pbur  le  plus  grand  des  deux  rapports  de  vitesses  consideres,  I'ecoulement 
transversal  peneire  soua  les  jets  en  aval  des  orifices  d'injection  et  s'oppose  ainsi  ui 
transfert  de  chaleur. 


2.  INTRODUCTION : 

Laugmentation  du  rendement  des  moteurs  d'avion  est  en  panie  rendue 
possible  grkie  I  un  accroissemeni  de  la  temperature  des  gaz  i  I'cntree  dc  la 
turbine.  Cependant  ceue  temperature  eievec  a  un  effet  nefasie  sur  la  bonne  tenue 
mecanique  et  la  longevite  ^s  aubes  de  la  turbine,  aussi  esi-tl  necessaire  de 
refroidir  leurs  parois  placees  dans  recoulemeni  d'air  surchauffe.  Ce 
refroidissemeni  est  en  partie  assure  par  une  circulation  d'air  fra'is  k  Vinierieur  de 
I'aube  et  egalemcnl  par  remission  d'un  film  d'air  frais  en  surface,  grace  e  des 
injections  localisecs  i  travers  la  paroi. 

L’objeclif  assigne  au  film  de  refloidissement  est  Tobtention  d'une 
protection  thermique  de  la  paroi  efflcace,  sans  pour  auiant  affecter  les 
performances  aerod^amiques  de  ]a  turbine  d'une  manure  irop  penalisante.  Pour 
parvenir  a  un  lel  compromis  il  est  necessaire  d'apprehendcr  de  manibre  complete 
et  detainee  les  nombreux  phenombnes  abrothermiques,  souvent  trbs  complexes, 
qui  apparaisseni  dans  une  couche-limite  en  presence  d'injections  diserbtes  d'air 
frais. 

De  nombreux  travaux  ont  dejb  bib  consaerbs  b  rbiude  de  Tbcoulemem 
gbnbrb  par  un  ou  plusieurs  jets  dbbouchanc  au  sein  d'un  bcoulement  transversal. 
Les  premiers  d'entre  eux  avaient  pour  objcciif  la  prbvision  de  la  trajectoire  de 
I'axe  du  jet  en  suppoaant  que  la  distribution  de  vitesse  moyenne  vbrifle  une  ioi 
affine  -  cf  :  Keffer  et  Baines  (1963)  Chassaing  &  al.  (1974)  Cependant  des 
experiences  ont  trba  rapidemeni  rbvfib  la  prbaence  de  structures  lourbillonnaires 
doni  certaines  dominent  rbcoulemeni  en  aval  de  I'injeciion  et  onl  une  influence 
directe  sur  la  forme  de  la  section  droile  du  jet  •  cf :  Kamotani  et  Grebber  (1972); 
Feam  et  Weston  (1974);  Mousse  Sl  al.  (197^  Des  mbthodes  numbriques,  tenant 
compte  de  I’existence  de  oea  tourbillona.  ont  alore  btb  dbvcloppbcs  par  Le  Grivbs 
(1978),  Jones  et  Me  Guirfc  (1979),  Broadwell  et  Breidenthal  (1984)  et  Kulisa  A 
al.(1990). 

L'amblioration  des  modbles  numbriques  qui,  grace  b  la  puissance 
CToistanie  des  moyens  de  calcul  deviennent  de  plus  en  plua  sophiatiquba,  exige 
dea  meaures  exp^imentalet  plus  complbtes  et  prbciiea,  ausai  bien  pour  la 
validation  du  code  que  pour  mieux  apprbhender  les  phbnombnes.  Une  btude 
dbtaillbe  du  champ  de  viteaae  a  btb  rbdisbe  par  Crabb  A  al.  (1981)  puis  par 
Andrbopoulos  et  Rodi  (1984).  dans  le  caa  d'un  jet  unique  dbbouchant 
perpendiculairenwnt  dm  un  bcoulement  tramverial.  Le  cu  d'une  rangbe  de  jets 
incltnbs  a  rboemment  bib  bnidibe  par  Pietrzyk  A  al.  (1988).  Rs  te  sont  intbresi^  b 
I'influencc  du  uux  d'injectkm  sur  lea  viteaset  moyennea  et  leuri  fluctuations  et 
donnent  des  cartes  de  ces  grandeurs  dm  le  plan  vertical  du  jet.  Dm  une  btude 
rbcente  Chen  et  Hwoig  (1991)  oitt  considbrb  luccessivemcnt  le  caa  d'une  rangbe 


puis  de  deux  rangbes  de  Jett  chauds  injeetbs  perpendiculairement  dans  un 
bcoulement  transversal  floid.  Us  ont  obtenus  des  profils  de  tempbrature  et  de 
vitesse  longitudinale  moyennes  et  fluctuanies  dans  le  plan  mbdian  vertical  de  la 
section  d'essais  pour  de  grandes  valeurs  du  taux  d'injection. 

Les  rbsultats  de  la  prbsente  btude  concement  le  caa  d'une  rangbe  de 
jets  chauds  dbbouchant  au  sein  de  la  couche-limite  d'une  paroi  plane  chauffbe 
placbe  dans  un  bcoulement  transversal  froid.  Les  injections  sont  assurbes  par 
i'intermediaire  de  cinq  tubes  longs  et  inclinbs.  L'objectif  de  ce  travail  est  d'obcmir. 
sur  la  meme  installation,  un  ensemble  de  rbsultats  concemant  b  la  fois  les 
distributions  de  vitesse  et  de  tempbrature.  dans  plusieurs  plans  parallbles  b  la 
direction  de  I'bcoulement  principal.  Les  expbrienccs  sont  rbalisbea  en  liaison  avec 
I'bquipe  de  F.  Lebauf  b  L'Ecole  Centrale  de  Lyon,  qui  dbveloppe  un  modble  de 
calcul  de  film  de  refroidissemeni.  La  mise  au  point  de  ce  code  et  sa  validation 
exige  de  disposer  d'une  base  de  donnbes  expbrimentales  abrothenniques  rendant 
compte  du  caraetbre  fortement  tridimentionnel  de  I'bcoulemenL  L'allure  de  sa 
structure  est,  dm  un  premier  temps,  dbduite  de  visualisations  pv  lomographie 
LASER.  Des  mesures  de  vitesses  sont  effectubes  par  ADL  et  la  tempbrature 
locale,  au  sein  de  I’bcoulement,  est  relevbe  par  une  sonde  b  fll  froid.  Une  ctmbra 
infra-fouge  permet  de  connaiire  la  tempbrature  b  la  surface  de  la  paroi  plane. 

3.  DISPOSITIF  D’ESSAIS : 

Les  expbriences  ont  bib  effectubes  dans  unc  soufflerie  subsonique  de 
type  Eiffel,  donl  la  vcine  d'essais  (section  droile  rccungulaire  de  1000  mm  de 
long  sur  300  mm  de  large  el  400  mm  de  haul)  est  placbe  b  raval  d’un  convergent 
de  rapport  de  contraction  4/1.  Le  plancher  de  cette  veinc  consiitue  la  paroi  plane  b 
travers  laquelle  ont  btb  ambnagbs  les  orifices  d'injection. 

L'air  est  injecib  dans  la  couche-limite  de  ceiie  paroi  par  une  sbrie  de 
cinq  irous  (Fig.  1).  Les  injections  sont  assurbes  par  cinq  tubes  de  sections  droites 
circulaires  (diambtre  d  »  5  mm,  longueur  20  d),  inclinbs  d'un  angle  dc  45^  par 
rapport  b  la  direciion  de  I'bcoulement  principal.  Elies  sont  regulibrement  espacto 
suivani  I'envergure  (distance  3  d)  et  I'abscisse  d'injection  est  sitube  b  une  distance 
de  1 00  d  de  I'entrbe  de  la  veine  d'essais. 

Les  jets  sont  chauffbs  b  une  tempbrature  de  I'ordre  de  60*C.  alors  que 
I'bcoulement  principal  est  b  la  tempbrature  ambiante.  Le  plancher  de  la  veine  est 
maintenu  b  une  tempbrature  consume  grace  b  unc  circulaiicm  d'eau  ihermostatbe. 
Pour  les  expbrienccs  rapporlbcs  par  la  suite,  la  tempbrature  de  paroi  a  btb  fixbe  b 
60*C. 

Le  plancher  de  la  veine  est  constitub  d'un  "sandwich"  formb  par  une 
plaque  de  PVC  en  contact  avec  rbcoulement,  et  par  une  plaque  infbrieure  en 
cuivre.  Celle-ci  est  maintenue  b  une  tempbrature  consiante  par  une  circulation 
d'eau  chaude  thermosutbe.  Pour  les  expbriences  ripportbes  ici,  la  tempbrature  de 
ce  radiauur  a  btb  fixbe  b  60*C  et  est  contr6lbes  au  moyen  de  thermocouples 
implantbs  b  0.8  mm  au  dessous  de  la  face  supbrieure  de  la  plaque  en  PVC.  Ces 
demiert  permettcni  de  mesurer  la  distribution  de  tempbrature  dans  la  paroi  plane  b 
une  profondeur  connue  (y  »  0.8  mm). 

Les  canes  de  tempbrature  de  surface  ont  btb  relevbes  au  moyen  d'une 
cambra  infra-rouge  placbe  au  detsus  de  la  veine  d'essais.  La  paroi  supMure  de 
cette  veine  est  formbe  de  plaques  permuiablet.  Sur  I'une  d'eltea  un  orifice 
circulaire  a  btb  mbnagb  afln  de  permettre  le  passage  de  l'objectif  de  la  cambra  lors 
des  easais. 

Lea  tomographies  de  I'bcoulement  suivant  3  directiona  orthogonales, 
sont  rbaliabes  avec  la  technique  classique  de  la  nappe  lumineuae  obunue  b  paitir 
d’un  faisceau  LASER  et  d'un  jeu  de  lentilles  cylindriquea  et  sphbriques. 
L’booulement  eat  enaemeneb  au  moyen  d'un  abrotol  d’huile  vbgbtale  mblangb  b 


I 
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Fig.  1  :  schema  et  sysicme  de  coordonn^es 


I'air  des  Jets.  Lcs  images  des  visualisations  sont  enrcgisirccs  par  vidiSo  ou 
photographie.  Dans  le  premier  cas  la  restitution  fail  appcl  a  un  traitement 
num^rique  des  images. 

Les  mesures  de  la  vitesse  locale  insiantann^  oni  r^alis^  k  I’aide 
d'une  chaine  deux  composantes  comportant  deux  compieurs  de  p6'iodcs  et  deux 
d^aleurs  de  fr^uences  DANTEC.  Lcs  valeurs  des  composantes  normale  (v)  et 
transversale  (w)  de  la  vitesse  ne  peuvent  etre  obienues  que  si  le  volume  de  mesure 
e$i  parall<lile  I  la  direction  de  r^Mulemenc  principal.  Cette  disposition  e$i  obtenue 
en  pla^ant  un  miroir  plan  orient^  k  43^  dans  la  partie  aval  de  la  veine  d’essais. 
Les  trois  faisceaux  LASER  pdnkcrent  toujours  dans  la  veine  perpendiculairemem 
mais.  aprks  reflexion  sur  le  miroir.  leur  volume  d'interseciion  se  trouve  placd  dans 
la  direction  de  I'^oulement  principal  (cf:  Fig.  2).  Un  aerosol  d’huile  veg^tale 
pcrmei  d'ensemencer  lcs  jets  ainsi  que  I'dcoulcmcnt  principal  cn  pariiculcs. 


Fig.  2  :  schema  du  dispositif  de  mesure  des  composantes  v  et  w 


La  temperature  locale  a  6U  mesurde,  simulian^ment  k  la  vitesse.  k 
I’aide  d’une  sonde  fil  fioid  (0*5  pm,  1 »  0.3  mm),  placde  immddiatement  k  I’aval 
du  volunte  de  mesure  de  la  chaine  ADL  Les  compteurs  de  cetie  chaine.  ainsi  que 
le  pont  de  mesure  de  temperature  sont  relids  k  une  carte  d'aoquisition  de  dormdes 
implanide  dans  un  micro-ordinateur  de  type  compatible-PC.  Ce  dispositif  permei 
la  mesure  simultannee  des  valeurs  insianiannees  des  deux  composantes  de  la 
vitesse  (u,v  ou  v,w)  et  de  la  temperature.  11  eat  ainsi  possible  de  calculer  les 
lensiofis  de  Reynolds  et  les  flux  de  diffusion  lurbulente  de  chaleur.  Les  dilTerenCes 
quantites  moyennes  presentees  dans  cet  article  ont  ete  calcuiees  k  partir 
d’echantillons  composes  de  1000  valeurs  tnstaniannees. 


4.  RESULTATS : 

Le  domaine  explore  est  defini  par  -l£x*£10 ;  y*£6  et  -1.3£z*£l.S.  Le 
sysikme  de  coordonneea  eat  centre  au  point  d'interseciion  de  la  paroi  plane  et  de 
I'axe  du  jet  central  (cf:  Fig.  1).  Les  coordonnees  reduites  x*.  y*  et  z*  sont 
deduites  des  valeurs  dimensionnelles  en  |venant  le  diambtre  du  lube  d'injecticm 
comme  echelle  de  longueur. 

Les  experiences  ont  ete  realisees  pour  des  valeurs  du  taux  d'injectton 
successivement  egales  k  0.6  et  1,6;  ce  parametie  etant  defini  comme  le  rapport 
r  =  pjvj  /  peUe  avec  pj  et  vj  designant  respectivement  la  masse  volumique  de  Tair 
injecie  (k  la  temperature  Tj)  et  $a  vitesse  moyenne.  tandis  que  pe  et 
representent  la  masse  volumique  et  la  vitesse  de  I'ecoulement  transversal  k 
rexteiieur  de  la  couche-limite. 

4.1.  Vltesses  noyennes : 

les  figures  3.  4.  5,  et  6  donnem  quelques  exemples  de  profils  de  la 
projection  du  vecieur  viie&ie  moyenne  dans  des  plans  parallkles  k  la  direction  de 
recoulement  moyen  (z*  s  c^).  Les  deux  premieres  figures  correspondent  k  la 
disffibution  de  vitesse  enregisir6e  dans  le  plan  median  (z*  s  0)  pour  chacun  des 
deux  rapports  d’injeciion  6tudi6s.  Pour  le  plus  grand  d'entre  eux  (r »  1.6)  la 
presence  du  Jet  se  traduit  par  un  ralentissemeni  des  couches  de  Huide  proches  de 
la  paroi  (cf;  profi]  enregisir6  k  x*  -  *1).  Ce  ph6nomcne  n'est  plus  perceptible 
lorsque.  k  la  meme  abscisse,  le  taux  d'injeciion  est  ramen6  k  0.6.  On  obtient  alors 
un  profil  identique  k  celui  enregistrd  en  dehors  de  la  zone  d'influence  des  jets 
(z*  s  20)  pour  la  meme  abscisse.  oil  une  travers6e  de  r6f6rence  a  6U  r6alis6e.  Le 
profil  mesurk  dans  le  plan  z*  =  2.5  pour  r  =  1.6  (Fig.  4)  est  ^galement  sembUble  k 
ce  profil  de  r6f6rence,  alors  qu'en  z*  ^  0.4  (Fig.  3)  I'effet  de  ralentissemeni  est 
encore  notable. 

Les  mesures  realis6es  k  la  verticale  de  I'orifice  dmjeciion.  monirent 
que  le  d^bil  de  fluide  provenant  du  jet  est  plus  important  dans  la  moiu6  aval  de  la 
section  de  sortie,  la  deviation  etant  plus  grande  lorsque  r  diminue.  Cette 
observation  est  en  accord  avec  celle  efTectu6e  par  Andr6opoulos  et  Rodi  (1984) 
dans  le  cas  d'un  jet  transversal  alimeni6  par  un  tube  long  (rapport  longueur/ 
diameire  s  12,  valeur  voisine  de  celle  choisie  dans  la  prdsenie  6tudeX  debouchant 
perpendiculairement  au  sein  d’un  courani  transversal.  Dans  le  cas  d'un  lube 
inclink  k  3S^  mais  plus  court  (rapport  longueur/  diamktre  kgal  k  3.5).  Pietrzyk  et 
al.  ( 1 988)  observem  une  deformation  plus  faible  du  jet  par  I’ecoulement  principal. 
U  faut  par  aillcurs  note?  que  l  epaisseur  de  la  couche-limite  de  recoulement 
principal  n’est  que  0.4  d  dans  Icur  dispositif.  centre  1,5  d  dans  le  cas  de  U 
presente  etude. 

En  aval  de  I’injection  (Fig.  3  et  4)  et  au  voisinage  de  la  paroi  plane,  la 
zone  de  sillage  est  trks  differenie  suivant  la  valeur  du  taux  d’injeciion.  Pour  le  plus 
grand  d’entre  eux  (r  >  1.6)  on  remarque  un  effet  de  blocage  de  rkcoulemeiU 
transversal  par  le  fluide  du  Jet  qui  s'obscrvc  ncticmcnt  sur  les  profils  tracks  Fig.  4 
entre  x*  =  1  et  3.  Dans  ceite  rkgion  la  vitesse  des  couches  fluidcs  proches  dc  la 
paroi  (y*  <  0.2)  est  bien  plus  faible  que  ccllc  mesurcc  lorsque  le  raf^rt  des 
vitesses  est  moins  important  (eg  :  r  =  0.6  ;  Fig.  3).  Cc  ralentissemeni  n'est  pas 
sculement  observe  dans  le  plan  de  symkirie  du  jci  (z*  =  0).  mais  egalement  de 
part  el  d'autre  de  celui-ci  sur  une  largeur  d’environ  1  d.  II  faut  par  ailleur  noier 
qu'aucun  kcoulcmeni  reiour  n’est  mis  en  kvidence  dans  ce  sillage,  conirairement  k 
ce  qui  a  ktk  observk  par  Pietrzyk  et  al.  dans  le  cas  d’un  tube  d’injeciion  court . 
L'idee  kmise  par  ccs  auteurs,  selon  laquclle  la  geometric  du  dispositif  d'amenke  du 
fluide  a  une  trks  forte  influence  sur  r^oulemeni  dans  la  section  de  sortie  du  jet  et 
immediatement  en  aval,  se  trouve  ainsi  renforcke. 

La  figure  6  met  en  kvidence  une  autre  particularitk  de  I’kcoulement 
obtenu  lorsque  le  taux  d’injection  est  de  1.6.  Dans  ce  plan  z*  s  1.5.  situk  k  kgale 
distance  de  deux  jets,  on  remarque  la  trks  nelte  dkviation  de  I’kcoulement 
transversal  vers  la  paroi  plane.  Cette  dkclinaison  ae  manifeste  dks  que  le  fluide  de 
la  couche-limite  approche  les  orifices  d'injeciion.  L’kpaisseur  de  la  couche 
affecike  par  ce  phknomkne  crott  avec  I'abscisse,  ellc  est  d’environ  0.7  d  k  Torigine 
(ie  :  X*  «  0)  et  de  2.6  d  k  x*  s  10.  Dans  la  rkgion  ainsi  dkfinie.  la  composinte 
normale  du  vecieur  vitesse  prend  des  valeurs  nkgaiives.  Cette  particularitk  de 
rkcoulement  trouve  son  origine  dans  la  prksence  d'une  paire  de  lourbillons  contra- 
rotatifs  situks  de  part  et  d’autre  du  jet.  L'exisience  de  ceite  structure 
tourbillonnaire  est  bien  coruiue  dans  le  cas  des  jeu  perpendkulaires  depuis  les 
travaux  de  Moussa  et  al.  confirmks  par  ceux  de  Kamotani  et  Greber  (1972),  puis 
de  Crabb  et  al.  (1981)  et  I'ktude  dktaillke  d'Andrkopoulos  et  Rodi  (1984).  La 
prksence  de  ces  tourbillons  Jumeaux  dans  le  cas  des  jets  inclinks  ktudik  ici.  se 
retrouve  sur  les  cartes  des  vecteurs  vitesse  obtenues  duts  les  plans  trantvenaux 
ji*  s  dont  un  exemple  est  prksentk  Fig.  7.  Ces  profils.  dkduitt  des  vitesses 
normale  et  transversale  mesurto  dans  le  plan  x*  *  2  .  confoment  Texisience  de 
deux  tourbilkms  contra-routifs  d'axes  sensiblement  perpendiculaires  au  plan  de  la 
figure.  Cette  configuration  du  champ  des  vitesses  dans  un  plan  iransveniU  est  tout 
k  fait  semblable  k  celle  observke  dans  le  cas  d'une  injociion  normale  (Rkf.  (17]  et 
(1]).  Une  des  conskquencet  de  la  prksence  des  tourbillons  est  I'entrainemeni  de 
fluide,  situk  mitialement  dans  les  parties  hautes  de  la  couche-limite,  vert  la  paroi 
plane.  Ce  mouvement  deacendani  est  localitk  de  part  et  d'autre  du  plan  z*  *  1.5. 
La  portion  de  fluide  de  I'kcoulemem  transversal  ainsi  dkvike.  se  trouve  incorporke 
dans  I'enroulement  et  se  glisse  sous  le  jet.  Le  prksence  de  oe  mouvonent  entrant 
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Fig.  3  :  Profils  de  It  vilesse  moyeiuie  r4duite  daju  le  plin  z*  =  0  pour  r  -  0,6 
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Fig.  6  :  Profilt  de  la  vitette  moyeiine  rdduite  dans  le  plan  z*  «  1*5  pour  r  ■  1,6 
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Fig.  7  :  Profils  de  U  vitesse  moyenne  r^duite  dans  le  plan  x*  =  2  pour  r  =  1,6 


vers  le  plan  z*  =  0  est  confirmee  par  la  vue  en  coupe  de  r^oulemenu  oblenue  par 
lomographie  LASER,  pour  la  meme  valcur  du  laux  d'injection  (r  =  1 .6).  Le  cliche 
pr6sente  Fig. 8  est  une  image  numeris6e  extraite  d'une  sequence  vid6o  egalcment 
enregistree  dans  le  plan  x*  ^  2.  On  peui  observer  la  trace  du  jei  central  et  dc  scs 
voisins  de  gauche  ei  de  droite,  et  constater.  sous  chacun  d'eux,  la  presence  de 
nuide  non  ensemenc^,  c'esl  a  dire  provenant  de  la  couche  limitc  transversale  et 
non  du  jet.  La  fronlim  amont  du  jet,  est  etir^  sous  I  mflucnce  combinde  dcs 
deux  lourbillons  et  de  la  couibure  provoquce  par  r^coulcmenl  principal,  tandis 
que  la  panic  aval  se  trouve  au  contraire  comprimee.  U  s'ensuu  unc  deformation 
rapide  de  la  section  droite  du  jet  qui  prend  I'allure  d  un  "haricot”.  Cette  forme 
rappelle  celle  des  surfaces  isobares  obtenues  dans  le  cas  d'un  jet  unique 
debouchani  perpendiculairement  (R^f.1 19) ). 

4J.  Temperature  moyenne : 


lea  traces  des  surfaces  isothermes  dans  le  plan  transversal  x*  s  2  pr6seni4  Fig  1 L 
Tous  les  contours  jusqu'i  risoiherme  T*  ~  0.2  ont  la  forme  caracidrisiique  de 
haricot  mise  en  Evidence  sur  les  vues  en  coupe  lors  des  visualisations.  De  I’air 
frais.  provenant  de  rdcoulement  iransversaL  est  entraind  sous  celui  du  jet,  au  sein 
de  I’enrouJement  erdd  par  les  toinbilloiu  contra-rotaiifs,  puis  remonte  sous  le  jet 
au  niveau  du  plan  de  symdtrie  (ici  z*  »  0).  II  s’agit  \k  d'un  phdnomdne  nefaste 
pour  Tobtention  d'un  film  de  refroidissemesu  qui,  en  principe,  doit  former  one 
couche  protectrice  entre  la  paroi  et  Tdcoulement  transversal.  Les  distributions  de 
tempdrature  de  paroi,  prdsentdes  Fig.  11  dt  12,  monirem  que  dans  le  sillage 
proche  du  jet.  tl  existe  une  couche  protectrice  lorsque  le  taux  d'injection  est  petit 
<r  s  0,6)  mais  qu’elle  disparait  pour  un  taux  plus  dlevd  (r  =  1.6).  Ces  cutes  ont  dtd 
obtenues  au  moyen  d'une  camdra  infra-rouge  dtalonnde  k  I'aide  des  thermocouples 
implantds  dans  la  paroi  plane  (cf  :  E.  Dorignac  •  J-J.  Vullierme).  On  peut 
observer,  pour  r  =  0,6  une  tempdrature  rdduite  dans  le  sillage  dcs  jets  bicn 
supdfieure  k  celle  rdgnani  sur  les  parties  de  plaque  situdes  entre  des  jets  voisins. 
Lorsque  r  s  1.6  au  contraire,  la  tempdrature  de  la  plaque  prdsente  un  minimum 
derridre  cheque  jeL  L'addition  des  informations  obtenues  par  la  techniques  du  fil 
froid  et  la  camdra  infra-rouge  (Rdf.  (7])  monueni  tiors  que  les  profits  de 
tempdrature  k  la  verticale  de  ces  rdgions  passent  par  une  valeur  minimum  qui 
s'approche  de  celle  de  I'air  extdrieur  k  la  couche-limiie.  La  distance  de  ce 
minimum  k  la  paroi  est  irds  petite  (ie :  infdrieure  k  0,06  d). 

La  prdsence  d'une  poche  d'air  frais  issu  de  la  rdgion  exteme  de 
I'dcoulement  transversal,  peut  dgalement  eire  observde  sur  le  rdseau  d'isothermes 
prdsentd  Fig.  14.  11  s'agit  des  tempdratures  rdduites  mesurdes  dans  le  plan  de 
symdtiie  du  jet  central  (z*  =  0)  pour  un  taux  d'injection  de  1,6.  On  peut  observer 
que  la  ligite  T*  =  0,2  situde  immddiatement  denize  le  jet .  se  referme  sur  la  paroi 
k  X*  3,6  ddlimitant  ainsi  une  zone  occupde  par  du  fluide  dont  la  tempdrature  est 
infdrieure  k  celle  de  la  paroi.  Ce  rdseau  de  courbes  montre  par  ailleurs  que.  pour 
Ic  rapport  de  vitesses  considdrd,  le  jet  n'est  que  faiblement  ddvid  par  I'dcoulement 
transversal  puisqu'une  partie  du  fluide  chaud  dmerge  a  la  frontiere  de  la  couche- 
limite.  Lisotherme  T*  =  0,S  aiieint  la  cote  y*  =  1,5  et  la  surface  ddlimitde  par 
T*  s  0.3  (qui  peut  etre  considdrde  comme  la  zone  ou  I'influence  thermique  du  jet 
est  perdue  dc  maniere  encore  sensible)  s'dldve  jusqu'k  y*  =:  2  et  s'dtend  dans  la 
direction  de  rdcouiement  transversal  jusqu'k  environ  8  diametres  en  aval  de 
I'injeciion. 


43.  Fluctuations  de  vitesse : 

De  maniere  gdndrale  les  valcurs  des  fluctuations  de  vitesse  sont 
maximalcs  dans  les  zones  oh  les  proHls  dcs  valeurs  moyennes  prdsentem  les  plus 
tons  gradients,  e'est  k  dire  dans  les  rdgions  fronukres  enire  le  Huide  du  jet  et  de  la 
couche-iimiie  transversale.  Les  contours  d'iso-taux  dc  turbulence  mesurds  dans  le 
plan  z*  s  0  pour  r  s  ]  ,6  (cf :  Fig.  15)  illusircm  cetie  propridid.  Les  valeuis  portdes 


L'dvoluiion.  en  function  dc  I'abscissc  x*.  dcs  profils  dc  temperature 
darts  le  plan  de  symdtrie  du  jet  central  (z*  =  0)  est  pTdsentce  sur  la  figure  9.  La 
temperature  reduite  utilisde  est  definie  par  T*  =  (Tm-Tc)/(Tj-Tc).  ou  Tm  designe 
la  temperature  moyenne  locale  mesurde  au  fil  froid.  tandis  que  Tc  et  Tj 
reprdsenteni  respeclivemem  la  tempdrature  de  rccoulcmcnt  transversal  hors 
couche-limite  et  la  tempdrature  de  fair  injccld.  Dcs  l  ava!  de  I’orifice  d'injection 
(x*  =  1 ),  les  profils  prdsentem  un  maximum  qui  s  elargii  au  fur  ct  a  mesure  que  x* 
augmente,  alors  que  son  intensile  va  en  diminuanL  L'ordonnec  y*  de  ce  maximum 
est  toujours  legerement  supdrieure  a  celle  correspondant  au  maximum  dc  vitesse 
du  proftl  trace  Fig.  4.  Cette  non  coincidence  locale  dcs  profils  dc  icmpertture  cl 
dc  vitesse  a  deja  eld  notcc  par  Kamoiani  cl  Grcbcr  (1972)  cl  a  egalcment  cic 
observde  par  Crabb  Sl  al.  (1981)  en  comparant  les  champs  de  vitesse  et  dc 
concentration  dans  le  cas  d'un  jet  ensemened  d'hdlium. 

De  part  et  d'auire  du  plan  z*  =  0.  les  profils  de  tempdrature  moyenne 
mesurds  dans  le  sillage  proche  du  jet  (1  <  x*  <  4)  prdsentem  deux  maximums 
comme  I'indiquent  les  courbes  de  la  figure  10  (plan  z*  »  0.4).  Au  delk  de  x*  s  4. 
au  contraire,  les  profils  sont  semblables  k  ceux  obienus  dans  le  plan  z*  »  0,  mais 
la  position  du  maximum  de  tempdrature  est  plus  proche  de  la  paroi  lorsqu'on 
s'dcirte  du  plan  de  symdtrie  du  jet.  Plus  gdndrdemem,  la  ddformation  du  champ 
de  vitesse  k  travers  une  section  droite  du  jet,  signalde  prdeddemment,  se  rdpercute 
au  niveau  de  la  distribution  de  tempdrature.  Cc  phdnomdne  peut  etre  observd  sur 


sur  cc  graphique  conccrncnt  Ic  taux  dc  turbulence  ddfini  par 


l-  y  u'^  +  u’^  /Uc^  .  o'  ei  v'  ddsignani  les  flucluaiions  dc  vitesses 
longitudinale  et  normale.  La  zone  ou  Ton  trouve  les  plus  grandes  valeurs  de  t  sont 
situdes  le  long  de  la  frontiere  supdrieure  du  jet,  immddiatement  aprds  $a  sortie, 
e’est  k  dire  Ik  oh  les  profils  de  vitesse  mesurds  dans  ie  plan  z*  =  0  (Fig.  4) 
prdsentem  les  variations  les  plus  fortes  suivam  y*.  On  note  dgalement  de  fortes 
fluctuations  de  vitesse  juste  derriere  I'orifice  d’injection,  lieu  oh  les  mesures  de 
tempdrature  ont  rdvdld  la  prdsence  d  une  poche  d'air  frais.  Pietrzyk  Sl  al.  (1988) 
om  observd  le  meme  phdnomcne  ei  I'aiihbucm  a  I'existence  d'une  zone  ddcollcc 
avec  la  presence  d'un  dcoulcmcnl  rciour  au  vuisinage  dc  la  paroi  plane.  Cc  type 
d’dcoulemeni  n’a  pas  dtd  observd  ici  mais  dans  la  rdgion  concemde  le  vccteur 
vitesse  varie  fortemeni  en  direction  et  en  intensitd  comme  ie  montre  par  exemplc 
le  profil  mesurd  k  x*  =  1  (cf :  Fig.4).  La  prdsence  de  ccite  zone  de  cisaillemem 
entre  le  fluide  du  jet  el  le  fluide  de  la  couche-limite  penetrant  dessous.  gdndre  les 
fortes  fluctuations  observdes.  Lcur  niveau  maximum  de  35  %  est  supdheur  k  celui 
mesurd  par  Pietrzyk  &  al.  (26  %)  mais  pour  un  angle  d'incidence  de  sculement 
35*.  Jubran  el  Brown  trouvent  une  valeur  de  30  %  dans  le  cas  d'une  double  rangde 
de  jets  inciinds  de  30*.  alors  que  dans  les  experiences  conduiles  par  (Then  et 
Hwang  (1991),  le  taux  de  fluctuation  de  la  seule  composante  longitudinale  atteint 
40  %.  Dans  ce  dernier  cas  les  jets  sont  normaux  k  Vdcoulement  transversal  et  le 
laux  d'injection  particulidremeni  dlevd  (r  =  4,6). 


Fig.  8  :  vue  en  coupe  de  rdcouiement  dans  ic  plan  x*  s  2  pour  r  s  )  ,6 
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Fig.  IS  :  contours  iso-taux  de  Huctuaiton  dc  viicssc  dans  le  plan  z*  >  0  pour  r  =  1.6 


Pour  la  plus  grande  valeur  du  taux  d'injection  diudtd  <r  s  1.6).  ta 
tension  de  cisaiUemenc  \i'v'/V^  est  maximale  it  la  frontiiie  sup6rieure  du  jet  et  de 
la  couche-limite.  comme  le  montrem  les  profils  de  figure  16.  A  pariir  du  centre  de 
rorifice  d'injectkm.  on  observe  I'appahiion  d'un  pic  secondaire  doni  I'intensitd 
augmente  d'abord  avec  labscisse  jusqu'i  x*  »  I  puis  ddaoit  trbs  rapidement  au 
deU.  Pour  x*  »  1  les  deux  pics  correspondent  sensiblement  a  U  meme 
valeur  «  0.009  qui  esi  proche  de  celle  mesurde  par  Pietrzyk  &  al. :  0.007. 

4.4.  Fluctuatiooa  dc  temperature 

Lea  profUs  du  laux  de  fluctuation  de  temperature  (quaniiid  caicul4e 
par  rapport  I  la  temperature  moyenne  locale)  presentent  dans  lous  les  cas  un 
maximum  k  la  frondere  superieure  du  jet.  Les  courbes  montrees  Fig.  17  Sl  18 
correspondent  aux  mesures  effectuees  respectivemeni  dans  les  plans  Z*  =0  el  1.4 
pour  te  plus  grand  des  uux  d'injection  eiudids  (r  s  1 ,6).  Un  premier  pic  de 
fluctuation  est  present  dis  famont  du  jet  (x*  s  -0.5)  et  esi  encore  nettement 
perceptible  dans  le  plan  de  mesure  le  plus  eioigne  choisi  pour  noire  etude 
(x*  =  10).  L’intensite  de  ce  maximum  croit  d'abord  avec  I'abscisse.  passe  par  un 
sommec  4  x*  =  1.S  puis  commence  4  diminuer  lentement  lorsqu'on  s'eioigne  vers 
I'aval.  Son  ordonn^,  qui  coincide  avec  celle  du  point  d'inflexion  du  proftl  de 
temperature  moyenne  oorrespondant  (cf :  Fig.  9  &  10).  croit  avec  I'abscisse. 

Un  second  maximum  apparaii  sur  les  profUs  de  fluctuations  mesuids 
dans  le  sillage  de  chaque  jet,  ,’usie  k  I'aval  de  Torihee  d'injection  (x*  =  1 ).  Si  Ton 
considere  les  profils  obelus  dans  le  plan  z*  s  0  (Fig.  17),  on  remarque  une 
evolution,  en  foncuon  de  Is  distance  au  point  d'injection,  de  finiensite  du 
maximum  secondaire  sembl^le  4  celle  du  pic  principal.  Apr4s  une  premiere 
eupe  de  croistance  ell^s  passe  par  un  maximum  4  x*  »  1.5  puis  d4croii. 
rapidema^t  cette  fois.  La  position  du  maximum  secondaire,  qui  correspond 
6galement  au  gradient  maximum  de  la  temperature  moyenne  au  meme  point, 
s'4carte  egalement  de  la  paroi  lorsque  I'abscisse  croit.  II  s'en  eioigne  cepmdant 
plus  rapidement  que  le  pic  (ninciiMl.  ei  4  x*  %  3,  ou  son  intensite  a  fonement 
diminuee,  les  deux  pics  tendeni  4  se  confondre.  Ce  resuliai  est  aiteint  plus  loin 
vers  I’avai  et  Ton  voit  alors  appariitre  un  troisi4me  maximum  de  fluctuation  de 
temperature,  situe  ^iproximativement  4  la  cote  y*  s  0.5  qui  conespond  en^re  4 
un  changement  de  pente  du  proftl  de  vitesse  moyenne  4  ceue  abscisse.  Ensuite,  ce 
troisi4me  pic  s'estompe  en  s'eiargissant,  lorsque  Ton  progresse  vers  I'aval. 

L'exisience  et  revolution  de  ces  divers  pics  peuveni  etre  reliees  4  la 
forme  caracteristique,  dite  en  "haricot",  de  la  section  droite  du  jet,  telle  que  la 
mettent  en  evidence  lea  vues  en  coupe  de  I'ecoulemenL  Observons,  par  example, 
la  ffonti4re  inferieure  de  cette  forme  en  "haricot"  (Umite  entre  les  zones  noire  et 
ghse)  du  jet  central  repr4seni4  stir  la  figure  8,  enregiscree  4  x*  «  2.  Dans  le  plan 
de  symetrie  du  jet  (z*  s  0),  la  cote  de  la  fTonti4re  (y  *«  0.9)  est  la  meme  que  celle 
du  pic  secondaire  du  profil  de  fluctuation  dc  Iemp4ranire  relaiif  4  la  meme 
abscisse  (cf :  Rg.  17).  Cette  fronti4re  de  forme  concave  par^i  done  bien  eue  le 
si4gc  de  ces  fluctuations  de  temperature  importantes.  La  vue  en  coupe  de  la  figure 
8  permei  4galement  d'avancer  une  explication  4  la  presence  d'un  troisi4me 
extremum  sur  ceruins  des  profits  des  figures  17  A  18.  II  semble  en  effet 
correapondre  au  contact  du  fluide  chaud,  entrune  vers  le  plan  de  symetrie  par  Itf 
deux  tourbillons  contrt-rotatifs,  avec  la  poche  de  fluide  froid  qui  substsie  entre 
ces  deux  structures  (cf :  la  zone  blanche  sur  la  figure  8).  Si  Ton  s'eioigne  du  plan 
de  symetrie  du  jet  pour  se  rapprocher  de  I'axe  de  rotation  de  Vun  des  deux 


tourbillons  contra-roiatifs  (eg  :  le  plan  z*  »  0.4  ;  Fig.  18).  I’intensite  du  troisi4me 
extremum  de  fluctuation  de  temp^aiure  augmente.  Sa  presence  pent  meme  etre 
deiectee  d4s  la  sortie  du  jet  (eg  :  profi)  mesure  en  x*  »  0.5)  ce  qui  confirme  la 
naissance  des  tourbillons  contra-rouuifs  4  cet  endroit. 

La  figure  17  (z*  s  0)  montre  egalement  que  le  maximum  de 
fluctuation  de  temperature  intermediaire,  disparait  des  profils  au  del4  de  x*  »  3. 
Cette  abscisse  est  voisine  de  celle  oh  risotherme  T*  »  0.2  (cf :  Fig.  14)  rejoint  la 
paroi  plane,  ce  qui  montre  la  disparition  4  panir  de  ce  point  de  la  trace  de  fluide 
froid  sous  le  jet. 

5.  COMPAUAISON  AVEC  LES  SIMULATIONS  NUMERIQUES : 

Comme  cela  a  dej4  ete  indique  dans  I'introduction,  un  des  objectifs  de 
ccite  etude  etaii  la  consiituikm  d'une  base  de  donnees  experimentales  deslinee  4 
tester  une  meUiode  de  calcul  de  couche-limite  lurbulente  en  presence  d’injecdons 
discretes  developpde  4  I'ECU  Une  premiere  comparaison  a  616  realisde  par  P. 
Kulisa.  F.  Letxzuf  et  G.  Perrin  (1991)  dans  le  cas  d'un  taux  d'injection  egal  4  0,6. 
Du  point  de  vue  aerodynamique  il  exisie  un  bon  accord  entre  lea  vecteurt  viieases 
calcuies  et  ceux  mesures  dans  le  plan  de  symetrie  z*  =  0.  Une  comparaison  plus 
detainee  des  profils  de  vitesse  longitudinale  obtenus  4  plusieurs  abscisses,  fait 
appvMtre  une  suresnmation  des  valeun  calcuiees.  les  auteurs  attribuent  I'ecart  au 
fait  que  la  distribution  de  vitesse  reelle  dans  la  section  de  sortie  du  jet  n'est 
certainement  pas  aussi  uniforme  que  cela  a  ete  suppose  dans  les  calculs.  En 
revanche,  l  evolution  de  la  "trajecioire  thermique"  du  jet  (lieu  de  la  position  du 
maximum  de  lemperaiure)  diiduile  de  I'etude  expcrimenialc  est  bien  retiouvee  par 
le  calcul.  Ce  dernier  predii  egalement  la  presence  d'un  minimum  sur  les  profils  de 
temperature  moyenne  en  aval  de  I’injoction,  resultai  confirme  par  I'experience. 

Des  comparaisons  plus  detailiees,  portant  sur  les  resuliats  obtenus 
pour  les  deux  rapports  de  viieases  choisis  lors  des  essais.  viennem  d'etre  rdaliseet 
par  J-M.  Maurice,  F.  Leboeuf  et  P.  Kulisa  (1992). 

6.  CONCLUSION: 

Des  experiences  concemant  la  couche-limiie  d'une  paroi  plane 
chauffee  en  presence  d’une  rangee  de  jett  d'air  chaud  iiKlines,  oni  iu  realisdes. 
Les  resultats  obtenus  concement  4  la  fois  les  champs  aerodynamique  et 
thermique,  pour  deux  valeurs  du  taux  d'injeakm. 

Le  resultat  principal  conceme  I'existence  d'une  region,  titude 
immediatemeni  en  aval  de  chaque  injeetkm,  oh  le  transfert  de  chakur  emre  le  Jet 
el  U  pvoi  est  tr4s  faible.  Cela  peut  consdtuer  un  inconvenient  imponartt  4  la  mise 
en  oeuvre  de  la  technique  de  refroidisfemem  par  injections  localisees.  Ce 
phenomhne  ipparait  principalement  lorsque  le  rap^  des  vitenes  est  tuperieur  4 
un.  n  est  dh  4  la  prescsKe  d'un  volume,  entre  le  jet  et  la  paroi,  oh  cet  entraine  de 
fair  provenant  de  recoulemem  transversal.  Ce  mouvenMnt  entrait  est  gdndri  p« 
let  deux  tourbilloiu  contra-routifs  qui  se  forment  d4s  la  sortie  du  jet  dans  It 
couche-limite  de  I'dcoulement  transvmal.  Cette  paire  de  tourbillons  jumeeux.  qui 
domine  rdcoulement  4  ravel  de  I'injection,  a  une  influence  imporunie  sur  le 
ch«np  thermique,  dm  le  sillage  proche  des  jeu.  L'opiimisation  des  conditions  de 
trmfert  dm  cette  rdgkm  pesse  par  un  approfondissement  des  comeissanoes  de 
ces  ftnictuns  et  des  paramhtres  qui  les  gouvemeni. 


Fig.  16  :  profiis  de  lension  de  ctsailiement  dans  le  plan  z*  =  0  pour  r  =  1,6 


0,1 

Hf.  18  :  profiis  de  taux  de  fhictuation  de  tempfrature  dam  le  plan  z*  «  0,4  pour  r  «  1.6 


z* 


Fig.  19  :  coniours  d‘i£o  uux  de  nucluaiion  dc  (cmpcraiurc  dans  Ic  plan 
transversal  x*  =  2  pour  r  =  1,6 


Ct  travail,  trurepris  a  I'lnituUivr  de  la  SNECMA,  a  pu  etre  realise 
grace  au  support  de  la  DRFT,  Direction  des  Recherches,  Eludes  el  Techniques. 
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Discussion 

QUESTION  1: 

DISCUSSOR:  D.T.  Vogel,  DLR 

What  is  the  turbulence  intensity  of  the  upstream  flow? 

AUTHOR'S  REPLY; 

The  upstream  boundary  layer  is  turbulent  and  the  free-stream  turbulence  level  is  about 
one  percent. 

QUESTION  2: 

DISCUSSOR;  D.T.  Vogel,  DLR 

Did  you  measure  the  adiabatic  film  cooling  effectiveness? 

AUTHOR’S  REPLY; 

We  did  not  measure  the  adiabatic  wall  temperature,  but  we  did  calculate  the  adiabatic 
film  cooling  effectiveness.  The  effectiveness  was  obtained  from  the  measurement  of  the 
wall  heat  flux  density,  with  the  hypothesis  that  the  heat  transfer  coefficient  with  injection 
is  the  same  as  that  without  injection.  The  expression  for  the  effectiveness  using  this 
assumption  is 
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(p  = 


Ts(x,z)  -  Te  -  <pc(x,z)/hc 
Tj-Te 


QUESTION  3: 

DISCUSSOR:  N.  Hay,  University  of  Nottingham 

Have  you  compared  your  results  with  others  in  the  literature?  And  if  not,  do  you  intend  to? 

AUTHOR’S  REPLY: 

We  have  not  found  experimental  results  in  the  literature  with  similar  test  conditions 
(a  =  45°,  0.6  <  r  <  1.6  and  5/d  =  2.5).  Velocity  and  temperature  measurements  for 
experiments  we  have  found  are  all  for  lower  values  of  the  ratio  8/d. 

Our  experimental  results  have  been  compared  with  numerical  calculations 
performed  in  Ecole  Centrale  de  Lyon  (cf.  the  paper  presented  in  this  symposium  by  M. 
Maurice  and  Leboeuf,  and  Reference  13  of  our  paper).  Indeed,  the  purpose  of  the  present 
work  was  first  to  collect  experimental  data  concerning  velocity  and  temperature  fields  in 
order  to  develop  a  new  computing  code  at  the  Ecole  Centrale  de  Lyon. 

QUESTION  4: 

DISCUSSOR:  B.  Launder,  UMIST 

Most  of  the  results  that  you  presented  were  for  the  case  of  r  =  1.6  which,  as  has  been  known 
from  the  data  taken  in  the  1970's,  gives  poor  levels  of  effectiveness.  Why  did  you  not  give 
more  emphasis  to  lower  injection-velocity  ratios? 

AUTHOR'S  REPLY: 

As  mentioned,  the  first  aim  of  this  work  is  to  provide  an  extended  data  base  in  order  to 
validate  a  numerical  model  developed  at  the  Ecole  Centrale  de  Lyon  by  F.  LeBoeuf  et  al. 
(cf:  paper  presented  at  this  symposium).  This  model  applies  to  well  defined  flow  and 
thermal  conditions,  particularly  at  large  8/d  ratios.  Most  of  the  results  are  presented  for 
the  case  of  the  injection  rate  (r)  equal  to  1.6,  as  for  this  value,  the  influence  of  the  counter¬ 
rotating  vortices  on  the  velocity  and  the  temperature  fields  are  more  apparent  than  for 
smaller  values  for  which  the  jets  are  closer  to  the  wall.  As  it  appears  on  the  map  of  the 
surface  temperature,  presented  in  this  paper,  the  effectiveness  is  greater  in  the  second  case 
(r  =  0.6),  as  it  is  well  known.  Moreover,  the  fact  that  the  boundary  layer  thickness  at  the 
injection  location  is  greater  than  the  diameter  of  the  jets,  seems  to  introduce  weak  values 
for  the  effectiveness  parameter.  One  of  the  features  of  this  study  is  the  chosen  ratio 
8/d  =  2.5,  larger  than  the  ones  considered  in  the  cases  studied  in  the  1970's. 
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ABSTRACT 

The  influence  of  a  spanwise  varying,  circumferentially 
uniform  inlet  total  temperature  distortion  was  measured 
on  a  transonic  turbine  stage  in  a  short  duration  turbine 
test  facility.  Large  levels  of  distortion  were  found  to 
increase  rotor  blade  heat  transfer,  especially  on  the  pres¬ 
sure  surface.  A  three-dimensional,  steady,  multi-blade 
row,  Euler  code  and  a  streamline  curvature  calculation 
were  used  to  interpret  the  data  but  did  not  account  for  all 
of  the  heat  transfer  increase  observed. 

INTRODUCTION 

Our  understanding  of  turbine  heat  transfer  and  aerody¬ 
namics  has  increased  considerably  over  the  past  50 
years,  driven  by  the  need  for  increased  performance  and 
life  and  aided  by  the  evolution  of  new  computational 
and  experimental  techniques.  We  are  currently  at  the 
state  in  which  we  expect  to  do  quite  well  in  predicting 
turbine  airfoil  behavior  in  idealized  situations  such  as 
test  cascades  and  even  rigs  [  1  ].  but  less  well  in  the  more 
complicated  environment  of  full  scale  gas  turbine 
engines. 

One  phenomenon  characteristic  of  the  engine  environ¬ 
ment  but  often  absent  from  simpler  test  facilities  is  the 
spatial  and  temporal  gas  temperature  non-uniformities  at 
the  turbine  inflow  generated  by  the  combustor.  These 
circumferential  and  radial  variations  in  combustor  exit 
gas  temperature  result  from  the  many  constraints 
imposed  upon  the  combustor  design  and  are  often 
unwanted  from  the  turbine  point  of  view.  We  have  long 
known  that  localized  gas  temperature  variations  ("hot 
spots”  or  “hot  streaks”)  induce  thermal  stress  and  oxida¬ 
tion  in  turbine  hardware  and  are  a  prime  cause  of  short¬ 
ened  turbine  life.  More  recently,  Sharma  and  his 
colleagues  have  pointed  out  that  turbine  aerodynamic 
efficiency  may  suffer  as  well  [2]. 

Non-uniformities  at  the  turbine  inlet  propagate  in  some 
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form  through  several  turbine  blade  tows  and  complicate 
the  design  and  analysis  process.  They  introduce  an 
added  degree  of  dimensionality  and  demand  more  elabo¬ 
rate  analysis  than  would  be  required  in  a  machine  with 
uniform  inflow.  For  many  years,  secondary  flow  theory 
served  as  the  primary  tool  [3].  Now,  computational 
codes  greatly  augment  our  ability  to  analyze  and  under¬ 
stand  three-dimensional,  unsteady  turbine  flows  and 
work  has  expanded  in  this  area  over  the  last  decade. 
Much  of  the  work  on  temperature  non-uniformities  in 
literature  has  been  analytical  or  numerical.  Numerical 
simulations  have  been  done  by  Rai  and  Dring  [4],  Saxer 
and  Giles  [5],  Domey  et  al.  [6],  [7],  and  Harasgama  [8]. 
There  has  been  less  experimental  work  published. 
Schwab  et  al.  [9]  reported  aerodynamic  measurements 
uiken  at  the  exit  of  a  single-stage,  warm  air  rig  turbine 
with  a  spanwise  inlet  temperature  profile.  Butler  et  al. 

[  10]  performed  measurements  on  a  low  speed,  large 
scale  turbine  in  which  point  injection  of  CO2  was  used 
as  an  analogue  to  a  combustor  hot  streak.  Several  subse¬ 
quent  papers  have  used  this  data  for  comparison  with 
numerical  computations  and  analysis. 

It  is  clear  from  the  work  to  date  that  temperature  non¬ 
uniformities  can  influence  both  turbine  performance  and 
heat  transfer,  and  that  numerical  tools  can  be  of  great 
use  in  studying  this  problem.  There  remains,  however, 
little  experimental  high  speed  turbine  data  in  the  litera¬ 
ture  which  delineates  these  effects.  The  work  described 
herein  is  the  first  pan  of  a  systematic  effon  to  quantify 
the  influence  of  thermal  inhomogeneities  on  advanced 
turbine  stages  and  to  assess  the  manner  in  which  tur¬ 
bines  can  be  improved  by  accounting  for  such  phenome¬ 
na.  It  should  be  noted  that  total  pressure 
non-uniformities  also  generate  secondary  flows,  but  that 
these  are  less  of  a  problem  in  combustor  outflows  of 
interest  and  will  not  be  treated  here. 

It  is  convenient  for  both  analysis  and  experiment  to 
characterize  these  temperature  inhomogeneities  into  one 
of  two  categories:  spanwise  or  radial  variations  in  tem¬ 
perature  which  are  circumferentially  uniform  and  are 
thus  two-dimensional  at  the  turbine  inlet,  and  hot  spots 
(hot  streaks)  localized  both  radially  and  circumferential- 
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ly  which  are  inherently  three-dimensional  in  nature.  The 
radial  variations  stem  in  part  from  design  intent  of  the 
combustor  while  the  localized  hot  spots  are  often  associ¬ 
ated  with  fuel  nozzle  location  and  would  be  eliminated 
from  the  engine,  if  possible,  given  the  design  constraints 
(at  least  from  the  turbine  designer's  viewpoint).  In  this 
paper,  we  will  consider  only  radial  temperature  varia¬ 
tions.  This  approach  of  separating  the  distortion  patterns 
into  categories  was  adopted  in  an  attempt  to  simplify  the 
problem  initially.  Later  efforts  will  expand  to  include 
hot  spots  as  well. 

In  subsequent  sections,  we  describe  an  experiment 
designed  to  measure  the  influence  of  spanwise  turbine 
inflow  temperature  non-uniformities  on  rotor  blade  heat 
transfer,  present  the  experimental  data,  describe  a 
numerical  calculation  which  models  some  aspects  of  the 
flow  in  the  turbine,  and  then  discuss  the  results  of  the 
research. 

EXPERIMENTAL  APPARATUS 

The  experiments  were  performed  in  the  MIT  Blowdown 
Turbine  Tunnel  (1 1].  This  facility  consists  of  a  supply 
tank  separated  by  a  large  diameter,  fast-acting  valve 
from  the  test  section  which,  in  turn,  discharges  to  a 
dump  tank  (Fig.  1).  The  test  section  contains  a  0.55 
meter  (22  inch)  diameter  test  turbine  stage  and  rotating 
assembly,  including  an  eddy  brake  power  absorber  and 
10  KW  drive  motor.  The  flow  path  upstream  of  the 
stage  includes  a  boundary  layer  bleed  and  a  combustor¬ 
like  contraction. 

The  entire  facility  is  initially  evacuated  and  the  supply 
tank  and  valve  heated  by  circulating  oil.  The  valve  is 
then  closed  and  the  supply  tank  filled  with  an 
argon/Freon-12  mixture  (used  to  reproduce  the  ratio  of 
specific  heats  of  combustor  exit  air).  The  turbine  rotor 
is  now  brought  up  to  operating  speed  in  vacuum.  To 
start  the  test,  the  main  valve  is  opened  and  the  eddy 
brake  energized  simultaneously.  After  a  250  ms  startup 
transient,  the  corrected  parameters  are  constant  to  better 


than  1%  for  300  ms.  (The  corrected  weight  flow  is  held 
constant  so  long  as  the  nozzle  guide  vanes  are  choked. 
The  corrected  speed  is  held  constant  by  the  eddy  current 
brake.)  The  blades  and  tunnel  walls  have  sufficient  ther¬ 
mal  inertia  to  remain  at  approximately  constant  tempera¬ 
ture  during  the  test  time. 

The  facility  has  been  designed  to  closely  simulate  all  the 
non-dimensional  parameters  important  to  turbine  fluid 
mechanics  and  heat  transfer  Reynolds  number,  Mach 
number,  Prandtl  number,  Rossby  number,  ratio  of  spe¬ 
cific  heats,  corrected  speed  and  weight  flow,  and  gas-to- 
metal  temperature  ratios.  The  principal  scaling  is  to 
reduce  the  initial  turbine  metal  temperature  to  room  tem¬ 
perature,  while  keeping  the  gas-to-metal  temperauire 
ratio  constant  This  scaling  is  shown  in  Table  1. 

TABLE  1 

MIT  BLOWDOWN  TURBINE  SCALING 


Full 

Scale 

MIT 

Blowdown 

Fluid 

Air 

Ar-Fr  12 

Ratio  specific  heats 

1.28 

1.28 

Mean  metal  temperature 

1118°  K 

295°  K 

(1550°  F) 

(72°  F) 

Metal/gas  temp,  ratio 

0.63 

0.63 

Inlet  total  temperature 

1780°  K 

478°  K 

(2750°  F) 

(400°  F) 

True  NGV  chord 

8.0  cm 

5.9  cm 

Reynolds  number* 

2.7  X  10^ 

2.7  X  10^ 

Inlet  pressure,  aun 

19.6 

4.3 

Outlet  pressure,  atm 

4.5 

1.0 

Outlet  total  temperature 

1280°  K 

343°  K 

(1844°  F) 

(160°  F) 

Prandtl  number 

0.752 

0.755 

Eckert  numberl" 

1.0 

1.0 

Design  rotor  speed,  rpm 

12,734 

6,190 

Mass  flow,  kg/sec 

49.0 

16.6 

Power,  watts 

24,880,000 

1,078,000 

Test  time 

Continuous 

0.3  sec 

*  Based  on  NG  V  chord  and  isentropic  exit  conditions 
^  (T-DM^T/AT 


A  temperature  distortion  generator  was  designed  and 
fabricated  for  these  tests.  The  design  criteria  for  the 
generator  included:  1)  the  generation  of  temperature 
distortions  only,  the  total  pressure  field  should  remain 
uniform;  2)  the  capability  of  generating  engine-like  cir¬ 
cumferentially  uniform,  radially  (spanwise)  varying  tem¬ 
perature  patterns;  and  3)  the  capability  for  later  retrofit 
to  generate  hot  spot-like  patterns  about  the  circumfer¬ 
ence.  The  radial  distortion  desired  was  specified  in 
terms  of  a  radial  temperature  distortion  factor,  RTDF 

RTDF  ■LnatClmsan  X  ioo% 

TW 
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Sld0  Center 

Fig.  2:  Temperature  distortion  generator  modified  for 
simultaneous  radial  and  circumferential  patterns. 

where  is  the  maximum  total  gas  temperature; 
^mean  average  temperature  over  the  passage 

height;  and  a  reference  temperature,  nominally  the 
combustor  temperature  rise.  The  combustor  spanwise 
profile  is  assumed  to  be  parabolic. 

Designs  considered  included  cold  gas  injection  from  the 
walls,  liquid  Freon  injection,  and  a  storage  matrix  heat 
exchanger.  The  latter  was  selected  based  on  low  pres¬ 
sure  distortion,  technical  risk,  and  cost  [12].  The  gener¬ 
ator  as  constructed  is  illustrated  in  Fig.  2.  It  consists  of 
a  0.5  meter  long  honeycomb  matrix  heat  exchanger  con¬ 
structed  of  3  mm  wide  triangular  channels  brazed  from 
0.25  mm  thick  stainless  steel  sheet  The  inner  and  outer 
annulus  walls  are  cooled  by  circulating  oil.  Stainless 
steel  sheathed  electrical  resistance  heating  wires  are 
threaded  through  the  matrix  at  mid-passage  height  from 
one  end  to  another.  Thus,  the  heat  is  injected  at  the  cen¬ 
ter  of  the  passage  and  removed  at  the  peripheral  wails, 
generating  a  spanwise  temperature  variation,  hottest  at 
mid-passage.  In  operation,  the  matrix  is  heated  in  vacu¬ 
um  for  several  hours  preceding  a  test  The  amplitude 
and  shape  of  the  temperature  distortion  is  controlled  by 
the  current  history  into  the  heaters  and  monitored  by 
thermocouples  spotted  about  the  unit. 


TABLE 2 

TURBINE  DESIGN  PARAMETERS 


Turbine  loading,  AHAJ^ 

-23 

Total  pressure  ratio 

42 

Velocity  ratio,  C  X  A/ 

0.63 

Rotor  aspect  ratio 

1.5 

NGV  exit  Mach  No. 

1.18 

During  a  blowdown  test,  the  matrix  acts  as  a  high  effec¬ 
tiveness  heat  exchanger.  The  length  of  the  matrix  is 
such  that  the  thermal  cooling  wave  within  the  metal, 
which  starts  at  the  upstream  end,  has  not  reached  the  dis¬ 
charge  end  of  the  unit  during  the  0.5  second  test  time. 
The  result  is  that  the  gas  exits  the  matrix  at  the  local 
metal  temperature,  thus  imposing  the  temperature  distor¬ 
tion  pattern  set  up  in  the  metal  prior  to  the  test  onto  the 
gas.  Because  the  heat  is  added  at  very  low  Mach  num¬ 
ber,  no  appreciable  total  pressure  distortion  is  introduced 
in  the  hearing  process. 

Aerodynamic  instrumentation  consisted  of  total  pressure 
and  temperature  rakes  upstream  and  downstream  of  the 
turbine  and  wall  static  pressure  taps  on  the  outer  casing. 
Thin  film,  multi-layer,  heat  flux  gauges  were  mounted 
about  the  rotor  blade  chord  at  two  spanwise  locations,  at 
midspan  and  near  the  blade  rip  (81.5%  leading  edge 
span).  These  sensors  directly  measure  heat  flux  to  the 
blades  from  DC  to  1(X)  kHz  [13].  For  these  tests,  the 
raw  heat  flux  data  was  low  pass  filtered  at  30  kHz  (vane- 
blade  interaction  frequency  is  3.6  kHz)  and  ensemble- 
averaged  over  300  blade  passings  for  the  time-resolved 
data,  and  time-averaged  for  DC  data. 

The  test  article  was  a  0.5  meter  diameter,  4-to-l  pressure 
ratio,  transonic,  single-stage  turbine  whose  design  para¬ 
meters  are  given  in  Table  2.  Data  fiom  this  geometry 
has  been  previously  reported  for  a  stage  with  uniform 
inflow  [14],  as  a  cooled  stage  [15],  and  in  a  cascade  [16]. 
Figure  3  depicts  the  turbine  installation  and  flow  path. 


Distortion 

Generator 


Boundary 
Layer  Bleeds 


Fig.  3:  Blowdown  turbine  rig  flow  path. 
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Radial  Position 


Fig.  4;  Radial  temperature  profiles  measured  upstream 
of  the  turbine  inlet  compared  with  parabolic  fits. 


transfer,  by  about  50%  on  the  suction  surface  and  70% 
on  the  pressure  surface.  Near  the  blade  tip,  changes  in 
heat  transfer  due  to  temperature  distortion  are  of  similar 
magnitude. 

Time-resolved  data  are  presented  in  Fig.  8.  On  the  pres¬ 
sure  surface  (Figs.  8a  and  8b),  the  influence  of  the  tem¬ 
perature  distortion  is  seen  as  principally  raising  the 
average  level  of  heat  transfer  without  substantially 
changing  the  shape  of  the  waveform.  This  is  true  near 
the  bailing  edge  of  the  suction  surface  as  well  (Fg.  8d). 
On  the  crown  of  the  suction  surface,  however  (Fig.  8c), 
the  waveform  is  substantially  altered.  At  this  location, 
the  effect  of  temperature  distortion  is  to  increase  the 
height  of  the  spike  that  a  previous  unsteady  2-D  numeri¬ 
cal  simulation  of  the  undistorted  flow  [1]  has  shown  to 
be  caused  by  a  reflected  shock  wave  moving  through  the 
rotor  passage. 


EXPERIMENTAL  EXPERIENCE  AND  RESULTS 

The  distortion  generator  was  operated  so  as  to  provide 
varying  levels  of  temperature  distortion  at  a  constant 
level  of  annulus  averaged  enthalpy  flow.  Distortion  lev¬ 
els  (RTDF’s)  from  2%  (as  close  to  uniform  as  could  be 
achieved)  to  15%  were  studied.  Gas  total  temperature 
profiles  measured  downstream  of  the  distortion  genera¬ 
tor  compare  well  with  parabolic  fits  in  Fig.  4,  confirm¬ 
ing  that  the  generator  performed  as  designed. 
Unfortunately,  the  generator  passages  were  contaminat¬ 
ed  by  fine  (-25  (un)  particles  during  fabrication.  The 
particles  did  not  flush  from  the  unit  during  pretest  clean¬ 
ing,  but  were  expelled  gradually  during  the  tests.  This 
fine  dust  eroded  the  thin  film  heat  flux  gauges,  especial¬ 
ly  on  the  pressure  side  of  the  blades  (the  other  aerody¬ 
namic  instrument  was  not  affected).  The  erosion 
resulted  in  calibration  drift  (gready  complicating  the 
data  reduction  procedure)  and  rapid  gauge  failure. 

Fewer  working  gauges  remained  after  each  test  with 
eventually  most  of  the  gauges  being  destroyed.  Thus, 
the  data  presented  herein  is  rather  sparse  with  not  all 
measurement  points  being  available  for  every  test. 

The  integrity  of  the  data  reduction  procedure  was  estab¬ 
lished  by  comparing  the  low  distortion  (2%  RTDF)  data 
at  midspan  with  that  taken  earlier  without  the  distortion 
generator  [14],  and  thus  with  uniform  inflow.  Figure  5 
shows  these  to  be  substantially  the  same  except  at  the 
pressure  surface  trailing  edge. 

The  measured  heat  flux  distributions  about  the  rotor 
blade  at  -1 F  incidence  angle  and  the  nominal  bulk  con¬ 
ditions  listed  in  Table  1  are  presented  in  dimensional 
form  at  midspan  and  tip  locations  in  Figs.  6  and  7 
respectively.  At  midspan,  low  levels  of  distortion  (2%) 
slightly  reduced  the  heat  transfer  compared  to  no  distor¬ 
tion  measuremenL  Increasing  the  distortion  to  high  lev¬ 
els  (10%  and  15%)  significantly  enhanced  the  heat 


NUMERICAL  MODELLING  OF  THE  FLOW 

Customarily,  heat  transfer  is  treated  in  non-dimensional 
terms  in  the  form  of  Nusselt  number  or  Stanton  number, 
in  which  the  local  heat  transfer  is  normalized  by  an 
appropriate  gas-to-wall  driving  temperauire  difference. 
With  uniform  turbine  inflow,  it  is  convenient  to  use  the 
rotor  relative  total  temperature.  The  proper  choice  of 
reference  gas  temperaiure  is  much  less  certain  when 
large  temperanire  distortions  are  inuoduced.  Circumfer¬ 
entially  uniform,  spanwise  distorted  temperanire  patterns 
will  influence  the  flow  through  two  primary  mecha¬ 
nisms.  The  first  is  the  alteration  of  the  spanwise  distri¬ 
bution  of  romr  inflow  angles  (the  velocity  triangles)  due 
to  the  change  in  reference  frame  going  from  the  station¬ 
ary  NGV’s  to  the  rotating  rotor.  The  second  is  the  sec¬ 
ondary  flow  generated  in  the  rotor  by  the  spanwise 
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Fig.  5;  Midspan  rotor  heat  transfer  taken  without  the  dis 
tortion  generator  insulled  compared  to  that  with 
the  generator  operated  at  low  distortion  level. 
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Fig.  6;  Time-averaged  heat  flux  measured  at  rotor  midspan.  Fig.  7:  Time-averaged  heat  flux  measured  at  rotor  tip. 


Fig.  8:  Time-resolved  rotor  heat  flux  measurements  at  varying  levels  of  temperature  distortion. 
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Fig.  9:  Grid  geometry  used  for  3-D  Euler  calculation. 


pressure  gradients.  (Note  that  the  temperature  distortion 
alone  will  not  generate  secondary  flows  in  the  stationary 
frame  NGV’s;  a  pressure  distortion  is  required  (17], 
which  is  a  motivation  for  designing  this  initial  experi¬ 
ment  with  uniform  inlet  total  pressure.)  To  aid  in  inter¬ 
preting  these  measurements  and  to  shed  insight  into  the 
fluid  mechanisms  at  woric.  we  have  modelled  the  invis- 
dd  flow  in  the  turbine  in  two  ways.  The  simplest  is  a 
streamline  curvature  calculation  [IS]  which  includes  the 
axisymmetric  velocity  triangle  effects.  The  next  level  in 
sophistication  is  to  calculate  the  three-dimensional, 
steady  inviscid  flow  within  the  turbine. 

A  3-D,  multi-blade  row,  steady  Euler  calculation  of  the 
flow  in  the  turbine  was  made  using  Denton’s  MULTI¬ 
STAGE  code  (19].  MULTISTAGE  calculates  the  invis¬ 
cid,  3-D  flow  in  each  blade  row  with  an  azimuthal 
averaging  technique  employed  at  the  boundary  (mixing 
plane)  between  the  stationary  and  rotating  blade  rows. 
The  H  grid  used  followed  the  experimental  geometry 


from  the  upstream  rake  measurement  plane  to  about  one 
chord  downstream  of  the  rotor.  There  were  162  grid 
points  axially,  19  along  the  span,  and  19  circumferential¬ 
ly.  The  rotor  leading  edges  were  cusped  to  reduce 
numerical  errors.  The  36  NGV,  61  rotor  blade  spacings 
of  the  experiment  were  preserved.  The  grid  is  illustrated 
in  Fig.  9.  The  code  results  were  checked  insofu'  as  pos¬ 
sible  by  comparing  with  measured  cascade  blade  static 
pressure  distributions  and  by  examining  total  pressure, 
temperature,  and  entropy  changes.  Details  can  be  found 
in  Pappas  [20]. 

The  computational  results  show  that  the  inlet  tempera¬ 
ture  distortion  has  little  influence  on  the  nozzle  guide 
vane  flow,  as  would  be  expected  from  Monk  and  Prim. 
Translation  into  the  rotating  frame  significantly  alters 
the  flow  into  the  rotor  as  can  be  seen  in  the  swirl  angle, 
and  temperature  and  pressure  distributions  of  Fig.  10. 
These  result  in  the  generation  of  secondary  flow  within 
the  rotor  passage  which  concentrates  the  hotter  fluid  at 
midspan  toward  the  rotor  pressure  surface  and  moves  it 
out  toward  the  blade  tip  (Figs.  1 1  and  12).  One  result  is 
to  increase  the  driving  gas  temperature  along  the  pres¬ 
sure  surface  relative  to  that  along  the  suction  surface. 
These  results  are  quite  similar  to  those  of  Saxer  and 
Giles,  who  calculated  the  three-dimensional,  steady  flow 
within  the  same  geometry  using  a  different  code. 

USING  COMPUTATIONS  TO  INTERPRET 
THE  MEASUREMENTS 

The  primary  interest  here  is  to  improve  the  understand¬ 
ing  of  turbine  rotor  heat  transfer  in  the  presence  of  span- 
wise  temperature  distortion.  There  are  many  questions 
which  may  be  addressed,  but  two  of  direct  engineering 
concern  are  whether  distortion  changes  either  (a)  the 
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Fig.  10:  Calculated  influence  of  spanwise  temperauue  distortion  on  rotor  relative  inflow  conditions. 


(a)  Laading  Edga  Plana  (b)  30%  Axial  Chord  (c)  60%  Axial  Chord  (d)  Trailing  Edga  Plano 

Fig.  1 1:  Migration  of  total  temperature  in  rotor  blade  passage  (I  S%  RTDF)  cutting  planes  at  axial  stations  from 
(a)  leading  to  (d)  trailing  edges. 
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Hg.  12:  Rotor  blade  surface  total  temperature  (”K)  contours  calculated  for  1S%  RTDF.  For  an  undistorted  inflow,  the 
blade  temperature  is  calculated  at  AQO^K  tS’K. 


integrated  heat  load  blade  (and  thus  alters  the  cooling 
requirements),  or  (b)  the  local  distribution  of  heat  flux 
and  thus  blade  temperature  in  a  manner  not  adequately 
captured  by  current  predictive  techniques  (leading  to 
blade  thermal  distress). 

There  is  insufficient  spatial  coverage  in  the  measure¬ 
ments  to  accurately  assess  the  change  in  integrated  heat 
load  into  the  blade  for  either  an  equivalent  inlet  enthalpy 
flux  or  work  extraction.  The  data  taken  (Figs.  6  and  7) 
show  a  30-50%  increase  in  heat  flux  at  midspan  with 
15%  RTDF  compared  to  the  no  distortion  case  and  20- 
40%  increase  at  the  tip.  No  measurements  at  the  hub  are 
available.  The  inviscid  calculation  could  be  used  to 
assess  the  change  in  driving  temperature  integrated  over 
the  blade  surface,  but  a  viscous  calculation  would  be 
required  to  evaluate  any  heat  transfer  coefficient 
changes.  Harasgama  used  a  3-D  viscous  code  and  a  2-D 
boundary  layer  solver  to  investigate  the  influence  of  a 
20%  RTDF  on  a  4-to-l  pressure  ratio  turbine.  He  found 
an  increase  of  approximately  60%  in  heat  flux  near  the 
tip  of  the  pressure  surface  and  10%  near  the  hub. 

We  can  consider  the  influence  of  temperature  distortion 
on  the  steady  heat  transfer  to  consist  of  two  mechanisms 
-  the  alteration  of  the  mostly  inviscid  core  flow  in  the 
blade  passage  so  as  to  change  the  gas-to-wall  tempera¬ 
ture  difference  driving  the  heat  flux,  or  a  change  in  the 
boundary  layer  with  a  concomitant  change  to  the  heat 
transfer  coefficient  To  assess  the  relative  importance  of 
the  two  mechanisms,  we  reduced  the  raw  heat  flux  data 
into  Nusselt  number  using  as  the  reference  gas  tempera¬ 
ture  the  local  temperature  at  the  heat  flux  sensor  location 
as  estimated  by  either  the  3-D  steady  inviscid  calculation 
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Fig.  13:  Nusselt  number  near  midspan  with  the  refer¬ 
ence  temperature  calculated  as  spanwise  aver¬ 
age  (bulk),  from  streamline  curvature,  or  from 
local  wall  temperature  estimated  with  a  3-D, 
steady  Euler  calculation. 


or  a  streamline  curvature  procedure.  If  the  primary 
influence  of  distortion  were  to  alter  the  inviscid  flow 
field  and  thus  the  driving  temperatures,  then  this  proce¬ 
dure  would  collapse  the  distorted  data  onto  that  with  no 
distortion.  For  comparison,  a  Nusselt  number  using  the 
spanwise  average  temperature  (the  same  as  for  the  no 
distortion  measurements)  was  computed.  The  results 
are  presented  in  Fig.  13  for  midspan  and  Fig.  14  for  the 
tip.  At  midspan,  the  streamline  curvature  calculation 
generally  does  a  better  job  than  the  3-D  Euler,  especial¬ 
ly  on  the  pressure  surface.  Near  the  tip,  the  comparison 
is  not  clearcut,  and  the  corrections  do  not  improve  the 
data  reduction.  We  infer  from  this  that  some  essential 
elements  of  the  fluid  mechanics  are  not  captured  in  the 
streamline  curvature  and  3-D,  steady  Euler  calculations. 

One  phenomenon  which  is  not  modelled  here  is  the 
unsteady  interactions  between  blade  rows,  influencing 
both  the  potential  and  viscous  flow.  Ashworth  showed 
how  simulated  NGV  blade  wakes  can  enhance  rotor 
heat  transfer  on  this  midspan  profile.  Rigby  et  al.  [21] 
constructed  a  simple  model  of  the  manner  in  which 
shock  wave  impingement  can  increase  heat  transfer. 
Abhari  [1]  showed  how  even  the  small  geometry  varia¬ 
tions  which  result  fiom  normal  manufacturing  toler¬ 
ances  can  cause  large  variations  in  heat  transfer  in  a 
transonic  turbine.  The  lauer  is  directly  applicable  here 
since  the  temperature  distortion  generates  relatively 
large  flow  angle  variations  which  may  significantly 
alter  the  unsteady  shock  wave  system  in  the  turbine. 

We  would  thus  not  be  surprised  if  the  changes  in  the 
unsteady  flow  field  were  an  important  influence  in 
enhancing  the  rotor  heat  transfer. 
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Fig.  14:  Nusselt  number  near  tip  with  the  reference 
temperature  calculated  as  spanwise  average 
(bulk),  from  streamline  curvature,  or  from 
local  wall  temperature  estimated  with  a  3-D, 
steady  Euler  calculation. 
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SUMMARY  AND  CONCLUSIONS 

An  experiment  has  been  constructed  to  measure  the 
influence  of  spanwise  varying,  circumferentially  uni¬ 
form  total  temperature  distortion  on  turbine  rotor  heat 
transfer.  The  Hrst  data  from  this  experiment  shows  that 
temperature  distortion  increases  both  tip  and  midspan 
rotor  heat  transfer,  especially  on  the  pressure  surface. 
Both  a  3-D,  steady,  Euler,  multi-stage  code  and  a 
streamline  curvature  calculation  were  used  to  interpret 
the  data.  These  calculations  did  not  account  for  all  of 
the  increased  heat  transfw  observed. 

This  is  very  much  work  in  progress.  We  are  in  the  pro¬ 
cess  of  re-instrumenting  the  turbine  rotor  for  improved 
spatial  coverage  of  the  heat  flux  sensors,  and  adding  suf¬ 
ficient  aerodynamic  instrumentation  to  assess  aeroper- 
formance  changes.  Both  spanwise  and  circumferential 
distortions  will  be  investigated  experimentally.  New 
computational  tools  will  be  brought  to  bear,  including  a 
3-D,  unsteady,  multi-blade  row  code.  Overall,  turbine 
temperature  distortion  is  a  problem  for  which  the  tools 
are  in  hand  and  we  hope  to  make  considerable  progress 
in  the  coming  years. 
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Discussion 


QUESTION  1; 

DISCUSSOR:  F.  LeBoeuf,  Ecole  Centrale  de  Lyon 

As  vorticity  may  be  enhanced  by  gradients  of  density  and  static  pressure,  the  three- 
dimensional  consequences  of  the  present  inlet  temperature  distortion  could  be  obtained  by 
comparing  the  static  pressure  fields,  with  and  without  distortion  of  Tq,  in  the  plane 
between  the  stator  and  rotor.  Do  you  have  any  experimental  or  numerical  results  that 
would  illuminate  this  point? 

AUTHOR'S  REPLY: 

With  the  complete  stage  geometry  (rotor  plus  stator),  we  measure  the  wall  static  pressure 
only  on  the  inner  and  outer  annulus  walls  in  the  middle  of  the  nozzle  giiide  vane  passage 
at  the  nozzle  guide  vane  trailing  edge  plane.  This  is  due  to  the  close  spacing  between  the 
rotor  and  stator  (3mm).  We  can  measure  the  pressure  distribution  at  the  nozzle  guide 
vane  exit  with  the  rotor  removed.  Also  we  believe  that  three-dimensional  calculations 
should  do  a  good  job  of  calculating  the  flow  through  the  nozzle  guide  vane  with  temperature 
distortion. 

QUESTION  2: 

DISCUSSOR:  G.  Andrews,  University  of  Leeds 

In  practice  the  real  situation  is  more  complex  than  the  simple  parabolic  temperature 
profile  you  have  used.  The  radial  profile  is  skewed  toward  the  hub  for  blade  stress 
reasons.  Also  there  is  likely  to  be  a  strong  velocity,  hence,  total  pressure  profile  as  well  as 
a  temperature  profile.  Typical  radial  temperature  distortion  factor  values  are  around  8% 
and  your  15%  value  seems  unrealistic.  However,  the  greatest  temperature  variations  are 
in  the  circumferential  direction  where  distortion  factors  can  be  typically  25%.  How  are 
these  additional  non-uniformities  likely  to  influence  the  heat  transfer? 

AUTHOR’S  REPLY; 

Our  intent  in  the  design  of  this  experiment  was  to  build  a  realistic  turbine  inflow  in  steps 
of  relatively  simple  elements,  of  which  the  parabolic  profile  is  the  first.  We  are  currently 
looking  at  circumferential  distortions  as  well  as  variable  levels  of  inlet  turbulence. 

Total  pressure  distortions  can  be  added  later  with  relatively  little  effort  should  it  be 
desired.  As  far  as  the  radial  temperature  distortion  factor  reported  herein  is  concerned, 
the  inlet  profile  is  somewhat  skewed  toward  the  hub  as  examination  of  Figure  4  will  show. 
The  15%  radial  temperature  distortion  factor  was  one  of  the  largest  of  several  studied  in 
the  range  of  2%  to  20%.  Also,  while  8%  is  a  typical  design  intent,  values  of  15%  or  greater 
have  been  observed  in  practice. 
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summary; 


The  effect  of  unsteady  wake  flows  on 
blade  heat  transfer  and  film  cooling 
effectiveness  was  experimentally 
determined  by  using  a  spoked-wheel  type 
wake  generator.  The  experiments  were 
performed  with  a  five  airfoil  linear 
cascade  at  the  Texas  A&H  University  low 
speed  wind  tunnel  facility.  The 
mainstream  Reynolds  number  based  on 
airfoil  chord  length  was  about  3  x  10^. 
The  wake  Strouhal  number  was  varied 
between  0  and  0.4  by  changing  the 
rotating  wake  passing  frequency.  A  hot 
wire  anemometer  system  was  located  at 
the  cascade  inlet  to  detect  the 
Instantaneous  velocity,  phase-averaged 
mean  velocity,  and  turbulence  intensity 
Induced  by  the  passing  wake.  A 
pressure  tap  Instrumented  blade  was 
used  to  measure  the  surface  static 
pressure  distributions  and  compared 
well  with  predicted  velocity 
distributions  in  the  cascade.  An 
instrumented  blade  without  film  holes 
equipped  with  a  thin  foil  thermocouple 
was  used  to  determine  the  surface  heat 
transfer  coefficient  distributions. 
The  results  show  that  the  periodically 
passing  wake  promotes  earlier  boundary 
layer  transition,  causing  much  higher  heat 
transfer  on  the  suction  surface.  The 
passing  wake  also  significantly  enhances 
the  heat  tremsfer  on  the  pressure  surface. 
The  other  thin  foil  thermocouple 
instrumented  blade  contained  several  rows 
of  film  cooling  holes  at  the  stagnation 
region  and  on  both  the  suction  and 
pressure  surfaces,  and  was  employed  to 
determine  the  film  cooling  effectiveness 
distributions.  The  results  show  that  the 
strong  passing  wake  Interacts  with  the 
film  layer  and  causes  a  relatively  lower 
film  effectiveness  on  both  the  suction  and 
pressure  surfaces  for  all  three  blowing 
ratios  studied  (M  •>  0.4,  0.8  and  1.2). 


LIST  OF  SYMBOLS; 

C  airfoil  chord 

d  roiaiing  rod  diameter 

h  heat  transfer  coefficient 

H  blade  radial  (spanwise)  length 

K  thermal  conductivity  of  air 

M  blowing  ratio,  (pV)o/(pV). 

n  rotating  rod  number 

Nu  Nusselt  number  based  on  blade  chord,  hCTK 
q'  net  surface  convection  heat  flux 
foil  generated  surface  heat  flux 
q',,,,  surface  heat  flux  loss 

Re  Reynolds  number  based  on  blade  chord,  ViCA" 

S  Strouhal  number,  2xwdn/(60V,) 

Tu  turbulence  intensity 

V  local  mainstream  velocity  in  the  cascade 

V,  mainstream  velocity  at  the  inlet  of  the  cascade 

V,  mainstream  velocity  at  the  exit  of  the  cascade 

X  blade  surface  coordinate  in  streamwise  direction 

Y  blade  radial  coordinate  in  spanwise  direction 

w  rotating  rod  speed,  rpm 


(pV)c  local  injection  coolant  mass  flux 

(pV)_  local  mainstream  mass  flux 

T|  film  cooling  effectiveness 

T;  injection  coolant  flow  temperature 

T,  blade  surface  temperature 

T,,  adiabatic  blade  surface  temperature 

T.  mainstream  air  flow  temperature  at  the  inlet 

V  kinematic  viscosity  of  air 

INTRODOCTIOMs 


Technology  development  efforts  for 
advanced  military  aircraft  gas  turbine 
engines  are  directed  towards  the  goal 
of  doubling  current  propulsion  system 
capability  by  around  the  turn  of  the 
century,  while  concurrently  effecting 
significant  improvements  in  life, 
reliability  and  maintainability.  The 
two  dominant  figures  of  merit  for 
measuring  propulsion  system  capability 
are  engine  thrust  to  weight  ratio 
(Fn/Wt)  and  specific  fuel  consumption 
(SFC) .  Obviously,  to  achieve  a  lOO 
percent  increase  in  thrust  to  weight 
ratio  relative  to  current  production 
engines  will  require  revolutionary 
advances  in  turbine  engine  technology 
in  the  years  ahead. 

One  of  the  major  contributing  gas 
turbine  components  in  providing 
increased  engine  thrust  is  the  turbine 
system.  The  performance  of  gas  turbine 
engines  is  strongly  influenced  by 
turbine  rotor  inlet  temperature.  This 
is  dramatically  illustrated  in  Figure 
1,  which  plots  specific  core  power 


production  (which  can  be  related  to 
specific  thrust)  as  a  function  of 
turbine  rotor  inlet  temperature.  The 
engines  tend  to  track  fairly  close  to 
the  ideal  performance  line,  which 
represents  cycle  power  output  with  100% 
efficient  turbines  with  no  leakage  or 
cooling  flows,  clearly,  increasing  hot 
section  temperatures  is  one  of  the  key 
ingredients  to  realizing  quantum  jumps 
in  gas  turbine  engine  performance. 

Modern  gas  turbines  are  designed  to  run 
at  high  turbine  inlet  temperatures  well 
in  excess  of  current  metal  temperature 
limits.  In  addition  to  improved 
temperature  capability  materials  and 
coatings,  highly  sophisticated  cooling 
techniques  such  as  augmented  internal 
cooling  and  external  film  cooling  have 
to  be  employed  in  order  to  maintain 
acceptable  life  and  operational 
requirements  under  such  extreme  heat 
load  conditions.  In  order  to  design 
systems  that  will  most  efficiently  cool 
turbine  flow  path  components,  it  is 
necessary  to  better  comprehend  the 
detailed  flow  physics  within  the  turbine 
itself .  There  is  a  great  need  to  increase 
the  understanding  of  heat  transfer  within 
this  unsteady,  highly  complex  flow  field. 
Current  turbine  designs  are  characterized 
by  an  inability  to  accurately  predict  heat 
transfer  coefficients.  This  results  in 
non-optimized  designs  using  inordinate 
amounts  of  cooling  air,  which  ultimately 
causes  significant  penalties  to  the  cycle 
in  terms  of  thrust  and  SFC.  One  of  the 
aspects  of  the  turbine  flow  field  that  has 
received  considerable  attention  recently 
is  the  effect  of  unsteady  wakes  caused  by 
the  passing  of  the  upstream  airfoil  row  on 
the  downstream  blade  row.  This 
investigation  focuses  on  the  measurement 
of  the  surface  heat  transfer  coefficient 
and  film  cooling  effectiveness  on  a  model 
turbine  blade  under  incident  unsteady  wake 
conditions. 


AVP370&UE  StO»M 

Figure  1 

Increased  Turbine  Temperature  Dramatically  Improves  Cycle  Power  Output 
(Courtesy  of  Pratt  &  Whitney) 
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There  have  been  many  studies  on  the 
effects  of  unsteady  wake  caused  by  the 
passing  of  the  upstream  airfoil  row  on  the 
surface  heat  transfer  coefficient  of  the 
downstream  blade  row.  Many  published 
results  have  investigated  the  interaction 
between  the  wake  flow  and  the  suction  side 
boundary  layer  on  a  turbine  blade.  It  is 
well  known  that  the  unsteady  wake  impact 
causes  an  increased  heat  transfer  in  the 
stagnation  region  and  an  early  laminar- 
turbulent  boundary  layer  transition.  This 
wake-induced  earlier  transition  covers  a 
longer  streamwise  length  on  the  suction 
surface  of  a  turbine  blade.  These  zones 
of  transition  form  a  higher  heat  transfer 
and  a  growing  region  of  turbulent  flow. 
Experiments  have  been  conducted  in 
turbines  (Dunnetal.,  I9aea,  1986b,  1988, 
1992;  Blair  et  al.,  1989;  Blair,  1992; 
Abhari  et  al.,  1991,  1992)  or  in 
laboratory  simulations  (Doorly  et  al., 
1988;  Priddy  and  Bayley,  1988;  O'Brien  and 
Capp  et  al.,  1989;  Wittig  et  al.,  1986, 
1988;  Liu  and  Rodi,  1989,  1992;  Dullenkopf 
etal.,  1990,  1992).  A  squirrel  cage  type 
wake  generator  was  used  in  laboratory 
simulations  by  Priddy  and  Bayley  and  Liu 
and  Rodi;  a  spoked  wheel  type  generator 
was  employed  by  Doorly  et  al.,  O'Brien 
and  Capp,  Wittig  et  al.,  and  Dullenkopf 
et  al.  Some  investigators  (Dunn  et 
al.,  Doorly  et  al.,  and  Abhari  et  al.) 
used  fast  response  sensors  to  detect 
the  real  time  variation  on  the  blade 
surface  heat  transfer  induced  by  the 
unsteady  wake,  while  other  researchers 
(Dullenkopf  it  al.,  Wittig  et  al.,  Liu 
and  Rodi,  and  Blair  et  al.)  employed 
the  standard  method  to  obtain  the  mean 
(time-average)  heat  transfer  on  an 
airfoil  in  unsteady  wake  conditions. 
Mayle  and  Dullenkopf  (1990,  1991) 
recently  developed  a  theory  to 
incorporate  unsteady  effects  into  a 
steady-flow  analysis  by  introducing  a 
time-averaged  intermittency  factor. 
They  showed  that  the  time-average  heat 
transfer  distribution  on  the  airfoil 
surface  can  be  obtained  from  the 
predicted  time-averaged  intermittency 
factor  and  the  laminar  and  turbulent 
heat  transfer  distributions  as 
calculated  from  steady-flow  conditions. 
They  also  found  that  the  theory  agrees 
with  the  measurement  of  the  time- 
averaged  heat  transfer  coefficient  on 
the  suction  surface  of  a  turbine  blade 
in  a  spoked  wheel  generated  wake  flow 
condition. 

Most  of  the  previous  studies  are 
limited  to  the  effect  of  the  unsteady 
wake  on  the  surface  heat  transfer  of  a 
turbine  blade  with  no  film  cooling 
conditions.  However,  film  cooled 
turbine  blades  are  common  in  advanced 
gas  turbine  engines.  In  film  cooling, 
relatively  cool  air  is  injected  onto 
the  blade  surface  to  form  a  protective 
layer  between  the  surface  and  hot 
mainstream  gases.  Most  film  cooling 
studies  do  not  incorporate  wake  flow 
conditions  (for  example;  Nirmalan  and 
Hylton,  1989  Camel  and  Arts,  1990). 

This  study  focuses  on  the  effect  on 
unsteady  wake  on  the  heat  transfer 


coefficient  and  film  cooling 
effectiveness  distributions  on  a  model 
turbine  blade.  The  unsteady  wake 
caused  by  the  upstream  blade  row  may 
interact  with  the  cooling  film  ejected 
from  the  surface  of  the  downstream  blade 
row.  It  is  of  interest  whether  this  wake 
jet  interaction  may  penetrate  into  the 
film  layer  and  change  the  heat  transfer 
coefficient  and  film  effectiveness 
distributions  on  the  blade  surface.  For 
this  study,  a  five-blade  cascade 
(including  the  instrumented  middle  blade) 
was  installed  in  a  low  speed  wind  tunnel 
at  the  Turbine  Heat  Transfer  Laboratory  of 
Texas  ASM  University.  The  upstream 
unsteady  wake  is  produced  by  a  spoked 
wheel  type  wake  generator  similar  to  those 
used  by  O'Brien  and  Capp,  Dullenkopf  et 
al. ,  and  Wittig  et  al.  The  standard  thin 
foil  thermocouple  technique  is  used  to 
determine  the  mean  (time-averaged)  heat 
transfer  coefficient  and  film 
effectiveness  on  the  instrumented  model 
blade.  This  thin  foil  thermocouple  method 
has  also  been  employed  to  determine  the 
leading  edge  heat  transfer  coefficient  and 
film  effectiveness  distributions  under 
high  mainstream  turbulence  conditions 
(Mehendale  et  al.,  1991;  Ou  and  Han, 
1991)  .  The  main  objectives  of  this 
investigation  are:  (a)  to  determine  the 
blade  heat  transfer  coefficient 
distributions  on  the  suction  and  pressure 
surfaces  both  with  and  without  film  holes 
at  unsteady  wake  conditions,  and  (b)  to 
determine  the  blade  film  cooling 
effectiveness  distributions  on  the  suction 
and  pressure  surfaces  in  unsteady  wake 
conditions. 


TEST  APPARATUS; 


Low  Speed  Wind  Tunnel:  The  cascade  setup 
and  instrumentation  layout  are  illustrated 
in  Figures  2  and  3.  The  wind  tunnel 
consists  of  an  inlet  nozzle,  a  wake 
generator,  a  test  section,  an  exhaust 
duct,  and  a  suction  blower.  A  five 
airfoil  cascade  is  installed  inside  the 
test  section  downstream  of  the  wake 
generator.  The  wind  tunnel  has  been 
modified  to  accommodate  the  107.49® 
turning  in  the  cascade.  The  spoked  wheel 
wake  generator  has  sixteen  rotating  rods 
(0.63  cm  in  diameter)  .  A  casing  has  been 
installed  around  the  rotating  spoked 
wheel  to  prevent  leakage  flow  and  to 
protect  the  system. 

Cascade  Design  and  Analysis:  The 
cascade  is  designed  to  accommodate  the 
low  speed  wind  tunnel  facility  with  an 
inlet  air  speed  of  approximately  20 
m/s,  or  Mach  No.  0.05.  The  airfoil 
configuration  will  produce  a  velocity 
ratio  distribution  similar  to  that  of  a 
typical  advanced  high  pressure  turbine 
blade.  The  computer  software  used  in 
the  airfoil  design  and  analysis  were 
performed  within  General  Electric 
Aircraft  Engines.  The  selected  blade 
has  107.49®  of  turning,  with  relative 
flow  angles  of  35®  and  -72.49®  at  the 
blade  inlet  and  exit,  respectively. 
The  5X  cascade  is  made  of  high  quality 
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Flgur*  2:  Experimental  Apparatus 


Figure  3:  Test  section  and  Instrumentation  Layout  (cm) 


wood  and  has  a  chord  length  of  22.68 
cm,  a  radial  span  of  25.2  cm,  and  a 
blade  spacing  of  17. Ol  cm.  The  center 
blade  is  instrumented  and  can  be 
replaced  for  pressure,  heat  transfer, 
or  film  cooling  experiments.  Two  slots 
are  located  near  the  blade  leading  edge 
and  the  middle  of  flow  passages  to 
measure  flow  velocities,  wake  profiles, 
turbulence  fluctuations,  and  to  check 
the  flow  periodicity  between  two 
adjacent  flow  passages.  The  distance 
between  the  rod  and  blade  inlet  is  8.82 
cm. 

Rotating  Wake  Simulation:  The  wake 
simulation  was  accomplished  by  means  of 
the  rotating  spoked  wheel  shown  in 
Figure  4.  The  wake  Strouhal  number  (S) 
is  used  to  simulate  the  unsteady  wake 
flow  characteristics  of  modern  gas 
turbines  (O'Brien  and  Capp,  1989)  and 
is  defined  as: 


2-Kwdn 

eov'i 


where  u  is  the  rotating  rod 
revolutionary  speed  (rpm) ,  d  is  the 
rotating  rod  diameter  (m) ,  n  is  the 
number  of  rotating  rods,  and  V,  is  the 

mainstream  flow  velocity  at  the  inlet  of 
the  cascade  (m/s) .  A  wider  range  of 
Strouhal  numbers  can  be  tested  in  this 
program  by  varying  the  rod  rotating  speed, 
rod  number,  rod  diameter  and  inlet  flow 
velocity.  In  this  paper,  however,  the 
Strouhal  number  ranges  from  o  to  0.4  by 
varying  the  rod  rotating  speed  (u  -  0  to 
765  rpm)  for  a  fixed  value  rod  diameter  (d 
-  0.63  cm),  rod  number  (n«16) ,  and  flow 
inlet  velocity  (V,  -  20  m/s) .  The  Reynolds 
number  (Re)  is  defined  as: 


6-5 


Re-- 


V£ 

u 


where  V,  is  the  nainstrean  flow  velocity  at 
the  inlet  of  the  cascade,  C  is  the  airfoil 
chord,  and  v  is  air  kinematic  viscosity. 
As  previously  mentioned,  the  inlet  flow 
velocity  is  20  m/s  and  the  airfoil  chord 
is  22.68  cm.  Therefore,  the  Reynolds 
number  is  approximately  3  x  10*. 
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Figure  5:  Hot  Wire  Instrumentation 


Hot  Wire  Instrumentation:  A  calibrated 
single  hot  wire  anemometer  TSI  IFA  100  is 
used  to  measure  the  unsteady 
(instantaneous)  velocity  profile  of  the 
passing  wake.  The  hot  wire  anemometer  is 
connected  to  an  IBM  PC  through  a  100  KHZ 
A/D  converter  in  order  to  get  sufficient 
sampling  data  for  analysis.  The 
anemometer  also  is  connected  to  a  NICOLET 
44eA  Spectrum  Analyzer  that  displays  the 
instantaneous  wake  profile  and  frequency 
distribution.  The  hot  wire  sensor  is 
located  at  8.82  cm  downstream  from  the 
rotating  rod.  The  connection  of  the  hot 
wire  system  is  depicted  in  Figure  5.  The 
mean  velocity  and  turbulent  intensity  are 
time  dependent  and  periodic  and,  because 
of  the  periodic  nature  of  the  wake  passing 
and  shedding,  the  analysis  of  the  unsteady 
random  signal  indicates  that  its  behavior 
cannot  be  characterized  by  the  time  mean 
average  only.  In  order  to  get  the  time 
dependent  periodic  mean  velocity  and 


90.7cm 
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Figure  4:  Wake  Flow  Generator 

turbulent  intensity  of  the  wake  flow, 
the  phase-averaged  (or  ensemble- 
averaged)  method  suggested  by  O'Brien 
and  Capp  (1989)  and  Dullenkopf  et  al. 
(1990)  is  adapted.  The  phase-averaged 
mean  velocity  is  obtained  by  dividing 
each  rod-passing  period  into  a  certain 
number  of  bins  and  entering  data  from 
the  selected  number  of  the  period  into 
each  bln.  The  phase-averaged  mean 
velocity  for  each  bin  is  then  simply 
the  siun  of  all  the  entering  data  for 
that  bln  divided  by  the  selected  number 
of  the  period.  The  phase-averaged 
turbulent  intensity  of  the  wake  flow  is 
obtained  in  a  similar  way.  In  this 
paper,  digital  sampling  rates  up  to  100 
KHZ  are  obtained  depending  on  rod¬ 


passing  frequency  such  that 
approximately  100  rod-passing  periods 
and  150  samples  per  period  are  included 
in  each  digital  record. 

Pressure  Tap  Blade  Instrumentation: 
Figure  6a  shows  the  schematic  of  the 
instrumented  blade  for  static  pressure 
measurement.  The  pressure  tap  blade  is 
also  made  of  high  quality  wood  with  a 
smooth  surface.  There  are  26  pressure 
taps  located  in  the  midspan  of  the 
blade:  one  on  the  stagnation  point,  11 
on  the  pressure  side,  and  14  on  the 
suction  side.  The  taps  are  connected 
to  the  pressure  transducers  and 
interfaced  to  the  IBM  PC  for  the  blade 
surface  velocity  calculations. 

Heat  Transfer  Blade  instrumentation: 
Figure  6b  shows  a  sketch  of  the 
instrumented  blade  for  heat  transfer 
measurements.  Again,  the  blade  is  made 
of  wood  with  a  smooth  surface.  26  foil 
strips  are  vertically  cemented  on  the 
outer  surface  of  the  test  model.  Each 
strip  of  foil  is  25.4  cm  long,  2  cm 
wide,  and  0.378  mm  thick.  A  gap  of  0.8 
mm  separates  any  two  foils.  These  gaps 
are  filled  with  wood  filler  and  made 
flush  with  the  foil  surface  for 
electrical  insulation.  All  foils  are 
connected  in  series  by  copper  bus  bars. 
The  heated  foils  produce  a  nearly 
constant  heat  flux  for  the  heat 
transfer  test.  The  36  gage  copper- 
constantan  thermocouples  are  soldered  on 
the  underside  of  the  foils  with  12  rows  on 
the  pressure  side  and  15  rows  on  the 
suction  side.  Each  row  contains  4 
thermocouples  around  the  midspan  region  of 
the  blade.  All  thermocouples  are 
connected  to  a  Fluke  2280A  data  logger 
interfaced  with  an  IBM  PC.  The  voltage 
and  current  input  through  the  foils  are 
measured  by  digital  multimeters.  The 
local  heat  transfer  coefficient  (h)  is 
calculated  as: 


Jj-  g*  -  ^g«n~g*lon 

Where  q”  is  the  net  convective  heat  flux 
from  the  foil  surface,  q*^  is  the 
generated  surface  heat  flux  from  voltage- 
current  measurements,  q'l,.  is  the  heat 
loss,  T„  is  the  local  steady  foil 
temperature,  and  T„  is  the  local  adiabatic 
wall  temperature.  Loss  tests  were 
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rigura  6:  Sketches  of  Test  Blade,  (a)  Pressure  Tap  Blade,  (b)  Heat  Transfer 
Blade,  (c)  Film  Cooling  Blade 


performed  to  determine  the  heat  losses 
from  the  test  model  for  a  no  flow  (ie;  no 
convection)  condition.  The  relationship 
between  the  heat  losses  and  foil 
temperature  was  established.  T,  was  about 
40-50®C  and  T^  about  25*C  for  the  heat 
transfer  test.  The  local  heat  transfer 
coefficient  was  then  converted  into  the 
local  Nusselt  number  (Nu  >  hC/K)  based  on 
the  blade  chord  (C)  and  air  thermal 
conductivity  (K) . 

Film  Cooling  Blade  instrumentation: 

Figure  6c  shows  the  schematic  of  the 
instrumented  blade  for  the  film  cooling 
experiment.  This  blade  is  also  fabricated 
of  the  same  high  quality  wood.  The  first 
cavity  has  three  rows  of  film  holes  with 
one  row  each  on  the  stagnation  line, 
suction  side  and  pressure  side.  The 
second  cavity  has  one  row  of  film  holes  on 
the  suction  side  and  one  row  on  the 
pressure  side.  The  third  cavity  has  one 
row  of  film  holes  on  the  pressure  side 
while  the  fourth  cavity  has  one  row  on  the 
suction  side.  Each  row  has  8  to  10  film 
holes  depending  on  the  location.  Host  of 

the  film  holes  have  a  compound  angle 
(both  radial  and  tangential  components) 
relative  to  the  mainstream  flow  (blade 
curvature) .  The  detailed 
configurations  of  the  film  holes 
(diameter,  length,  spacing,  angle)  for 
this  SX  model  blade  are  specified  by 
General  Electric  Aircraft  Engines. 
Each  cavity  has  individually  controlled 
injecting  flow  rates.  The  local 
blowing  ratio  was  determined  by  knowing 
the  local  mainstream  velocity  measured 
from  the  pressure  tap  blade. 

The  previously  mentioned  thin  foil 
thermocouple  method  for  the  heat 
transfer  blade  is  also  employed  here 
for  the  film  cooling  blade,  except  that 
the  thin  foils  do  not  cover  the  film 
holes.  The  previously  established 
equation  for  heat  transfer  coefficient 


can  also  be  used  to  determine  the  local 
heat  transfer  coefficient  with  film 
injection  by  powering  the  thin  foils 
and  measuring  surface  temperatures. 
The  injectant  temperatures  are  kept  at 
the  same  temperature  as  the  mainstream 
flow  for  the  heat  transfer  with  film 
injection  test.  For  the  film  cooling 
effectiveness  test,  the  injectant 
(nitrogen  gas)  temperatures  are  about 
15*C  lower  than  the  mainstream  flow 
(the  density  ratio  is  about  1.05).  The 
power  does  not  turn  on  through  the  thin 
foils  during  this  test.  Therefore,  the 
local  adiabatic  film  cooling 
effectiveness  (ij)  is  determined  as: 


where  T„  is  the  local  adiabatic  wall 
temperature,  Tc  is  the  coolant 
(nitrogen  gas)  temperature  measured  by 
thermocouples  at  the  inlet  of  each 
cavity,  and  T„  is  the  mainstream 
temperature.  An  uncertainty  analysis 
based  on  the  method  of  Kline  and 
McClintock  (1953)  was  carried  out  for 
both  the  heat  transfer  coefficient  and 
film  effectiveness.  The  uncertainty  of 
the  heat  transfer  coefficient  is  about  St 
whereas  the  uncertainty  of  the  film 
cooling  effectiveness  is  about  10%.  Note 
that  the  above  mentioned  thin  foil 
thermocouple  technique  is  the  same  as  that 
used  by  Mehendale  et  al.  (1991)  and  Ou  and 
Han  (1991). 


RE8PLTB  AMP  DIBCgaSlQMl 


Aerodynamios  Test:  The  periodicity  of  the 
velocity  profiles  between  adjacent  flow 
paths  has  been  measured  and  confirmed. 
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Figure  7:  Inlet  Velocity  Profiles  with  No 
Wake  Condition  for  Re  =  300,000 


The  radial  velocity  profile  is  non- 
dimensionalized  as  V/V„,  where  V„  is  the 
pitchline  velocity.  Figure  7  shows  the 
velocity  profiles  in  the  radial  direction 
for  a  Reynolds  number  of  3  x  lO’  at  the 
inlet  of  the  central  flow  path  and  at  the 
inlet  of  an  adjacent  flow  path.  The 
results  indicate  that  the  inlet  velocity 
profile  is  essentially  uniform  between 
25%  and  75%  span.  The  periodicity  of 
velocity  profiles  between  adjacent  flow 
paths  is  excellent.  The  pressure  tap 
airfoil  provided  the  distribution  of 
surface  static  pressures,  which  were  used 
to  calculate  the  velocity  distribution 
around  the  airfoil.  Figure  8  shows  the 
distribution  of  velocity  ratio  (V/Vj) 
between  local  and  exit  velocity.  The 
solid  line  in  Figure  8  is  the  pre-test 
prediction.  The  velocity  on  the  pressure 
side  surface  is  an  excellent  match.  The 
measured  velocity  on  the  suction  side 
surface  is  higher  than  the  predicted 
value,  but  nonetheless  representative  of 
typical  velocity  distributions  for 
advanced  high  pressure  turbine  blades. 


Figure  8:  Velocity  Distribution  on  the 
Pressure  Tap  Blade  Model  with  No  Wake 
Condition  for  Re  =  300,000 


Wake  Flow  Measurement:  The  hot  wire  probe 
was  located  near  the  blade  leading  edge 
and  in  the  middle  of  flow  passages  to 
measure  the  instantaneous  velocities  in 
unsteady  wake  flow  conditions.  Figure  9 
shows  a  typical  Instantaneous  velocity 


profile,  a  phase-averaged  mean  velocity 
profile,  and  a  phase  averaged  turbulent 
intensity  profile  for  S  =  0.1  and  Re  =  3  x 
10*.  The  instantaneous  velocity  profile 
shows  the  periodic  unsteady 
fluctuations  caused  by  the  upstream 
passing  wake,  while  the  phase-averaged 
profile  shows  the  time  dependent  mean 
velocity  defect  caused  by  the  upstream 
passing  wake.  The  phase-averaged 
turbulent  intensity  reaches  20%  inside 
the  wake,  whereas  the  time-averaged 
turbulence  intensity  is  about  7%.  The 
background  turbulence  intensity  is  only 
about  0.75%  for  the  case  of  no  rotating 
rods  in  the  wind  tunnel. 


tlm..  t.coRi 

Figure  9: Typical  Wake  Flow  Profile  for  S 
0.1,  Re  =  300,000 


Beat  Transfer  Test:  Figure  10  shows 
the  spanwise  averaged  Nusselt  number 
(Nu  =  hC/K)  distributions  on  the  blade 
surface  with  no  film  holes  in  several 
wake  conditions.  Test  results  for  the 
steady  mainstream  flow  condition  (ie; 
with  no  rotating  rods,  turbulence 
intensity  Tu  =  0.5%,  S  =  O)  are  also 
included  for  comparison.  The 
conditions  are:  Re  =  3  x  10*,  V,  =  20 
m/s,  n  =  16,  d  =  0.63cm,  S  =  0.05,  0.1, 
0.2  and  0.4  (corresponding  to  u  =  96, 
192,  384  and  765  rpm) .  The  results  for 
the  no  wake  flow  case  show  that  the 
suction  surface  Nusselt  number 
decreases  with  increasing  streamwise 
distance  from  the  blade  stagnation 
line,  and  then  increases  sharply  due  to 
transition  into  turbulent  flow  at  80% 
blade  chord  distance  (x/C  =  0.8).  The 
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Figure  10:  Effect  of  Unsteady  Wake  on  the  Local  Heat  Transfer 
Coefficient  Distribution  with  No  Film  Holes 


pressure  surface  Nusselt  number 
decreases  sharply  with  Increasing 
streamwise  distance  from  the  leading 
edge  of  the  blade  and,  due  to  strong 
acceleration,  starts  to  gradually 
increase  at  about  20%  blade  chord 
distance.  The  general  trends  of  the 
results  for  the  wake  flow  cases  are: 
(1)  the  Nusselt  number  on  both  the 
suction  and  pressure  surfaces  increases 
with  increasing  Strouhal  number  due  to 
higher  wake  passing  frequency;  (2)  the 
passing  wake  has  more  impact  on  the 
suction  surface  heat  transfer  than  on 
the  pressure  surface  heat  transfer,  ie; 
there  is  greater  augmentation  of  the 
suction  surface  Nusselt  numbers  than 
the  pressure  surface  in  wake  flow 
conditions;  (3)  the  suction  surface 
boundary  layer  transition  starts 
earlier  but  requires  a  longer  distance 
to  become  fully  turbulent  under  wake 
flow  conditions;  (4)  the  wake  not  only 
effects  the  suction  surface  boundary 
layer  transition  but  also  disturbs  the 
laminar  type  boundary  layer  from  the 
blade  leading  edge  to  transition. 


thereby  enhancing  its  heat  tremsfer;  (5) 
the  suction  side  Nusselt  number  Increases 
about  15%  at  the  blade  leading  edge  and 
about  3  times  at  80%  blade  chord  length 
when  the  wake  passing  Strouhal  number 
changes  frcn  zero  (no  wa)ce)  to  0.4  (strong 
weOce) ;  and  (6)  the  pressure  side  Nusselt 
number  increases  somewhere  between  30- 
100%,  with  the  smallest  increment  near  the 
blade  leading  edge  and  the  largest 
increment  near  20%  blade  chord  length, 
when  wake  Strouhal  number  varies  from  0  to 
0.4.  The  general  observations  of  the 
passing  wake  impact  on  the  blade  surface 
heat  transfer,  as  shown  in  Figure  10, 
agree  with  those  presented  and  discussed 
in  previous  investigations  (for  example: 
Dullenkopf  et  al.,  1990;  Mayle  1991). 

Figure  11  shows  the  spanwise  averaged 
Nusselt  number  distributions  on  the  film 
cooled  blade  surface  under  various 
intensity  wake  flow  conditions.  The 
results  shown  are  for  a  constant  blowing 
ratio  of  M  ^  1.2.  The  line  indicated  by 
squares  represents  the  no  film  cooling 
condition.  It  is  included  for  conpiurison 


Figure  11;  Effect  of  Unsteady  Hake  on  Nusselt  number  with  Air 
Injection  for  M  ••  1.2  and  Re  -  300,000 


purposes,  and  is  the  same  characteristic 
shown  by  circles  in  Figure  10.  The  arrows 
at  the  bottom  of  the  figure  represent  the 
location  of  film  rows  along  the  blade 
surface.  The  results  of  the  test  indicate 
the  following:  (1)  The  introduction  of 
film  cooling  alone  results  in  a 
significant  heat  trcinsfer  augmentation, 
especially  along  the  blade  suction 
surface;  and  (2)  the  addition  of  upstream 
wakes  on  the.  film  cooled  blade  causes  up 
to  a  20*  increase  in  heat  transfer 
coefficient  on  the  suction  surface  and  as 
much  as  a  60*  increase  along  the  pressure 
surface  between  no  WcUce  (S  =  0)  and  strong 
wake  (S  =  0.4)  conditions.  The  resulte  of 
this  particuleu:  experiment  is  significant 
when  compared  to  the  no  film  holes  blade 
experiment  shown  in  Figure  10.  In 
particular,  comparison  of  the  suction 
surface  heat  transfer  augmentation  due  to 


wake  flow  far  the  film  cooled  and  non-film 
cooled  blades  is  most  interesting.  When 
no  film  holes  are  present,  the  addition  of 
wakes  results  in  a  3X  magnitude  heat 
transfer  increase;  when  film  cooling  of 
the  blade  is  present,  the  addition  of 
strong  upstream  wakes  only  increases 
the  heat  transfer  coefficient  by  20*. 
The  implications  are  that  the  film 
cooling  holes  are  the  dominant  factor 
in  inducing  boundary  layer  transition 
and  heat  transfer  augmentation  along 
the  turbine  blade  surface,  and  the 
Independently  measured  Impacts  of  film 
cooling  injection  and  wake  flow  on 
blade  surface  heat  transfer  are  not 
additive. 

Film  Cooling  Test:  Figures  12-14  show 
the  effect  of  passing  wake  on  the 
spanwise  averaged  film  cooling 


for  M  =  0.4  and  He=  300,000 


Pressure  Surface  X/C  Suction  Surface 
Figure  13:  Effect  of  Unsteady  Wake  on  Film  Cooling  Effectiveness  Distribution 
for  M  -  0.8  and  Re  »  300,000 
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Figure  14:  Effect  of  Unsteady  Wake  on  Film  Cooling  Effectiveness  Distribution 
for  M  =  1,2  and  Re  =  300,000 


effectiveness  distributions  on  the 
blade  surface  at  Re  =  3  x  10^  for  three 
blowing  ratios  (H  -  0.4,  0.8,  1.2). 
The  results  in  each  bloving  ratio  are 
presented  for  zero  wake  (S  0) ,  medium 
wake  (S  •  0.1),  and  strong  wake  (S  ^ 
0.4)  conditions.  Again,  note  that  the 
arrows  represent  locations  of  the  film 
row  holes  on  the  blade  surface  and  also 
that  there  are  no  thermocouples  near 
the  blade  leading  edge  although  it  has 
three  row  of  film  cooling  holes.  The 
general  observations  of  the  results 
are:  (1)  both  suction  and  pressure 
surface  film  effectiveness  decreases 
with  an  increasing  Strouhal  number  due 
to  higher  wake  passing  frequency;  (2) 
the  passing  wake  impact  on  the  pressure 
side  effectiveness  is  comparable  with 
that  on  the  suction  side,  (3)  the  film 
effectiveness  distributions  are  similar 
with  and  without  wake  flow  conditions 
although  the  passing  wake  reduces  film 
effectiveness;  (4)  film  effectiveness 
is  generally  higher  just  downstream  of 
the  _ilm  row  holes  and  lowest  near  the 
blade  trailing  surface  («)  •>  10%)  due  to 
film  dilution  (mixing)  with  the 
mainstream  flow;  and  (5)  the  ability  of 
the  passing  wake  to  destroy  the  film 
coverage  does  not  seem  to  depend  on 
blowing  ratios  between  0.4  and  1.2. 


COHCLODIWG  REMARKS: 


The  Influence  of  the  upstream  passing 
wake  on  the  blade  surface  heat  transfer 
coefficient  2ux)  film  cooling  effectiveness 
distributions  has  been  performed  in  a 
linear  turbine  cascade  by  using  spoked 
wheel  type  rotating  rods  as  wake 
generators.  The  periodic  nature  of 
instantaneous  velocity,  phase-averaged 
mean  velocity  and  high  turbulence 
Intensity  caused  by  unstei^  passing  wake 
has  been  detected  by  a  fixed  hot  wire 
anemometer  at  the  cascade  inlet.  The 


results  show  strong  effects  from  the 
unsteady  wake  on  the  suction  surface 
boundary  layer  transition  and  heat 
transfer.  The  strong  wake  also 
significantly  increases  the  pressure 
surface  heat  transfer  as  a  function  of  the 
wake  passing  frequency  (Strouhal  number) . 
This  oxifirms  the  observations  of  previous 
investigators.  However,  these  experiments 
also  provide  the  interesting  result  that 
wake  effects  on  surface  heat  transfer  are 
not  nearly  as  significant  when  film 
cooling  holes  are  present,  and  wake 
effects  and  film  cooling  effects  on  heat 
transfer  are  not  additive.  It  appears 
that  film  cooling,  euid  not  unsteexly  wakes, 
are  the  dominant  factor  in  early  boundeuiy 
layer  transition  and  heat  transfer 
augmentation.  The  results  also 
demonstrate  that  the  strong  unsteady  wa)ces 
greatly  reduce  the  film  cooling 
effectiveness  on  both  pressure  cuid  suction 
stir  faces  over  a  rimge  of  blowing  ratios. 

This  paper  represents  the  first  results  of 
an  ongoing  Unique  Turbine  Cooling  Studies 
project  sponsored  by  the  Naval  Air  Warfare 
Center,  Aircraft  Division,  Trentcxi  through 
General  Electric  Aircraft  Engines. 
Parametric  investigations  on  the  effect  of 
varying  wake  Strouhal  numbers  and 
mainstream  Reynolds  numbers  (xt  blade  film 
cooling  and  heat  transfer  are  undcun^ay. 

Numerous  opportunities  exist  for  future 
work  utilizing  this  unique  facility. 
Future  studies  could  consider  phenomena 
such  as  mainstream  turbulence  effects, 
different  blowing  ratios/Reynolds  number, 
or  conduct  parametric  evaluations  of 
various  cooling  configurations,  film  hole 
shapes,  etc. 
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Discussion 


QUESTION  1: 

DISCUSSOR:  P.  Harasgama,  ABB 

Do  you  intend  to  extend  this  work  to  engine  representative  conditions,  such  as  high  Mach 
number  and  Reynolds  number? 

AUTHOR'S  REPLY: 

While  certainly  desirable,  increasing  our  Mach  and  Reynolds  number  capabilities  at 
this  point  would  require  a  facility  modification.  Bear  in  mind  this  is  a  relatively  large 
wind  tunnel.  Generally  speaking  our  objective  for  future  work  is  to  incrementally 
modify  the  cascade  facility  in  order  to  approach  a  more  realistic  engine  environment. 
Modifications  currently  being  considered  include  provisions  for  freestream  turbulence, 
incorporation  of  additional  secondary  flows,  and  coolant  to  freestream  density  effects,  as 
well  as  enhanced  Mach/Reynolds  number  capability. 

QUESTION  2: 

DISCUSSOR;  N.  Hay,  University  of  Nottingham 

You  mention  various  shapes  and  geometries  of  holes.  Can  you  tell  us  what  shapes  and 
geometries? 

AUTHOR'S  REPLY: 

Most  of  the  holes  feature  a  compound  angle  discharge,  which  is  a  combination  of  angles  in 
the  radial  and  axial  directions.  The  specific  geometries  of  the  film  holes  are  company 
proprietary  in  some  cases.  So,  although  we  cannot  provide  detailed  specifications,  we 
should  be  able  to  share  the  available  data  from  the  tests,  if  such  information  would  be 
useful  to  you. 

QUESTION  3: 

DISCUSSOR:  R.E.  Mayle,  Rensselaer  Polytechnic  Institute 

There  are  some  recent  results  by  Abhari  and  Epstein  showing  that  the  large  pressure 
fluctuations  caused  by  the  wakes  from  the  upstream  airfoils  affect  the  flow  leaving  the 
cooling  holes.  Did  you  measure  any  pressure  fluctuations  and  did  you  see  any  effects  on 
the  coolant  flow  which  subsequently  would  change  the  film  cooling? 

AUTHOR'S  REPLY: 

At  this  point  we  did  not  measure  that.  The  only  pressure  measurements  we  were  able  to 
take  were  on  the  blade  that  did  not  have  film  holes  in  it.  That  would  certainly  be  an  area 
that  would  be  good  to  explore. 
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SUMMARY 


Measurements  have  been  made  of  instantaneous  heat- 
transfer  rates  to  a  flat-plate  surface  under  a  transitional 
boundary  layer.  The  thin-film  surface  instrumentation  used 
in  the  study  was  capable  of  time-resolving  the  effects  of 
changes  in  the  heat-transfer  rate  within  an  accuracy  of  lOps. 
The  tests  were  conducted  in  the  Oxford  University  6  inch 
Isentropic  Light-Piston  Tunnel  (ILPT)  under  simulated  gas- 
turbine  Reynolds  numbers,  Mach  numbers,  gas-to-wall 
temperature  ratios,  and  pressure  gradients. 

The  ability  to  observe  and  track  the  end  stage  of  the 
transition  process  (i.e.  turbulent  spots)  in  a  laminar 
boundary  layer  undergoing  transition  allowed  turbulent-spot 
convection  speeds  and  spreading  angles  to  be  estimated.  In 
these  tests,  the  important  fluid-dynamic  parameters  of  Mach 
number,  Reynolds  number,  and  streamwise  pressure  gradient 
were  varied  independently  over  a  wide  range  of  values 
characteristic  of  those  encountered  in  the  turbine 
environment. 

Using  quantitative  values  of  the  measured  turbulent-spot 
characteristics,  a  simple  time-marching  code  was  developed 
based  on  Emmons'  turbulent-spot  theory  to  estimate  the 
intermittency.  This  work  was  sponsored  by  the  United 
States  Air  Force  Office  of  Scientific  Research  under  grant 
numbers  89-0427  and  F49620-92-J-0079  with  Major  Daniel 
Fant  acting  as  technical  monitor. 


LIST  OF  SYMBOLS 

f,  turbulent-spot  leading-edge  convection  rate  (as  a 
fraction  of  the  fireestream  velocity) 
f  turbulent-spot  trailing-edge  convection  rate  (as  a 
fraction  of  the  fieestream  velocity) 
g  turbulent-spot  source-rate-density  function 

K  acceleration  parameter  (K=(vAJ_^)dU,,/dx] 

1  thin-film-gauge  length  in  cross-stream  direction  (mm) 

M_  freestream  Mach  number 

n  turbulent-spot  generation  rate  (s'*  m  ') 

P  freestream  static  pressure  (NAn^) 

P,  total  pressure  (N/m') 

q  heat  flux  (kWAn') 

Re,  freestream  unit  Reynolds  number  at  the  working- 
section  inlet  (m  ') 

s  distance  along  the  suction  surface  of  a  v-  bine  blade 
(m) 

T,  total  temperature  (K) 

T,  wall  temperature  (K) 


Tu  freestream  turbulence  intensity  [u'Al°o] 
tOT  amount  of  time  an  unsteady  heat-transfer  signal  is 
non-turbulent  (s) 

amount  of  time  an  unsteady  heat-transfer  signal  is 
turbulent  (s) 

U,,  turbulent-spot  leading-edge  velocity  (m/s) 

U„  turbulent-spot  mean  convection  velocity  (m/s) 

U„  turbulent-spot  trailing-edge  velocity  (m/s) 

U_  freestream  velocity  (m/s) 

U|„,  freestream  velocity  (m/s) 

w  thin-film  gauge  width  in  streamwise  direction  (mm) 
X  distance  from  the  leading  edge  of  the  flat  plate  (m) 

X,  distance  from  the  leading  edge  of  the  flat  plate  to  the 

point  of  transition  onset  (m) 

Xg  turbulent-spot  origin  (m) 

z  distance  of  gauge  centerline  from  the  centerline  of  the 
flat  plate  (mm) 

a  turbulent-spot  spreading  angle  (degrees) 

y  intermittency  (tyih-Hfn.)) 

V  kinematic  viscosity  (mVs) 

(T  Emmons  ’  non-dimensional  turbulent-spot  propagation 

parameter  [o  =  tan  a  '  -  f,  ')] 

INTRODUCTION 

Much  of  the  boundary  layer  on  the  suction  surface  of  a  gas- 
mrbine  blade  can  be  transitional.  Consequently,  knowledge 
of  the  location  and  extent  of  the  transition  zone  is  essential 
for  proper  cooling  design.  Without  such  information,  gross 
errors  can  be  made  in  estimating  the  total  heating-load  on 
the  blades. 

The  transition  process  associated  with  gas  turbines  is 
influenced  by  a  variety  of  mechanisms.  These  include 
freestream  turbulence,  pressure  gradient,  surface  curvature, 
compressibility,  and  the  periodic  passage  of  wakes  and 
shocks  from  upstream  nozzle-guide-vanes.  A 
comprehensive  review  of  the  above  effects  on  the  transition 
process  in  gas  turbines  is  given  by  Mayle  (Ref.  1). 
Previously  at  Oxford,  much  research  has  been  devoted  to 
the  study  of  transition  on  the  suction  surfaces  of  gas-turbine 
blades  in  a  two-dimensional  cascade.  In  1983,  Doorly  (Ref. 
2)  studied  the  effect  of  simulated  nozzle-guide-vaiM  wakes 
and  shocks  on  the  transition  region.  Following  his  woik, 
LaOraff  et  al.  (Ref.  3)  and  Ashwonh  et  al.  (Ref.  4)  studied 
the  combined  effects  of  freestream  turbulence  and  wake 
passage  on  transition. 

A  major  Ending  of  the  experiments  described  above  is  that 
the  transition  region  on  a  gas-turbine  blade  is  "multmtoded" 
(after  Mayle  [Ref.  1]).  This  means  that  at  any  given  tiine. 


transition  to  turbulence  on  the  suction  surface  of  a  blade  can 
arise  at  multiple  locations  for  different  reasons.  This 
process  is  illustrated  in  Figure  1,  which  is  a  typical  result  of 
the  work  of  LaGraff  et  al.  (Ref.  3).  Clearly,  the  boundary 
layer  is  undergoing  transition  caused  by  two  distinct 
phenomena.  First,  the  wake  impinging  on  the  blade  has 
brought  about  bypass  transition  to  turbulence.  This  tegion 
convects  downstream  in  the  form  of  a  "turbulent  strip”  (after 
Mayle  and  DuUenkopf  [Ref  5]).  Second,  between  the 
wake-induced  turbulent  strips,  a  region  of  "natural" 
transition  can  be  observed.  The  results  depicted  in  the 
figure  are  influenced  by  many  faaors.  Therefore,  a  more 
fundamental  experimental  program  has  been  undertaken  to 
study  the  eftiects  of  certain  parameters  in  isolation,  in  this 
study,  transition  experiments  were  performed  on  a  flat  plate 
instrumented  with  thin-film  heat-transfer  gauges.  Effects  of 
pressure  gradient  and  compressibility  have  been  determined 
separately  at  turbine-iepiesentative  Reynolds  numbers  and 
gas-to-wall  temperature  ratios. 


Figure  1  -  Typical  results  from  the  work  of  LaGraff 


et  al.  (Ref  3)  illustrating  "multimoded" 
transition. 

The  parameter  which  best  describes  the  state  of  the 
boundary  layer  during  the  transition  to  turbulence  is  the 
intermittency.  The  variation  of  interminency  through  the 
transition  zone  is  dictated  by  the  rate  and  distribution  of 
turbulent-spot  generation,  spot  conveaion  velocity,  and 
lateral  spreading.  As  a  result,  detailed  measurements  of 
turbulent-spot  parameters  could  lead  directly  to  a  model  for 
the  variation  of  intermittency  through  the  transitional 
boundary  layer.  In  this  study,  a  time-marching  code  was 
developed  after  that  of  Ashworth  and  LaGraff  (Ref  6), 
which  makes  use  of  the  Enunons  transition  model  (Ref  7) 
in  conjunction  with  the  concept  of  concentrated  breakdown 
as  put  forward  by  Narasimha  (Ref  8).  This  allowed  the 
authors  to  generate  computer-simulated  unsteady  heat- 
transfer  traces  for  comparison  with  time-resolved 
measurements.  It  also  enabled  the  authors  to  utilize 
preliminary  experimental  results  to  determine  the  optimal 
gauge  layout  for  accurate  extraction  of  the  nubulent-spot 
parameters  from  unsteady  heat-transfer  traces.  In  addition, 
it  is  hoped  that  this  simple  model,  in  conjunction  with  the 
detailed  measurements  of  turbulent-spot  characteristics  being 
maile  in  this  study,  will  yield  a  generalized  model  for  the 
variation  of  intermittency  through  the  transition  zone  on 
gas-turbine  blades.  Such  a  model  could  be  easily  "patched" 
into  time-marching  schemes  already  used  in  the  design 
process  for  the  prediction  of  laminar-  and  turbulent¬ 


boundary-layer  heat  transfer  to  gas-mrbine  blades.  The  only 
design  variable  unspecifted  would  be  the  starting  point  of 
transition. 

DESCRIPnON  OF  FACILITY  AND  EXPERIMENTAL 
TECHNIQUE 

The  experiments  were  conducted  in  a  short-duration  piston- 
driven  facility  known  as  an  Isentropic  Light-Piston  Tunnel 
(ILPT).  The  Oxford  University  6"  ILPT  is  shown 
schematically  in  Figure  2  and  is  described  completely  in 
Jones  et  al.  (Ref  9).  The  device  consists  of  a  high-pressure 
reservoir  which  can  be  vented  via  several  fast-acting  ball 
valves  into  a  relatively  low-pressure  mbe  fitted  with  a  light¬ 
weight  piston.  At  the  initiation  of  a  run,  the  stroke  of  the 
piston  begins  at  the  reservoir  end  of  the  tube.  The  piston  is 
propelled  towards  the  test  section  by  venting  the  high- 


Figure  2  -  Schematic  of  the  Isentropic  Light-Piston 


Tunnel. 

pressure  reservoir  into  the  region  behind  it.  As  the  piston 
travels  down  the  bore  of  the  tube,  the  gas  ahead  of  it  is 
compressed  (and  hence  its  temperature  is  increased)  since 
the  test  seaion  is  sealed  from  the  dump  tank  by  a  fast- 
acting  gate  valve.  The  compression  process  is  relatively 
slow  since  the  piston  velocity  is  much  less  than  the  local 
acoustic  speed.  Therefore,  if  heat  transfer  from  the  hot  test- 
gas  to  the  walls  of  the  tube  is  neglected,  the  compression 
can  be  assumed  to  be  isentropic.  When  the  desired 
operating  conditions  are  achieved,  the  gate  valve  is  opened 
and  the  hot  test-gas  washes  through  the  test  section. 

One  of  the  primary  advantages  of  this  type  of  facility  is  that 
the  freestream  Mach  number.  Reynolds  number,  and  gas-to- 
wall  temperature  ratio  can  be  controlled  independently. 
Also,  since  the  temperature  of  the  test  gas  can  be  elevated 
significantly  above  that  of  a  model  placed  in  the  woiking- 
section  region,  heat  transfer  will  occur  naturally  between  the 
flow  and  the  model  surface.  This  makes  it  possible  to  use 
thin-film  heat-transfer  gauges  to  monitor  the  surface  heat- 
flux.  A  full  description  of  this  technique  can  be  found  in 
Schultz  and  Jones  (Ref.  10).In  the  present  study,  a  flat -plate 
model,  densely  populated  with  platinum  thin-film  heat- 
transfer  gauges,  was  fitted  in  the  ILPT  test-section  as  shown 
schematically  in  Figure  3,  which  is  the  subsonic 
configuration.  The  dimensions  of  the  thin-fllm  gauges  are 
listed  in  Appendix  A.  For  the  supersonic  tests,  the  nozzle 
throat  was  placed  upstream  of  the  instrumented  section  of 
the  plate  and  just  downstream  of  the  leading  edge  to  avoid 
the  problems  associated  with  a  supersonic  leading-edge. 
The  freestream  pressure  gradients  tested  were  qualitatively 
consistent  with  those  encountered  on  a  typical  turbine-blade 
suction  surface  (see  Figure  4)  and  similar  in  severity  to 
those  seen  in  the  cascade  tests  of  LaGraff  et  al.  (Ref.  3). 
The  freestream  pressure  gradients,  which  are  depicted  in 
Figure  5,  were  effected  by  varying  the  contour  of  the  test- 
section  wall  opposite  the  flat  plate. 
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Figure  3  -  Schematic  of  the  ILPT  test  section  fitted  with 


an  instrumented  flat  plate. 


Figure  4  -  The  pressure  distribution  around  a  typical 


turbine  blade  (from  Ref.  1 1 ). 


Figure  5  -  Freestream  pressure  gradients. 


The  use  of  thin-film  gauges  for  the  measurement  of  steady 
and  unsteady  heat-transfer  rates  is  described  fully  by 
Schultz  and  Jones  in  Ref.  10.  The  thin-film  gauges  used  in 
this  study  were  operated  at  a  constant  current,  and  the 
signals  from  the  gauges  were  processed  through  electrical 
analogs  of  the  one-dimensional  unsteady  heat-conduction 
equation.  The  analogs  used  are  based  on  the  design  of 
Oldfield,  et  al.  (Ref.  12)  and  have  a  nominal  bandwidth  of 
O.l-lOOkHz.  High-speed  data-acquisition  channels  are 
available  to  monitor  16  thin-film  signals  simultaneously. 


Each  charmel  has  a  maximum  data-rate  of  IMHz  and  a 
storage  capacity  of  64Kb. 

This  study  was  conducted  using  a  model  made  of  Macor 
with  thin  films  produced  via  a  hand-painting-and-firing 
technique  (see  Schultz  and  Jones  [Ref.  10]).  The 
disadvantage  of  this  production  technique  is  that  it  is 
difficult  to  produce  very  small  and/or  complicated 
gauge/lead  patterns.  As  such,  a  new  gauge  production- 
technique  is  being  developed  whereby  the  gauge  and  lead 
patterns  are  photo-resistance  etched  on  a  thin  sheet  of 
polymer  which  has  a  layer,  of  v^r-deposited  metal  on  the 
surface.  The  technique  is  similar  to  that  utilized  in  the 
production  of  printed-circuit  boards.  The  polymer  sheet  can 
then  be  bonded  to  a  perspex  model,  and  wire  leads  can  be 
soldered  directly  to  the  model  surface.  Conqjlicated 
gauge/lead  patterns  are  relatively  simple  to  realize,  and 
gauges  have  been  produced  with  streamwise  extents  of 
2Spm  and  spanwise  extents  of  100pm  via  the  technique. 
Future  sradies  will  incorporate  results  from  this  type  of 
gauge  (see  Ref.  13). 


As  previously  mentioned,  the  variation  of  intermittency 
through  the  transition  zone  is  dictated  by  the  rates  of 
turbulent-spot  generation,  convection,  and  lateral  spreading. 
This  is  apparent  from  the  equation  of  Narasimha  (Ref.  8) 


Y(x)  =  1-c 


(x-x,)^  no 

IL 


(1) 


which  results  from  the  application  of  Emmons'  transition 
model  with  the  assumption  of  concentrated  breakdown  to  a 
flat  plate,  constant-pressure  flow.  In  Equation  1,  x,  is  the 
location  of  breakdown,  n  is  the  number  of  turbulent  spots 
formed  there  per  unit  time  and  spanwise  distance,  U_  is  the 
freestream  velocity,  and  x  is  a  location  on  the  surface 
further  downstream  than  x,.  a  is  Emmons'  non-dimensional 
spot  propagation  parameter,  which  takes  into  account  the 
convection  velocity  of  the  spots  and  their  rate  of  lateral 
spreading. 

A  more  general  relation  for  the  variation  of  intermittency 
through  the  transition  zone,  which  was  given  by  Ashworth 
and  LaGraff  (Ref  6),  is  seen  in  Equation  2.  In  the 


7(X)  =  1  -  ejip 


equation,  x„  is  the  turbulent-spot  origin  along  the  surface  of 
the  plate,  l.i_  is  the  freestream  velocity,  g(Xo)  is  the  source- 
rate-density  function  for  turbulent-spot  formation,  a  is  the 
spot  spreading  angle,  and  f,  and  f,  are  the  spot  leading-  and 
trailing-edge  convection  velocities  as  fractions  of  the 
freestream  celerity,  respectively.  In  effect,  it  is  this 
equation  which  is  embodied  in  the  time-marching  code. 
Thus  it  is  possible  to  make  allowances  for  non-constant 
freestream  velocity  and  spot  growth  parameters  in  the 
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model.  Also,  provision  has  been  made  for  the  incorporation 
of  a  more  general  souice-rate-density  function  than  the 
Dirac  delta  strictly  iit^lied  by  Narasimha’s  concept  of 
concentrated  breakdown.  The  source-rate  function  here  can 
be  assumed  to  vary  around  the  starting  point  of  transition  in 
a  Gaussian  sense.  In  this  study,  turbulent-spot  parameters 
are  deteimined  experimentally  and  then  input  to  the  time¬ 
marching  scheme.  Turbulent-spot  convection  and 
generation  rates  are  extraaed  from  unsteady  heat-transfer 
traces  with  the  aid  of  a  digital  intermittency-detector.  The 
lateral-spreading  rate  is  calculated  &om  estimates  of  the 
rate-of-change  of  thin-film-gauge  coverage  with  distance 
along  the  flat-plate  model  surface. 

Inteiminency  detectors,  either  analog  or  digital,  have  been 
utilized  for  a  number  of  years  in  the  analysis  of  hot-wire 
signals.  A  comprehensive  review  of  the  technique  was 
given  by  Hedley  and  Keffer  (Ref.  14).  In  essence,  a  raw 
signal  is  transformed  in  such  a  way  that  a  decision  for  or 
against  the  presence  of  turbulence  at  the  sensor  can  be 
rationally  made.  Typically,  the  signal  is  differentiated  and 
squared  to  emphasize  the  high-frequency  components.  The 
purpose  behind  the  signal  transformation  employed  by  an 
intermittency  detector  is  to  sigmficantly  reduce  the 
probability  of  making  an  incorrect  turbulentAion-mrbulent 
decision  over  that  which  would  occur  if  the  signal  level 
alone  were  used  as  an  indicator  of  turbulent  activity.  Full 
details  of  the  method  used  in  this  study  can  be  found  in 
Clark  et  al.  (Ref.  13). 

The  results  of  the  intermittency  detection  process  can  be 
used  to  determine  a  number  of  turbulent-spot  parameters. 
Firstly,  the  variation  of  inteiminency  through  the  transition 
zone  can  be  determined.  Secondly,  it  is  possible  to  use  the 
results  as  a  simple  turbulent-spot  counter,  thus  yielding  the 
turbulent-spot  generation  rate.  Finally,  the  intermittency  can 
be  separated  into  two  more  signals;  the  first  consisting  of 
the  leading-edge  passage  times  and  the  second  made  up  of 
the  trailing-edge  times.  The  leading-  and  trailing-edge 
signals  from  adjacent  gauges  can  then  be  cross-correlated  to 
determine  the  convection  rates  of  the  leading  and  trailing 
edges  of  the  turbulent  spots  in  the  streamwise  direction. 


Figure  6-  Turbulent-spot  spreading-angle  measurement. 


The  streamwise  distance  between  the  gauges 
is  11.95  mm. 

The  heat-transfer  rate  measured  by  a  thin-film  gauge  is  an 
average  of  the  heat-transfer  distribution  over  the  sensing 
area  of  the  gauge.  Consequently,  it  is  possible  to  make 
estimates  of  turbulent-spot  lateral  growth  from  the  rate-of- 
change  of  thin-film-gauge  coverage  with  distance  along  the 


model  surface.  Figure  6  is  an  illustration  of  this  process. 
It  can  be  seen  that  the  turbulent  sp>ot  l^led  A  in  the  figure 
brings  the  instantaneous  heat  flux  to  a  value  somewhere 
between  the  laminar  and  fully-turbulent  levels  as  indicated 
on  the  upper  trace  of  Figure  6.  This  is  because  only  a 
fraction  of  the  total  gauge  length  is  covered  by  the  spot. 
However,  as  the  spot  travels  downstream  it  is  continually 
growing  in  the  cross-stream  direction.  As  a  result,  the  spot 
covers  a  greater  percentage  of  the  trace  plotted  in  the 
bottom  half  of  the  figure.  Knowing  the  gauge  locations  on 
the  plate,  it  is  possible  to  deteimine  the  position  of  the 
lateral  edge  of  the  turbulent  spot  over  each  gauge.  The 
turbulent-spiot  spreading  angle  can  then  be  deteimined  from 
sinqtle  geometry. 


EXPERIMENTAL  RESULTS 


Figure  7  is  a  set  of  unsteady  heat-transfer  traces  taken  at 
Mach  0.55  in  constant-pressure  flow.  The  traces  seen  in  the 
figure  are  typical  of  those  recorded  during  a  single  run. 
Clearly,  turbulent  spots  can  be  seen  to  propagate  along  the 
model  surface  in  the  streamwise  direction.  In  any  given 
run.  as  many  as  16  heat-transfer  traces  like  those  seen  in  the 
figure  are  recorded.  This  data  is  then  analyzed  as  described 
in  the  previous  section. 


Figure  7-  Unsteady  heat-transfer  traces  (M_=0.55,  zero 


pressure  gradient,  Re„=7.5xl0‘‘,  Tyr,=1.4. 
Tu=0.1%). 

Figure  8  is  a  plot  of  turbulent-spot  trajectories  resulting 
from  the  ^rplication  of  the  procedure  described  above  to  the 
unsteady  heat-transfer  traces  of  Figure  7.  The  conditions  of 
the  run  are  zero  pressure  gradient,  a  gas-to-wall  temperature 


ratio  of  1 .4,  and  a  freesticam  Mach  number  of  O.SS.  Three 
trajectories  are  shown,  and  the  values  of  percentage 
freestieam  velocity  associated  with  each  line  ate  indicated. 
The  "mean"  trajectory  was  determined  from  cross- 
correlating  the  taw  signals  as  described  in  Clark  et  al.  (Ref. 
IS).  Figure  9  is  a  plot  of  the  spot  trajectories  for  the  same 
conditions  as  those  above  except  that  the  freestieam  Mach 
number  is  1.86.  Interestingly,  the  leading-edge,  traiUng- 
edge,  and  ’mean’  convection  rates  are  nearly  the  same 
fraction  of  the  freestieam  velocity  for  the  Mach  0.55  and 
1 .86  cases.  Also,  the  results  agree  very  well  with  those  of 
Schubauer  and  Klebanoff  (Ref.  16)  for  artificially-generated 
turbulent-spot  leading-  and  trailing-edge  convection 
velocities  at  incompressible  conditions.  It  should  be  noted 
that  this  marks  the  first  time  that  these  parameters  have 
been  determined  in  "natural"  transition  at  subsonic 
compressible  and  supersonic  Mach  numbers. 
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Figure  8  -  Turbulent-spot  leading-edge,  trailing-edge,  and 
"mean"  trajectories  for  M,=0.55,  zero  pressure 
gradient,  Re„=7.5xl0*/m,  T/r,=1.4,  and 

Tu=0.1%. 
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Figure  9  -  Turbulent-spot  leading-edge,  trailing-edge,  and 
"mean"  trajectories  for  M_=1.86,  zero  pressure 
gradient,  Re,=23.6xl0‘/m,  T,/T,=1.4,  and 
Tu=0.1% 


There  are  some  differences  between  the  spot  trajectories 
measured  in  zero  and  non-zero  pressure  gradients.  Figure 
10  is  a  set  of  turbulent-spot  trajectories  for  the  mild- 
favorable  pressure  gradient  case  depicted  in  Figure  5,  and 
Figure  1 1  is  a  plot  of  the  variation  of  leading-edge,  trailing- 
edge,  and  "mean"  convection  velocities  with  distance  along 
the  model  surface  for  the  same  case.  For  comparison,  the 


variation  of  freestieam  velocity  with  distance  is  also 
illustrated.  It  is  evident  that,  over  the  region  of  constant 
stieamwise  pressure  gradient  indicated  in  the  figure,  the 
leading-edge  velocity  is  a  roughly  constant  fraction  of  the 
freestieam  velocity,  while  the  trailing-edge  and  "mean" 
convection  rates  are  not  Wygnanski  (Ref.  17)  found  that 
neither  the  leading-  nor  the  trailing-edge  velocity  scales 
directly  with  that  of  the  freestieam  in  a  favorable  pressure 
gradient.  In  addition,  he  concluded  that  a  turbulent  spot 
which  is  formed  in  a  zero  pressure  gradient  has  "memory" 
of  its  conditions  at  formation  and  is  unaffected  by 
subsequent  increases  in  freestieam  velocity.  No  evidence  of 
the  latter  effect  is  manifest  in  the  results  of  this  experiment. 
This  perhaps  points  to  the  dangers  of  relying  on  turbulent- 
spot  information  extracted  from  experiments  performed  with 
artificially-generated  spots  in  otherwise  laminar  boundary 
layers  for  the  design  of  gas  turbines. 
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Figure  10-  Turbulent-spot  leading-edge,  trailing-edge,  and 
"mean"  trajectories  for  the  Mild-Favorable 
Pressure  Gradient.  Re„=8xl0‘,  Tu=0.1% 

(0.3SM,.S0.9  over  the  range  indicated  by  the 
plot). 


Figure  11-  Turbulent-spot  leading-edge,  trailing-edge,  and 
"mean"  velocities  compared  with  freestieam 
velocity  for  the  Mild-Favorable  Pressure 
gradient,  Re„=8.9xl0‘,  Tu=0.1%  (0.3SM.S0.9 
over  the  range  indicated  by  the  plot). 


This  is  further  emphasized  in  Figure  12,  which  is  a  plot  of 
the  ratio  of  spot  velocities  to  the  freestieam  celerity  versus 
distance  along  the  flat-plate-model  surface.  The  plot 
focuses  on  the  region  of  constant  ptessure  gradient  (as  seen 
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in  Figure  11).  The  variation  of  the  acceleration  parameter, 
K,  over  the  same  distance  is  indicated  in  Figure  13.  It  is 
clear  that  the  velocity  of  the  trailing-edge  is  much  closer  to 
that  of  the  leading-edge  at  higher  values  of  K.  Also,  as  K 
decreases,  the  trailing-edge  velocity  of  the  spot  begins  to 
approach  the  value  it  nonnally  takes  under  zero  pressure 
gradient.  Moreover,  it  would  seem  that  at  larger  values  of 
K  the  turbulent-spot  grows  more  slowly  in  the  streamwise 
direaion  than  it  nonnally  would  under  a  zero  pressure 
gradient. 
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Figure  12-  Turbulent-spot  leading-edge,  trailing-edge,  and 
"mean"  velocities  normalized  by  freestieam 
velocity  for  the  Mild-Favorable  Pressure 
gradient,  Re„=8.9zl0‘,  Tu=0.1%. 
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Figure  13-  Variation  of  acceleration  parameter  with 
distance  along  the  flat-plate-model  surface  for 
the  constant  dP/dx  region  of  the  working 
section. 

Some  preliminary  results  of  turbulent-spot  spreading  angle 
under  various  conditions  ate  presented  in  Table  1 .  It  can  be 
seen  that,  as  expected,  the  lateral  growth  of  turbulent  spots 
is  greatly  inhibited  by  a  favorable  pressure  gradient  and 
augmented  by  an  adverse  one.  This  is  in  general  agreement 
with  estimates  of  the  effect  of  pressure  gradient  from 
artificial-spot  studies,  and  it  supports  the  conclusion  of  Gad- 
el-Hak  et  al.  (Ref.  18)  that  spots  spread  laterally  by  the 
local  destabilization  of  the  laminar  Ixrundary  layer  at  their 
edges.  Also,  the  value  of  7.6°  given  for  the  spreading  angle 
at  zero  pressure  gradient  and  Mach  O.SS  is  significantly 
lower  than  that  generally  accepted  at  iiKomptessible  Mach 
numbers  (10-11°).  This  supports  the  theoretical  prediction 
of  Doorly  and  Smith  (Ref.  19)  that  the  spreading  angle  of 


a  turbulent  spot  decreases  monotonically  as  freestieam 
Mach  number  increases. 


Pressure  Gradient 

Spreading  Angle 

Zero,  M_=0.5S 

7.6° 

Mild  favorable 

O 

00 

Strong  Favorable 

1.2° 

Mild  Adverse 

1S.0° 

Table  1  -  Estimates  of  turbulent-spot  spreading  angles 
under  various  conditions. 


Figure  14  is  a  plot  of  the  variation  of  intermittency  with 
distance  along  the  flat-plate  model  surface  for  various 
pressure  gradients.  All  three  curves  represent  data  gathered 
at  an  inlet  unit  Reynolds  number  of  6x10°  per  meter  and  a 
gas-to-wall  temperature  ratio  of  1.4.  It  can  be  seen  that  an 
adverse  pressure  gradient  leads  to  a  decrease  in  the  length 
of  the  transition  zone  as  compared  to  the  zero  pressure 
gradient  case,  while  the  opposite  is  true  of  a  favorable 
pressure  gradient.  Indeed,  in  the  case  of  the  favorable 
pressure  gradient,  the  intermittency  changes  only  slightly 
over  the  measurement  interval  represented  in  the  figure. 
These  results  are  also  in  agreement  with  those  presented  in 
Table  1. 
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Figure  14-  Intermittency  distributions  for  three  freestream- 
pressure-gradient  conditions. 


MODELLING  RESULTS 

At  present,  the  time-marching  code  has  been  used  primarily 
for  the  validation  of  the  analysis  techniques  developed  in 
the  smdy.  The  following  two  figures  are  an  example  of  this 
procedure.  Figure  IS  is  a  plot  of  unsteady  heat-transfer 
traces  which  resulted  from  the  application  of  the  time¬ 
marching  intermittency  model  at  Mach  0.S5  in  a  zero 
pressure  gradient.  The  leading-  and  trailing-edge 
propagation  rates  of  the  turbulent  spots  input  to  the  model 
were  the  same  values  determined  experimentally  under  these 
conditions  (see  Figure  8).  Figure  16  is  a  plot  of  the  leading- 
and  trailing-edge  trajectories  calculated  for  the  traces  of 
Figure  IS.  For  comparison,  the  input  values  are  indicated 
on  the  plot  as  well.  It  is  clear  that  the  results  conesptmd 
well  with  the  known  input  values,  especially  in  the  case  of 
the  trailing-edge  trajectory.  The  leading-odge  convection 
rate  is  only  7%  different  from  the  known  input.  This  slight 
discrepancy  is  not  due  to  a  lack  of  setuitivity  in  dte  analysis 
technique,  however.  Itutead,  it  is  a  result  of  the  gauge 


length  input  to  the  time-marching  scheme  and  the  effect  this 
subsequently  has  on  the  character  of  the  unsteady  heat- 
transfer  signals. 


Figure  15-  Unsteady  heat-transfer  traces  which  resulted 
from  the  application  of  the  time-marching 
model  at  M_=0.55.  zero  pressure  gradient. 
To/rw=1.4,  and  Re„=6xl07m  (gauge  length  = 
2.5mm). 


Figure  16-  Tuibulem-spot  trajectories  calculated  for  the 


traces  of  Figure  15  (l=2.5mm). 

Figure  17  is  a  plot  of  similar  results  to  those  in  Figure  16. 
The  only  difference  in  the  inputs  to  the  time-marching 
scheme  between  the  two  cases  is  the  length  of  the  thin-film 
gauges.  Also,  all  inputs  to  the  data  analysis  algorithm  ate 
identical  to  those  used  to  generate  the  data  plotted  in  Figure 
16.  Qearly,  more  accurate  results  of  spot  leading-edge 
convection  rates  are  obtained  when  thin-film  gauges  which 


have  smaller  lengths  in  the  cross-stream  direction  are  used. 
This  is  one  example  of  the  usefulness  of  the  time-marching 
code  for  the  optimization  of  thin-film  sensor  arrays.  At  this 
point,  it  is  worth  noting  that  the  results  for  turbulent-spot 
leading-edge  velocity  plotted  in  Figures  8  and  9  arc  roughly 
7%  different  from  the  accepted  low-speed  value  of  0.88U_, 
and  that  the  average  length  of  the  thin  films  used  in  this 
smdy  is  roughly  3mm. 


Figure  17-  Turbulent-spot  trajectories  calculated  at  the 


same  conditions  as  Figure  16,  except  that 
1=1. 0mm. 


CONCLUSIONS 


Turbulent  spots  have  been  tracked  in  a  boundary  layer 
undergoing  namral  transition  at  gas-turbine-representative 
conditions.  The  separate  effects  of  pressure  gradient  and 
compressibility  on  the  growth  characteristics  of  turbulent 
spots  have  been  assessed.  For  the  first  time,  turbulent-spot 
leading-  and  trailing-edge  convection  velocities  have  been 
extracted  from  natural  transition  data  at  compressible 
conditions.  It  was  observed  that  in  a  zero  pressure  gradient, 
the  spot  leading  and  trailing  edges  propagated  at  essentially 
the  same  fraction  of  the  freestream  velocity  observed  by 
other  researchers  at  incompressible  conditions.  Favorable 
pressure  gradients  were  found  to  have  little  effect  on  the 
convection  rate  of  the  spot  leading  edges,  which  was  found 
to  be  roughly  the  same  fraction  of  freestream  velocity  seen 
in  zero  pressure  gradient.  By  contrast,  it  was  observed  that 
the  velocity  of  mrbulent-spot  trailing-edge  propagation  does 
not  scale  directly  with  that  of  the  freestream. 

It  is  also  possible  to  make  estimates  of  the  growth  rates  of 
turbulent  spots  from  the  results  of  these  experiments. 
Preliminary  results  of  turbulent-spot  spreading  angles 
presented  in  this  paper  indicate  that  the  lateral  growth  of 
turbulent  spots  is  greatly  affected  by  mainstream  pressure 
gradients.  In  addition,  it  was  also  shown  that  the 
streamwise  growth  of  turbulent  spots  can  be  affected  by  a 
favorable  pressure  gradient.  At  large  values  of  the 
acceleration  parameter,  K,  the  trailing-edges  of  turbulent 
spots  appear  to  propagate  as  much  as  40%  faster  than  under 
zero-ptessute-gradient  conditions,  implying  a  significant 
reduction  of  spot  growth  in  the  streamwise  direction. 
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APPENDIX  A  -  Thin-film  gauge  dimensions. 


TFG# 

s 

(mm) 

z 

(mm) 

1 

(mm) 

w 

(mm) 

1 

1.73 

0.105 

2.81 

0.48 

2 

8.63 

0.340 

2.82 

0.49 

3 

12.04 

0.350 

3.10 

0.42 

4 

15.01 

0.485 

3.07 

0.57 

5 

18.19 

1.075 

3.57 

0.61 

6 

19.81 

1.005 

4.03 

0.44 

7 

21.96 

3.250 

2.46 

0.41 

8 

24.11 

0.630 

3.50 

0.48 

9 

26.36 

-2.295 

2.29 

0.49 

10 

27.90 

0.470 

4.00 

0.45 

11 

30.02 

3.315 

3.11 

0.46 

12 

32.07 

0.535 

3.17 

0.55 

13 

34.02 

-2.400 

3.02 

OSS  I 
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TFG# 

X 

(nun) 

z 

(nun) 

1 

(mm) 

w 

(nun) 

14 

36.06 

0.340 

3.38 

0.46 

15 

38.02 

2.485 

3.23 

0.58 

16 

39.93 

0.475 

3.59 

0.41 

17 

42.34 

-2.640 

3.42 

0.42 

18 

44.18 

0.190 

3.02 

mm 

19 

46.15 

1.730 

3.46 

0.52 

20 

48.00 

0.845 

3.11 

0.46 

21 

49.96 

-1.740 

2.90 

0.45 

22 

52.18 

0.150 

2.94 

0.46 

23 

54.04 

2.790 

2.10 

0.43 

24 

56.04 

0.480 

3.28 

0.45 

25 

58.00 

-2.165 

2.91 

■Si 

26 

60.00 

0.310 

3.12 

0.49 

27 

62.16 

3.110 

3.22 

0.46 

28 

63.95 

0.100 

2.84 

0.42 

29 

66.34 

-2.495 

2.57 

0.48 

30 

68.25 

0.200 

2.72 

0.48 

31 

70.00 

2.975 

2.51 

0.35 

32 

72.46 

0.020 

3.80 

33 

74.37 

-2.540 

2.58 

34 

76.28 

0.520 

3,42 

0.52 

35 

79.84 

0.350 

3.36 

mm 

36 

85.17 

0.290 

3.60 

0.50 

37 

90.17 

0.290 

3.20 

0.52 

38 

95.15 

0.130 

3.24 

0.46 

39 

100.00 

0.020 

3.46 

0.52 

7-10 


Discussion 


QUESTION  1; 

DISCUSSOR;  H.B.  Weyer,  ABB 

How  did  you  define  leading  and  trailing  edges  of  the  spots  and  did  you  use  a  cross- 
correlation  of  the  data  to  analyze  downstream  movement  of  the  spots? 

AUTHOR'S  REPLY: 

If  a  cross-correlation  analysis  is  applied  to  unsteady  heat-flux  traces  from  two  locations 
on  the  flat-plate  surface,  a  peak  in  the  cross-correlation  coefficient  is  obtained  at  some 
time  lag,  At.  In  this  study  the  At  corresponding  to  the  peak  is  said  to  be  the  "average"  time 
it  takes  a  turbulent  spot  to  convect  from  one  thin-film  gauge  to  the  next.  Performing  such 
an  analysis  from  gauge  to  gauge  along  the  model  surface  allows  one  to  construct  a 
"mean"  turbulent  spot  trajectory  through  the  transition  zone.  Differentiating  such  a 
trajectory  with  respect  to  time  yields  the  "mean”  convection  rate  of  the  turbulent  spots. 

It  is  desirable  to  determine  the  convection  rates  of  the  spot  leading  and  trailing 
edges  as  well  as  the  "mean"  celerity  of  the  spots.  In  this  study,  turbulent  spot  leading-  and 
trailing-edge  velocities  are  extracted  from  unsteady  heat-flux  traces  with  the  aid  of  a 
digital  intermittency  detector. 

Intermittency  detectors,  whether  analog  or  digital,  have  been  used  for  a  number  of 
years  in  the  analysis  of  hot-wire  signals.  A  comprehensive  review  of  the  technique  was 
given  by  Hedley  and  Keffer  (Ref  1).  An  intermittency  detector  is  in  essence  a  signal 
processor  which  is  used  to  significantly  reduce  the  probability  of  making  an  incorrect 
turbulent/non-turbulent  decision  over  that  which  would  occur  if ,  for  example,  the  signal 
level  alone  were  used  as  an  indicator  of  turbulent  activity  at  the  sensor. 

The  process  by  which  turbulent/non-turbulent  decisions  are  made  in  this  study  is 
illustrated  in  Figure  1.  The  top-trace  in  Figure  1  is  the  raw  heat-flux  signal  q(t).  The 
second  trace  from  the  top  is  ,  after  Hedley  and  Keffer,  the  detector  function  which  is 
defined  as 


Di  =  m 


where  m  is  the  signal  magnitude,  given  by 


(1) 


di  ■  dm  in 
m  =  - 

dmax  ■  dm  in 


(2) 


The  first  derivative  of  the  instantaneous  heat  flux  is  found  by  the  central  difference 
equation 


di-t-1  -*■  di-1 
2h 


(3) 


where  h  is  the  sampling  period.  The  third  trace  from  the  top  is  the  criterion  function.  It  is 
an  essentially-weighted  centered-moving-average  of  the  detector  function,  and  can  be 
represented  by 


Ci  = 


h2 


1  +  (ts/h) 


j=i+(T8/2h) 

I 

j=i-(is/2h) 


WjDj 


where  wj  is  the  weighting  factor,  defined  by 

.  _  -  {[0.626/(Ts/h)]  I  J-i  I  } 


(4) 


(5) 


Intermittency  Criterion  Function  Detector  Function  Voltage 


Time  (ms) 


Time  (ms) 


Figure  I  The  intermittency  detection  process. 


Crosscorreiation  Coefficient 


and  Ts  is  the  smoothing  period.  The  smoothing  period  was  in  this  case  chosen  to  be  10  p.s. 
This  ensured  that  the  smallest  detectable  turbulent  spots  were  included  in  the  analysis. 
The  intermittency  signal,  which  is  obtained  by  setting  an  appropriate  threshold  for  the 
criterion  function. 

Once  the  intermittency  signal  has  been  calculated  for  more  than  one  heat-flux 
trace  on  the  model  surface  it  is  then  a  straightforward  procedure  to  find  the  convection 
times  of  the  spot  leading-  and  trailing-edges.  The  intermittency  signal  shown  in  Figure 
1  can  readily  be  separated  into  two  more  signals.  The  first  signal  would  be  composed  of 
the  locations  in  time  of  the  spot  leading  edges  over  the  thin-film  gauge,  while  the  second 
would  contain  the  same  for  the  trailing  edges.  A  cross-correlation  of  the  leading  edge 
signals  from  two  gauges  along  the  model  surface  yields  the  convection  time  of  the  spot 
leading  edges  from  one  gauge  to  the  next.  The  results  of  such  a  cross-correlation  an  alysis 
performed  on  the  leading-  and  trailing-edge  signals  from  two  gauges  are  shown  in 
Figure  2.  Again,  performing  such  an  analysis  from  gauge  to  gauge  along  the  model 
surface  yields  the  the  trajectories  of  the  spot  leading  and  trailing  edges  through  the 
transition  zone. 


Time  Lag  (microseconds) 

Figure  2  Results  of  a  cross-correlation  analysis  applied  to  leading-  and 
trailing-edge  signals  from  two  locations  along  the  flat-plate  surface. 


Reference 

1.  Medley,  T.B.  and  Keflfer,  J.F.,  "Turbulent/Non-turbulent  Decisions  in  an 
Intermittent  Flow, "  Journal  of  Fluid  Mechanics,  Vol.  64,  1974,  pp.  645-678. 

List  of  Symbols 

C  :  criterion  function 

D  :  detector  function 

h  ;  sampling  period 
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ij  :  symbols  used  to  indicate  the  value  of  a  function  at  a  certain  time 
m  :  signal  magnitude 

q  :  unsteady  heat-flux 

Qmax  ■  maximum  heat-flux  measured  at  a  given  sensor  location 

Qmin  :  minimum  heat-flux  measured  at  a  given  sensor  location 

t  :  time 

W  :  weighting  factor 

Is  :  smoothing  period 

QUESTION  2: 

DISCUSSOR:  B.  Launder,  UMIST 

Your  data  show  a  substantial  dqiendence  of  the  downstream  growth  of  intennittency 
on  the  pievafling  pressure  gradient.  Would  you  care  to  conunott  on  the  in^licadons  of  your 
results  for  Prof.  Mayle’s  strategy?  As  I  understood  his  model,  it  did  not  include  pressure 
gradient  influences  once  the  transition  had  been  initiated. 

AUTHOR’S  REPLY: 

Figure  14  of  our  ps^  does  indeed  show  a  strong  dqiendence  of  transition  length  on 
the  mainstream  pressure  gradieoL  This  is  a  manifestation  of  other  results  presented  in  dte 
paper  that  indicate  the  spanwise  and  streamwise  growth  rates  of  individual  turbulent  spots  are- 
dependent  on  the  prevailmg  pressure  gradi^L  It  has  been  shown  here  that  the  trailing  edge 
of  a  turbulent  spot  propagates  at  a  rate  much  closer  to  that  of  the  leading  edge  of  the  ^t 
at  high  positive  values  of  the  acceleration  parameter,  K.  This  makes  s«ise  intuitively  when 
one  keqjs  in  mind  that  a  boundary  layer  relaminarizes  at  sufEdendy  high  values  of  the 
accderadon  parameter  and  has  particular  relevance  to  Prof.  Mayle’s  model  for  wake- 
disturbed  transition. 

The  phydcal  assumption  bdiind  Prof.  Mayle’s  model  is  that  an  impinging  wake 
causes  the  production  of  a  series  of  turbulent  spots  which  quickly  coalesce  into  a  "turbulent 
strip."  This  "turbulent  strip”  then  propagates  downstream  in  a  manner  equivalent  to  that  of 
an  individual  turbulent  ^t.  His  theory,  as  embodied  by  equation  8  of  his  p^>er,  assumes 
that  the  non-<limensioDal  spot-propagation  parameter,  a,  is  constant  along  a  gas-turbine-blade 
suction  surfoce  and  equal  to  the  value  it  takes  under  low  speed,  zero  pressure  gradient 
conditions.  Since  cr  is  a  function  of  the  rales  of  spot  propagation  in  the  spanwue  and 
streamwise  directions,  it  follows  from  my  results  that  o-  should  be  neither  constant  nor  equal 
to  its  low  speed,  zero  pressure  gradient  value  on  a  gas-turbine  blade.  Moreover,  equation 
8  of  Prof,  gyle’s  paper  should  be  strictly  valid  only  if  U.  is  constant 

There  is  some  evidence  that  the  tiailing-edge  convection  velocity  of  a  wake-induced 
turbulent  strip  approaches  that  of  its  leading-edge  on  a  gas-turbine  blade  ficom  the 
rrperiments  of  LaGaff  et  al.  (1989),  Hodson  (1984),  and  Orth  (1992).  Prof.  Mayle’s 
modd,  vtitich  seems  to  be  a  good  first  approximation  for  describing  wake-distoibed 
transition,  would  need  some  modification  to  account  for  tiie  effect  of  pressuie  gradient  on 
propagation  to  achieve  maximum  utility  for  the  gas-turbine  blade  designer.  If  such 
modifications  are  made  m  Prof.  Mayle’s  modd,  it  is  doubtful  that  such  a  simple  rdation  as 
his  equation  8  would  be  derivable.  Possibly  an  int^ral  relation,  or  indeed  a  simple  time- 
marc^g  model  like  that  under  devdopment  at  Oxford  would  be  mote  appropriate. 
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DISCUSSOR:  R.E.  Mayle,  Rensselaer  Polytechnic  Institute 

I  would  like  to  make  a  point  of  clarification  regarding  Professor  Launder  s  question. 
The  model  that  I  propose  does  take  into  account  the  effects  of  pressure  gradient  or 
acceleration  on  both  growth  and  propagation  rates.  The  model  is  based  on  the  Chen- 
Thyson  thinking  which  assumes  that  the  spot  propagation  rates  are  directly  proportional 
to  the  local  free-stream  velocity.  An  implication  of  this  model  is  also  that  the  spots  grow 
inversely  proportional  to  the  local  velocity.  That  is,  as  the  flow  accelerates  the  spots  grow 
less.  Granted,  the  model  is  simple,  and  probably  a  first  cut  as  to  what  is  happening,  but  so 
far  it  seems  to  work. 

AUTHOR: 

Yes,  I  agree  that  it  is  a  very  useful  first  cut  and  because  it  does  correspond  so  well  to  the 
experimental  data  perhaps  the  refinement  I  have  presented  really  isn’t  necessary;  it  may 
be  purely  academic. 

R.E.  Mayle: 

I  wouldn't  say  that  it’s  not  necessary.  Your  measurements,  besides  those  made  earlier  by 
Narasimha,  are  the  only  data  available  on  spot  propagation  and  growth  in  accelerating 
flows.  I  think  this  kind  of  information  is  necessary  if  we  are  ever  going  to  understand 
the  transition  process. 
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SUMMARY 

The  accurate  prediction  of  turbine  heat  transfer  remains  beyond 
our  current  capabilities.  To  investigate  this  condition,  non 
conventional  turbulence  generation  techniques  have  been 
employed  to  explore  the  impact  of  high  turbulence  or 
unsteadiness  on  heat  transfer.  The  heat  transfer  from  a  2D 
planar  wall  jet  will  be  compared  with  an  axi-symmetric  wall  jet 
with  twice  the  turbulence  scale  and  more  turbulent  kinetic 
energy  -  with  an  increased  heat  transfer  shown  by  the  planar 
configuration.  The  resulting  comparisons  of  wall  jet 
augmented  heat  transfer  to  engine  turbine  blade  heat  transfer  is 
quite  favorable. 

LIST  OF  SYMBOLS 

A  constant 

Cp  specific  heat  at  constant  pressure,  W-s/kg-°C 

h  heat  transfer  coefficient,  W/m*-°C 

h'  nozzle  height,  cm 

I  nozzle  length,  cm 

Pr  Prandtl  number  =  ^^/k 

R„-  Reynolds  number  =  pUx/u,  pU0//4 

S,  Stanton  number  =  h/(UpCp) 

S, „  Stanton  number  for  fully  turbulent  flat  plate 

T,  X  component  of  turbulence  intensity  =  u  7  U 
U  local  X  mean  veIrKity,  m/s 

U  ^  maximum  mean  x  velocity,  m/s 
u'  rms  fluctuating  component  of  x  velocity,  m/s 
u*  non  dimensional  velocity  defined  by  equation  1 

V  local  y  mean  velocity,  m/s 

v'  rms  fluctuating  component  of  y  velocity,  m/s 
W  l(x:al  w  mean  veIrKity,  m/s 


w'  rms  fluctuating  component  of  w  velocity,  m/s 
w  span  location  from  jet  centerline,  cm 

X  distance  from  wall  jet  nozzle  exit,  cm 

Y  y  distance  from  wall  to  U„„,  cm 
y  y  distance  from  wall,  cm 

y'  non  dimensional  distance  from  wall,  equation  1 

5  boundary  layer  thickness,  cm 

A  integral  scale  of  turbulence,  cm 

6  momentum  thickness,  cm 
I.  INTRODUCTION 

The  near  wall  turbulence  level  for  a  fully  turbulent  flat  plate 
boundary  layer  is  typically  10-12%  in  the  flow  direction  after 
the  boundary  layer  has  developed  some  age.  This  maximum 
occurs  in  buffer  or  transition  region  between  the  linear  and  the 
log  law  of  the  wall  regions  of  the  boundary  layer.  The 
turbulence  then  falls  off  to  the  free  stream  value.  Film  crxtiing 
flows  exhibit  similar  characteristics  with  a  maximum  of  15- 
20%  occurring  farther  away  from  the  wall  (Rivir  et  al.  1987) 
in  the  profile,  as  the  blowing  ratio  increases,  and  then  decays 
to  the  free  stream  value.  Until  very  recently  heat  transfer  and 
film  cooling  data  for  turbine  designs  were  obtained  with  very 
low  values  of  free  stream  turbulence  (0.5-2%).  The  entering 
free  stream  turbulence  level  for  a  turbine  rotor,  although  not 
comprehensively  documented  under  engine  conditions,  has  been 
measured  by  Binder  et  al.  (1985)  for  cold  flow  due  to  the  stator 
wakes.  The  level  of  turbulence  was  shown  to  approach  20% 
on  the  pressure  surface  and  10%  on  the  suction  surface.  The 
issue  to  be  addressed  is  what  happens  to  the  heat  transfer  when 
there  is  a  10-20%  unsteadiness  level  in  the  free  stream  which 
then  interacts  with  the  naturally  occurring  wall  or  film  cooling 
generated  levels  of  10-20%. 

Under  estimating  the  turbine  blade  surface  temperature  by  10% 
can  result  in  a  significant  loss  in  lifetime  for  that  component. 
This  kind  of  accuracy  in  heat  transfer  can  only  be  approached 
for  very  simple,  well  behaved,  2D  boundary  layeis.  Current 
heat  transfer  data  bases  for  turbine  blades  and  vanes  are 


obtained  from  experiments  which  include  flat  plates,  linear 
cascades,  large  scale  rotating  cascades,  light  piston  tubes,  blow 
down  tunnels,  shock  tubes,  and  engines.  The  fully  turbulent 
flat  plate  boundary  layer  can  be  accurately  (with  in  a  few  %) 
predicted  by  the  empirical  relationship  of  Kays  and  Crawford 
(1980),  or  2D  boundary  layer  codes  such  as  STANS  or  Texstan, 
which  have  evolved  from  the  Patankar  Spaulding  formulation. 
These  codes  typically  invoke  mixing  length,  xe,  or  other  forms 
of  turbulence  models.  When  the  free  stream  turbulence  levels 
were  increased  to  4-6%  by  the  use  of  up  stream  grids, 
systematic  increases  up  to  10%  above  the  predicted  fully 
turbulent  values  of  heat  transfer  were  observed  by  Blair  (1981). 
The  addition  of  pressure  gradient  or  acceleration  combined  with 
the  4-6%  turbulence  resulted  in  a  further  underestimate  in  the 
prediction  of  the  heat  transfer  of  2D  boundary  layer  codes,  such 
as  STANS,  by  30%  (MacArthur  1985),  as  illustrated  in  Figure 
1 .  Transition  length  from  laminar  to  turbulent  heat  transfer  is 
also  slightly  under  predicted  in  length  with  Reynolds  number 
by  these  2D  codes,  again  as  illustrated  in  Figure  1. 

In  linear  cascades,  heat  transfer  measurements  predicted  with 
similar  2D  codes  show  that  transition  and  transition  length  are 
poorly  predicted  on  both  suction  and  pressure  surfaces.  In 
.addition  the  absolute  level  of  heat  transfer  on  the  pressure 
surface  was  under  estimated  by  50%.  Figure  2  from  Wittig  et 
al.  (1985)  has  been  annotated  to  indicate  the  typical 
discrepancies  with  calculated  values  of  heat  transfer  for  the 
linear  cascades.  This  is  a  combustion  driven  tunnel  which 
uses  grid  generated  turbulence  to  simulate  wakes  of  the  up 
stream  stator.  These  calculations  use  a  low  Reynolds  number 
ice  turbulence  model  which  is  known  to  over  predict  heat 
transfer  for  some  cases.  Consigny  and  Richards  (1982)  tend 
to  show  the  resulting  VKJ  linear  cascade  effort  heat  transfer 
results,  along  with  many  others,  to  be  bounded  between  the 
fully  turbulent  flat  plate  and  the  laminar  flat  plate  case  -  ba.sed 
on  the  chord  and  the  cascade  exit  Reynolds  number.  Lcxally 
these  heat  transfer  measurements  can  exceed  the  fully  turbulent 
flat  plate  values  as  indicated  by  Arts  et  al.  (1992)  in  the  same 
facility.  The  heat  transfer  in  linear  cascades  is  reasonably  well 
predicted  by  the  simple  laminar  and  fully  turbulent  flat  plate  for 
many  but  not  all  (»ses.  The  additional  complexity  of  an 
annular  cascade  does  not  appreciably  affect  the  heat  transfer 
prediction  discrepancies. 

The  next  level  of  complexity,  addition  of  rotation  and  upstream 
stators,  becomes  more  difficult  to  predict  and  explain  the 
observed  heat  transfer  due  to  the  interaction  of  several  unsteady 
flows  are  added  to  low  levels  of  up  stream  turbulence.  These 
experiments  include  transient  experiments  such  as  shock  tubes 
(Calspanj  and  light  piston  tubes  (MIT,  Oxford,  and  RAE 
Pystock).  Bayley  and  Priddy(1981)  showed  an  increase  of  2 
to  4  times  over  steady  state  heat  transfer  values  when  a  rotating 
bar  investigated  frequency  effect  (at  a  constant  scale  of 
turbulence)  on  the  steady  heat  transfer  value  in  a  linear  cascade. 
Rae  et  al.,  1986  (Calspan)  presents  predictions  for  both  a  2D 
and  a  3D  vane/rotor  combination  with  an  inlet  turbulence  of 
5%  of  an  unknown  length  scale.  The  3D  case  is  particularly 
difficult  to  rationalize  with  a  100%  discrepancy  on  the  vane 
surfaces  and  near  experimental  values  on  the  rotor.  In  a  low 
speed,  large  scale,  multi-stage  experiment,  Sharma,  et  al.  (1992) 
has  observed  excellent  predictions  of  heat  transfer  on  the  rotor 
and  then  a  large  under  prediction  on  the  2nd  stator.  This 
observation  exceeds  the  fully  turbulent  flat  plate  value  of  heat 
transfer,  as  illustrated  in  Figure  3.  Additional  unpiedicted 
behavior  that  is  not  captured  by  2D  or  3D  Euler  or  Navier 
Stokes  solvers  are  observed  at  the  stagnation  point  as  well  as 
on  the  pressure  and  suction  surfaces. 


Transition  and  transition  length  again  are  not  predictable. 
There  are  numerous  cases  where  the  heat  transfer  exceeds  the 
steady  flow  fully  turbulent  flat  plate  values  such  as  Blair 
(1981),  Bayley  and  Priddy  (1981),  Wittig  et  al.  (1985),  Rae,  et 
al.  (1986),  and  Sharma  et  al.  (1992). 

The  examination  of  engine  data,  which  now  includes  the 
combustor  upstream,  shows  observed  increases  over  the  fully 
turbulent  flat  plate  from  over  3  times  on  the  pressure  and 
stagnation  surfaces  to  2  times  on  the  suction  surfaces,  as  shown 
in  figure  4.  Non  steady  Navier-Stokes  calculations  are  now 
being  made  for  these  flbws  including  the  effects  of  the  stator 
on  the  rotor  for  multi-stage  geometries.  Although  these 
calculations  show  improvements  they  fail  to  come  close  to 
engine  results.  It  is  these  cases  which  exhibit  heat  transfer 
above  the  fully  turbulent  flat  plate  predictions  which  are  of 
interest  for  the  non  conventional  turbulence  or  unsteady  flow 
evaluation. 

There  have  been  several  efforts  underway  to  explore  non 
conventional  turbulence  generators,  and  to  establish  the 
relationships  between  heat  transfer,  turbulence,  turbulence 
length  scale  and  the  higher  levels  of  heat  transfer  that  occur  in 
the  actual  engine.  These  turbulence  generators  have  included 
free  jets,  wall  jets,  jets  in  cross  flow,  rotating  bars,  moving 
walls  with  grids,  and  blown  grids.  Grid  generated  turbulence 
has  been  able  to  produce  only  6-8%  levels  in  the  final  period 
of  decay  at  scale  sizes  comparable  to  the  boundary  layer 
thickness  or  the  blade  passage  size.  In  addition  to  the  axial 
turbulence  level,  the  appropriate  nonisotropic  turbulence  decay 
rate  (duVdx)  and  turbulence  scales  (A/d)  are  issues  which  have 
not  been  satisfactorily  resolved  in  attempts  to  simulate  the 
unsteady  effects  in  the  turbine  hot  section.  A  number  of  non 
conventional  turbulence  generators  have  been  investigated  over 
the  years  to  achieve  high  turbulence  levels  al  appropriate  scales. 
In  1985,  Maciejewski,  Moffat,  Han,  and  Rivir  began  looking 
at  the  importance  of  higher  free  stream  turbulence  levels. 
These  turbulence  levels  were  comparable  or  greater  than  the 
near  wall  levels.  Moffat  and  Maciejewski  investigated 
turbulence  levels  of  26-48%  at  Reynolds  numbers  of  2-5xl0‘ 
with  a  flat  plate  in  a  free  axi-symmetric  jet.  This  represented 
an  augmentation  of  the  fully  turbulent  flat  plate  heat  transier  of 
350%.  Han,  Rivir  and  later  others  (MacMulIin  et  al.  1986) 
investigated  turbulence  levels  of  2-20%  with  axi-symmetric  and 
planar  wall  jets  at  Reynolds  numbers  of  1x10*  to  8x10?*.  The 
resulting  heat  transfer  was  observed  to  be  up  to  200%  of  the 
fully  turbulent  flat  plate.  McCarthy  (1989)  used  a  box  with 
one  wall  a  constant  heat  flux  surface  and  the  same  2D  planar 
free  jet  which  had  been  used  in  the  wall  jet  studies.  This 
resulted  in  an  augmentation  of  20  -  60%  in  the  heat  transfer. 
Young  et  al.  (1991)  used  blown  grids  to  generate  turbulence 
levels  of  5-20%.  Ames  (1990)  used  wall  jets  and  jets  in  cross 
flow  to  simulate  a  combustor  at  turbulence  levels  of  5-20%. 
This  resulted  in  a  30%  augmentation  in  heat  transfer  over  the 
fully  turbulent  level.  The  results  of  these  efforts  are  compared 
in  Figure  5.  The  heat  transfer  results  have  been  shown  to  be 
similar  to  engine  results  even  though  the  simulations  provided 
by  these  alternate  sources  are  not  direct.  Figure  4  shows  the 
axi-symmetric  and  planar  wall  jet  heat  transfer  results  in  engine 
coordinates. 

2.  DESCRIPTION  OFTHE  2D  WALL  JET  EXPERIMENT 
This  effort  presents  three  component  LV  measurements  and 
begins  to  address  the  scale  effect  for  a  non  conventional 
turbulence  generator  with  a  planar  wall  jet.  An  axi-symmetric 
wall  jet  which  was  used  previously  for  high  turbulence  heat 
transfer  investigations  is  described  in  MacMulIin  et  al.  (1987). 
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The  same  constant  heat  flux  heat  transfer  surface  was  employed 
as  described  in  the  1987  work  with  new  foil  and 
thermocouples.  The  axi-symmetric  20.32  cm  ASME  nozzle 
was  replaced  with  a  short  radius  ASME  planar  nozzle;  6.67  by 
49.53  cm  (l/h'=7.43)  with  a  0.64  cm  lip  thickness.  In  the 
settling  chamber  a  20/1  length  to  diameter  flow  straightener, 
with  75  mesh  screens  on  either  side,  was  added  to  reduce  the 
exit  core  flow  axial  turbulence  level  from  5%  in  the  1987  work 
to  2%.  A  three  component  TSI  off  axis  LV  and  traverse  have 
been  employed  to  obtain  velocity,  turbulence,  and  Reynolds 
stress  profiles  in  the' present  work.  A  half  angle  of  15  degrees 
was  required  between  component  beams  for  other  experiments 
with  limited  optical  access.  This  reduces  the  accuracy  of  all 
components  slightly  over  the  recommended  20  degree  half 
angle.  The  LV  beam  position  accuracy  was  +.00025  cm. 
The  optics  used  produced  a  measurement  ellipsoid  of  25 
microns  diameter  by  3  mm  in  length  in  the  span  wise  direction. 
The  axial  turbulence  scales  are  the  order  of  several  cm  and  the 
vertical  scales  the  order  of  mm  in  the  near  wall  regions. 
Nearly  all  the  turbulent  energy  is  below  3.000  Hertz  for  these 
flows,  so  the  spatial  resolution  of  the  measurement  volume  is 
quite  good  except  for  the  span  wise  direction.  The  LV 
measurements  were  made  with-in  a  nominal  coincidence 
window  of  10  micro  seconds.  A  small  (10  degree)  angle  to 
the  heat  transfer  surface  was  employed  to  allow  wall 
measurements  to  be  obtained.  The  LV  axial  and  vertical  mean 
and  turbulent  measurements  were  checked  against  single 
element  hot  wire  measurements  in  the  axi-symmetric  wall  jet 
and  in  the  TSI  0.64  cm  diameter  calibration  jet.  The  mean 
velocities  agreed  quite  well.  The  u'  measurement  in  the 
calibrator  free  jet  fell  with  in  +0.5  to  1%  of  the  hot  wire  up  to 
turbulence  intensities  of  10%,  and  were  lower  than  the  hot  wire 
by  2%  for  turbulence  intensities  of  10  to  20%. 

Single  element  hot  wire  measurements  were  employed  to  obtain 
the  axial  and  vertical  turbulence  scales  using  a  HP  3562 
dynamic  signal  analyzer  which  provided  the  frequency  spectrum 
and  then  inverted  the  spectrum  with  a  FFT  to  provide  the  auto 
correlation  function  which  was  normalized  and  multiplied  by 
the  local  mean  velocity  to  provide  the  integral  scale.  This 
technique  was  compared  against  a  direct  auto  correlation  which 
was  used  in  our  1987  axi-symmetric  wall  jet  work  and  the 
32,000  sample  spectrum,  an  FFT,  and  an  auto  correlation 
calculation  of  Ames  (1990)  with  favorable  results  -  all  three 
measurements  gave  the  same  value  within  30%  at  the  same 
time  on  the  same  flow.  The  vertical  scale  was  obtained  by 
rotating  the  single  element  wire  to  the  span  wise  direction,  with 
out  moving  the  traverse,  and  repeating  the  measurement.  The 
vertical  scale  measurement  is  sensitive  to  both  the  vertical  and 
the  span  wise  components.  The  vertical  scale  implication  then 
needs  to  be  considered  to  be  representative  of  both  near  the 
wall  rather  than  the  vertical  component  alone.  The 
measurements  presented  in  this  paper  will  be  for  the  .short 
radius  ASME  planar  nozzle. 

Heat  transfer  measurements  were  made  at  7  stations  with  the 
same  techniqueues  described  in  MacMullin  et  al.  (1987)  axi- 
symmetric  wall  jet  work.  The  x/h'  locations  for  the  planar 
wall  jet  measurements  become  7.69, 15.24,  26.28,  30.10,  37.48, 
44.95  ,  and  52.95. 

3.  PLANAR  WALL  JCT  RESULTS 
The  original  purpose  of  this  planar  wall  jet  effort  was  to 
provide  a  2D  flow  with  a  smaller  scale  at  the  same  x  Reynolds 
numbers  as  the  axial  wall  jet.  Although  the  width  to  height 


dimension  of  this  wall  jet  (7.43)  make  it  a  marginal  2D  source 
by  planar  wall  jet  standards  (Launder  and  Rodi,1981),  there  are 
two  significant  observations  applicable  to  all  planar  wall  jet 
measurements  which  should  be  made.  The  Reynolds  number 
of  this  wall  jet  was  chosen  to  provide  heat  transfer 
measurements  in  the  x  Reynolds  number  range  for  turbine 
blades.  This  places  these  measurements  an  order  of  magnitude 
above  wall  jet  studies  in  the  literature.  The  velocity  profiles 
for  these  measurements  (and  also  those  of  the  axi-symmetric 
wall  jet)  are  all  locally  similar  in  velocity  profiles  for  all 
reported  heat  transfer  and  velocity  profiles.  These  centerline 
velocity  profiles  give  an  axial  jet  decay  which  approaches  that 
of  Wygnasiki  et  al.  (1991)  at  his  highest  Reynolds  number  flow 
of  19,000.  These  measurements  then  imply  a  high  Reynolds 
number  limit  for  wall  jet  spread  which  is  independent  of  wall 
jet  pressure  ratio  for  this  intermediate  range  of  x/h'.  Secondly, 
these  mean  velocity  profiles  have  been  analyzed  in  law  of  the 
wall  coordinates  by  Narayanan  et  al.  1992)  with  the  assumption 
of  a  constant  Kaiman  constant  in  the  law  of  the  wall  relation: 

u*=:  A  +  2.44  In  y*  (  1  ) 

This  relation  was  shown  to  be  valid  for  all  fully  developed 
planar  wall  jets  with  the  constant  A  dependent  only  on  the  axial 
turbulence  in  a  simple  linear  relationship.  'This  same 
relationship  was  also  observed  to  be  valid  for  a  turbulent  flat 
plate  boundary  layer  when  the  maximum  near  wail  axial 
turbulence  intensity  is  u.sed  for  the  turbulence  intensity.  The 
LV  wall  jet  profiles  presented  in  this  paper  were  used  to  obtain 
this  result. 

The  center  line  velocity  and  velocity  fluctuation  profiles  are 
presented  in  Figures  7  and  8  at  each  heat  transfer  measurement 
station.  The  velocity  profiles  are  locally  similar  as  previously 
pointed  out.  but  are  otherwise  as  one  would  expect  for  a  planar 
wall  jet.  The  rms  fluctuations  are  nearly  constant  across  the 
wall  layer  in  the  axial  direction.  This  contrasts  to  profiles  at 
much  larger  x/h'  locations  normally  quoted  by  planar  wall  jet 
efforts  in  which  the  shear  layer  has  eroded  the  wall  layer.  A 
law  of  the  wall  plot  at  x/h  '  =  52.95  is  shown  in  figure  9,  where 
the  log  region  extending  over  a  1,000.  This  extremely  large 
log  region  made  an  accurate  assessment  of  the  constants  in  the 
law  of  the  wall  region  in  contrast  to  regions  of  50-100  in  other 
planar  wall  jet  studies.  The  span  wise  distribution  of  x  hot 
wire  measured  velocities  and  rms  vekKities  are  shown  in 
Figure  10. 

The  normalized  Reynolds  stres.ses  u'v',  v'w',  u'w',  u'^  v'^  and 
w'^,  are  shown  in  Figure  11.  The  u'  and  v'  components  are 
well  behaved,  however  the  span  wise  components  of  w'  all 
take  on  very  large  values  as  the  wall  is  approached.  The  span 
wise  components  were  shown  to  be  very  significant  contributois 
to  increases  in  shear  stress  in  Johnson  and  Johnston  (1989),  and 
increases  are  to  be  expected  -  particularly  for  a  free  boundary. 
We  are  currently  attempting  to  check  the  span  wise  wall  shear 
directly.  A  few  of  the  last  two  near  wall  w'  component  data 
points  have  been  omitted  until  further  checks  can  be  performed. 
The  u'v'  component  is  initially  negative  and  then  goes  through 
0  al  about  60%  of  y^.  It  then  goes  and  remains  positive  as 
observed  in  other  planar  wall  jets  (Launder  and  Rodi,1981) 
investigations. 

The  integral  turbulence  .scales  on  the  wall  jet  centerline,  for 
.axial  scales  and  for  the  lateral  or  vertical  scales  at  y„  are 
shown  in  Figure  13.  A  boundary  layer  traverse  of  the  axial 
scale  is  shown  at  x/h'  =  26.28  in  Figure  14. 

The  scale  is  sensitive  to  the  mean  velocity  and  the  facility 
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compressor  operation  which  results  in  mean  velocity 
fluctuations  of  2%.  Four  to  six  scale  measurements  were 
made  for  each  data  point  for  both  span  and  centerline  profiles 
to  assure  reproducibility  in  the  scale  measurements. 

Moffet  and  Maciejewski  (1989)  have  observed  a  linear 
relationship  of  h,  the  heat  transfer  coefficient,  with  u'.  These 
observations  were  also  made  in  this  investigation,  with  the 
addition  that  a  family  of  these  relationships,  not  just  a  single 
one  were  observed.  This  leads  to  the  conclusion  that  other 
functional  relationships  are  involved  in  the  relationship  for  h. 
The  ratio  of  turbulence  scale  to  boundary  layer  thickness  has 
been  suggested  by  several  investigators  with  a  functional 
dependence  proposed  by  Simonich  and  Bradshaw  (1978),  and 
this  later  modified  by  Blair  (1981)  for  2D  flat  plate  boundary 
layers  such  that: 

3,-5^.,  =  T.  *  a  *  p  (  2  ) 

a  =  (AJb  +  2) 

P  =  (Se^'S'^^+l) 

where  S,  is  the  local  x  Stanton  number  and  S„  is  the  fully 
turbulent  local  Stanton  number  from  the  Kays  and  Crawford 
relationship.  The  heat  transfer  at  a  20%  turbulence  level  is 
shown  in  Figure  IS.  The  planar  jet  shows  similar  behavior  to 
the  axi-symmetric  wail  jet  heat  transfer,  but  is  slightly  higher 
at  similar  turbulence  intensities.  Figure  4  shows  schematic 
wall  jet  heat  transfer  superimposed  on  engine  data,  indicating 
similar  levels  of  heat  transfer  and  dependence  with  Reynolds 
number. 

The  scale  size  ratio  of  y^  3D  /  y„  planar  is  2.  Scales  have 
also  been  measured  for  the  axi-symmetric  3D  jet,  and  this  is 
considered  a  reasonable  comparison  of  the  two  scales.  The 
normalized  turbulent  kinetic  energy  of  the  3D  wall  jet  is  .075, 
and  for  the  planar  wall  jet  (3  component  LV  measurements)  is 
.053  at  a  x/D,  x/h'  of  8.63  and  7.8,  respectively.  The 
normalized  heat  transfer  and  scale  dependence  of  equation  2  is 
shown  in  Figure  16.  Here  we  see  an  increased  heat  transfer 
for  the  planar  wall  jet  even  though  it  has  less  turbulent  kinetic 
energy  at  similar  Reynolds  numbers.  The  lack  of  collapse  of 
the  data  would  indicate  that  the  functional  dependence  is  not 
the  appropriate  relationship. 

4.  SUMMARY 

There  remains  a  very  strong  need  to  characterize  the  inlet  flow 
to  the  turbine  quantitatively  in  terms  of  three  components  of 
spatial  and  temporal  velocities,  the  magnitudes  of  spatial  and 
temporal  temperature  gradients,  as  well  as  the  decay 
characteristics  of  these  fluctuations.  Typical  gas  turbine 
combustor  flows  are  far  from  classical  isotropic  turbulence. 
The  non  conventional  turbulence  sources,  as  well  as  3D  Navier 
Stokes  solvers  are  showing  magnitudes  of  some  effects  such  as 
T,  and  scale  but  simulations  and  computations  clearly  require 
additional  definition. 
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Figure  I.  STANS  calculation  of  flat  plate  Tu=4%  a=  7.5x10* 
(MacArthur,  1983XBIair,  1981) 


Figure  2.  Linear  cascade  comparison  of  experimental 
calculations  (Wittig,  1985) 


Figure  3.  Large  scale  multi-stage  rotating  cascade  comparison 
of  experiment  to  fully  turbulent  flow  (Sharma,  et  al.,  1992) 
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Figure  4.  The  measured/predicted  heal  transfer  for  turbine 
engine  blades  and  vanes 


Figure  7.  LV  mean  velocity  profiles 
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Figure  10.  LV  velocity  profile  at  353  cm,  Tu  -20% 


Figure  12.  Axial  integral  scale 
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Discussion 


QUESTION  1: 

DISCUSSOR:  B.  LAUNDER,  UMIST 

What  length  scale  in  the  wall  jet  did  you  take  as  relevant  to  the  boundary  layer?  Was  it 
the  distance  to  the  maximum  velocity  surface? 

AUTHORS  REPLY: 

Yes,  the  comparisons  in  Figures  12  through  14  reference  the  length  scales  to  the  distance, 
Ymaxi  which  is  the  distance  to  the  maximum  velocity.  The  same  is  done  in  Figure  16 
which  compares  the  wall  jet  heat  transfer  results  to  Simonich  and  Bradshaw's  boundary 
layer  correlation.  We  know  that  other  reference  lengths  are  more  appropriate  than 
Ymax-  We  found  the  enthalpy  thickness  to  be  a  better  choice  for  the  wall  jet  and  it  would 
probably  also  be  a  better  choice  for  the  boundary  layer  as  well. 
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HEAT  TRANSFER  WITH  MODERATE  FREE  STREAM  TURBULENCE 
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ABSTRACT 


Turbulence  in  turbine  flows  of  gas  turbine  engines  is  generally  inhomogeneous  and  is 
also  characterized  by  wide  ranges  of  intensity  and  scale.  The  interaction  between  FST 
and  boundary  layer  turbulence  (BLT)  is  complicated  in  all  but  the  case  of  low  values  of 
both  intensity  and  scale.  In  a  recent  investigation,  an  attempt  has  been  made  to 
establish  the  efiect  of  homogeneous  FST  on  wall  friction  (when  there  is  no  heat  transfer) 
in  the  relatively  simple  case  of  flat  plate,  zero  pressure  gradient  boundary  layer.  In  the 
current  paper  the  method  has  been  extended  for  the  prediction  of  heat  transfer  in  the 
same  flowfield.  In  any  problem  involving  heat  and  momentum  transport,  it  is  common 
to  introduce  some  type  of  similarity  between  the  two  transport  processes.  The  current 
method  is  based  on  the  application  of  a  similarity  rule  governing  the  spectra  of 
turbulence  intensity  and  temperature  variance.  The  principal  outcome  is  a  method  of 
establishing  heat  transfer  in  a  given  flowfield  for  which  experimental  data  are  available 
under  cold  flow  conditions  and  have  been  verified  with  the  model  prediction  scheme. 

Introduction 


Heat  transfer  to  turbine  blades  is  affected  directly  by  the  combustor  exit  conditions 
in  a  gas  turbine  engine.  The  output  of  a  gas  turbine  combustor  is  invariably 
inhomogeneous.  The  scale  and  intensity  of  events  in  the  flowfield  raise  several  questions 
in  the  description  and  modelling  of  the  flow  features.  In  the  context  of  turbulent  flows, 
it  is  necessary  to  include  at  least  the  following  characteristics:  (a)  inhomogeneity  in 
intensity  and  scale;  (b)  gaps  in  the  spectrum  of  flow  properties;  and  (c)  time-dependence. 
If  a  more  general  description  is  undertaken  based  on  an  unsteady,  inhomogeneous,  and 
randomly  distributed  vortex  flowfield,  the  removal  from  consideration  of  structure  and 
coherence  in  the  flow  field  leads  to  unmanageable  complexities.  There  is  a  growing 
recognition,  however,  that  the  combustor  flowfield  requires  a  new  basis  of  description 
(References  1  -  2).  Nevertheless,  for  purposes  of  determining  heat  transfer  in  the  turbine 
blades  exposed  to  combustion  products,  some  form  of  a  turbulent  flow  model  seems 
indicated  for  purposes  of  practical  predictions,  if  not  for  advances  in  phenomenological 
understanding,  for  example  References  3-8. 

Heat  transfer  in  turbine  blades  is  traditionally  examined  in  three  regimes:  (i)  the 
stagnation  region,  (ii)  the  blade  surface,  and  (iii)  the  trailing  edge  region.  The  nature  of 
the  boundary  layer  is  significant  in  all  cases.  Over  the  blade  surface,  the  boundary  layer 
or,  better,  region  may  be  laminar,  transitional,  or  turbulent,  even  when  the  main  flow  is 
variously  complex.  The  region  affected  by  the  no-slip  condition  at  the  wall  in  the  case  of 
a  uniform,  laminar  main  flow,  with  no  external  pressure  gradient,  is  only  a  function  of 
the  Reynolds  number,  the  difference,  if  any,  between  the  temperature  of  the  main  flow 
and  that  of  the  boundary  wall,  and  the  difference  in  diffusivity  of  momentum  and  heat 
in  the  fluid.  When  the  main  flow  has  any  type  of  complexity,  there  arise  both  a  change 
in  the  thickness  of  the  affected  region  as  well  as  in  the  processes  therein,  except  when  the 
main  flow  complexity  involves  time  and  length  scales  that  are  small  like  those  of  the 


laminar  flow  processes  in  a  boundary  layer.  Thus  when  the  main  flow  is  turbulent,  there 
must  be  an  interactive  effect  on  the  boundary  region,  with  respect  to  the  resulting  skin 
friction,  and  also  heat  transfer  when  conditions  admit. 

A  flowfield  that  is  reasonably  unambiguous  can  be  visualized  in  the  problem  of  heat 
transfer  as  follows:  A  reasonably  high  Reynolds  number,  turbulent  main  flow  over  a 
wall  with  a  turbulent  boundary  region,  and  a  modest  difference  in  temperature  between 
the  main  flow  and  the  wall.  The  interaction  between  the  main  flow  and  the  boundary 
region  should  be  a  function  of  Re,  Tu,  and  T^/T;  here,  Lg  is  the  dissipation 

length  scale  in  the  main  flow,  5t,  the  thickness  of  the  turbulent  boundary  layer  under 
the  same  conditions  but  without  main  flow  turbulence,  and  (  )w>  the  wall  value;  all 

other  symbols  are  standard. 

It  has  been  pointed  out,  for  example  in  Reference  9,  that,  while  the  result  of  the 
interaction  between  the  main  flow  turbulence  and  the  boundary  region  turbulence  is 
unambiguous  in  the  case  of  skin  friction  coefficient,  there  can  be  considerable  ambiguity 
in  regard  to  heat  transfer.  The  skin  friction  coefficient,  on  one  hand,  invariably 
increases  when  the  main  flow  is  turbulent.  On  the  other  hand  there  may  be  an  increase 
or  decrease  of  Stanton  number  with  no  discernible  relationship  of  the  changes  to  the 
main  parameters  of  the  flowfield.  One  of  the  chief  difficulties  in  such  cases  is  the  lack  of 
adequate  experimental  data,  since  in  all  cases  there  is  undoubtedly  a  set  of  complex 
interactions,  and  those  have  yet  to  be  established. 

Attempts  have  been  made  by  several  investigators  on  correlating  experimental  data 
on  heat  transfer  in  terms  of  a  parameter  including  turbulence  scale  and  intensity 
(References  5,  7  and  10).  However,  they  have  not  been  successful  in  elucidating  physical 
effects,  and  therefore,  the  suggested  parameter  has  not  been  universally  applicable. 

There  has  also  been  an  attempt,  although  in  the  absence  of  free  stream  turbulence, 
to  develop  a  boundary  layer  model  based  on  turbulent  boundary  layer  structure 
considerations,  and  then  invoking  an  analogy  between  momentum  and  heat  transport 
(Reference  11).  However,  no  data  or  models  are  available  for  the  changes  in  bursts  and 
quiescent  periods  when  the  main  flow  is  turbulent  with  given  values  of  intensity  and 
scale. 

One  of  the  techniques  developed  for  examining  boundary  layer  structural  changes  as 
a  function  of  main  flow  turbulence  parameters  provides  the  extent  and  intermittency  of 
penetration  of  outer  fluid  into  the  boundary  region,  and  also  boundary  layer 
intermittency  at  the  outer  edge  (References  12  -  13).  These  experiments  have  not  been 
repeated  in  the  case  of  heat  transfer  studies.  Thus  it  is  not  clear  if  the  ambiguous 
changes  of  Stanton  numbers  in  different  cases  are  due,  in  part,  to  physical  penetration 
characteristics  of  the  outer  fluid  and  thus,  to  turbulence  scales  therein. 

Heat  Transport  Measurement  and  Theory 

If  a  direct  and  simple  analogy  between  momentum  and  heat  transport  in  the  form  of 
a  value  for  turbulent  Prandtl  number  is  to  be  avoided,  it  is  still  necessary  to  introduce 
some  type  of  relation  between  the  two  transports  since  a  total  of  four  time  scales  (two 
related  to  each  of  dissipation  and  production)  are  involved,  even  in  the  absence  of  FST, 
and  there  is  no  direct  connection  between  them.  In  the  presence  of  FST,  one  must,  in 
fact,  recognize  six  time  scales. 

One  possible  approach  to  calculating  heat  transfer  is  to  relate  stress  and  heat 
transport  to  intensity  of  velocity  and  temperature  fluctuations  (rather  than  to  gradients 
of  mean  quantities),  as  in  Reference  14.  Such  an  assumption  leads  to  a  finite  velocity  of 
transport  (see  also  Reference  15),  but,  somewhat  more  significantly  in  the  context  of  the 
model  to  be  developed  later,  to  a  possible  consideration  of  the  relation  between  local 
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spectra  of  turbulence  intensity  and  temperature  variance  (References  16  -  18). 

In  the  problem  of  heat  transfer  in  turbine  blades,  the  flow  is  nonisotropic  and 
inhomogeneous,  and  also,  subjected  to  shear  and  pressure  gradients.  Thus,  the 
temperature  spectrum,  F^,  and  the  kinetic  energy  spectrum,  Fq,  may  not  be  simply 
related  except  in  parts  of  a  boundary  layer  and  over  selected  frequency  ranges.  In  other 
words,  the  type  of  flowfield  and  the  initial  and  boundary  conditions  afliect  the  details  of 
the  nature  and  extent  of  the  analogy  between  F^  and  Fq.  Another  important  factor 
pointed  out  in  References  16  -  17  is  that,  considering  the  overall  spectral  range  of 

frequencies,  the  analogy  between  the  two  spectra  must  be  based  on  q^,  rather  than  on 
up  or  u^  except  over  selected  frequency  ranges. 

Measurements  in  turbulent  boundary  layers,  reported  in  References  16  -  17,  verify 
the  foregoing.  However,  there  are  no  detailed  data  in  the  presence  of  main  flow 
turbulence.  In  addition  to  the  magnitude  of  effort  involved  in  generating  such  data, 
there  are  also  important  questions  related  to  the  method  utilized  for  generating  a  flow 
with  desired  levels  of  Reynolds  number,  and  intensity  and  scale  of  turbulent 
fluctuations. 

Skin  Friction  and  Heat  Transfer  Correlations 


Several  attempts  at  correlating  skin  friction  and  heat  transfer  coefficients  and  also, 
the  Reynolds  analogy  factor,  R,  equal  to  St/(Cf/2),  have  been  discussed  in  Reference  10. 
In  summary,  while  measured  skin  friction  values  can  be  correlated  by  a  combination  of 


factors,  namely 


Ue/Ue 


and 


(LeA), 


heat  transfer  coefficients  do  not  seem  to  lend 


themselves  to  a  similar  procedure.  Here  (  )e  denotes  the  main  stream.  Experimental 
data  do  indicate  a  distinct  influence  of  the  intensity  and  the  length  scale  of  main  stream 
turbulence.  However  attempts  at  modifying  the  Cf  -  correlations  for  correlating  St  and 
R  have  remained  unsuccessful. 


Posaibilitiea  for  Numerical  Experiments 


In  view  of  the  foregoing,  there  is  some  scope  for  undertaking  numerical  experiments 
for  establishing  the  nature  of  Interactions  between  the  main  flow  turbulence  and 
boundary  region  turbulence.  The  numerical  experiments  must  include  two 
considerations:  (i)  the  extent  of  changes  in  boundary  region  turbulence,  and  (ii)  the 
relation  between  momentum  and  heat  transports.  A  direct  simulation  of  Navier-Stokes 
equations  and  heat  transfer  equations  (Reference  19)  will  obviously  remove  the  necessity 
for  separating  the  two  issues,  but  such  work  is  dependent  upon  computer  capability.  In 
the  foreseeable  future,  the  separation  of  the  two  issues  provides  an  opening  for  advances. 

In  the  preceding,  the  wall-afiected  region  has  been  referred  to  as  the  boundary  wall 
region,  rather  than  as  the  boundary  layer  region.  The  reason  for  this  distinction  is  that 
a  boundary  layer  has  a  classical  definition.  For  example,  a  log  law-governed  region  is 
expected  in  a  boundary  layer.  However,  in  the  presence  of  main  flow  turbulence,  the 
existence  of  a  log  law  region  has  to  be  imposed  as  an  additional  constraint  before  a 
boundary  layer  type  solution  is  obtained  uniquely  among  all  of  the  possible  solutions 
(Reference  20). 
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Problem  Addressed 

In  the  current  investigation,  a  beginning  has  been  made  on  establishing  the  influence 
of  free  stream  turbulence  (FST)  on  a  turbulent  boundary  layer  (TBL)  in  the  context  of 
heat  transfer  between  the  fluid  and  the  boundary  wall. 

A  simple  case  is  chosen  of  a  turbulent  boundary  layer  beneath  an  incompressible, 
turbulent  flow  past  a  flat  plate  with  no  imposed  pressure  gradient  (Fig.  1).  The  main 
flow  is  assumed  to  be  moderately  turbulent,  as  depicted  in  Fig.  2.  The  turbulence  is 
assumed  to  be  homogeneous  in  the  first  instance,  and  the  consequences  of  relaxing  this 
assumption  are  discussed  in  a  later  section.  The  boundary  wall  is  assumed  to  be 
isothermal  at  a  temperature  below  that  of  the  fluid. 

The  objective  is  to  set  up  a  model  for  the  flowfield,  that  takes  into  account  (a)  the 
interactions  between  the  external  and  the  boundary  region  flows,  and  (b)  the  heat 
transfer,  such  that  the  free  stream  turbulence  characteristics  can  be  treated 
parametrically.  The  turbulence  characteristics  are  Tu,  the  velocity  and  temperature 
spectra,  and  Le/^t;  the  Reynolds  number  is  assumed  to  be  high. 

Basis  of  the  Model 


The  modelling  is  carried  out  in  two  parts:  (i)  turbulence  representation,  and  (ii) 
similarity  between  heat  and  momentum  transport. 

Turbulence  Representation 

The  problem  of  predicting  the  development  of  a  TBL  continues  to  be  challenging,  for 
example  as  in  Reference  21.  When  FST  is  present,  the  complexity  involved  is  the 
interaction  of  a  random  vortex  fields  with  one  that  has  a  characteristic  structure  in  a 
random  field.  It  is  clear  that  a  method  akin  to  large  eddy  simulation  (LES)  is  probably 
required  in  order  to  account  fully  for  the  random  vorticity  field  interactions. 

Meanwhile,  the  rational  representation  of  turbulence  suggested  by  Lumley  (Refs.  22  - 
23)  as  a  means  of  examining  eddy-mean  shear  and  eddy-eddy  interactions,  has  been 
chosen  here  for  application.  Some  experience  is  available  with  its  application  to 
boundary  layer  flows  (Refs.  24  -  26).  The  rational  representation  has  been  utilized  to 
establish  characteristic  structures  in  a  channel  flow  (Ref.  27),  and  also  to  obtain  the 
structure  of  wall  layer  in  a  boundary  layer  (Ref,  28).  The  Lumley  representation  has 
been  utilized  here  entirely  at  the  statistical  level  to  determine  the  classical  structure  of 
TBL  with  FST, 

The  basis  of  statistical  turbulence  representation  is  the  Loeve  orthogonal 
decomposition  theorem  by  means  of  which  the  velocity  fluctuation  is  expressed  in  the 
form  of  generalized  Fourier  series: 

ui  =  S  «n4“^(xt)  (1) 

n=l 

where  n  represents  the  modes,  1,2,3  ....,  ori  a2,  03,  —  are  random  coefficients  with  units 
of  velocity,  uncorrelated  with  one  another.  are  structure  functions,  which  are 

furthermore  assumed  to  be  orthonormal.  The  orthogonality  condition  implies  that  none 
of  the  is  identically  zero.  It  follows  that 

=  o  (2.1) 
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^nn 

/^i(p)  (q)  dx  dt  =  5pq 

Q^n  =  /  u(2Lt)  ^i(n)  (j^t)  d  x  dt 

It  is  assumed  that  ai,  0:2 1  ••••  are  ordered  such  that 

X  (1)  >  x(2)  >  x(2)  >  •  •  •  >0. 


(2.2) 

(2.3) 

(2.4) 


Based  on  the  randomness  of  Qq  and  the  orthogonality  of  <^i(n),  one  can  write  for  the 
two-point  correlation. 

Rij(x,  2d  ;  t,  t')  =  2  4“^  (3) 

n=l 

and 

/  Rij  (2d  ,  d)  (bd  dd  =  X(“)  ^i(n)  (x  t)  (4) 

where  are  eigenfunctions  with  x(“)"as  the  eigenvalues.  For  the  turbulent  kinetic 
energy,  one  can  then  write 

/lu2dxdt  =  i  g  XW  (5) 

n=l 

It  follows  that  x(“)  represents  the  kinetic  energy  content  of  the  entire  flow  associated 
with  <^i(n)  or  the  nth  mode. 

The  uniqueness  of  the  decomposition  is  established  through  calculus  of  variations, 
which  yields  that  each  mode  must  account  for  the  maximum  of  the  energy  available. 
One  thus  has  a  rational,  imique  representation  of  the  velocity  fluctuation  in  terms  of  a 
series  of  characteristic  eddies.  In  a  given  shear  flow,  the  eddies  must  interact  with  one 
another  and  with  the  mean  shear  during  flow  development.  The  immediate  problem  is 
partitioning  of  the  energy  among  the  different  modes.  This  can  be  done  either  by 
recourse  to  experimental  data  or  by  truncating  the  nonlinear  interactions.  On  the  other 
hand,  the  large  eddy  interaction  hypothesis  (LEIH)  involves  consideration  of  only  the 
first  mode  over  the  entire  spectrum  and  its  interactions  with  the  mean  shear  and  all  of 
the  eddies.  This  is  obviously  a  strong  limitation  of  the  predictive  scheme  presented  here. 

Based  on  Navier-Stokes  equations,  (Appendix  I),  one  can  set  up  a  dynamical  equation 
for  the  first  mode  as  follows. 
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and,  for  incompressible  flow, 

auj 


=  2 _ :L  ~  4. — x - |  \ 

Q  xj2  5  xk  <5  xk  axj  '  ^ 


(7.2) 


(8) 


In  Eqns.  (6)  and  (8),  }  represents  the  eddy-eddy  interactions.  It  is  essential  to  model 

the  term.  Among  various  possibilities,  the  one  chosen  here  is  as  follows. 


00  00 

E  E 


ai  orp  aq 


p=lq-l  (x(l)  x(p) 


Jlp)  Jj-l) 


s? 


[x(i)]’/" 


5xj 


dxi 


(9) 


Here  the  first  term  on  the  right  hand  side  involves  a  coefficient  in  the  nature  of  a 
skewness  factor  and  the  second,  one  resembling  eddy  viscosity,  a  type  of  damping  factor. 
It  may  be  stated  at  the  outset  that  the  second  term  with  Uf,  is  found  to  be  essential  in 
numerical  predictions.  The  skewness  factor  is  associated  with  the  inhomogeneity  of  the 
velocity  field  and  the  transfer  of  energy  from  regions  of  high  intensity  to  regions  of  lower 
intensity.  Equation  (6)  may  then  be  rewritten  as  follows. 
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ajj') 
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,d^ 

dx{ 


+  u 


dxf 


(8.1) 


where  Su  is  the  so-called  skewness  factor,  and  the  eddy  damping  favor. 

Referring  the  the  equations  for  mean  temperature  and  intensity  of  temperature 
fluctuations  given  in  Appendix  I,  one  can  introduce  a  rational  decomposition  for 
temperature  fluctuation  in  a  manner  similar  to  that  for  the  velocity  fluctuation,  namely 

«  -  E  t)  (10) 

n=l 


and  write  the  following  dynamical  equation. 

^  ^(1) 

at  ^  dxj  axj 


dxi 


M  -Ai) 

Zj  /j  7  \i  /o  ^  ^ 

p=lq=l  (^(l)>)^(q))l/2 
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where 


^(1)  =  v7^ 


(11) 


(11.1) 


and 

/?m  ^mn 


The  main  describing  equations  for  the  turbulence  quantities  uj,  tt,  and  ff  are  Eqns. 
(6),  (8),  and  (11).  They  must  be  solved  in  spectral  space. 
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Momentum  and  Heat  Transport 


Writing  the  usual  definition  of  turbulent  Prandtl  number  in  the  form 
ujuj  (9U/5xj 
ar/axj  ’ 

and  assuming 

ufuj  =  kuq^,  and  uj^  = 

it  follows  that 

= 


(12) 


ku 

q2  aU/<9xj 

kd 

V  / 

^2  ar/axj 

(13) 


or. 


_p2 


aj/(9xj 


[  J 


(14) 


as  suggested  in  Reference  16,  with  the  dimensionless  parameter  treated  as  a 
parameter  across  the  boundary  layer. 

In  the  inner  wall  region,  the  use  of  wall  functions  is  avoided  by  use  of  a  modified 
spectral  analogy  (References  16  -  17,  and  29)  as  follows:  Based  on  physical  structural 
considerations,  and  the  available  evidence  for  the  time  ratio  between  temperature  and 
velocity  ui  to  be  nearly  unity  in  the  inner  layer,  the  analogy  invoked  is  between  Fuj  and 
F^. 

Flowfield  Description 


The  flowfield  model  is  illustrated  in  Fig.  3  with  four  interactive  regions:  viscous  layer, 
matching  layer,  outer  layer,  matching  layer,  outer  layer,  and  free  stream.  It  is  assumed 
that  the  wall  region  is  of  the  nature  of  a  TBL  beneath  the  main  flow  with  FST. 
Accordingly  the  four  regions  are  described  in  terms  of  asymptotic  expansions  utilizing 
relevant  small  expansions  parameters  (References  30  -  31).  There  are  several  problems, 
however,  in  adopting  this  procedure. 

First,  one  has  to  account  for  the  length  scale  of  FST,  Lg:  The  describing  equations 
involve  no  physical  influence  of  Lg.  Therefore,  we  have  proceeded  as  follows:  a  value  of 
^.995  is  chosen,  and  the  condition  is  imposed  that,  at  the  location  ^.ggs,  the 
dissipation  length  scale  in  the  boundary  layer  be  equal  to  L^.  In  other  words,  that 
solution  is  assumed  to  be  the  one  required  that  ensures  the  equality  of  dissipation  length 
scales,  within  the  boundary  layer  at  a  particular  location  and  the  free  stream. 

Second,  there  is  the  requirement  that  the  matching  layer  must  be  of  the  nature  of  a 
log  layer.  In  References  4  and  7,  there  is  considerable  evidence  for  the  existence  and 
persistence  of  the  log  law  character  of  the  region,  and  also,  for  the  transverse  growth  of 
the  region  with  FST  intensity.  In  Reference  21  for  the  case  of  an  ordinary  TBL,  one 
without  FST,  it  was  a  main  objective  to  recover  a  constant  stress  layer  in  a  log  law- 
governed  region.  In  Reference  11  the  log  law  character  of  mean  flow  variation  was 
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prescribed  in  dealing  with  an  ordinary  TBL.  When  FST  is  present,  it  was  found 
(Reference  20)  that  a  number  of  solutions  was  feasible,  and  a  unique  solution  could  be 
recovered  only  when  it  was  required  that  the  matching  layer  be  governed  by  a  given  law 
such  as  the  log  law.  It  may  be  pointed  out  that  prescribing  a  particular  type  of  mean 
flow  does  not  specify  the  extent  of  the  log  law  region  or  of  any  of  the  other  regions. 

Last,  in  the  presence  of  thermal  gradients  and  heat  transfer,  it  is  also  necessary  to 
match  the  dissipation  scale  for  temperature  at  a  predetermined  value  of  the 

thermal  boundary  layer  thickness. 

Case  Chosen  for  Numerical  Experiments 

The  case  chosen  for  predictions  is  the  flowfield  reported  in  Reference  13.  That 
experiment  included  a  slight  heating  of  the  boundary  layer  up  to  3  -  4  C  above  ambient. 
However,  no  heat  transfer  measurements  were  intended  or  made.  The  experiments  were 
conducted  solely  for  establishing  the  combined  effects  of  free  stream  turbulence  intensity 
and  scale  on  a  turbulent  boundary  layer,  and  the  data  presented  constitute  an  important 
benchmark  set  in  cold  flow  studies  with  FST.  Although  data  sets  with  heat  transfer  are 
available  from  other  investigations,  for  example  References  7  and  10,  the  basic  cold 
flowfield  is  not  fully  documented,  and  some  ambiguities  exist  in  those  sets.  We  have 
chosen  the  data  set  of  Reference  13  primarily  because  the  data  set  was  utilized  earlier  in 
verifying,  with  some  success,  the  application  of  the  LEEH  model  to  the  FST  case  in 
Reference  20. 

A  test  flowfield  was  then  made  up  by  specifying  that  there  was  a  difference  of  10  C 
between  the  fluid  and  the  boundary  plate,  while  all  other  conditions  remained  the  same, 
and  it  was  required  to  predict  the  heat  transfer  parameters  under  various  turbulent  flow 
conditions. 

The  experiments  reported  in  Reference  13  were  conducted  with  a  wind  tunnel  fitted 
with  appropriate  grids  for  generating  a  variety  of  combinations  of  intensity  and  scale.  A 
flat  plate  was  set  up  in  the  wind  tunnel,  and  the  boundary  region  flowfield  of  the  plate 
was  studied,  ensuring  no  streamwise  pressure  gradient  in  the  flow.  The  main  parameters 
of  the  flowfield  and  the  selected  conditions  for  predictive  calculations  are  given  in  Table 
I  and  Fig.  4. 


Table  I 


Details  of  the  Flowfield 


•  Free  stream  velocity 

•  Re^ 

•  Re^  (with  no  FST) 

•  Selected  cases  (1)  -  (5) 

•  Maximum  turbulence  intensity 


-  -  20  m/s 

-  -  equal  to  or  greater  than  2,000 

-  -  equal  to  or  greater  than  2E4. 

-  -  Figure  4 

-  -  6  per  cent 


It  may  be  noted  that  the  FST  had  a  continuous  spectrum  with  no  gaps  or  peaks. 
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Methodology  for  Predictions 


Under  incompressible  flow  conditions,  as  in  the  chosen  cases,  the  flowfield  can  be 
separated  from  the  thermal  fleld,  and  determined  as  in  Reference  20.  The  mean  flow 
equations,  along  with  the  dynamical  equation  for  and  the  pressure  fluctuation 
equation  for  tt,  are  solved  together  over  a  calculation  domain  as  in  Fig.  5.  The  value  of 
the  parameters  Su  and  are  adjusted  so  as  to  recover  the  experimental  data  for  chosen 
turbulence  parameters. 

Next,  in  each  case,  the  mean  temperature  equation  and  the  heat  transport  equation 
are  solved  utilizing  the  spectral  analogy  parameter  as  an  adjustable  quantity.  In 
view  of  the  lack  of  experimental  data  for  the  chosen  flowfield  in  respect  of  heat  transfer 
parameters,  the  calculations  have  been  confined  to  examining  the  effect  of  the  value 
assigned  to  on  the  predicted  thermal  intensity  and  transport. 

A  brief  outline  of  the  computational  procedure  is  presented  in  Appendix  I. 
Preliminary  Calculations 

In  order  to  test  the  procedure,  the  standard  equilibrium  boundary  layer  case,  the  one 
equivalent  to  the  Falkner-Skan  family  of  laminar  boundary  layers,  was  computed  for 
Re^  of  2,500  in  the  case  of  an  adiabatic  wall  with  air  flow  past  it.  The  convergence  of 
the  solution  as  well  as  the  method  of  choosing  the  values  of  Su  and  were  found 
satisfactory.  It  may  be  noted  that,  since  there  is  no  FST  in  this  case,  it  is  adequate  to 
demand  convergence  of  the  solution. 

Considering  next  a  temperature  difference  of  10  C  between  the  air  and  the  plate,  the 
heat  transfer  was  calculated  based  on  structural  similarity.  Initially  two  values  of  B^ 
were  tried  across  different  parts  of  the  boundary  layer:  one,  B?  in  the  inner  layer, 
related  to  uf  and  the  second,  b3  iu  the  outer  layer,  related  to  q^.  However,  values  of 
heat  transfer  cited  in  literature  could  be  recovered  for  a  value  of  B^  equal  to  1.46.  The 
basic  requirement  of  an  equilibrium  layer  -  where  the  influence  of  advective  processes  is 
negligible  on  the  balance  of  fluctuating  quantities,  and  the  viscous  layer  can  be 
decoupled  from  consideration  -  is  thus  satisfied. 

Predictions 


Approximately  300  -  500  iterations  are  required  in  time  in  most  cases  at  each  point  in 
the  flowfield.  The  flowfield  was  calculated  first,  and  then,  the  heat  transfer,  as  the 
flowfield  was  incompressible.  Heat  transfer  calculations  required  less  than  about  100 
iterations. 

The  values  of  Su  and  i/p  utilized  in  various  cases  are  listed  in  Table  H. 


Table  H 


Values  of  and  ut 


Cases 

Sui 

Sui 

ni 

1 

0.811 

0.82 

0.11 

0.10 

2 

0.92 

0.92 

0.11 

0.10 

3 

0.91 

0.93 

0.11 

0.10 

4 

0.90 

0.93 

0.11 

0.10 

5 

0.90 

0.91 

0.11 

0.10 

The  values  of  Bp  and  selected  as  parameters  for  calculations  of  heat  transfer  are 
as  in  Table  III. 


Table  UI 

Values  of  Bp  and  B^  Selected 


Case 

Bp 

b8 

1 

1.5,  1.55 

1.5,  1.49 

2 

1.5,  1.82 

1.5,  1.49 

3 

1.5,  1.59 

1.5,  1.49 

It  will  be  observed  that  a  total  of  six  parameters  have  to  be  chosen  in  order  to 
establish  the  velocity  and  thermal  fields,  although  Ui\  and  t/tj  could  be  reasonable  non¬ 
zero  values.  It  may  also  be  pointed  out  that  the  introduction  of  B§  and  Bp,  rather  than 
a  single  value  of  ,  was  by  choice;  calculations  have  been  performed  with  a  single  value 
of  B^  across  the  entire  boundary  layer,  as  seen  from  Table  HI. 

All  of  the  predictions  have  been  based  on  assuming  the  existence  of  a  log  law  region, 
and  matching  the  FST  dissipation  length  scale  with  that  at  ^.995.  This  is  essentially  a 
method  of  establishing  the  transverse  extent  of  the  boundary  layer  affected  by  the  FST. 

The  calculation  required  in  most  cases  CPU  time  about  an  order  of  magnitude  less 
than  the  reported  time  for  DNS  calculations,  and,  therefore,  still  large. 

Predicted  Results 


The  predicted  results  are  presented  as  follows. 
Figure  6:  Mean  flow  velocity  in  cases  1  through  5. 

Figure  7:  Mean  temperature  in  cases  1  through  5. 

Figure  8:  Shear  stress  distribution 

Figure  9:  vO  distribution 

Figure  10:  Direct  stress  distribution 

Figure  11:  0^  distribution,  and 
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Figure  12:  Stanton  number  variation. 


As  stated  earlier,  there  are  no  experimental  data  to  compare  with.  However, 
matching  of  the  four  regions  in  the  transverse  direction  and  matching  the  dissipation 
scale  in  the  FST  with  that  at  ^.995  limit  the  permissible  values  of  Bp  and  In  fac^ 
no  predictions  are  presented  from  the  calculations  conducted  with  values  of  Bp  and  Bq 
both  equal  to  1.5  since  they  yielded  unacceptable  mean  temperature  profiles 
corresponding  to  the  mean  velocity  profiles;  the  latter  were  generated  such  that  they 
matched  the  experimental  data.  Thus,  a  mathematically  unique  method  of  choosing  B^ 
can  be  foreseen. 


Discussion 


A  framework  has  been  set  up  for  establishing  the  effects  of  FST  intensity  and  scale 
on  a  boundary  layer  when  there  is  heat  transfer  between  the  fluid  and  the  boundary  wall 
under  incompressible  flow  conditions.  The  framework  has  yielded  well  accepted 
predictions  in  the  case  of  Falkner-Skan  type  of  flows.  It  has  also  been  possible  to 
recover  the  experimental  results  in  Ref.  13  utilizing  the  LEIH  model,  while  recognizing 
that  heat  transfer  was  not  a  parameter  in  those  tests.  Finally,  the  limited  spectral 
analogy  (weighted  by  velocity  and  temperature  gradients)  has  been  utilized  in  the  cases 
with  heat  transfer,  and  the  nature  of  the  results  seem  meaningful. 

The  rational  representation  of  turbulence  and  the  solution  procedure  in  spectral 
space  permit  inhomogeneities  and  gaps  in  turbulence  to  be  taken  into  account.  The 
redistribution  of  energy  cannot,  however,  be  predicted  without  additional 
phenomenological  hypotheses,  such  as  those  leading  to  the  Eddy  Damped  Quasi  Normal 
Markovin  (EDQNM)  approximation  (Reference  32). 

The  framework  generated  is  useful  for  output  interrogation  with  respect  to  specific 
questions,  and  not  for  calculations  for  design  or  general  heat  transfer  prediction. 
However,  under  incompressible  flow  conditions,  if  flowfield  measurements  are  available, 
Su  and  ut  can  be  selected  based  on  such  data,  and  the  thermal  field  determination 
requires  only  a  choice  of  B^.  If  this  procedure  becomes  established,  it  can  yield  some 
savings  in  determining  heat  transfer.  This  can  only  be  accomplished  if  the  framework  is 
suitably  calibrated  and  verified  in  a  number  of  cases. 

In  this  connection,  it  is  well  recognized  that  Su  and  ut  are  not  directly  measurable; 
in  fact,  they  are  only  of  the  nature  of  a  skewness  factor  and  an  eddy  viscosity-like 
damping  factor.  Thus,  it  is  necessary  to  compute  some  other  parameter  such  as  the 
probability  density  function  (pdf)  for  velocity  and  temperature.  This  has  been 
attempted  in  Reference  33  for  velocity  fluctuations  in  turbulent  boundary  layers.  It  is 
suggested  that  the  pdf  obeys  a  general  distribution  law  with  several  parameters  applying 
to  different  parts  of  a  boundary  layer.  Such  investigations  have  not  been  attempted 
with  FST,  or  in  relation  to  scalar  properties  such  as  temperature  without  or  with  FST. 
The  current  framework  does  permit  a  determination  of  the  pdf  of  both  velocity  and 
temperature  fluctuations,  and  thus  lead  to  an  experimental  verification  of  the  validity  of 
the  choice  of  S^,  ut,  and  B^. 

The  limited  similarity  between  intensity  and  temperature  variance  may  be  affected 
by  complexities  in  flows.  Adequate  experimental  data  are  not  available  to  delineate  the 
complexities  that  do  not  affect  the  similarity  from  those  that  do.  Any  complexity  that 
brings  about  a  coupling  between  the  velocity  and  the  thermal  fields  can  cause  a  basic 
change  in  the  postulated  similarity. 
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Two  important  questions  in  the  prediction  procedure  pertain  to  the  postulated 
limited  similarity  between  velocity  and  temperature  spectra:  (i)  What  is  the  influence  of 
scale?  And,  (ii)  What  causes  the  dissimilarity  in  spectra?  Neither  of  these  questions  can 
be  resolved  adequately  at  this  time.  It  is  suggested  that  there  may  be  a  combination  of 
the  two  scales  of  velocity  fluctuations  and  the  two  scales  of  temperature  fluctuations  that 
together  determine  the  penetration,  entrainment  and  subsequent  dissipation  of  fluid 
packets,  and  then  cause  the  differences  in  the  spectra.  An  experiment  in  which  the  two 
sets  of  the  two  scales  can  be  adjusted  independently  is  indicated. 

Acknowledgement:  Parts  of  the  initial  work  on  this  problem  were  supported  under 
Ah'OSR  Contract  No.  F49620-87-k-0008.  Several  discussions  with  Dr.  R.  Rivir  and 
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Appendix  I 

The  mean  flow  equations  are  written  in  a  conservative  form  as  follows: 

5Ui  d  ,,,  -  5P  ,  1 

^  +  ^(UiUj-iIniD  =  -^  +  — 


dxx  Re  0^2 


a  ^ 


+  « 


dx\ 


(A.1.1) 


(A.1.2) 


The  kinetic  energy  of  velocity  fluctuations  and  the  variance  of  temperature 
fluctuations  can  be  balanced  as  follows: 
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(A.1.4) 


The  pressure  fluctuation,  p,  expressed  in  terms  of  the  parameter  tt,  See  Eq.  (7.2),  can 
be  shown  to  obey  the  Poisson  equation  in  incompressible  flow. 


u'lUj  =  4>[  ,  and  =  0  4>] 


(A.2) 


The  large-eddy  functions  4>\  governed  by  the  dynamical  equation  in  physical  (x,y,z) 
space  as  follows. 


^  Uj]  +  ^(c^i  Uj)  +  Su  ^  ■ 


0iUj 


=  --^  +  (i^  +  n)-  2 

dxf 


(A.3) 


In  the  following,  the  solution  procedure  is  illustrated  only  for  the  x-component  of 
The  same  procedure  can  be  extended  to  other  components  of 
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The  flow  is  assumed  to  be  homogeneous  in  the  spanwise  z-coordinate  direction.  One 
can  then  introduce  F ourier  expansions  for  velocity  and  pressure  as  follows. 


<k  =  s  ^i  (x»y.k,t)  d* 

k=— oo 


(A.4) 


7r(x,y,z,t)=  Y,  ^  (x,y,k,t)  d* 
k=— oo 


(A.5) 


where  i  =  "X/—  1 .  Applying  these  to  Eq.  (A.5),  one  obtains  a  complex  equation  for 
^1  (x>y>k,t)  as  shown  below. 

dh  .  _  a  r,. .  )  .  d  )  .  a  ) 


+  i  k  U  ^3  +  S  •  Fj^(<^l  <^j) 


—  —  +  —  -  k 

^  5x2  0^ 


where  the  F  -  term  is  equivalent  to 

E  [^1  ~  [^1  ~ 

k'  =  —  oo^  ^ 


+  i  k  (k')  ^3  (k  —  k') 


Thus  information  between  a  large  and  a  small  wave  number  is  exchanged  through  the 
convolution  term.  The  solution  for  can  then  be  obtained  at  time  t  =  t©  +  At 
utilizing  the  values  of  mean  velocities  U  and  V  which  have  been  determined 
corresponding  to  that  instant  but,  as  stated  under  Numerical  Procedure,  with  the 
Reynolds  stresses  for  t  =  tg . 

*  * 

The  first  step  in  solving  Eq.  (A.6)  is  to  determine  an  intermediate  function  from 
the  following  equation. 
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At 


+  U- 


dK  ^  dy  ^  dx  dx  ^ 


+  j  3-S-f(<^1  -S-F  (<^1  «^j]“  ^1 

[^1  +  ^l) 


1  1  +  n 

32 

2  Re 

3x2 

ay3 

-k" 


(A.7) 


It  is  subject  to  the  conditions 

*  ,1  (  ln+1 


dTT 

dx 


+  (At) 


dir 

dx 

V  / 


(A.8) 


Equation  (A.8)  assumes  that  ~  at  the  boundary  and  is  a  second-order 

approximation  in  time,  O  (At^)  (Ref.  X).  Introduction  of  in  the  viscous  term  in  Eq. 
(A.8)  stabilizes  the  numerical  solution  for  Once  is  solved  from  the  elliptic 

equation  (A.8),  then  pressure  spectra  is  obtained  from 

S^it  .  ^ir 


-f  — —  k^^  = 

3x2  5y2  At 


dx 


dy 


(A.9) 


subject  to  boundary  conditions,  namely 


37r' 


.n+1 


dx 


Finally,  updated  values  for  are  computed  directly  from 

-  ^*1  37r“+l 


(A.  10) 


At 


-  (At) 


dx 


37r“+^ 


dx 
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The  intensities  and  Reynolds  stress  components  uiuj  are  then  calculated  from 
integrating  over  a  chosen  wave  number  range  as  follows. 

00 

ufuj  (x,y,t)  =  /  ^i(x,y,k,t)  (x,y,k,t)  dk  (A.  12) 

— oo 

where  *  on  denotes  the  complex  conjugate.  It  is  found  that  a  set  of  discrete  wave 
numbers  encompassing  the  desired  range  is  adequate  in  practice. 

A  similar  analysis  can  be  carried  out  for  t/q . 

The  basic  equations  are  solved  in  two  groups:  (i)  Equations  (A.l.l),  (A.3),  and  (A.9), 
and  (ii)  Equations  {A.1.3),  (A.1.4),  and  (A.3). 

The  numerical  method  is  a  fractional  method  (Refs.  34  and  35).  As  indicated  above, 
the  cross-flow  direction  z  is  transformed  into  wave  number  space  k.  The  convection 
terms  are  transformed  with  second  order  Crank-Nicolson  method.  A  staggered  grid  is 
employed  for  discretization:  the  u-component  variables  are  placed  on  the  east  side  of 
the  grid  cell,  the  v-component  ones  are  on  the  south-north  sides,  and  the  w-component 
variables  and  pressure  are  located  at  the  cell  centers.  The  resulting  Poisson  equations 
are  solved  implicitly  with  an  elliptic  procedure  without  resorting  to  an  approximate 
factorization  technique. 

The  mean  flow  equations  are  decoupled  from  the  large  eddy  equations  during 
integration  in  time  by  allowing  the  turbulent  transport  terms  in  the  mean  flow  equations 
to  lag  by  the  time  step  At  when  the  mean  flow  velocities  are  being  solved  at  t 
=  (to  +  At).  Meanwhile  the  large  eddy  field  interacting  with  the  current  mean  flowfield 
is  implicitly  updated  for  t  =  (to  +  At). 

In  general  about  300  -  500  iterations  are  required  in  time  at  each  point  in  the 
flowfield  for  the  chosen  values  of  Su  and  i/j'.  Three  sets  of  matching  conditions  are 
required  along  the  transverse  direction,  while  requiring  the  matching  layer  to  be  of  the 
character  of  log  law.  Finally  the  calculated  flowfield  has  to  be  iterated  with  respect  to 
the  domain  boundary  conditions.  The  solution  so  obtained  applied  to  the  FST  of  given 
intensity  and  a  dissipation  length  scale  obtained  at  ^.995. 

When  it  is  desired  to  consider  FST  with  a  given  length  scale,  the  outer  edge  of  the 
boundary  layer  region  must  be  varied  over  a  range  of  values,  approximately  over  1.5  to 
3.0  times  the  given  length  scale. 

A 

In  the  second  part  of  the  solution  procedure,  the  parameter  to  be  chosen  is  B  .  If 
relevant  experimental  data  are  available,  then  can  be  chosen  such  as  to  recover  the 
experimental  data. 
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Figure  1.  Turbulent  boundary  layer  with  free 
stream  turbulence. 
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Figure  2.  Free  stream  turbulence  intensity  and  scale. 
1.  Weak  turbulence;  2.  moderate 
turbulence;  and  3.  large  scale  turbulence. 
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Figures.  Flowfield model. 
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i.  Flat  plate. 


(u'AJ)eXlOO 

Figure  4.(continued)  Selected  cases: 

(ii).  Test  cases.  Bar  spacing  7.2  cm  for  cases  (1), 
(2),  and  (3),  and  15.2  cm  for  (4)  and  (5). 


Figure  4.(continued)  Selected  cases: 

(iii).  Boundary  layer  thickness  for  different  cases. 


Figures.  Calculation  domain. 
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(iv).  Case  4  (v).  Case  5 

Hgiiie6.  Mean  velocity  profiles.  Figure  6.  Mean  velocity  profiles 


Figure  7.  Mean  temperature  profiles. 


(v)  Cases. 

Figure  7.  Mean  temperature  profiles. 
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(ii)  Case  2. 

Figure  8.  Shear  stress  distribution. 
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(iii)  Case  3. 

Figure  8.  Shear  stress  distribution. 
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Figure  9.  V0  distribution:  cases  1,  2,  3, 4,  and  5. 


(i)Case  1. 

Figure  10.  Direct  stress  distribution. 


(ii)  Case  2. 

Figure  10.  Direct  stress  distribution. 
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Figure  10.  Direct  stress  distribution. 
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(v)  Case  5. 

Figure  10.  Direct  stress  distribution. 
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Figure  11.  0^  distribution:  cases  1, 2,  3, 4,  and  5. 
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RESME 

Afin  d'optimiser  les  circuits  de 
ventilation  des  aubes  de  turbine  il  est 
necessaire  de  nieux  connaltre  les  echanges 
thermiques  qui  resultent  des  ecoulements 
complexes  rencontres  dans  les  canaux  de 
cavit^s  internes. 

La  rotation,  la  qSometrle  des  canaux,  la 
presence  de  perturbateurs  aux  parois  (ou 
promoteurs  de  turbulence)  sont  des 
paramStres  importants  dont  il  faut 
chiffrer  les  effets. 

Dans  un  premier  temps,  1' ONERA  a  mend  une 
etude  expdrimentale  des  effets  de  la 
rotation  sur  les  dchanqes  convectifs  dans 
un  canal  lisse  de  section  rectanqulaire 
avec  une  tranche  centripete  et  une  tranche 
centrifuge.  Les  gammes  de  nombre  de 
Reynolds  et  de  nombre  de  Rossby  vont 
respect ivement  de  10000  d  60000  et  de  0  A 
0,45.  Dans  ces  conditions  il  est  montrd  un 
accroissement  des  dchanges  thermiques  sur 
la  face  dlte  de  pression  qui  peut 
atteindre  un  facteur  multiplicatif  de  3. 
Cependant  que  sur  la  face  opposde  une 
decroissance  est  constatde  qui  peut 
atteindre  un  facteur  de  0,4.  Une 
modelisation  numdrique  de  tels  dcoulements 
a  dtd  enqaqde  d  I'aide  d'un  code  Navier- 
Stokes  3D  qui  conflrme  les  rdsultats 
expdr imentaux . 

Dans  un  deuxldme  temps,  1' ONERA  a  lancd 
une  dtude  expdrimentale  et  de  moddlisation 
des  dchanqes  thermiques  convectifs  dans  un 
canal  statlque  de  section  carrde  dont  une 
des  parois  internes  est  munle  de 
perturbateurs.  La  description  du  montage 
alnsi  que  lea  premiers  rdsultats 
expdrlmentaux  et  numdrlques  sont  exposds. 

ABSTRACT 

In  order  to  optimize  the  Internal  cooling 
passages  of  turbine  blades,  it  is 
necessary  to  acquire  a  better  knowledge  of 


heat  transfers 
complexe  flows. 

which 

result 

of 

such 

The  geometry  of 

the 

channels 

and 

the 

rotation  are  major  parameters  of  which  we 
study  the  effects. 


For  that  purpose  ONERA  has  conducted 
experimental  and  numerical  studies  in  the 
case  of  a  smooth  rectangular  channel  with 
a  centripetal  arm  and  a  centrifugal  arm 
connected  by  a  bend.  For  a  flow  with  a 
Reynolds  number  from  10000  to  60000  and  a 
Rossby  number  from  0  to  0,45  an  increase 
of  heat  transfer  is  shown  on  the  pressure 
side  which  can  reach  a  rate  of  3.  However, 
a  decrease  is  shown  on  the  suction  side 
which  can  reach  a  rate  of  0,4.  The 
numerical  simulation  with  a  3D  Navier- 
Stokes  code  confirms  these  thermical 
results.  It  gives  Information  on  secondary 
flows  which  result  of  Coriolis  forces. 

1.  INTRODUCTION 

Les  cavitds  internes  de  ventilation  des 
aubes  de  turbines  adronautiques  modernes 
ont  des  formes  gdometriques  complexes. 
Cette  complexitd  rdsulte  de  contraintes 
technologiques  mais  aussi  du  souci 
d'intensifier  les  dchanqes  convectifs 
(prdsence  de  perturbateurs  aux  parois, 
augmentation  de  la  turbulence  des 
dcoulements  internes)  et  done  I'efficacitd 
du  refroidissement.  La  rotation,  par  les 
dcoulements  secondaires  qu'elle  gdndre,  a 
dgalement  un  effet  sur  les  dchanqes 
convectifs  internes  du  fait  de  la 
modification  du  champ  de  vitesse. 

Sur  ces  thdmes,  1 'ONERA  conduit  des  dtudes 
expdr imenta les  et  numdrlques.  Les 
premidres  vlsent  d  dvaluer  les  flux 
thermiques  dchangds  sur  parois  lisses  en 
prdsence  de  la  rotation  ( expdr Imentat ion 
MERCI)  [1],  [2],  et  sur  parois  monies  de 
perturbateurs  en  statique  (expdr imentation 
DELPHES)  [3],  [4].  Les  secondes  vlsent  d 
ddvelopper  un  code  Navier-Stokes  3D  (code 
MATHILDA)  apte  d  prdvoir  de  tels 
dcoulements  [5].  La  validation  du  code 
numdrique  avec  les  rdsultats  expdrlmentaux 
constitue  la  liaison  entre  les  deux 
activitds. 

Cet  exposd,  en  reprenant  les  thdmes  ci- 
dessus  exposds,  montre  I'dtat  actuel  de  la 
confrontation  des  rdsultats  expdrlmentaux 
et  numdrlques. 
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2.  PRESENTATION  DU  CODE  MATHILDA 

Le  code  MATHILDA  [6]  permet  de  traiter  les 
ecoulements  conpressibles  fortement 
turbulents  A  1' inter ieur  de  cavitAs  de 
formes  complexes. 

Les  equations  de  continuity,  de  quantity 
de  mouvement  et  d'energie  sont  exprimees 
dans  un  repere  galiiyen  lie  a  la  gyomytrie 
ou  eventual lement  dans  un  repere  mobile 
tournant  A  la  vitesse  angulaire  n  autour 
d'un  axe.  Dans  ce  cas  la  rothalpie  ou 
enthalpie  de  rotation  est  introduite. 

La  turbulence  est  decrite  par  le  modAle  K- 
L.  Les  deux  grandeurs  K  et  L  sont 
calculees  en  cheque  point  du  champ  grace 
a  deux  Aquations  de  bilan.  Les  gAomAtries 
complexes  sont  traitAes  grAce  A  une 
transformation  rAguliere  Aventuellement 
fonction  du  temps  qui  fait  passer  du 
domains  physique  (coordonnAes  x,  y,  z)  au 
domains  de  calcul.  Dans  I'espace  ainsi 
transforme  un  maillage  peut  etre  construit 
par  simple  discretisation  (indices  I,  J, 
K  des  mailles) .  Autrement  dlt,  on  peut  se 
representer  le  rAseau  dans  I'espace 
transformA  comme  un  assemblage  de  domaines 
parallAlepipediques  images  de  volumes 
AlAmentaires  A  six  faces  et  hult  sommets. 
Certains  de  ces  domaines 
parallAlepipAdiques  repArAs  par  un  code 
approprlA  appartiennent  aux  conditions  aux 
limites:  parois  fixes  ou  mobiles,  entrees 
et  sorties  de  fluids.  Les  Achanqes 
thermiques  fluide-paroi  sont  schematisAs 
par  des  lois  de  paroi.  Les  conditions  aux 
limites  possibles  sont  variees:  pression, 
temperature,  dAblt  par  unitA  de  surface, 
direction  d' injection,  vitesse  angulaire, 
taux  et  echelle  de  turbulence,  flux  de 
chaleur...  Le  temps  de  calcul  est  suivant 
les  cas  de  I'ordre  de  12  A  20  jis  par 
maille  par  iteration  et  par  equation  sur 
CRAY  XHP. 

3.  ECHANGES  THERMIQUES  DANS  LES  CANAUX 
STATIOUES 

3.1.  Presentation  du  montage  DELPHES 


Dans  ces  conditions  I'Acoulement  dans  le 
circuit  de  mesure  peut  avoir  les 
caractAristlques  suivantes: 

-  temperature  gAneratrice  Ti=  550  K 

-  pression  gAnAratrice  1  bar<Pi<5  bars 

-  nombre  de  Reynolds  3 , 5. 10*<Re<7 . 10* 

-  nombre  de  Mach  M<  0,8 

La  section  utile  de  mesure  du  flux 
thermique  est  constituAe  par  une  plaque 
plane  amovible  de  250  mm  de  long,  de 
faible  Apaisseur  3  mm,  munie  de 
perturbateurs  de  5  mm  par  5  mm  espacAs  de 
50  mm.  Elle  est  AquipAe  de  thermocouples 
de  masse  installAs  en  rainures.  La  paroi 
en  vis  a  vis  est  constituAe  d'un  hublot  en 
saphir  qui  autorise  la  mesure  de 
tempArature  de  surface  de  la  plaque  par 
thermographie  infrarouge. 

Un  maillage  de  la  section  mediane  de  la 
plaque  est  utilisA  comme  domaine  de  calcul 
pour  un  code  numArique  de  conduction  qui 
donne  le  champ  thermique  en  fonction  de 
conditions  aux  frontieres.  Un  processus 
itAratif  qui  porte  sur  I'ajustement  du 
coefficient  d'Achange  convectif  plaque- 
ecoulement  permet  d' identifier  en  tous  les 
points  de  la  section  mediane  de  la  plaque 
et  en  particulier  aux  points  de  mesure  les 
Avolutions  temporelles  de  tempArature 
calculees  et  mesurees  (figure  2). 

3.2.  Confrontation  exoArience-calcul 
numerioue 

Des  comparaisons  de  resultats  issus  de 
I'expArience  et  du  calcul  numArique 
MATHILDA  ont  AtA  faites  pour  les  valeurs 
successives  du  nombre  de  Reynolds  420000, 
560000,  700000  et  A  la  pression 

gAneratrice  de  3  bars  (figures  3,  4,  5). 
Les  ecarts  maximum  entre  I'expArience  et 
le  calcul  sont  notAs  sur  les  sommets  des 
perturbateurs  et  sont  dOs  a  la  rAsolution 
de  la  camera  I.R.  DerriAre  les 
perturbateurs,  1' accord  entre  I'expArience 
et  le  calcul  est  satisfaisant,  sauf  A 
I'aval  du  premier  perturbateur  oil  les 
profils  mesurAs  et  calculAs  sont  inversAs. 


Le  montage  DELPHES  (figure  1)  est  une 
soufflerie  chaude  destinAe  A  1 'etude  de 
1' influence  de  perturbateurs  en  paroi  sur 
les  Achanges  convectifs  dans  un  canal 
rectiligne  de  section  carrAe  50x50  mm2.  Le 
flux  thermique  est  deduit  de  I'Avolution 
temporelle  de  la  temperature  de  surface 
relevAe  en  transitoire  par  thermocouples 
et  par  thermographie  infrarouge. 
L'ecoulement  d'air  chaud  est  genArA  par 
une  chambre  de  combustion  A  fort  taux  de 
dilution  qui  porte  I'Acoulement  A  une 
tempArature  de  550  K.  Un  mAlangeur  assure 
I'homogAnAisation  en  tempArature  de 
I'Acoulement.  Une  vanne  bypass  permet 
d'envoyer  I'Acoulement  chaud  vers  le 
circuit  1  et  ainsi  de  rAaliser  des 
transitoires  thermiques.  Le  circuit  1  se 
divise  en  deux  circuits  la  et  lb.  Le 
circuit  la  comporte  la  section  utile  de 
mesure  du  flux  thermique;  le  circuit  lb  de 
dAcharge  permet  I’ajustement  du  dAblt  et 
de  la  pression. 


4 .  ECHANGES  THERMIQUES  DANS  I.ES  CANAUX  EN 
ROTATION 

4.1.  Presentation  du  montage  HERCI 

Le  montage  MERCI  est  un  banc  d'essai  dAjA 
ancien  qui  n'est  plus  exploitA  A  I'heure 
actuelle.  Ce  banc  et  les  rAsultats 
expArimentaux  obtenus  ont  AtA  prAsentAs 
lors  de  congrAs  ASME  et  AGARD  [1],  [2],  il 
n'est  done  pas  nAcessaire  d'y  revenir  de 
maniAre  dAtaillAe  seulement  pour  dire  que 
les  mesures  sont  de  nature  thermique. 
Aucune  investigation  de  I'Acoulement 
(champ  de  pression  ou  champ  de  vitesse) 
n'y  a  jamais  AtA  faite. 

La  maquette  instrumentAe  en  thermocouples 
de  masse  est  un  canal  de  section 
rectangulaire  en  forme  d'Apingle  A  cheveu 
qui  tourne  autour  d'un  axe  perpendiculaire 
A  I'axe  du  canal  (figure  6).  L'air  qui 
circule  A  I'intArieur  regoit  un  flux 
thermique  au  contact  des  quatre  parois 
chauffAes  extArleurement  par  un  flux  de 
rayonnement  callbrA.  Un  bilan  thermique 
qui  tient  compte  de  la  conduction  dans  les 
parois  (en  rAglme  stabllisA  aussi  bien 


10-3 


qu'en  transitoire) ,  ^  partir  de  la 

connaissance  de  la  temperature  de  surface 
du  canal  (thermocouples  et  pyrometrie 
Infrarouge) ,  de  la  connaissance  du  flux  de 
rayonnement  incident,  de  1' Evolution  de  la 
temperature  de  I'ecoulement,  permet  de 
remonter  au  flux  thermique  local  face  par 
face.  La  figure  7  montre  1' Evolution  de  ce 
flux  convectif  dans  une  section 
transversale  du  canal  centrifuge. 

Les  caract^ristiques  du  montage  sont: 

-  une  maquette  de  section  rectangulaire 
rapport  des  cot6s  a/b=  2,  diamdtre 
hydraulique  13,3mm, 

-  une  Vitesse  de  rotation  pouvant 
atteindre  5000  tr/mn, 

-  une  temperature  de  surface  de  773‘'K, 

-  nombre  de  Reynolds  10000  a  60000, 

-  nombre  de  Rossby  0  e  0 , 5 

-  nombre  de  Rayleigh  90.10*  a  150. 10*. 

4.2.  Confrontation  experience-calcul 
numeriaue 

Des  simulations  numeriques  de  la 
configuration  MERCI  ont  ete  faites  en 
faisant  varier  la  vitesse  de  rotation  du 
canal  de  0  a  5000  tr/mn  par  pas  de  100 
tr/mn.  Les  autres  conditions  de  la 
simulation  sont; 

-  nombre  de  Reynolds  Re=  25000, 

-  flux  de  chaleur  parietal  impose: 

Qw=  15  KW/M^ 

-  temperature  d'entree  de  I'air  Te=  356‘>K, 

-  modele  de  turbulence:  K.L., 

-  longueur  de  melange  L=  imm, 

-  taux  de  turbulence:  1%, 

Les  r^sultats  numeriques  obtenus  sont  tr6s 
locaux  et  tr6s  riches  par  rapport  aux 
rSsultats  exp^rimentaux  qui  ne  portent  que 
sur  les  flux  convectifs  echang^s  dans  les 
sections  instrumentees  du  canal.  Aussi  la 
comparaison  essentielle  qui  puisse  etre 
faite  concerne  les  echanges  aux  parois 
sous  la  forme  du  nombre  de  Nusselt  en 
fonction  du  nombre  de  Rossby.  La  figure  8 
met  en  relief,  pour  le  canal  centrifuge, 
que  1' action  de  la  rotation  est  sous 
estim^e  par  le  calcul.  Cependant,  le 
comportement  general  est  bien  reproduit: 

-  accroissement  des  ^changes  sur  la  face 
du  canal  dite  de  "pression"  avec  la 
vitesse  de  rotation, 

-  d^croissance  des  echanges  sur  la  face  du 
canal  dite  de  "depression"  avec  la 
vitesse  de  rotation. 

Les  observations  qui  peuvent  Stre  faites 
4  propos  de  cette  simulation  4  la  vitesse 
de  rotation  de  5000tr/mn  sont  les 
suivantes.  Le  champ  des  pressions 

statiques  est  stratifie  du  fait  de  la 
rotation  et  on  note  une  forte  depression 
dans  le  cote  int6rieur  du  coude  (figure 
9),  elle  apporte  de  fortes  vitesses.  Dans 
la  partie  centrifuge,  les  forces  de 

Coriolis  generent  un  ecoulement  secondaire 
caracterise  par  la  structure  classique  4 
deux  tourbillons  (figure  10).  Ceci  induit 
une  forte  distorsion  du  champ  des  vitesses 
debltantes  (figure  10).  Le  coude  a  pour 
effet  de  d6truire  cette  structure  par 
1' action  des  forces  d'inertie,  il  en 
resulte  une  structure  4  tourbillon  unique 
4  la  sortie  (figure  11)  qui  se  poursuit 
dans  le  canal  centripftte  en  perdant  de  son 
intensity  tout  en  se  d4centrant  (figure 
12)  . 


5.  CONCLUSION 

L' association  sur  un  meme  th4me  d'4tude 
des  approches  experimentale  et  num4rique, 
permet  d'acqu4rir  une  bonne  comprehension 
des  phenomdnes  physiques  et  d' avoir  une 
solide  base  de  validation. 

Du  point  de  vue  experimental  il  serait 
beneflque  de  pouvoir  disposer  d'un  cemal 
tournant  muni  de  perturbateurs .  En  canal 
statique  il  est  prevu  d'obtenir  des 
resultats  sur  un  canal  qui  suit  un  coude, 
tout  en  faisant  des  experimentations  4 
caractere  plus  aerodynamique . 

Du  point  de  vue  numerique  il  est  important 
de  pousuivre  le  travail  d' amelioration  de 
la  prevision  des  echanges  thermiques  aux 
parois. 
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Discussion 


QUESTION  1: 

DISCUSSOR:  B.E.  Launder,  UMIST 

Will  more  details  of  your  work  be  given  in  the  final  version  of  the  paper  than  appear  in  the 
conference  version?  There  are  no  grid  details  or  demonstrations  of  grid  sensitivity. 
AUTHORS  REPLY; 

I  presume  you  are  referring  to  the  results  presented  in  Figures  10,  11,  and  12.  These 
figures  were  obtained  from  color  graphic  representations  of  the  results  and  are  given  in 
their  final  form.  The  results,  however,  are  presented  elsewhere  (see  our  references)  and 
we  will,  of  course,  supply  you  with  details  if  you  wish. 
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SUMMARY 

This  paper  presents  the  results  of  an  experimental  programme 
aimed  at  invesngating  the  effect  of  Coriolis  forces  and 
centripetal  buoyancy  on  forced  convection  in  an  internally 
finned  circular  tube  which  rotates  about  an  axis  orthogonal 
to  the  tube’s  central  axis.  This  geometric  arrangement 
typifies  the  internal  coolant  channels  of  gas  turbine  rotor 
blades. 

It  is  demonstrated  that,  as  with  smooth-walled  mbes, 
Coriolis-driven  secondary  flows  give  rise  to  relatively 
better  heat  transfer  on  the  trailing  edge  of  the  tube 
compared  with  that  on  the  leading  edge.  Leading  edge  heat 
transfer  is  shown  to  be  significantly  impaired  in  relation 
to  that  which  occurs  under  non-rotating  conditions. 

Centripetal  buoyancy  is  shown  to  improve  local  heat  transfer 
on  the  leading  and  trailing  edges  for  a  given  value  of  the 
through  flow  Reynolds  number  and  the  Rossby  number. 

Although  duct  rotation  tends  to  improve  heat  transfer  on  the 
trailing  edge  in  comparison  with  normal  stationary  duct 
forced  convection,  serious  overprediction  of  heat  transfer 
results  from  ignoring  rotational  effects  on  the  leading 
edge.  This  is  an  important  observation  in  the  context  of  the 
design  of  turbine  rotor  blade  cooling  systems. 
NOMENCLATURE 

English  Symbols 

A  Coefficient 

Bu  Buoyancy  parameter 

c  Constant  pressure  specific  heat 
P 

d  EHameter  of  mbe  measured  at  a  rib 
D  Plain  tube  diameter 

k  Thermal  conductivity 

H  Eccentricity  at  entry  plane  of  heated  tube 
I  Rib  land 

Nu  Local  Nusselt  number 
n  Exponent 


p  Rib  pitch 

Pr  Prandtl  number 

q  Heat  flux 

Re  Reynolds  number 

Ro  Rossby  number 

T  Local  fluid  bulk  temperanire 
B 

T  Local  wall  temperature 

w  Mean  axial  velocity 

z  Axial  location 

Z  Non-dimensionalised  axial  location 
Greek  Symbols 

P  Volume  expansion  coefficient 
e  Eccentricity  parameter 

p  Density 

p  Absolute  viscosity 

o>  Angular  velocity 

$  Functional  relationship 

INTRODUCTION 

State  of  the  an  cooling  of  aero  gas  turbine  rotor  blading 
in  the  high  pressure  stages  involves  the  use  of  internal 
airways  which  incorporate  a  variety  of  surface  heat  transfer 
augmentation  devices,  including  combinations  of  fins,  ribs 
and  other  artificial  surface  toughening  aids.  These  internal 
airways  permit  compiessor-bled  cooling  air  to  flow  in  a 
predominantly  spanwise  direction  along  the  blade,  in  either 
the  radially  outward  or  inward  direction,  as  illustrated  in 
Figure  1.  This  rotating  duct/flow  geometry  is  often  referred 
to  as  orthogonal-mode  rotation  in  the  techrucal  literature 
and  this  descriptor  will  be  adopted  in  the  present  paper. 
Since  the  coolant  is  constrained  to  flow  in  a  channel  which 
is  rotating,  it  is  influenced  by  Coriolis  and  centripetal 
inertial  forces  which  can  drastically  change  the  relative 
flow  field,  and  consequently  the  surface  heat  transfer,  in 
comparison  to  the  usual  forced  convection  simation  which 
occurs  with  a  stationary  coolant  hole. 

Because  of  its  relevance  to  rotw  blade  cooling  considerable 
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interest  has  been  shown  in  determining  the  effect  of 
orthogonal-mode  rotation  on  convecdve  heat  transfer  in 
smooth-walled  tubes  and  a  variety  of  cross  sectional  shapes 
have  been  studied  from  both  the  theoretical  and  experimental 
viewpoint,  see  references  (1)  through  (27)  by  way  of 
example.  The  following  salient  points  illustrate  the  main 
features  of  this  class  of  rotary  flow  heat  transfer 
siniation  which  have  arisen  from  these  invesdgadons  and 
serve  as  necessary  background  to  the  work  to  be  reported  in 
the  present  paper. 

Coriolis  forces  generate  a  strong  secondary  flow  in  planes 
perpendicular  to  the  main  spanwise  flow  direcdon.  The 
resuidng  spiralling  flow  along  the  duct  causes  core  region 
fluid  to  move  towards  the  trailing  or  rearward  edge  of  the 
duct  with  a  return  flow  along  the  duct  periphery  towards  the 
leading  or  forward  edge,  as  illustrated  in  Figure  2  for  a 
circular-secdoned  duct. 

This  secondary  flow  tends  to  improve  local  cooling  in  the 
vicinity  of  the  trailing  edge  in  reladon  to  that  at  the 
leading  edge  due  to  the  washing  effect  of  the  relatively 
cool  core  fluid. 

The  relative  impediment  to  heat  transfer  in  the  leading  edge 
regions  can  give  rise  to  conditions  which  are  worse  than 
those  suggested  by  treating  the  problem  by  stationary  duct 
forced  convection  methods.  This  is  important  from  the  design 
viewpoint  since  hot  spots  can  develop  as  a  consequence  near 
the  leading  edges  of  the  coolant  channel. 

When  large  wall  to  fluid  temperature  differences  are  present 
the  Coriolis-driven  flow  field  is  modified  due  to 
centripetal  buoyancy.  Various  workers  have  suggested  that 
this  mechanism  can  improve  or  impair  the  relative  heat 
transfer  around  the  periphery  of  the  coolant  channel  cross 
sectional  shape  being  considered.  Although  this  additional 
effect  is  not  yet  fully  understood,  probably  due  to  complex 
changes  in  the  flow  structure  as  a  result  of  rotation  (see 
Johnson  et  al  (5)  and  unpublished  flow  visualization  snidies 
by  (Morris  and  Claypole  (28)),  a  recent  proposal  for  a 
possible  empirical  correlating  factor  including  the 
simultaneous  effect  of  Coriolis  forces  and  centripetal 
buoyancy  has  been  proposed  by  Morris  and  Salemi  (26).  This 
will  be  discussed  in  greater  detail  later  in  this  paper  when 
new  experimental  data  is  presented. 

An  important  point  concerning  the  effect  of  orthogonal-mode 
rotation  on  convective  heat  transfer  has  been  raised  by 
Medwell  et  al  (22)  and  Taylor  et  al  (23),  (27)  and  this 
reflects  the  manner  in  which  conduction  in  the  duct  wall  can 
smooth  out  the  rotationally  driven  peripheral  asymmetry  in 
convection.  These  workers  have  demonstrated  the  need  to 
treat  the  analysis  of  experimental  data  from  a  systems 
viewpoint  which  includes  circumferential  conduction  in  the 
duct  walls.  The  omission  of  this  effect  could  well  explain 
discrepancies  in  the  reported  data  of  various  researchers  to 
date. 

Although  numerous  smooth-walled  ducts  have  been  studied. 


the  practically  important  problem  of  assessing  the  influence 
of  orthogonal-mode  rotation  on  convection  in  mbes  fitted 
with  heat  transfer  augmentation  devices  has  been  not 
received  as  much  attention  to  date.  Clearly  numerous 
geometric  arrangements  of  ribs,  fins,  artificial  roughening, 
etc  may  be  devised  for  blade  cooling  applications.  Before  a 
particular  configuration  is  introduced  into  service, 
however,  its  performance  must  be  adequately  assessed  and 
this  involves  time  consuming  and  expensive  research  and 
development  programmes. 

In  an  attempt  to  develop  a  fundamental  understanding  of  the 
combined  effect  of  surface  enhancement  devices  and 
orthogonal-mode  rotation  on  ducted  flow  heat  transfer,  the 
present  authors  have  selected  a  simple,  but  ptactical,  test 
geometry  for  a  detailed  experimental  study  under  laboratory 
conditions.  The  actual  test  geometry,  illustrated  in  Figure 
3,  is  comprised  of  a  circular-sectioned  tube  fitted  with 
full  circumferential  transverse  ribs  at  regular  downstream 
intervals.  The  geometric  specification  may  be  described  in 
terms  of  the  three  non-dimensional  groups  defined  in  Figure 
3.  For  this  initial  set  of  experiments  the  relative  size  of 
the  ribs  was  selected  to  give  geometrical  parameters  typical 
of  those  in  current  practical  cooling  system  designs  and  the 
actual  values  used  are  cited  below. 

Pitch/plain  bore  diameter  ratio  =  2 

Blockage  ratio  =  0.36 
Land/pitch  ratio  ^  0. 1 

The  present  paper  reports  the  effect  of  the  ribs  on  normal 
stationary  duct  forced  convection  in  comparison  with  a 
smooth-walled  circular- sectioned  tube  and  then  demonstrates 
the  effect  of  orthogonal-mode  rotation  on  the  stationary 
ribbed  configuration.  l>ocal  axial  distributions  of  heat 
transfer  are  presented  for  the  leading  and  trailing  edges  of 
ihe  test  section. 

APPARATUS 

The  test  section  constructional  details  are  shown  in  Figure 
4.  The  heated  test  section  (1)  had  a  plain  tube  bore 
diameter  of  10  mm  with  an  outer  diameter  of  13  mm.  The  rib 
pitch  was  20  mm  and  each  of  the  five  ribs  machined  onto  the 
inner  bore  had  a  land  of  2  mm.  The  bore  diameter  measured  at 
each  rib  section  was  6  mm,  thus  creating  a  blockage  ratio  of 
0.36.  A  plain  bore  heated  section  nominally  25  mm  long 
preceded  the  first  rib  and  an  identical  plain  bore  heated 
section  was  incorporated  downstream  of  the  final  rib  as 
shown  in  the  figure.  This  test  piece  was  machined  from  a 
solid  bar  of  ceramic  glass  having  a  thermal  conductivity  of 
1.3  W/m  K  and  was  held  between  inlet  and  exit  insulated 
support  bushes,  (2)  and  (3)  respectively,  to  give  an 
actively  heated  test  length  of  130  mm.  The  support  bushes 
and  test  section  were  enclosed  in  an  aluminium  tube  (4) 
fitted  with  external  "O"  ring  seals  (S)  at  both  ends. 

Twelve  Chromel/Alumel  thermocouples  were  attached  to  two 
diametrically  opposed  edges  of  the  test  section  at  axial 
locations  indicated  in  Figure  3  to  permit  the  wall 


n-3 


temperature  to  be  measured  along  the  leading  and  trailing 
edges  of  the  section.  These  thermocouples  were  embedded  in 
the  wail  of  the  test  section  so  that  their  sensing  beads 
were  1  mm  deep  measured  from  the  outer  diameter  of  the  test 
section.  The  axial  distribution  of  the  thermocouples 
corresponded  approximately  to  the  centre  land  and  mid-pitch 
locations  with  minor  discrepancies  to  blend  with  a  screw 
thread  machined  on  the  outer  surface  to  locate  the  heating 
wire  used.  Chromel/Alumel  thermo-couples,  with  their  sensing 
beads  located  on  the  duct  axis  in  the  inlet  and  exit  bushes, 
permitted  the  air  temperature  rise  to  be  assessed. 

The  tube  was  electrically  heated  with  Nichrome  resistance 
wire  spirally  wound  into  the  screw  thread  machined  on  the 
outer  surface  of  the  tube.  Thermocouple  and  heater  cables 
were  brought  from  the  test  assembly  through  holes  machined 
in  the  exit  suppon  bush  (3).  The  space  between  the  outer 
surface  of  the  glass  tube  and  the  inner  surface  of  the 
encapsulating  sheath  (4)  was  filled  with  Fiberfrax  thermal 
insulation  to  minimise  external  heat  loss  from  the  module. 

The  instrumented  test  section  was  fitted  into  a  spin  rig 
facility  so  that  the  eccentricity,  measured  at  the  cross 
sectional  plane  where  heating  commenced,  was  270  mm.  This 
spin  rig  incorporated  a  drive  system,  an  air  plenum  and 
supply  system,  a  thermocouple  instrumentation  slipring  and  a 
power  slipring  for  the  electrical  heater.  Further  details  on 
the  spin  facility,  including  an  air  delivery  system  and  data 
acquisition  system,  have  been  reported  by  the  authors  in 
reference  (26).  Figure  5  shows  the  final  internal  flow 
circuit  for  air  delivery  to  the  test  section. 

EXPERIMENTAL  DETAILS  AND  DATA 
PRESENTATION 

The  programme  of  tests  undertaken  involved  four  nominal 
Reynolds  number  values  in  the  range  15000(5000)30(X)0.  These 
nominal  values  were  based  on  the  inlet  temperature  of  the 
air  entering  the  test  section.  Four  rotational  speeds  were 
used,  namely  0,  1000,  2000  and  2700  rev/min  and,  for  each 
Reynolds  number/speed  option,  five  different  levels  of 
heater  power  were  used.  A  maximum  wall  temperature  was 
0 

imposed  at  180  C  for  test  section  integrity  reasons.  At  each 
individual  test  the  mass  flow  rate  was  adjusted  to  ensure 
that  each  nominal  Reynolds  number  value  was  held  to  within 
±1%. 

The  power  dissipated  in  the  heater  section  is  not  entirely 
transferred  to  the  fluid  due  to  external  losses  and 
conduction  along  the  duct  wall.  Duct  wall  conduction  was 
minimised  by  using  low  conductivity  machinable  glass  for  the 
manufacture  of  the  test  section  itself.  A  series  of  heat 
loss  calibrations  was  undertaken  to  establish  the  extental 
loss  characteristics  of  the  test  section  at  all  rotational 
speeds  tested.  An  energy  balance  at  each  axial  location 
where  wall  temperature  measurements  were  effected  permined 
the  associated  wall  value  of  heat  flux  to  be  calculated  at 
those  locations. 

Having  determined  the  axial  variation  of  heat  flux,  the 


fluid  bulk  temperature  was  calculated  by  means  of  an 
enthalpy  balance.  Thus  from  knowledge  of  heat  flux,  wall 
temperature  and  fluid  bulk  temperature,  the  heat  transfer 
coefficient  distributions  along  the  duct  could  be  calculated 
and  presented  non-dimensionally  in  terms  of  a  local  Nusselt 
number  on  the  leading  and  trailing  edges  of  the  duct  It 
should  be  pointed  out  that  when  dealing  with  the  smooth- 
walled  tube,  the  measured  wall  temperatures  were  corrected 
to  give  the  implied  surface  temperature  using  a  straight 
forward  one  dimensional  conduction  correction  through  the 
tube  wall.  Owing  to  difficulties  in  making  full  surface 
temperature  measurements  over  the  fumed  surfaces,  the  wall 
temperatures  used  in  the  analysis  at  a  ribbed  location  was 
taken  to  be  the  corrected  equivalent  smooth-walled  value  as 
described  above.  In  other  words  a  wall  temperature  conected 
to  the  root  of  a  rib  was  used.  At  mid-rib  locations  the 
smooth  walled  technique  was  still  applicable. 

The  method  of  non-dimensional  data  presentation  follows 
ideas  presented  previously  by  the  authors,  see  reference 
(26).  However  in  the  interest  of  completeness  this  method  is 
briefly  repeated  as  follows. 

The  usual  forced  convection  mechanism  present  in  the  tube  is 
modified  due  to  the  presence  of  Cloriolis  forces  and 
centripetal  buoyancy.  The  Coriolis  effects  may  be  expressed 
non-dimensionally  in  terms  of  a  Rossby  number,  Ro,  defined 
as 

Ro  =  w/DD  (1) 

and  the  centripetal  buoyancy  via  a  buoyancy  parameter,  Bu, 
defined  as 

Bu  =  |i(T^-Tg)  (2) 

together  with  an  eccentricity  parameter,  e,  defined  as 

e  =  H/D  (3) 

where  all  symbols  are  as  defined  in  the  Nomenclature 
section. 

The  net  result  of  including  these  additional  groups  into 
the  well  known  non-dimensional  heat  transfer  relationships 
for  forced  convection  in  ducts  is  an  equation,  which  may  be 
applied  to  any  circumferential  location  on  the  mbe  wall. 


having  the  structure 

Nu  =  6(Re.  Pr,  Ro,  Bu,  c,  Z)  (4) 

where 

Nu  =  qD/k(T  -T  )  (Nusselt  number)  (5) 

W  D 

Re  =  pwD/p4  (Reynolds  number)  (6) 

Pr  =  pc  A  (Prandtl  number)  (7) 

P 

and 
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Z  =  z/D  (Downstream  location)  (8) 

with  all  symbols  again  defined  in  the  Nomenclature.  Note 
that  equation  (4)  by  implication,  in  the  context  of  the 
present  paper,  is  applicable  for  a  specified  rib/tube 
geometry.  A  full  description  of  the  physical  derivation  of 
non-dimensional  groups  applicable  to  a  rotating  dua  system 
is  given  in  Morris  (11) 

The  results  of  all  tests  undertaken  were  evaluated  on  a 
local  basis  using  the  non-dimensional  groups  described 
above.  All  property  values  needed  were  calculated  at  the 
locally  prevailing  bulk  temperature  of  the  fluid.  A 
discussion  of  the  results  obtained  now  follow. 

RESULTS  AND  DISCUSSION 

Results  obtained  from  a  series  of  experiments,  using  the 
same  test  section  constructional  details  and  data  processing 
procedure  as  described  above,  have  already  been  published  by 
the  authors  for  the  smooth-walled  situation,  see  reference 
(26).  This  data  is  used  here  in  order  to  demonstrate  the 
improvement  in  heat  transfer  created  by  the  incorporation  of 
the  ribs  for  the  case  of  zero  rotation.  The  zero  rotation 
ribbed  mbe  data  is  subsequently  used  for  assessing  the 
influence  of  rotation  on  the  ribbed  tube  performance. 

With  ribs  fitted,  an  examination  of  the  raw  experimental 
data  demonstrated  an  immediate  fundamental  change  in 
comparison  to  the  plain  tube  simation.  This  is  illustrated 
in  Figure  6,  where  typically  measured  axial  distributions  of 
wall  and  fluid  bulk  temperature  are  shown.  The  experimental 
control  approximated  well  to  a  uniform  heat  flux  boundary 
condition.  Under  these  circumstances  the  fluid  bulk 
temperature  increases  linearly  and,  as  the  flow  develops  in 
a  smooth-walled  tube,  the  wall  temperature  tends  to  become 
parallel  to  the  bulk  fluid  temperature.  This  tendency  is 
clearly  evident  in  the  smooth-walled  distribution  shown  in 
Figure  6a.  It  should  be  noted  that  the  final  20%  of  the  test 
.section  suffers  an  end  loss  effect  which  tends  to  lower  the 
wall  temperanire  in  this  region  and  it  is  customary  to  omit 
this  final  section  from  detailed  analysis  in  forced 
convection  experimental  work.  This  procedure  will  also  be 
adopted  when  derived  data  is  analysed  later  for  the  ribbed 
tube  situation  and  effectively  omits  the  fifth  rib  region 
from  our  detailed  analysis. 

With  ribs  fitted,  see  Figure  6b,  the  wall  temperanire  tended 
to  vary  cyclically  in  the  downstream  direction,  with  regions 
of  relatively  higher  temperature  occurring  at  the  ribs 
themselves.  This  suggests  that  the  flow  field  is  producing 
higher  heat  transfer  coefficients  in  the  mid  region  between 
ribs,  probably  due  to  flow  re-attachment  downstream  of  each 
rib.  Although  the  wail  temperanire  was  found  in  ail  cases  of 
the  ribbed  mbe  to  vary  in  a  cyclic  manner,  it  was  also 
observed  that  the  wall  temperature  tended  to  decrease  in  the 
downstream  direction  for  rib  and  mid-rib  locations  over  the 
first  four  ribs.  It  is  important  to  note  that  there  was  no 
evidence  of  temperature  variations  between  the  leading  and 
trailing  edges  in  the  absence  of  rotation  of  any  substantial 


nature,  thus  confirming  the  expected  axisymmeiric  heat 
transfer  behaviour. 

Figure  7  compares  the  axial  develt^ment  of  local  heat 
transfer,  expressed  in  the  form  of  the  local  Nusselt  number, 
for  the  smooth  and  ribbed  tube  cases.  For  the  reasons 
mentioned  above  it  is  suggested  that  the  final  section  of 
the  test  section,  beyond  the  mid-rib  location  between  the 
fourth  and  fifth  rib,  is  ignored  fiom  subsequent  analysis. 
The  smooth  wall  data  follows  the  well  known  classical 
development  where  a  region  of  high  heat  transfer,  in  the 
immediate  entry  region,  asymptotes  towards  a  fully  developed 
or  terminal  Nusselt  number  value  as  the  thermal  boundary 
layer  becomes  progressively  established. 

The  undulations  in  the  wall  temperature  created  by  the  ribs 
are  reflected  in  the  local  Nusselt  number  distributions  and 
this  is  also  shown  in  Figure  7.  Since  the  local  heat  flux  is 
relatively  uniform  and  the  wall  temperature  decreases 
cyclically  then  there  has  to  be  a  consequential  cyclically 
increasing  Nusselt  number  in  the  direction  of  flow.  This 
tendency  is  clearly  shown  in  the  figure. 

If  the  variation  of  Prandtl  number  is  ignored  over  the  fluid 
temperature  range  coveted  in  the  present  work,  then  the 
local  Nusselt  number  at  a  specified  axial  location  in  the 
duct  will  have  the  customary  forced  convection  form 

Nu  =  A  Re"  (9) 

where  A  and  n  are  constants.  For  the  range  of  Reynolds 
numbers  tested  data  obtained  at  rib  and  mid-rib  locations 
were  analysed  in  terms  of  equation  (9)  and  the  appropriate 
constants  evaluated.  The  numerical  results  of  this  empirical 
analysis  are  shown  in  Tables  1  and  2.  The  following  points 
arc  worthy  of  note. 

For  the  ribbed  locations,  the  exponent,  n,  tended  to 
decrease  as  the  rib  number  increased.  Extrapolation 
backwards  towards  the  inlet  section  preceding  the  first  rib 
suggests  that  this  exponent  approaches  the  well  established 
0.8  value  for  smooth-walled  forced  convection  in  ducts.  A 
similar  exponent  trend  was  found  for  the  mid-rib  locations, 
although  the  decrease  in  exponent  was  less  marked.  The 
variation  of  the  exponent,  n,  is  plotted  against  axial 
location  in  Figure  8  where  the  above  mentioned  trends  ate 
clearly  shown.  It  is  probable  that,  as  the  flow  pattern 
establishes  itself  in  a  multi  ribbed  tube,  these  exponents 
will  asymptote  to  a  constant  value.  This  has  strong  support 
from  the  finite  elettKnt  analysis  of  this  flow  geometry 
reponed  by  Taylor  et  al  (27). 


Rib  location 

A 

n 

1 

0.092 

0.724 

2 

0.176 

0.668 

3 

0.352 

0.609 

4 

0.515 

0.589 

Table  1;  Empirical  correlations  for  rib  locations 
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Midrib  location 

A 

n 

1-2 

0.084 

0.749 

2-3 

0.125 

0.725 

3-4 

0.221 

0.681 

Table  2:  Empirical  correlations  for  mid-rib  locations 

The  coefficients.  A,  fiom  equation  (9)  are  also  given  in 
Tables  1  and  2.  The  values  tended  to  increase  in  the 
downstream  direction  with  relatively  lower  values  occuning 
in  the  midrib  locations  as  illustrated  in  Figure  8. 

The  overall  complexity  of  the  flow  field  and  associated  heat 
transfer  which  occurs  when  this  ribbed  duct  was  rotated  is 
evident  fiom  the  typical  wall  temperature  distributions 
shown  in  Figure  9.  These  results,  which  are  typical  for  all 
rotating  tests,  clearly  illustrate  the  circum-ferential 
variation  in  heat  transfer  produced  due  to  the  Coriolis- 
driven  cross  stream  secondary  flow.  The  trailing  edge  of  the 
dua  was  consistendy  found  to  operate  at  a  lower 
teinperanire  than  its  leading  counterpart  in  a  similar  manner 
to  that  found  with  the  smooth-walled  nibe  (see  reference 
(26)).  It  is  interesting  to  note  also  that  the  cyclical 
ripples  in  wall  temperature,  noted  with  the  stationary 
ribbed  duct,  were  still  in  evidence  on  the  trailing  edge  but 
this  rippling  was  severely  suppressed  on  the  leading  edge. 
It  is  not  possible  to  fully  explain  this  effect  with  the 
present  data  but  it  is  very  likely  that  changes  to  the  basic 
turbulent  flow  structure  is  occurring  on  the  leading  edge. 
This  has  been  observed  and  noted  in  references  (S)  and  (28) 
for  the  smooth-walled  case. 

Figure  10  shows  the  form  of  local  Nusselt  number  variations 
calculated  from  the  data  processing  technique  described 
above  and  the  marked  relative  improvement  in  heat  transfer 
on  the  trailing  edge  is  clearly  shown.  The  suppression  of 
the  wall  temperature  ripple  on  the  leading  edge  is  also 
clearly  reflected  in  this  local  Nusselt  number  plot  Similar 
trends  were  detected  for  all  rotational  tests  undertaken. 

PricH'  to  conducting  the  rotational  experiments,  it  was  felt 
that  there  would  be  a  strong  possibility  that  the  influence 
of  centripetal  buoyaiKy  would  be  small  in  relation  to  the 
combined  complexity  of  the  presence  of  the  ribs  and  the 
CMolis-driven  secondary  flow.  It  was  surprising  therefore 
to  note  the  comparative  results  shown  in  Hgure  11.  Here, 
for  two  Reynolds  numbers  and  the  highest  rotadonal  speed 
used,  are  shown  the  trends  found  by  increasing  the  buoyancy 
parameter  whilst  effectively  keeping  the  Reynolds  and  Rossby 
numbers  fixed.  Note  that  this  effectively  means  ruiuiing  at 
progressively  higher  heat  fluxes. 

There  was  a  systematic  tendency  for  the  heat  transfer  to 
increase  with  increases  in  the  buoyancy  parameter  although, 
in  the  main,  significant  impediment  to  the  local  leading 
edge  heat  transfer  was  noted  in  comparison  to  the  stationary 
tube  situation.  As  with  the  smooth-walled  results  quoted  by 


other  workers  in  this  field,  this  ittqiiies  a  serious 
potential  overheat  situation  on  the  leading  edge  if 
rotational  effects  are  ignored  in  the  rotor  blade 
application. 

Figure  12  shows  the  corresponding  trends  found  for  local 
heat  transfer  on  the  trailing  edge.  Again  the  effect  of 
increasing  the  buoyancy  parameter,  whilst  maintaining  a 
fixed  value  of  Reynolds  and  Rossby  number,  was  to  produce 
progressive  increases  in  the  trailing  edge  heat  transfer  in 
the  main.  However  in  this  case,  the  local  heat  transfer 
tends  to  be  enhanced  in  relation  to  the  stationary  duct 
simation. 

Thus  far  the  general  efiects  of  rotation  found  with  the 
ribbed  duct  have  been  similar  in  qualitative  terms  to  those 
noted  by  other  workers  studying  the  smooth-walled  situations 
and,  in  particular,  the  complementary  study  undertaken  by 
the  present  authors  (reference  (26)).  In  this  respect  the 
general  trends  found  may  be  summarised  as  follows. 

Qtriolis  forces  are  still  significantly  affecting  the  ribbed 
duct  flow  field  by  the  generation  of  a  cross  stream 
secondary  flow  which  enhances  local  heat  transfer  on  the 
trailing  edge  of  the  duct  in  relation  to  the  leading  edge. 
Although  there  is  a  tendency  for  a  net  beneficial  effea  of 
rotation  on  the  trailing  edge,  serious  impediment  to  the 
local  heat  transfer  has  been  noted  on  the  leading  edge  in 
comparison  to  what  might  he  expected  in  the  absence  of 
rotation.  As  will  be  shown  below,  reductions  in  leading  edge 
heat  transfer  up  to  approximately  2S%  compared  to  the 
stationary  case  have  been  detected  during  these  exploratory 
experiments,  particularly  in  the  mid-fin  locations. 
Improvements  in  heat  transfer  up  to  approximately  25%  have 
been  measured  on  the  trailing  edge. 

In  their  work  with  the  smooth-walled  duct,  the  present 
authors  proposed  a  method  of  correlating  the  combined  effea 
of  (Coriolis  forces  and  centripetal  buoyancy  by  means  of  a 
parametn  involving  the  quotient  of  the  buoyancy  paranoeter 
with  the  Rossby  number.  Thus  by  plotting  the  ratio  trf  the 
Nusselt  number  obtained  with  rotation  against  that  obtained 
without  rotation  but  with  the  corresponding  Reynolds  numba, 
it  was  possible  to  give  a  strong  tendency  to  collapse  all 
rotational  data  onto  uitique  curves  for  the  leading  and 
trailing  edges.  The  proposal  also  worked  well  for  the 
experinrental  data  of  Wagna  et  al  (19)  obtained  with  a 
snoooth-walled  square  sectioned  duct 

This  method  of  data  presentation  has  also  been  attempted 
with  the  present  data  for  the  ribbed  duct  Thus,  in  Figure 
13  for  the  fin  locations,  are  shown  the  plots  of  the  Nusselt 
number  ratios  obtained  with  and  without  rotation  against  the 
combined  rotational  parameter,  ^  &T/Ro,  proposed  for  the 
smoothed  walled  case.  The  data  clearly  shows  in  the  main, 
the  sigitificant  enhancements  and  impediments  to  heat 
transfer  which  can  occur  as  a  result  of  rotation,  although 
the  tendency  to  collapse  data  uniquely  is  not  as  good  as 
that  found  with  the  smooth-walled  ducts.  This  clearly 
reflects  the  total  complexity  of  the  flow  field  created  with 
a  rotating  ribbed  duct  A  similar  plot  for  the  mid-iin 
regions  is  shown  in  Figure  14,  where  similar  overall 
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observations  may  be  made. 

In  conclusion  the  following  broad  observations  result  from 
this  investigation. 

As  with  smooth-walled  ducts,  Coriolis  forces  are  still 
capable  of  significantly  modifying  the  flow  field  and  the 
corresponding  local  heat  transfer  along  the  duct  The 
general  effects  are  similar  to  smooth-walled  observations  in 
that  the  trailing  edge  heat  transfer  is  significantly 
better,  in  relative  terms,  than  that  on  the  leading  edge. 

Significant  reductions  in  heat  transfer  compared  to  that 
suggested  for  stationary  ducts  with  the  same  coolant  flow 
rates  are  likely  on  the  leading  edges  of  ribbed  ducts.  This 
is  an  important  result  in  terms  of  the  design  of  cooled 
rotor  blades  in  that  "hot  spots"  may  occur  in  practice  if 
rotational  effects  are  not  adequately  taken  into  account 
Increasing  the  buoyancy  parameter  at  fixed  levels  of  the 
Reynolds  and  Rossby  numbers  tends  to  improve  the  heat 
transfer,  in  relative  terms,  on  both  leading  and  trailing 
edges.  Although  certainly  not  definitive,  the  use  of  the 
rotational  parameter  combining  the  effect  of  Coriolis  forces 
and  centripetal  buoyancy  clearly  illustrates  the  levels  of 
heat  transfer  change  likely  to  occur  as  a  consequence  of 
rotation. 
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FIGURE  1  TYPICAL  ROTOR  BLADE  COOLING 
CHANNEL  NETWORK 


Trailing 

surface 


FIGURE  2  FUNDAMENTAL  FLOW  GEOMETRY  WITH 
ORTHOGONAL-MODE  ROTATION 
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FIGURE  3  GEOMETRY  OF  RIBBED  TUBE  STUDIED 
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FIGURE  <.  TEST  SECTION  CONSTRUCTION 


FIGURE  5  SCHEMATIC  OF  ROTATING  TEST  FACILITY 
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FIGURE  6  TYPICAL  COMPARISON  OF  WALL  TEMPERATURE  DISTRIBUTIONS  WITH 
FINNED  AND  SMOOTH-WALLED  TUBES 
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FIGURE  7  COMPARISON  OF  LOCAL  NUSSELT  NUMBER 
DISTRIBUTIONS  FOR  FINNED  ANO  SMOOTH- 
WALLED  TUBES 
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FIGURE  B  EFFECT  OF  RIB  LOCATION  ON  LOCAL 
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FIGURE  9  EFFECT  OF  ROTATION  ON  LEADING  AND  TRAILING 
EDGE  WALL  TEMPERATURE  FOR  FINNED  TUBE 
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FIGURE  10  TYPICAL  EFFECT  OF  ROTATION  ON  LOCAL  HEAT  TRANSFER 
OVER  LEADING  ANO  TRAILING  EDGES 
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FIGURE  11  TYPICAL  EFFECT  OF  CENTRIPETAL  BUOYANCY  ON 
LEADING  EDGE  LOCAL  HEAT  TRANSFER 
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FIGURE  12  TYPICAL  EFFECT  OF  CENTRIPETAL  BUOYANCY  ON 
TRAILING  EDGE  LOCAL  HEAT  TRANSFER 
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FIGURE  13  COMBINED  EFFECT  OF  CORIOLIS  FORCE  AND  BUOYANCY 
ON  LEADING  AND  TRAILING  EDGE  HEAT  TRANSFER  AT 
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Turbulent  Flow  and  Heat  Transfer  in  Idealized  Blade  Cooling  Passages 


T.  Bo  and  B  Launder 
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1.  ABSTRACT 

The  paper  brings  together  recent  research  at  UMIST 
directed  at  the  prediction  of  flow  through  tight,  square- 
sectioned  U-bends  rotating  in  orthogonal  mode.  The 
cases  of  flow  through  rotating  straight  ducts  and  stationary 
U-bends  are  considered  first  to  allow  comparison  with 
experimental  data;  finally,  having  demonstrated  the  level 
of  accord  achieved  with  experiment,  predictions  for  the 
rotating  U-bend  are  provided.  A  fairly  simple  turbulence 
model  has  been  adopted  with  the  usual  high  Reynolds 
number  k-e  model  being  interfaced  with  a  1 -equation 
near- wall  model.  To  achieve,  in  the  case  of  the  U-bend, 
grid  independent  behaviour  with  the  available  computer 
core,  a  bounded  third-order  discretization  of  convective 
transport  had  to  be  applied  to  all  dependent  variables. 

The  agreement  with  the  available  experimental  data  is 
broadly  satisfactory  in  the  case  of  the  rotating  straight 
duct  (the  substantial  modifications  to  the  Nusselt  number 
on  the  pressure  and  suction  faces  of  the  duct  due  to 
Coriolis  and  buoyant  forces  being  well  reproduced. 
Agreement  is  less  complete  in  the  case  of  the  U-bend  but 
even  so  the  predicted  levels  of  Nusselt  number  and  the 
distribution  of  velocity  downstream  of  the  bend  are 
broadly  in  line  with  experiment. 

The  results  point  to  the  desirability  of  incorporating 
second-moment  closure  into  the  bend-fiow  calculations  as 
models  of  this  type  have  a  track  record  of  capturing  the 
sensitivity  of  the  turbulent  stresses  to  complex  strains 
better  than  the  eddy  viscosity  model  adopted  here. 

NOMENCLATURE 

0  hydraulic  diameter  of  duct  (equal  to  dimensions 
of  sides) 

k  turbulent  kinetic  energy 

(  turbulent  length  scale 

Nu  Nusselt  number 

P  static  pressure 

r^  mean  radius  of  bend 

ujuj*  Reynolds  stresses 

Uj  fluctuating  velocity  component  in  direction  Xj 


Uj  mean  velocity  in  direction  Xj 

W  streamwise  mean  velocity 

W  bulk  mean  averaged  velocity 

X  direction  parallel  to  symmetry  plane 
Xj  Cartesian  space  coordinate 

y  direction  normal  to  symmetry  plane 

z  direction  along  duct  axis 

e  dissipation  rate  of  turbulence  energy 

6  turbulent  temperature  fluctuation 

3  mean  temperature 

X  thermal  diffusivity 

Ji  dynamic  viscosity 

v  kinematic  viscosity 

v,  turbulent  kinematic  viscosity 

p  density 

Slj  angular  rotation  vector 

Subscript 

o  value  under  non-rotating  conditions 

overbar  averaged  value:  time  or  space  averaging 
according  to  context 

2.  INTRODUCTION 

A  recent  contribution  by  Dutoya  et  al  [1]  has  strikingly 
demonstrated  the  power  of  CFD  software  to  reproduce  the 
complex  flow  patterns  that  arise  in  a  rotating,  rectangular- 
seclioned  U-bend  analogous  to  those  occurring  in  the 
cooling  passages  of  turbine  blades.  Before  quantitadve 
reliance  can  be  placed  on  CFD  computations,  however, 
both  the  adequacy  of  the  numerical  resolution  and  the 
turbulence  model  need  to  be  thoroughly  validated.  The 
present  article  reports  CFD  research  at  UMIST  directed  at 
both  these  aspects  of  predicting  internal  blade  cooling. 
The  principal  cases  considered  are  a  rotating  square- 
sectioned  straight  duct  and  a  stationary  U-bend  for  both 
of  which  experimental  data  are  available.  Finally 
applications  are  presented  for  the  case  of  a  rotating  U- 
bend. 

Section  3  sutnmarizes  the  numerical  and  physical  models 
adopted  in  this  work  while  applications  are  presented  in 
Section  4. 


3. 


THE  MATHEMATICAL  AND  PHYSICAL 
MODEL 


3.1  The  Mean-Flow  Equations 
The  Reynolds  and  continuity  equations  describing  the 
motion  of  turbulent  flow  in  an  arbitrarily  rotating 
coordinate  system  may  be  written 


^(PU,U.)  = 


[ 

au, 

au/ 

dxj  dXj 

r 

dx, 

axj 

■pU,Uj 

-  -  DjXjQj} 


(1) 


£-  (pu^  =  0 

ax, 


(2) 


Uj  being  the  mean  velocity  vector,  Oj  tlic  coordinate 
rotation  vector  and  the  unknown  Reynolds  stress. 
The  local  density  p  is  related  to  the  mean  temperature  0 
through 

P  =  P.e^e  (3) 


and  the  temperature  is  obtained  from  the  energy  equation 


•  A;f  5^ 


«) 


where  is  the  kinematic  turbulent  heat  Hux. 

3.2  The  Turbulence  Model 
The  choice  of  turbulence  model  in  the  present  study  has 
been  a  compromise  between  ilic  goal  of  achieving 
physical  realism  and  the  necessity  of  securing  convergent 
behaviour  with  good  numerical  accuracy.  Our  usual 
practice  [2, 3]  of  applying  high  order  discretization  just  on 
the  mean-field  variables  while  retaining  Ist-order  upwind 
differencing  on  the  turbulent  quantities  k  and  e  proved  to 
be  unsatisfactory  when  handling  the  separated  U-bend. 
However,  due  to  the  reduced  stability  that  accompanies 
the  adoption  of  higher-order  discretization,  we  have  been 
obliged  to  work  within  the  framework  of  an  eddy- 
viscosity  stress-strain  relation,  at  least  for  this  initial 
study.  For  the  rotating  straight  duct  numerical  problems 
are  less  severe  and  we  have  in  this  case  obtained  results 
with  a  more  advanced  turbulence  model  that  are  to  be 
reported  in  detail  in  a  forthcoming  publication  [4];  a  brief 
comparison  with  those  results  is  included  in  §4. 

The  principal  computational  results  have  been  obtained 
with  a  hybrid  eddy  viscosity  model  in  which,  across  the 
near-wall  sublayer,  a  1 -equation  model  [5]  is  applied 
while  the  usual,  high  Reynolds  number  form  of  the  k-e 


model  [6]  is  adopted  over  the  core  region.  The  details  of 
the  model  are  given  in  Table  1.  In  fact  two  forms  of  1-eq 
scheme  have  been  adopted  -  a  genuine  fixed-length-scale 
treatment  and  one  where  the  slope  adjusts  to  length  scale 
levels  in  the  outer  region. 

33  The  Numerical  Solvers 
Elliptic  and  parabolic  3-dimensional  finite-volume  solvers 
have  been  employed  in  the  present  smdy  for  the  U-bend 
and  rotating  straight  duct  computations  respectively.  Each 
is  an  adaptation  of  UMISTs  semi-elliptic  duct  flow  code 
SEDUCT  developed  by  lacovides  [7]  and  repotted  in 
several  previous  publications,  e.g.  [2,  3].  They  arc  based 
on  the  pressure-correction  strategy  of  Patankar  and 
Spalding  [8]  while  the  general  program  structure  is  that  of 
the  TEACH  family  of  computer  codes. 

The  parabolic  solver  retains  the  practices  of  the  parent 
code  [7]  for  discretizing  convective  transport:  quadratic 
upstream  interpolation  [9]  is  applied  to  cross-stream 
velocity  components  and  temperature  while  a  hybrid 
treaunent  is  applied  to  all  other  dependent  variables  with 
tlie  changeover  from  central  to  upwind  differencing 
occurring  at  a  cell  Reynolds  number  of  2. 

More  extensive  adaptations  have  been  necessary  in 
constructing  the  elliptic  code,  details  of  which  arc 
reported  by  Bo  and  lacovides  [10].  The  fully-elliptic 
treatment  greatly  increased  storage  requirements  relative 
to  the  semi-elliptic  code  but  it  meant  that  more  accurate 
interpolation  practices  could  be  adopted.  The 
"su-eamwise"  velocity  component  was  now  treated  in  the 
same  way  as  those  in  the  cross-stream  plane.  In  place  of 
the  original  quadratic  upwind  interpolation  [9],  a  bounded 
version,  LODA,  (Local  Oscillation  Damping  Algorithm) 
due  to  Zhu  and  Lcschziner  [11],  was  implemented  due  to 
its  improved  stability  for  negligible  loss  of  accuracy. 

It  is  generally  supposed  that  a  high-order  discretization  of 
convection  in  the  k  and  e  equations  is  not  necessary 
because  of  the  presence  of  large  source  and  sink  terms  in 
these  equations.  However,  the  fact  that  a  fairly  coarse 
mesh  had  inevitably  to  be  used  in  these  3D  elliptic 
computations  made  us  decide  to  explore  the  consequences 
of  adopting  LODA  on  these  turbulence  variables  also. 
This  change  introduced  significant  (additional) 
convergence  difficulties  which  were  eventually  overcome, 
however.  The  results,  in  fact,  showed  a  strong 
dependence  on  discretization  practice  as  is  shown  briefly 
in  Section  4  and  more  fully  by  Bo  and  lacovides  [10]. 

4.  COMPUTATIONAL  RESULTS 

4.1  Grid-Dependence  of  Elliptic  Computations 

For  the  flow  around  the  U-bend  shown  in  Fig  1  extensive 
grid -dependence  tests  were  carried  out  with  four  different 
meshes  and  four  different  practices  regarding  the  use  of 
LODA  (on  aU  variables;  on  none;  on  mean-field 
quantities;  and  on  all  except  e).  Where  LODA  is  not 
employed  the  usual  first  order  HYBRID  (upwind/central) 
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scheme  is  adopted.  Here,  to  indicate  the  degree  of  grid 
sensitivity.  Figure  2  focuses  on  the  mean  axial  velocity 
profile  on  the  plane  of  symmetry  three  diameters 
downstream  of  the  bend  exit  The  behaviour  at  this 
position  is  entirely  typical.  With  the  coarser  35  x  67  x 
133  mesh  when  HYBRID  differencing  is  applied  to  all 
variables  the  near-wall  velocity  on  the  left  side  (which 
corresponds  with  the  inside  of  the  bend)  is  nearly  zero, 
indicating  that  the  flow  had  reattached  just  a  short 
distance  upstream.  Grid  refinement  to  35  x  77  x  177, 
where  the  extra  thirty  streamwise  planes  were  all 
concentrated  within  the  bend  itself,  leads  to  a  significant 
increase  in  velocity  near  the  inside  wall,  albeit  well  below 
that  of  the  experiments. 

With  LODA  applied  to  all  variables  except  e,  the  coarser 
grid  produces  a  profile  similar  to  that  with  HYBRID  on 
the  finer  mesh.  With  the  grid  refinement,  however,  the 
velocity  near  the  left  wall  appreciably  increases  to  pass 
close  to  the  measured  data.  Somewhat  coarser  meshes 
have  been  adopted  with  LODA  on  all  variables.  With  a 
35  X  67  X  103  grid  (of  which  50  planes  lie  in  the  180“ 
bend  section),  near-wall  velocities  are  even  higher  than 
with  the  finer  mesh  in  Fig  2b;  moreover,  a  velocity 
minimum  develops  in  the  centre  of  the  profile.  When  the 
grid  is  refined  to  35  x  67  x  133  (with  the  extra 
streamwise  planes  again  being  placed  within  the  bend), 
there  is,  in  fact,  very  litUe  change  in  the  computed 
behaviour.  The  results  of  this  study  left  little  doubt  that 
the  results  obtained  with  LODA  applied  to  all  variables 
were  the  most  accurate:  not  only  was  it  the  only  scheme 
not  to  exhibit  significant  change  to  grid  refinement  but 
grid  refinement  applied  to  the  other  practices  produced  a 
shift  in  the  computed  behaviour  towards  that  obtained 
with  LODA  on  all  variables  -  though  they  remained  some 
way  off  that  limit.  The  fact  that  substantial  grid-related 
errors  remain  with  these  other  two  cases  is  further 
emphasized  in  Fig  3:  the  turbulent  kinetic  energies  arc 
appreciably  higher  than  when  LODA  is  applied  to  ail 
variables,  particularly  so  for  the  case  where  LODA  is 
applied  to  all  variables  except  e.  The  reason  for  this  is 
easily  appreciated:  LODA  removes  second-order  false 
diffusion  but  the  first-order  upwind  differencing  applied 
to  E  does  not.  So  e,  which  is  produced  in  regions  of  high 
turbulence  energy  production,  leaks  away  by  false 
diffusion  giving  appreciably  too  high  turbulence  energies 
partly  because  e  is  too  small  and  partly  because  the 
turbulent  viscosity,  c^k^/e,  becomes  too  high.  As 
indicated  in  §2,  Bo  and  lacovides  |10|  provide  a  more 
extensive  account  of  these  grid-dependency  explorations. 

4.2  Developing  Flow  Around  a  Stationary  U-Bend 
The  square  section  U-bend  had  an  inlet  tangent  of 
approximately  30  hydraulic  diameters  and  a  mean  bend 
radius  r^  equal  to  0.65D.  A  fully  developed  flow  at  a 
Reynold^  number  of  1  O’  is  assumed  at  the  entry  plane 
located  3D  ahead  of  the  curved  section;  these  fiilly 
developed  profiles  were  obtained  from  a  separate 
computation.  The  use  of  an  eddy  viscosity  model  meant 


that  turbulence-driven  secondary  flows  and  their 
modification  of  the  axial  velocity  were  not  accounted  for. 
However,  our  experience  of  (lows  around  unseparated  U- 
bends  [3]  indicates  that  quite  substantial  changes  in  inlet 
conditions  have  an  insignificant  effect  on  the  flow 
conditions  at  the  bend  exit  It  seems  probable  that  in  this 
separated  U-bend  minor  inaccuracies  in  inlet  conditions 
will  have  an  even  smaller  effect  on  the  flow  by  the  end  of 
the  bend.  Computations  extended  to  9D  downstream  of 
the  bend  exit  where  zero-gradient  values  were  applied  to 
the  secondary  velocities,  temperature  and  turbulence 
variables  and  the  axial  velocity  was  obtained  from  solving 
the  streamwise  momentum  equation  with  a  uniform 
streamwise  pressure  gradient  over  the  duct  exit  plane,  the 
magnitude  of  which  adjusted  to  achieve  compliance  with 
continuity.  At  the  wall  mean  velocity  components  and 
turbulence  energy  were  set  to  zero  while  the  wall  heat 
flux  was  set  to  a  uniform  level.  In  fact  the  experiment 
adopted  a  Uansient  technique  to  measure  the  heat  transfer 
coefficient  and  thus  the  actual  boundary  condition 
corresponded  neither  to  uniform  wall  temperature  nor 
uniform  wall  heat  flux.  However,  it  is  known  that  in 
turbulent  flow  there  is  only  a  very  weak  dependence  of 
heat  uansfer  coefficients  on  the  precise  thermal  boundary 
condition. 

Experimental  velocity  profiles  have  been  reported  [12]  at 
distances  of  ID  and  3D  downstream  of  the  U-bend  exit 
and  comparisons  with  these  results  are  drawn  in  Fig  4-7. 
At  ID  downstream  the  flow  is  separated  on  the  inside  of 
the  U-bend.  The  experiments  suggest  that  the  separated 
region  is  greatest  along  the  plane  of  symmetry  and 
diminishes  along  parallel  traverse  lines  as  one  proceeds 
towards  the  upper  wall.  The  computations  display  a 
velocity  distribution  broadly  in  accord  with  measurements 
though  the  separation  does  not  significantly  alter  with 
distance  from  the  symmetry  plane.  The  predicted 
turbulent  kinetic  energy  profiles  in  Fig  5  indicate,  in 
accord  with  experiments,  higher  levels  of  k  on  the  inside 
of  the  bend  and  lower  on  the  outside.  On  the  symmetry 
plane,  however,  measurements  indicate  levels  in  the  centre 
nearly  twice  as  high  as  the  predictions,  possibly  the  result 
of  higher  secondary  flow  in  the  experimenL  In  contrast, 
the  turbulence  energy  level  near  the  outer  wall  is 
overestimated  by  the  computations.  A  passible  cause  for 
this  could  be  the  acceleration  of  fluid  on  the  outside  of 
the  bend  near  the  bend  exit  producing  local  thickening  of 
the  viscous  sublayer  and  a  reduction  of  turbulence  energy 
generation.  The  level  of  the  dimensionless  streamwise 
pressure  gradient  -  v/pU^  dP/dz  reaches  a  peak  level  of  3 
X  10'^  in  this  region  which  certainly  exceeds  the  value  of 
10'^  above  which  sublayer  thickening  occurs,  Bradshaw 
113). 

At  3D  downstream.  Fig  6,  the  flow  has  reattached  on  the 
inside  wall.  While  computations  agree  with  experiments 
on  this,  the  predictions  have  shown  a  too  rapid 
acceleration  of  the  flow  on  the  inside  wall  as  the  positive 
(adverse)  pressure  gradient,  present  at  the  bend  exit. 
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becomes  negative.  This  discrepancy  points  to  a  too  low 
computed  viscosity  level  near  the  inside  wall.  Support  for 
this  is  provided  by  the  fact  that  when  the  diflusive  upwind 
scheme  is  applied  to  the  e  equation,  leading,  as  discussed 
above,  to  excessive  near-wall  viscosities,  agreement  with 
experiment  is  actually  improved.  Fig  2b.  The  computed 
turbulence  energy  at  this  downstream  station.  Figure  7,  is 
markedly  too  low,  particularly  near  the  inner  wall. 

A  factor  contributing  to  the  disagreement  is  the 
requirement  that  the  near-wall  turbulent  length  scale 
should  equal  that  in  equilibrium  turbulence.  Physically  it 
is  reasonable  to  suppose  that  large  external  levels  of 
length  scale  will  tend  to  increase  near-wall  values  of  I. 
A  repeat  set  of  computations  have  thus  been  made  in 
which  the  sublayer  length  scale  could  adjust  in  magnitude 
according  to  the  level  of  e  prevailing  in  the  fully  turbulent 
region,  see  §2.  The  results  from  these  computations  ate 
shown  by  a  broken  line  in  figures  4-7.  While  there  are 
only  small  differences  in  mean  velocity  at  ID 
downstream,  there  are  perceptible  improvements  in  the 
predicted  turbulence  energies.  At  3D  downstream  there 
arc  noticeable  changes  to  the  mean  velocity  field  as  well 
as  the  turbulence  energy,  both  indicating  belter  accord 
with  data  than  obtained  with  the  conventional  1-eq  near¬ 
wall  model,  a  result  supporting  the  physical  concept 
behind  its  introduction. 

Tlie  main  practical  goal  is  to  be  able  to  predict  the 
resultant  convective  heat  transfer  pattern  within  and 
downstream  of  the  U-bend  [14].  Fig  8  shows,  in  contour 
form,  the  distributions  of  local  heat  transfer  coefficients 
on  the  top  wall  of  the  U-bend.  The  values  of  heat- 
transfer  coefficient  for  both  computation  and  experiment 
are  those  based  on  gas  inlet  temperature.  The  standard  1  - 
cquaiion/2-equalion  model  captures  the  shape  of  the 
contours  fairly  well.  Indeed,  if  the  heat-tiansfer 
coefficients  are  averaged  at  any  section  we  note  in  Fig  9a 
that  the  steep  rise  in  mean  heat-transfer  coefficient 
through  and  downstream  of  the  bend  is  very  well 
captured.  The  measured  heat-transfer  coefficients  for  the 
irmer  and  outer  walls  of  the  U-bend  adopted  gas 
temperatures  measured  'in  the  vicinity  of  the  point  on  the 
surface.  This  brings  a  measure  of  uncertain^  to  their 
absolute  values.  The  comparison  of  the  side-averaged 
levels  presented  in  Fig  9,  however,  serves  to  intUcate  the 
overall  behaviour.  The  computed  maximum  level  on  the 
concave  wall  (Fig  9b)  downstream  of  the  bend  is  some 
40%  above  the  measured  value.  It  seems  likely  that  the 
strong  acceleration  along  the  wall  in  this  region  partially 
"laminarizes"  the  near-wall  layer  depressing  the  heat- 
transfer  coefficients.  For  the  inside  wall.  Fig  9c,  no 
measurements  were  obtained  in  the  bend  section  itself. 
Downstream  of  the  bend  the  computed  heat  transfer 
coefficient  rises  more  slowly  than  the  measurements 
reaching  a  maximum  value  about  two  diameters  further 
downstream  than  in  the  experiments.  The  reason  for  this 
relative  displaconent  of  the  peak  h's  is  not  clear  since  the 
reattachment  length  is  apparently  predicted  accurately.  As 


is  usually  the  case  in  impinging  flows  [IS],  the  use  of  a 
1 -equation  near- wall  model  leads  to  an  underestimate  of 
the  peak  heat  transfer  coefficient 

43  Rotating  Straight  Duct  Rotating  in  Orthogonal 
Mode 

The  flow  configuration  is  essentially  that  of  the  straight 
inlet  tangent  of  the  U-bend  shown  in  Fig  1.  For  these 
three-dimensional  parabolic  computations  a  35  x  67 
mapped  the  half  cross-section  on  one  side  of  the 
symmetry  plane.  The  hydrodynamic  entry  conditions  that 
most  closely  corresponded  to  those  of  the  experiment 
appeared  to  be  that  of  fully-developed  flow  in  a  stationary 
duct  with  a  uniform  fluid  temperature  at  entry.  In  making 
heat  transfer  comparisons,  in  order  to  minimize  the  effects 
of  any  inconsistencies  between  the  numerical  and  the 
experimental  entry  conditions,  the  values  of  the  side- 
averaged  Nusselt  number  were  normalized  by  those  of  the 
corresponding  stationary  duct  at  the  same  stage  of  thermal 
development  To  distinguish,  in  the  computations,  the 
contribution  made  by  Coriolis  forces  (as  opposed  to 
Coriolis  and  buoyant  forces  in  combination),  computations 
were  also  made  with  the  fluid  density  held  strictly 
constant  -  a  practice  that  eliminates  buoyant  effects. 

Computations  have  been  made  for  rotation  numbers  of 
0.12  and  0.24  for  which  conditions  tlie  Rayleigh  numbers 
(which  increase  as  the  square  of  the  rotation  speed  are  23 
X  lO’  and  10*).  These  combinations  of  parameter  values 
arc  broadly  in  line  with  those  found  in  gas-turbine 
practice. 

No  experimental  data  of  the  velocity-field  are  available 
but  the  computed  axial  velocity  contours  and  secondary 
flow  vectors  at  the  higher  rotation  rate  (Ro  -  0.24)  are 
presented  in  Figures  10  and  1 1 ,  the  latter  for  the  case  with 
density  uniform.  We  note  in  Fig  10  the  strong  secondary 
flow  carrying  near-wall  fluid  to  the  suction  side,  the 
establishment  of  a  weak  counter-rotating  secondary  vortex 
near  z/D  *■  6.0  and  its  disappearance  by  z/D  -  9.0.  It  is 
also  noted.  Fig  11,  that  there  is  a  considerable  change 
produced  in  both  the  axial  and  secondary  velocity  field  if 
density  variations  are  suppressed.  This  testifies  to  the 
importance  of  buoyant  influences  at  this  pair  of  Ro/Ra 
values.  Interestingly,  with  buoyant  forces  suppressed,  the 
flow  pattern  near  the  pressure  surface  continues  to  change 
appreciably  up  to  30D  with  a  second  vortex  fomung  near 
the  pressure  surface  at  z/D  -  20  and  growing  steadily  in 
strength  for  the  next  ten  hydraulic  diameters.  In  contrast, 
when  buoyancy  effects  are  included,  there  is  little  change 
in  the  flow  pattern  beyond  z/D  -  9.0.  The  flow  field  at 
the  lower  rotation  number  (Ro  -0.12)  shows  qualitatively 
similar  behaviour  to  that  in  Fig  10  with  a  secondary 
vortex  forming  near  the  suction  surface;  there  is  no 
significant  difference  between  the  pattern  with  and 
without  buoyancy  effects. 

This  preliminary  consideration  of  the  velocity  field  is 
helpfiil  in  explaitting  features  of  the  convective  heat 
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transfer  results.  Fig  12  shows,  for  Ro  =  0.12,  the 
development  of  the  side-averaged  Nusselt  number  relative 
to  that  for  a  non-rotating  duct.  The  computational 
behaviour  mimics  quite  accurately  that  of  the  experiments 
[16]  with  a  steady  augmentation  of  Nu  on  the  pressure 
surface  and  a  corresponding  depression  on  the  suction 
surface.  The  reason  is  that  warmed  air  close  to  the 
pressure  surface  is  continuously  being  drawn  away,  being 
replaced  by  cool,  high  velocity  fluid,  while  the  warmed 
air  accumulates  on  the  suction  side.  There  is  little  change 
in  Nusselt  number  when  density  variations  are  suppressed 
which  is  consistent  with  the  velocity  field  being  virtually 
unaffected. 

When  the  rotation  rate  is  doubled.  Fig  13,  the  effects  of 
rotation  are  stronger  and,  according  to  the  experimental 
data,  produce  a  rather  irregular  effect  on  the  Nusselt 
number  on  the  suction  side.  Again  this  behaviour  is  quite 
well  captured,  particularly  on  the  pressure  surface.  The 
substantial  dependence  of  the  velocity  field  on  whether  or 
not  buoyant  terms  were  included  is  reflected  in  the 
significantly  different  Nusselt  number  developments  for 
the  two  cases.  Indeed,  for  the  non-buoyant  case  the 
increase  in  the  Nusselt  number  on  the  pressure  surface 
beyond  z/D  =  20  is  directly  associated  with  the  extra 
vortex  formed  near  that  surface.  The  least  satisfactory 
feature  of  the  predictions  is  that,  on  the  suction  surface, 
the  damping  of  heat  transport  (while  mimicking 
qualitatively  the  somewhat  irregular  variation  of  the 
experiments)  is  insufficient  indeed,  errors  in  Nu  are  as 
large  as  50%  in  places.  In  a  continuation  of  the  present 
work,  the  authors  have  found  that  replacing  the  eddy 
viscosity  model  by  a  more  elaborate  second-moment 
closure  leads  to  improved  agreement,  particularly  on  the 
suction  surface.  Fig  14.  The  details  of  those  computations 
are  to  be  reported  in  a  forthcoming  publication  [4]. 

4.4  Flow  Through  a  Rotating  U-Bend 
The  rotating  flow  case  considered  is  that  where  the 
pressure  face  of  the  duct,  at  entry  to  the  curved  section, 
corresponds  with  the  outside  of  the  bend.  Fig  1.  The 
secondary  flow  due  to  the  Coriolis  force  thus  proceeds  in 
the  same  sense  as  that  arising  from  curvature.  Precisely 
the  same  grid  distribution  was  adopted  as  for  the  non¬ 
rotating  bend.  The  prescribed  iidet  conditions,  three 
diameters  upstream  of  the  bend,  were  those  of  fully 
developed  flow  in  a  rotating  pipe.  The  rotation  number 
was  0.12  and,  as  for  the  stationary  U-bend,  the  bulk 
Reynolds  number  was  10*.  Although  results  have  been 
obtained  using  both  HYBRID  and  LODA  treatments  of 
convection,  only  the  latter  are  reported  here. 

The  hydrodynamic  results  are  stunmarized  by  way  of 
secondary  flow  vectors  and  axial  velocity  contours.  As 
noted  in  §4.3,  in  fully  developed  flow  at  Ro  -  0.12  a 
secondary  eddy  near  the  suction  surface  is  present  in 
rotating  flow  leading  to  the  marked  displacement  of  the 
axial  velocity  contours  seen  in  Fig  ISa.  Somewhat 
surprisingly,  as  the  flow  develops  around  the  bend,  there 


is  no  tendency  for  this  secondary  eddy  to  be  swamped  by 
the  clockwise  circulation  induced  by  the  bend,  at  least  not 
over  the  first  half  of  the  bend  (Fig  15b).  Separation 
occurs  on  the  inside  wall  near  the  comer  close  to  the  120° 
station  (not  shown).  By  150°  (Fig  I5c)  there  is  backflow 
across  the  complete  width  of  the  inner  wall  while  the 
greatest  extent  of  the  separated  region  is  reached  between 
OS  and  1.0  diameters  downstream  of  the  bend  (Fig  15d). 

It  is  interesting  to  compare  this  behaviour  with  that  in  the 
non-rotating  bend.  At  60°  (Fig  16a)  the  axial  velocity 
contours  are  similar  save  that  in  the  rotating  case  the  end- 
wall  boundary  layers  are  much  thinner  while  the 
secondary  flow  forms  just  a  single,  clockwise  vortex. 
Separation  from  the  inner  wall  occuis  at  about  the  same 
angular  posidon  but  there  are  stronger  three-dimensional 
variadons  in  axial  velocity.  Fig  16(b  and  c)  than  in  the 
rotating  case. 

The  variadon  of  the  side  averaged  Nusselt  numbers  is 
presented  in  normalized  form  in  Fig  17.  The  normalizing 
parameter  is  the  Nusselt  number  prevailing  at  the  same 
stadon  for  the  non-rotating  flow.  Nodee  first  that  in  the 
fully  developed  flow  ahead  of  the  bend,  rotadon  raises  the 
Nusselt  on  the  top  and  pressure  (outer)  faces  while 
reducing  it  on  the  inside.  Passage  around  the  bend  brings 
the  Nusselt  number  rado  close  to  unity  on  all  surfaces  by 
the  180°  stadon  -  in  other  words,  the  mean  heat  transfer 
coefficient  at  bend  exit  is  so  dominated  by  the  field 
created  by  the  bend  that  there  is  little  effect  of  the 
rotadon. 

The  downstream  development  secs  a  gradual  reversion  to 
the  levels  prevailing  upstream  of  the  bend.  Only  on  the 
outer  surface  does  this  reversion  appear  to  be  monotonic, 
however.  Along  the  inner  wall  the  normalized  Nusselt 
number  falls  to  about  40%  of  that  in  the  non-rotadng  bend 
before  beginiung  its  recovery.  The  top  wail  also  records 
a  decline  in  normalized  Nusselt  number  before  starting  to 
increase  again,  a  process  that  is  by  no  means  complete  by 
the  end  of  the  calculadon  domain. 

5.  CONCLUDING  REMARKS 
The  paper  has  repotted  accurate  numerical  computadons 
of  turbulent  flow  and  conveedve  heat  transfer  in  three- 
dimensional  flows  genetically  similar  to  the  cooling 
passages  of  turbine  blades.  Overall,  the  simple  two-layer 
turbulent  viscosity  model  adopted  in  these  studies  captures 
the  measured  flow  behaviour  sufficiently  well  for  it  now 
to  be  used,  with  caudon,  in  passage  design  and  hot-spot 
diagnosis.  In  particular,  the  modificadon  of  Nusselt 
number  by  Coriolis  and  buoyant  forces  in  straight  ducts, 
producing  an  augmentadon  in  Nu  on  the  pressure  face,  is 
accurately  captured.  The  corresponding  damping  on  the 
suedon  surface  is  also  reproduced  though  not  as 
accurately. 

Likewise,  the  computed  velocity  field  downstream  of  a 
non-rotating  U-bend  reproduces  with  reasonable  fidelity 
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the  measured  streamwise  veloci^  proGles  downstream  of 
the  bend  including  the  reattachment  position.  The  broad 
trends  of  the  convective  heat  transfer  pattern  are  also  well 
reproduced,  though  the  predicted  level  of  Nusselt  number 
is  substantially  overestimated  in  the  exit  region  on  the 
concave  wall,  presumably  because  the  severe  acceleration 
there  induces  a  thickening  of  the  viscous  sublayer.  This 
tendency  cannot  be  captured  with  the  one-equation 
sublayer  model  adopted  here. 

For  the  rotating  U-bend,  the  streamwise  velocity  exhibits 
less  variation  with  distance  from  the  syrrunetiy  plane  than 
in  the  stationary  case  though  the  main  features,  such  as 
the  location  of  the  separation  and  reattachment  lines,  are 
not  greatly  modified.  Concerning  heat  transfer,  the 
muting  due  to  the  bend  gradually  takes  over  from  that  due 
to  the  Coriolis  force  so  that,  by  the  bend  exit,  the  mean 
Nusselt  number  levels  on  each  face  are  nearly  the  same  as 
in  the  non-rotating  case.  Downstream  of  the  bend,  levels 
of  Nu  gradually  revert  to  those  prevailing  upstream  of  the 
bend  -  though  not  monototiically.  In  particular,  the 
Nusselt  number  on  the  inside  of  the  bend  decreases  to 
only  40%  of  that  in  the  non-rotating  duct  before  rising 
again.  This  result  emphasizes  the  limitations  of  using 
non-rotating  tests  to  estimate  heat  transfer  coefficients  in 
rotating  systems.  The  idea  that  the  extra  circulation 
induced  by  Coriolis  forces  will  tend  to  increase  heat 
transfer  coefficients  or,  at  least,  not  reduce  them,  is  not 
borne  out. 

Finally,  we  note  that,  while  the  present  eddy  viscosity 
modelling  has  produced  results  of  sufficient  accuracy  to 
guide  passage  design,  in  the  future  greater  fidelity  of 
predictions  will  certainly  result  from  including  .second- 
moment  closure  treatments.  Already  such  a  model  has 
been  used  for  the  flow  developing  in  a  straight  rotating 
duct,  a  step  that  brought  marked  improvement  to  the  pre¬ 
dicted  distribution  of  Nusselt  number  on  the  suction  face. 
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Fig  9  Develc^ment  of  face  averaged  heat 
transfer  coefficient  around  U-bend 

a)  top  wall 

b)  outer  wall 

c)  inner  wall 


Fig  10 


Development  of  computed 
axial  velocity  contours 
and  secondary  veloci^ 
vectors  in  straight 
rotating  duct 

a)  3D;  b)  6D;  c)  9D;  d)  21D 
Contour  values  of  W/W; 

1  -  0;  2  -  0.8;  3  -  1.0; 


Fig  1 1  As  Fig  10  with  dcnsi^ 
constant 

a)  3D;  b)  6D;  c)  9D; 
d)  24D;  c)  30D 


Fig  12  EVM  comparisons  of  side-averaged  Nusselt  number  development 
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Fig  17  Distribudoa  of  relative  levels  of  Nusselt  number  around  rotating  U-bend 
top  wall; - inner  wall; - outer  wall 


Discussion 


QUESTION  1; 

DISCUSSOR:  E.  Benz,  University  of  Karlsruhe 

How  many  grid  points  are  used  to  resolve  the  near-wall  region  with  the  one-equation 
turbulence  model?  Have  you  done  grid  independence  tests  for  different  numbers  of  grid 
points  clustered  in  the  boundary  layer? 

AUTHOR'S  REPLY: 

There  are  about  twelve  nodes  in  the  one-equation  region.  We  have  not  done  grid 
independence  tests  on  these  flows  but  have  done  so  in  earlier  studies  of  fully  developed 
flow  in  rotating  ducts  (see  lacoirdes  &  Launder  Numerical  Heat  Transfer  1988). 

QUESTION  2: 

DISCUSSOR:  P.  Harasgama,  ABB 

How  do  you  treat  the  turbulent  Prandtl  number  in  your  modified  one-equation  model?  It  is 
not  stated  in  the  paper. 

AUTHORS  REPLY: 

As  with  the  other  models,  the  turbulent  Prandtl  number  is  taken  as  0.9. 

QUESTION  3 

DISCUSSOR:  W.D.  Morris,  University  of  Swansea 

Have  you  found  the  need  to  include  the  effect  of  thermal  conductivity  in  the  tube  wall  when 
comparing  heat  transfer  predictions  with  experimental  data? 

AUTHOR’S  REPLY: 

Not  with  the  cases  here  reported.  It's  true  however  that  if  a  constant  wall  heat  flux  is 
applied,  a  strong  circumferential  variation  of  temperature  may  lead  to  undetected  heat 
leakages  that,  if  unrecognized,  will  lead  to  spurious  values  of  the  heat  transfer 
coefficient. 

QUESTION  4: 

DISCUSSOR:  N.  Hay,  University  of  Nottingham 

What  is  the  penalty  in  computing  time  for  using  the  second-moment  closure  instead  of  the 
k-e  equation  (Ref.  Fig.  14)? 
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AUTHOR'S  REPLY: 

Something  like  3:1  for  the  parabolic  computations.  At  least  half  of  this  is  associated  with 
the  addition  of  the  further  dozen  or  so  nodes  in  the  buffer  layer  which  are  necessary  to 
resolve  the  e  equation  accurately. 

QUESTION  5: 

DISCUSSOR:  D.T.  Vogel,  DLR 

Why  did  you  neglect  the  physical  dissipation  in  the  mathematical  formulation  of  the 
energy  equation?  Did  you  use  any  wall  functions?  If  so,  what  kind? 

AUTHOR’S  REPLY: 

Viscous  dissipation  of  mean  kinetic  energy  was  not  included  as  a  source  term  in  the 
energy  equation  because,  for  the  low  speed  flows  with  high  wall  heat  flux  considered  in  the 
study,  its  effect  is  negligible,  i.e.,  the  Eckert  number  is  very  small. 

Wall  functions  were  not  used.  In  our  early  work  on  flows  in  bends  we  found  that 
they  led  to  a  serious  under-estimate  of  the  secondary  flow  and  we  have  accordingly 
abandoned  them  in  our  subsequent  work. 

QUESTION  6: 

DISCUSSOR:  F.  Baron,  EDF 

You  conclude  that  you  expect  improvement  with  a  second-moment  closure.  Could  you 
comment  what  part  of  this  improvement  can  be  expected  from  the  fact  that  the  Coriolis 
force  directly  influences  the  individual  Reynolds  stresses  and  not  the  turbulent  kinetic 
energy. 

AUTHOR’S  REPLY: 

We  have  separately  done  second-moment  calculations  in  the  rotating  straight  duct  for  the 
case  where  Coriolis  forces  in  the  turbulence  equations  were  dropped.  Their  omission  was 
not  very  significant.  The  main  improvement  seems  to  arise  from  the  better  accounting  of 
the  strain  field  effects  on  the  turbulent  stresses. 
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SUMMARY 

Experimental  results  on  the  cooling  performance  of  jet 
engine  blading  internal  passages  are  presented.  Use  was 
made  of  the  Liquid  Crystal  Transient  Technique  in  order 
to  obtain  detailed  information  about  heat  transfer 
coefficients  on  the  internal  blade  surfaces  in  presence  of 
turbulence  promoters.  A  peculiar  behaviour  of  the 
cooling  channels  with  turbulators  was  detected,  which 
reduces  the  expected  heat  transfer  effectiveness.  Heat 
uansfer  experimental  results,  reproducing  actual  engine 
operating  conditions,  were  employed  to  predict  the  blade 
metal  temperature  :  cooling  flow  parameters  and  internal 
channel  characteristics  were  therefore  tuned  in  order  to 
attain  a  suitable  metal  temperature  distribution,  and  to 
optimize  the  cooling  effectiveness.  The  outcome  of 
experimental  and  calculation  work  was  then  compared 
to  engine  test  blade  surface  temperature  distribution, 
obtained  by  means  of  thermal  paints.  The  comparison 
showed  fairly  good  agreement,  demonstrating  once  more 
the  usefulness  of  Liquid  Crystal  Transient  Tecnique  in 
allowing  designers  to  improve  present  blade  cooling 
devices. 


LIST  OF  SYMBOLS 

A  -  Area 

Cp  -  Specific  heat 

f  -  Friction  factor 

h  -  Heat  transfer  coefficient 

k  -  Conductivity 

L  -  Channel  lenght 

Pr  -  Prandtl  number  [tiCp/k] 

Re  -  Reynolds  number 

St  -  Stanton  Number  [h  A/  (W  Cp  )| 

^  -  Model  temperature 

T  .  Model  wall  temperature  at  melting 
Ta  -  Ambient  temperature 
Tg  -  Gas  temperature 
Tm  •  Metal  temperature 
Tref-  Reference  temperature 

t  •  Instant  of  melting 
t  -  Time 
W  -  Mass  flow 


X  -  Distance 

a  -  Diffusiviiy  [k/(p  Cp  )J 
5  -  Wall  thickness 

p  -  Air  viscosity 
p  -  Air  density 

1.  INTRODUCTION 

The  high  turbine  entry  temperatures  of  modem  aero 
engines  require  efficient  air  cooling  of  turbine  vanes 
and  blades.  The  design  of  such  blades  requires  an 
accurate  prediction  of  the  distribution  of  temperature 
and  stress  within  the  bfade.  in  order  to  evaluate  the 
expected  life  in  the  engine  environment.  At  this  purpose 
the  heat  exchange  characteristics  of  complex  internal 
cooling  devices  must  be  estimated.  In  recent  years, 
extensive  research  has  been  completed  in  order  to  supply 
designers  with  theoretical  prediction  methods. 
Nevertheless  the  available  correlations  are  not  yet 
sufficiently  reliable  when  used  to  predict  the 
performance  of  advanced  cooling  devices.  Therefore  the 
developement  of  blade  cooling  systems  demands  close 
interaction  between  theoretical  and  experimental  work. 
The  experimental  technique  based  on  the  use  of  liquid 
crystal  paints  was  adopted  by  Fiat  Avio  and  integrated  in 
the  industrial  design  process.  This  technique  provides 
relevant  information  on  heat  exchange  characteristics  of 
blade  cooling  channels,  and.  what  is  of  the  utmost 
importance,  allows  the  designers  to  check  different 
solutions  and  configurations  in  an  early  phase  of 
development,  reducing  the  impact  on  the  industrial 
manufacturing  of  the  component. 

In  spite  of  these  advantages,  engine  tests  are  still 
necessary.  This  is  due  both  to  the  fact  that  each  test  at 
rig  level  reproduces  only  one  particular  aspect  of  the 
global  task,  and  to  the  fact  that  rig  experience,  while 
more  accurate  than  calculation,  is  still  not  able  to 
simulate  completely  the  phenomena  occurring  in  the 
engine. 

Within  the  paper  some  test  results  on  heat  exchange  in 
blade  cooling  passages  are  first  presented.  Then,  the  use 
of  them  within  the  design  process,  leading  to  some 
modification  of  the  initial  configuration,  is  reported.  The 


13-2 


paper  is  concluded  with  a  coaqiarison  among  predicted 
and  measured  values  at  engine  test  level. 

2.  THE  LIQUID  CRYSTAL  TECHNIQUE 

A  hot  air  steady  flow  is  set  up  into  the  internal  cooling 
passages  and  the  surface  and  gas  temperature  transients 
ate  monitmed.  The  model  internal  walls  are  thinly 
painted  with  liquid  crystals  which  have  the  property  of 
becoming  tran^utent  when  they  teach  a  certain  melt 
temperature.  The  transient  hot  gas  temperaUire  is 
measured  by  means  of  thermocouples.  In  such  a  way  it 
is  possible  to  solve  the  Fourier  heat  conducdon  equation 
in  the  model  wall  and  calculate  the  heat  transfer 
coefficients  on  the  surface. 

The  following  hypotheses  are  made  (ref.  1). 

A.  -  the  heat  transfer  coefficients  remain  constant  during 
the  coolant  temperature  transient; 

]2«  -  the  heat  transfer  coefficients  do  not  depend  on  the 
upstream  wall  temperature  distribution; 

A  -  the  heat  conduction  is  one-dimensional,  namely 
nontud  to  the  surface,  and  lateral  conduction  is 
negligible; 

iL  -  the  model  walls  ate  semi-inTmite,  namely  the  heat 
flux  from  the  outer  wall  is  negligible. 

Accordingly,  the  material  employed  is  perspex,  which 
has  low  conductivity  and  permits  visualization  of  the 
irmer  surface.  The  model  walls  are  thick  in  order  to 
approximate  hypothesis  c.  and  to  better  resist 
differential  pressure  loads.  The  melt  time  is  shrat 
enough,  minimising  lateral  conduction  effects.  Solving 
the  Fourier  equation  with  appropriate  boundary 
conditions,  thin-wall  models  might  as  well  be  used. 
That  would  entail  monitoring  the  temperature  history  of 
the  outer  surface,  and  structural  integrity  problems  may 
be  encountered. 


is  solved  iteratively  by  a  dedicated  finite  differences 
code  once 

r[o,f]-r 

is  known  from  the  liquid  crystals  phase-change. 

3.  TEST  RIG  AND  MODEL 

A  .schematic  layout  of  the  rig  is  shown  in  fig.  3.1.  The 
air  is  heated  electrically  and  flowed  through  a  by-pass 
line  until  it  teaches  a  steady-state  condition.  Then  it  is 
suddenly  directed  to  the  line  containing  the  model  by 
means  of  electro-valves.  Two  lines  exit  fiom  the  model: 
one  at  tip  and  the  other  at  the  trailing  edge.  The 
compliance  with  the  required  test  amditions,  namely 
Reynolds  and  Mach  numbers  and  inlet/outlet  pressure 
ratios,  is  achieved  by  pre-determined  valve  setting.  A 
low-pressure  compressor  pump  drives  the  system, 
together  with  a  vacuum-pump,  the  latter  being  used  to 
generate  the  correct  pressure  ratios  at  the  discharge 
plenum  chambers.  All  the  rig  lines  are  instrumented  with 
flow-meters,  static  pressure  tappings  and  thermocouples. 

During  the  test  a  video  camera  is  operated  to  recrad  the 
liquid  crystals  colour/phase  changes  on  the  irmer 
surface.C)nce  the  test  is  over,  the  video  recording  is 
analysed  and  the  phase-change  instants  determined. 

The  inner  cooling  passages  of  the  blade  ate  reproduced 
by  an  enlarged  scale  model.  That  is  of  the  tUck-wall 
perspex  type.  The  flow  enters  the  model  through  a 
plenum  chamber  and  leaves  it  both  at  tip  and  through 
trailing-edge  film  cooling  holes  passing  by  plenum 
chambers.  Thermocouples  and  pressure  tappings  ate 
located  inside  the  model  and  the  plenum  chambers. 


In  the  present  practice,  the  Fourier  one  dimensional 
differential  equation 

d^T  _  1 
dx^  a  dt 

where  x  is  the  wall  penetration  coordirrate,  with  the 
related  boundary  conditions 

r[o.o]-r. 


-A:- 


dT[0,t] 

dx 


aT[6,i] 

dx 


The  rotor  blade  tested  model  being  stationary  does  not 
allow  to  reproduce  centrifugal  and  Coriolis  force  fields 
generated  by  rotation.  Moreover  the  heat  flux  in  the 
test  and  the  real  situation  are  reversed.  As  a 
consequence  secondary  flows  and  buoyancy  effects 
cannot  be  correctly  reproduced.  The  only  rotational 
effect  accounted  for  in  this  test  campaign  was  the 
augmented  mass  flow  due  to  centrifugal  forces.  It  was 
obtained  by  setting  a  higher  pressure  ratio  in  the 
passages. 

Tated  configurations 

In  fig.  3.2  the  schematic  arrangement  of  the  cooling 
channels  of  the  blades  ate  dqncted.  Three  adjacent 
cooling  chaimels  tun  spanwise  through  the  blade  and 
discharge  at  the  tip.  Also,  air  is  discharged  fiom  film 
cooling  holes  in  the  trailing-edge  passage.  Bach  channel 
contains  rib  turbulaiors  with  constant  pitch,  height  and 
angle  to  the  flow.  The  cross-section  of  the  leading-edge 
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and  trailing-edge  channels  is  almost  triangular  and  that 
of  the  central  one  is  squaie/rectangular. 

Tests  were  executed  on  two  configurations  differing  in 
the  location  and  number  of  the  turbulators.  In  the  first 
configuration,  called  'standard'  henceforth,  the  ribs  are 
placed  in  each  channel  fiom  about  30  to  85%  of  the 
span.  In  the  'modified'  one,  ribs  were  removed  in  the 
hub  zone  in  all  passages  and  added  at  the  tip  only  in  the 
leading-edge  and  trailing-edge  channels. 

4.  EXPERIMENTAL  RESULTS  AND 
CALCULATION  OF  BLADE  COOLING  SYSTEM 
PERFORMANCE 

Due  to  experimental  requirements,  the  cooling  system 
test  is  subdivided  in  two  sections  :  a  "cold  flow"  one, 
where  the  model  is  operated  without  li<7uid  crystal  paint, 
and  a  "hot  flow"  one,  where  the  model  is  operated  with 
liquid  crystal.  Cooling  flow  fluidodynamic  similarity 
for  an  operating  conditionl,  is  achieved  by  maintaining 
the  same  Reynolds  and  Mach  flow  numbers  for  both 
"cold"  and  "hot"  test  Within  the  assumption  that  the 
Prandtl  number  difference  is  negligible,  the  Stanton  flow 
number  is  constant  (ref.  2).  In  the  “cold  flow"  test 
information  on  mass  flow  distribution,  pressure  loss  - 
friction  factors,  Reynolds  number  evolution  is  gathered. 
In  the  "hot  flow  "  test  local  heat  transfer  coefficients  are 
measured  and  Stanton  numbers  derived. 

Analytical  calculations  of  the  cooling  system 
performance  were  worked  out  by  means  of  a  computer 
code  (MLTCHU),  resorting  to  various  senu-empiricai 
correlations  found  in  literature  sources.  These 
correlations  are  rarely  able  to  reproduce  correctly  actual 
cooling  geometry  performance,  due  to  variation  of  flow 
parameters  along  the  channel  length.  Moreover  they  are 
not  able  at  all  to  estimate  local  values. 

The  results  presented  in  the  following  are  relevant  to 
tests  reproducing  engine  working  conditions 

Mass  flow  distribution 

The  mass  flow  distribution  among  the  channels 
experienced  during  test  was  somewhat  different  fiom  the 
predicted,  and  desired,  one. 

MASS  FLOW  DISTRIBUTION 


Channel 

Prediction 

Measurement 

1  (lead,  edge) 

31.5% 

34.9% 

2  (center) 

34.8% 

35.2% 

3  (trail,  edge) 

33.7% 

29.8% 

3  tip 

7.2% 

6.3% 

3  l.e. 

26.5% 

23.5% 

In  the  first  three  rows  the  distribution  among  the  three 
chaimels  is  described.  The  last  two  row  reports  the 
trailing  edge  channel  mass  flow  distribution  between  the 
tip  and  the  trailing  edge  holes  exits.  The  differences 
between  predicted  and  measured  values  are  due  both  to 
errors  in  the  prediction  methods,  and  to  the  difficulty  of 
reproducing  actual  engine  conditions.  Namely,  in  the 
experiments,  it  is  not  possible  to  reproduce  at  the  trailing 
edge  exit  holes  a  pressure  field  continuously  varying 
along  the  span.  In  addition  the  measured  totd  coolant 
mass  flow  was  about  12%  less  then  the  predicted  one. 

Reynolds  number  evolution 

The  evolution  of  the  Reynolds  number  along  the 
channel,  shown  in  fig.  4.1  and  4.2,  is  a  useful  indication 
of  the  behaviour  of  heat  exchange.  In  channels  1 
(leading  edge)  and  2  (center  blade),  the  Reynolds 
number  changes  because  of  the  chatmel  cross  section 
variation  and  coolant  viscosity  increase,  due  to 
temperature  rise  :  it  happens  to  increase.  In  chatmel  3 
(trailing  edge),  the  decrease  of  Reynolds  number  is  due 
to  the  decrease  of  mass  flow  exiting  fiom  trailing  edge 
film  cooling  holes.  The  distribution  of  mass  flow 
through  the  trailing  edge  holes  was  estimated  by 
calculation. 

Friction  factor 

Through  the  total  pressure  monitoring  along  each 
chaimel,  it  was  possible  to  evaluate  the  evolution  of  the 
friction  factor  between  consecutive  stations ; 


AP 

where  ;  °  =  total  pressure  difference  between 

consecutive  sections 

P  =  average  density 

V  =  average  velocity 

1  =  distance  between  stations 

In  fig.  4.3  and  4.4,  the  friction  factor  evolution  as  a 
function  of  the  non-dimensional  blade  height  is  plotted. 
In  the  figures  the  values  calculated  by  means  of  the 
correlations  are  reported,  both  for  smooth  pipe  (Blasius) 
and  for  ribbed  pipe  (ref.  3).The  friction  factor  shows  a 
steep  increase  where  the  flow  encounters  the  turbulators. 
In  channel  1  fleading  edge)  it  stays  around  the  value 
given  by  the  correlation  for  ribbed  pipe,  and  begins  to 
decrease  where  turbulators  are  still  present  In  channel  2 
(center  blade)  it  exceedes  the  value  of  the  correlation  for 
ribbed  pipe,  and  decreases  at  the  end  of  the  ribbed  zone. 
As  for  channel-averaged  friction  factors,  they  were 
found  to  be  5  to  20%  higher  than  those  given  by  the  Han 
el  Al.  correlations  (ref.  3). 
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Heat  exchange 

The  behaviour  of  the  coolant-blade  inner  passages  beat 
exchange  is  depicted  in  fig.  4.5,  4.6  and  4.7.  where  the 
average  Stanton  number  is  plotted  along  each  channel 
ribbed  zone.  The  present^  values  of  Stanton  were 
evaluated  on  the  basis  of  the  measured  local  beat 
transfer  coefficients.  Firstly  they  were  averaged  in  order 
to  smooth  out  the  fluctuations  between  consecutive  ribs. 
It  is  well  known  bow  the  heat  transfer  coefficient  is 
doubled  in  the  boundary  layer  reattachement  zone,  after 
the  turbulence  promoter  has  induced  separation  (ref.  4. 
5).  Secondly  an  average  between  the  heat  transfer 
coefficient  measured  on  the  ribbed  surfaces  and  the 
coefficients  relevant  to  smooth  walls  of  the  pipe  was 
evaluated.  These  coefficients  were  estimated  on  the 
basis  of  correlatioos  (ref.  3). 

Two  sets  of  curves  are  reported  :  the  solid  lines  are 
relevant  to  standard  configuration,  the  dashed  ones  refer 
to  the  modified  configuratioo  and  will  be  discussed  in 
the  next  paragraphs.  Each  set  consists  of  three  curves : 

-  smooth  pipe  correlation  value  (McAdams) : 

5f  =  0.023  Re"“^Pr^‘ 

-  measured  values 

-  ribbed  pipe  correlation  values  (ref.  3) ; 

5r  =  5r(Re,-^.-^,p,r) 

e  D 

where : 

r  =  chaimel  width/channel  height 
e  =  rib  height 
p  =  rib  pitch 
D  =  equivalent  diameter 
P  =  rib  -to-flow  angle 

The  chaimel  ribbed  zones  are  indicated  in  the  figures  on 
the  lower  x-axis  for  the  standard  configuration  and  on 
the  upper  x-axis  for  the  modified  configuration. 

As  for  the  ribbed  pipp  correlation,  because  of  channel 
inherent  problems,  it  was  used  in  a  approximate  way. 
Since  the  cross  section  shapes  of  the  channels  were  not 
exactly  rectangular  and  continuously  changing  along 
the  chaimel  lengths,  the  factor  r  was  assumed  constant 
and  equal  to  unity.  For  channel  3,  the  value  of  the  rib-to- 
flow  angle  is  certainly  variable  (and  not  predictable) 
along  the  span  and  along  the  chaimel  width,  because  of 
coolant  flowing  through  the  trailing  edge  holes.  In  the 
correlation  formula  it  was  assumed  constant  Within  the 
limits  of  the  use  that  was  made  of  the  correlation,  the 
Stanton  number  measured  values  appear  to  depan 
gradually  from  the  smooth  pipe  value  where  the  ribbed 
zone  starts.  It  almost  reaches  the  values  predicted  by  the 
ribbed  pipe  correlation  in  the  middle  of  the  ribbed  zone 


and  then  starts  to  decrease  despite  the  presence  of  ribs. 
The  observed  beat  transfer  evoluticm  along  the  channels 
fairly  agrees  with  the  early  decrease  of  the  friction  factor 
along  the  ribbed  zone  (see  fig.  4.3  and  4.4). 

This  behaviour  was  compared  with  the  studies  of  Han  et 
Al.  (ref.  3)  where  a  similar  behaviour  was  experienced 
in  the  case  of  a  pipe  with  ribbed  surfaces  and  a  sudden 
contraction  entrance.  Probably  it  is  due  to  peculiar 
boundary  layer  behaviour  ,  while  it  separates  and 
reattaches  along  the  ribbed  surface.  These  phenomena 
are  not  predictable  on  the  bases  of  the  currently 
available  correlations.  In  addition,  if  the  designer  were 
to  assume  the  values  available  from  correlations, 
without  taking  into  account  these  "ribbed  zone  extremity 
effects",  an  overestimate  of  the  heat  transfer  coefficient 
would  result  As  a  matter  of  fact  the  "extremity  effects" 
sensibly  lower  the  overall  heat  transfer  along  the 
channel  length. 

Blade  metal  temperature 

The  results  of  the  experimental  investigation  on  internal 
beat  transfer  coefficient  were  introduced  in  the  blade 
design  process  for  obtaining  the  metal  temperature. 
These  calculations  are  based  on  the  solution  of  the  metal 
conduction  equation  making  use  of  boundary  conditions 
coming  from  experimental  results  (internal  surfaces  beat 
transfer  coefficients,  and  external  hot  gas  temperature 
profile),  and  from  (TFD  simulation  (blade  external 
surface  beat  transfer  coefficients,  and  boundary  layer 
evolution).  The  results  arc  presented  in  fig.4.8,  4.9  and 
4.10,  where  experimental  thermal  paint  results,  U)  be 
discussed  in  next  paragraphs,  are  reported  as  well.  The 
metal  temperature  in  the  figures  is  plotted  against  the 
blade  non-dimesional  chord  for  tip,  mid-span  and  hub 
sections.  These  results  showed  a  tip  blade  metal 
temperature  too  high  ,  and,  therefore,  the  necessity  to 
improve  the  performance  of  the  cooling  system  at  the 
up. 

Thermal  paint  results 

The  best  prediction  numerical  codes  the  designer  might 
employ,  the  closest  rig  test  rig  experimental  people 
mi^t  set  up,  nevertheless  the  ultimate  evidence  on  the 
performance  of  the  cooling  system  must  still  be  obtained 
from  engine  test  Common  practice  is  to  make  use  of 
thermal  paints,  despite  its  limitations. 

In  figures  4.8,  4.9  and  4.10  the  results  of  these  tests  are 
presented  at  three  blade  sections,  namely  tip,  mid-span 
and  bub,  in  terms  of  blade  metal  surface  temperature. 
The  temperature  derived  from  the  thermal  paint  colour 
change  was  firstly  corrected  to  take  into  account  the 
coating  effect  induced  by  the  paint  itself.  The 
temperature  relevant  to  the  standard  and  the  modified 
configuration  are  then  compared  to  the  values  calculated 
for  the  standard  configuration.  The  calculated  and 
thermal  paint  values  show  good  agreement. 


13-5 


Optimization  of  cooling  system 
The  need  to  improve  the  beat  transfer  at  blade  lip  was 
faced  with  the  constraint  of  minimizing  the  impact  on 
the  industrial  production  jxocess  and  tooling.  The 
simplest  solution  of  moving  stnne  of  the  turbulence 
promoters  from  blade  hub  to  blade  tip  in  the  leading  and 
trailing  edge  charmels  was  first  checked  on  the  perspex 
model.  In  addition  the  iHcssure  inlet-outlet  ratio  was 
modified  with  respect  to  the  trailing  edge  chaimel, 
according  to  the  coolant  driving  pressure  available  on 
engine.  The  coolant  working  point,  in  terms  of  mass 
flow  distribution  among  channels,  was  modified  as 
follows : 


NEW  MASS  FLOW  DISTRIBUTION 


Channel 

Standard 

Modified 

1 

34.9% 

30.6% 

2 

35.2% 

31.9% 

3  total 

29.8% 

37.5  % 

As  it  can  be  seen  the  mass  flow  was  increased  in  chaimel 
3  (trailing  edge),  with  consequent  reduction  of  the  mass 
flow  in  channels  1  &  2. 

The  effect  of  the  new  location  of  the  ribs  on  the  heat 
exchange  has  been  plotted  in  the  already  presented 
figures  4.S,  4.6  and  4.7  for  sake  of  comparison.  It  is 
possible  to  notice  that  the  effect  of  the  ribs  in  terms  of 
location  of  the  maximum  Stanton  number  is  somewhat 
shifted  towards  the  blade  tip.  After  a  short  smooth 
surface  zone,  the  presence  of  a  new  ribbed  zone 
promotes  an  effective  heat  transfer  enhancement  at  the 
tip  of  the  blade.In  order  to  enhance  the  heat  exchange  at 
the  tip,  without  increasing  too  much  the  pressure  losses, 
the  solution  of  interrupting  the  ribbed  surface  for  some 
chaimel  length  and  to  place  ribs  at  the  blade  tip,  was 
introduced . 

It  is  nevertheless  our  opinion  that  if  we  had  simply 
extended  the  ribbed  zone  length  towards  the  blade  tip, 
we  would  have  obtained  a  less  positive  effect  on  the  beat 
transfer  enhancement  at  the  blade  tip,  because  the 
effectiveness  of  continuous  ribs  would  probably  have 
been  reduced  by  the  "extremity  effect". 

Of  course,  also  the  friction  factor  rises  in  the  new  ribbed 
zone  of  channel  1,  while  it  stays  constant  in  channel  2, 
as  it  can  be  seen  in  rig.4.3  and  4.4.  Again  this  data  is 
reported  togheter  with  the  standard  configuration  for 
sake  of  comparison. 

Relying  on  the  good  agreement  shown  by  the  blade 
metal  surface  temperature  calculated  by  making  use  of 
measured  intern^  heat  transfer  coefficients,  the 
calculation  was  performed  again,  introducing  the  new 
heat  transfer  distribution.  The  results  are  plooed  in  fig. 


4.8,  4.9  and  4.10,  where  they  are  compared  both  to  the 
previously  calculated  and  measured  values. 

As  expected,  a  lower  metal  temperature  is  evaluated  at 
the  tip  of  the  modified  configuration,  due  to  the 
increased  internal  heat  transfer  coefficient  induced  by 
the  mrbulence  promoters.  The  decrease  in  metal 
temperature  averages  20  K.  On  the  contrary,  the  hub 
section  ten^ierature  is  slightly  higher  as  a  result  of  the 
abseiicrt  of  the  turbulators.  The  mid-span  section  remains 
basically  unchanged. 

5,  CONCLUSIONS 

The  transient  technique  using  liquid  crystal  as  a  surface 
temperature  indicator  proved  to  be  very  useful  in  the 
process  of  obtaining  reliable  prediction  of  the  metal 
temperature  distribution  in  actual  engine  components.  It 
allows  real  reduction  in  the  time  and  cost  of  new 
component  development. 

It  is  thought  to  be  of  the  utmost  importance  to  pursue 
further  the  development  of  this  technique  in  oixier  to 
overcome  the  problems  of  simulating  the  effects  of  the 
centrifugal  force  field  present  in  rotating  baldes. 

On  the  other  band  the  present  potentiality  of  the 
technique  are  certainly  beyond  the  reported  application. 
In  Fiat  Avio  Fluidodynamic  Laboratories  more  complex 
blade  cooling  devices,  including  impingement  cooling, 
are  currently  being  investigated. 
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Fig.  3.1  -  Test  rig  (schematic) 


leading-edge 


i  \\\\\\\\\\\\^^ 


tniliog-edge 


lUadKd 


modified 


Fig.  3.2  -  Tested  blade  configurations 
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Rg.  4.1  •  Standard  configuration  -  Reynolds  number  distribution 
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Rg.  4.2  -  Modified  configuration  -  Reynolds  number  distribution 
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Fig.  4.5  -  Leading  -edge  channel  Stanum  number  distribution 


-  standard  configuradoD 

—  modified  configuration 


Fig.  4.6  -  Central  channel  Stanton  number  distribudoo 
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Discussion 


QUESTION  1: 

DISCUSSOR;  M.  Owen,  University  of  Bath 

The  finite-difference  solution  requires  knowledge  of  the  variation  of  surface  temperature 
with  time  in  order  to  calculate  the  heat  transfer  coefficient.  As  only  one  temperature-time 
point  (that  is,  the  time  at  which  the  crystals  change  state)  is  known,  how  is  the  heat 
transfer  coefficient  calculated? 

AUTHOR'S  REPLY: 

The  solution  of  the  of  equation  set  presented  is  actually  based  on  a  given  variation  of 
surface  temperature  with  time.  This  temperature  evolution  is  based  on  a  guessed  value 
for  the  heat  transfer  coefficient,  h.  The  resulting  local  surface  temperature  at  a  given 
time  will  be  the  observed  one  (liquid  crystal  melting  time  and  temperature)  at  that 
location,  only  if  the  assumed  value  of  h  is  the  actual  one.  The  numerical  code  iterates  the 
solution  with  an  updated  h  until  the  calculated  value  of  the  surface  temperature  at  a  given 
position  and  time  coincides  with  the  experimental  one. 


QUESTION  2: 


DISCUSSOR:  M.  Owen,  University  of  Bath 

The  one-dimensional  solution  is  only  valid  if 

your  experiments? 

AUTHOR’S  REPLY: 


a^T  d?! 

dy2  ’  az2 


<< 


ax2  ■ 


Is  this  always  valid  in 


Whether  the  lateral  conduction  can  be  neglected  or  not  is  related  to  the  conductivity  of  the 
model  material  and  to  the  duration  of  the  experiment.  In  our  case,  the  conductivity  and 
duration  were  small  enough  such  that  the  diffusion  depth  of  the  temperature  pulse  is 
small,  and  the  surface  temperature  can  actually  be  considered  constant  within  small 
lateral  distances. 
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ABSTRACT 

Measurements  have  been  made  of  the  local  heat 
transfer  at  the  surface  of  a  flat  plate  underneath  a 
confined  impinging  jet.  Thermochromlc  liquid 
crystals  were  used  to  measure  the  surface 
temperature  of  a  uniformly  heated  plate  cooled  by  an 
impinging  jet.  The  temperature  of  the  wall  through 
which  the  jet  passes  has  been  controlled  and 
experiments  have  been  performed  to  measure  the 
two  heat  transfer  coefficients  which  arise  from  this 
three  temperature  problem.  The  effect  of  Reynolds 
number  and  plate  to  jet  spacing  on  heat  transfer  has 
been  investigated.  The  heat  transfer  results  are 
discussed  in  terms  of  the  interpreted  flow  field. 

1,  INTRODUCTION 

External  heat  transfer  coefficients  in  the  vicinity  of 
the  leading  edge  of  turbine  blades  are  locally  very 
high  and  heat  conduction  within  the  low 
conductivity  material  is  not  sufficient  to  smooth  out  the  ell'ect  quantified  by  two  heat  transfer  coefficients.  Both  heat  transfer 

of  concentrated  heating  on  metal  temperatures.  The  internal  coefficients  have  l^een  measured  for  the  single  confined  jet  for 

heat  transfer  coefficient  at  this  location  must  be  set  to  achieve  a  range  of  Reynolds  numbers  and  zid  ratios.  The  jet  Reynolds 

adequate  cooling,  Suo  (1985),  and  impingement  cooling  is  numbers  investigated  were  7500,  15000  and  30000  and  the 

often  used  as  a  means  of  producing  high,  localised  heat  plate  z/d  used  were  1.0,  2.0  and  3.0.  The  impingement  hole 

transfer  coefficients.  A  single  row  of  impinging  jets  has  been  length  was  the  same  as  its  diameter  for  all  tests, 

used  in  many  designs  to  cool  the  blade  leading  edge.  A 
thorough  investigation  of  this  geometry  was  reported  by 

Bunker  and  Metzger  (1988)  who  used  a  transient  technique  to  2.  EXPERIMENTAL  METHOD  AND  APPARATUS 
produce  full  distributions  of  heat  transfer  coefficient.  Obot  et 

al.  (1979)  showed  that  the  shape  of  the  hole  had  a  significant  A  schematic  diagram  of  the  apparatus  is  given  in  figure  (1). 

effect  on  the  heat  transfer  beneath  a  single  jet.  In  the  present  Air  is  drawn  from  atmosphere  through  the  fan  and  passes 

work,  the  hole  was  modelled  at  40  times  engine  size  as  a  sharp  through  the  orifi'*  flow  p  eier  and  heater  into  the  plenum.  A 

edged  circular  passage  through  the  impingement  (top  in  figure  plastic  foam  shvel  (permeance  0.23m/secPa)  is  located  in  the 

(3))  plate.  This  is  representative  of  laser  cut  holes  used  in  plenum  to  distribute  air  flow  uniformly  above  the  hole.  The 

current  impingement  tube  geometries.  Van  Treuren 


Figure  1  Schematic  diagram  of  the  experimental  apparatus. 


(1992).  The  effect  of  nozzle  geometry  on  the  heat 
transfer  beneath  a  single  impinging  jet  was 
investigated  by  Obot  et  al.  (1979).  In  the  present 
work,  great  care  has  been  taken  in  the  specification 
of  the  thermal  boundary  conditions,  and  the 
temperature  of  the  plate  from  whicli  the  jet  issues 
has  been  controlled  and  accurately  measured. 
Application  of  the  principle  of  superposition  (section 
3)  shoves  that  the  heat  transfer  to  the  surface  is 
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Figure  2  Heated  surface  used  in  the  first  method  (not  to  scale). 
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Table  I  Nomenclature. 


A 

B 

Cp 

d 

EFF 

h 

hi 

hp 

k 

Nu 

Nu, 

NUp 

P 

q 

r 

R 

Re, 

T 

u,v,w 

x.y^ 

X 

z 

Greek 

a 

0 

e 

Subscripts 

nd 

c 

e 

j 

o 

P 

w 


target  wall  temperature  in  case  (a), 

fig.(5) 

target  wall  temperature  in  case  (b), 

fig(5) 

pressure  coefficient,  (p-p,)/(p„-p,) 
hole  diameter 

non-dimensional  adiabatic 

temperature,  eq.(8) 

overall  heat  transfer  coefficient, 

eq.(5) 

jet  heat  transfer  coefficient,  eq.(4) 

plate  heat  transfer  coefficient,  eq.(4) 

fluid  thermal  conductivity 

Nusselt  number,  hd/k 

h,d/k 

h,d/k 

pressure 

heat  flux 

distance  from  hole  centreline  along 
target  plate 

resistance  per  square  of  healer 

jet  Reynolds  number 

temperature 

velocity  components 

coordinates 

measurand 

plate  separation 

molecular  diffusivity 
dimensionless  plate  temperature, 
eq.(5) 

turbulent  diffusivity  or  uncertainty 

adiabatic 
liquid  crystal 

exit  from  the  confinement 
jet 

total  conditions 

plate 

wall 


oil  of  wintergreen  method  of  Langston  and  Boyle  (1982)  was 
used  to  determine  the  direction  of  surface  shear  on  the  target 
plate  beneath  the  jet.  In  this  way  it  was  confirmed  that  the  air 
flows  radially  out  from  the  stagnation  point  without  swirl.  For 
the  present  work,  the  jet  Mach  number  is  always  less  than  0.1 
so  the  flow  can  be  treated  as  incompressible.  The  temperature 
of  the  air  in  the  thermally  insulated  plenum  is  measured  by  a 
thermocouple  and  power  to  the  air  heater  is  regulated  by  a 
P.I.D  controller. 

Two  means  of  providing  the  uniform  heat  flux  were  used  in 
these  tests.  In  the  first  application  of  the  steady  state  method, 
the  heat  is  supplied  to  the  perspex  sheet  by  an  electrical  heater 
pad  similar  to  that  used  by  Baughn  et  al.  (1988).  The  gold 
side  of  the  heater  is  glued  to  the  perspex,  and  a  coating  which 
comprises  two  types  of  encapsulated  thermochromic  liquid 
crystal  is  sprayed  over  the  top,  figure  (2).  The  use  of 
thermochromic  liquid  crystals  in  heat  transfer  measurements 
has  been  described  recently  by  Jones  (1992).  A  thermally  thin 
layer  of  black  ink  is  then  sprayed  on  top  and  the  composite 
coating  is  viewed  from  the  perspex  side.  In  this  way  the 
crystal  is  observed  through  the  heater  pad,  glue  and  perspex. 
Oblique  illumination  is  provided  by  two  fluorescent  tubes 
located  as  shown  in  figure  (3)  and  the  video  camera  is 
positioned  approximately  one  metre  beneath  the  target  plate  on 
the  centreline  indicated.  Heat  loss  through  the  perspex  is 
made  negligible  by  allowing  the  sheet  to  achieve  steady  state 
whilst  a  45mm  thick  sheet  of  expanded  polystyrene  is  attached 
to  the  viewing  side.  This  sheet  is  then  removed  just  before  the 
position  of  the  liquid  aystal  colour  play  contours  is  recorded 
by  a  video  camera.  The  liquid  crystal  colour  display  is 
calibrated  in  situ  using  a  thin  (0.12Smm)  foil  thermocouple 
fixed  to  the  top  (non  conducting)  side  of  the  heater  sheet.  The 
liquid  crystal  and  black  paint  are  applied  over  this  sensor. 

The  second  method  was  adopted  part  way  through  the  series 
of  tests  to  increase  the  data  rate.  A  thin  (0.8mm)  sheet  of 
perspex  is  used  as  the  target  plate  with  an  Aluminium  healer 
foil  attached  to  the  surface  exposed  to  the  impinging  jet,  figure 
(4).  Heat  lost  from  the  opposite  side  is  made  negligible  by 
placing  a  70mm  thick  sheet  of  polystyrene  beneath  the  perspex 
sheet.  Since  light  can  not  be  transmitted  through  this  heater 
and  the  Larget  surface  can  not  be  viewed  from  the  impingement 
plate  side,  encapsulated  liquid  crystals  are  applied 
to  the  side  away  from  the  jet. 


o 


EXPANDED  POIYSIYRENE 


OFLUORESCENt  TUBE 
LI0H1  SOURCE 


Figure  3  Detail  of  the  test  geometry. 


In  the  analysis  of  the  experimental  data,  heat 
cxmducled  into  the  perspex  is  assumed  to  be 
negligible.  This  is  valid  provided  that  heat  lost 
from  the  surface  away  from  the  foil  is  very  small 
and  that  heat  conducted  laterally  can  be  neglected. 
Sufficient  expanded  polystyrene  was  used  in  both 
methods  to  ensure  that  the  former  criterion  was 
always  satisfied.  The  effect  of  lateral  conduction 
on  the  measured  heat  transfer  coefficient  was 
assessed  for  both  methods  by  solving  Laplace's 
equation  in  two  dimensions  within  the  perspex. 
Previous  workers  have  used  the  gold  film  method 
and  the  conduction  analysis  confirmed  that  no 
correction  was  necessary  to  account  for  lateral 
conduction.  There  are  few  reports  of  experiments 
which  position  the  thermometer  on  the  outside 
surface  of  thin  walled  model.  Dunne  (1983) 
showed  that,  for  a  thin  walled  transient  method 
which  used  phase  change  paints  on  the  external 
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Figure  4  Heated  surface  used  in  the  second  method  (not  to  scale). 


surface,  errors  due  to  lateral  conduction  only  became  important 
when  the  second  derivative  of  the  substrate  temperature  were 
large.  To  the  first  order,  the  largest  second  derivatives  in 
temperature  occur  at  the  location  of  the  largest  second 
derivatives  in  h.  This  will  also  be  true  for  steady  stale 
techniques.  For  both  methods  used  in  the  present  work,  the 
effect  of  conducted  heat  was  assessed  for  the  worst  case 
(highest  second  derivative)  distributions  of  overall  h.  The 
error  in  calculated  h  was  less  than  1.0%  and  hence  no 
correction  was  applied. 

The  temperature  of  the  impingement  plate  is  held  constant  by 
passing  water  through  the  passage  indicated  in  the  ligure.  The 
water  temperature  is  controlled  by  a  second  P.l.D.  controller 
which  governs  the  power  supply  to  the  water  Lank  heater.  The 
plate  temperature  was  measured  and  for  all  of  the  tests  was 
found  to  be  within  0.  TC  of  the  water  temperature.  For  low 
plate  temperature  tests,  heat  acquired  in  the  plate  ptissage  and 
power  supplied  by  the  pump  exceed  the  heat  losses.  Under 
these  conditions,  an  automotive  heat  exchanger  (radiator)  is 
used  to  cool  the  water  flow. 

Heat  transfer  measurements  are  made  by  setting  the  jet 
masstlow  rate  to  achieve  the  correct  jet  Keynolds  number. 


The  required  jet  temperature  and  the  plate 
temperature  are  entered  into  the  controllers.  Once 
steady  conditions  have  been  achieved,  the  position  of 
the  liquid  crystal  colour  display  is  logged  by  a  video 
system  at  different  foil  heater  power  settings.  The 
convective  heat  flux  is  calculated  from  the  current 
supplied  to  the  heater  pad  and  the  resistance  per 
square. 

The  radiative  heat  flux  from  the  heater  foil  into  the 
cavity  was  estimated  by  calculating  the  heat 
transferred  between  two  flat  parallel  grey  surfaces.  Over  the 
full  target  plate,  the  net  heat  lost  to  radiation  is  smali  on 
account  of  the  low  emissivity  of  the  aluminium  impingement 
plate.  For  the  worst  case,  ink  coated  gold  heater  at  41.1°C  and 
impingement  plate  at  20°C,  the  radiative  heat  transfer 
coefficient  was  less  than  l.OW/m^K. 

3.  LINEAR  MODEL 

The  thermal  boundary  conditions  for  these  tests  are  an 
isothermal  impingement  plate  and  a  uniform  heat  flux 
lioundary  condition  at  the  target  surface’.  Since  the  energy 
equation 

dT  dT  dT 

U. -  ♦  V. —  ♦  w. -  = 

dx  dy  dz  (1) 


is  linear  in  temperature,  the  principle  of  superposition  can  be 
used  to  relate  the  actual  temperature  field  to  the  sum  of  other 
temperature  field  solutions  to  this  equation.  Referring  to 
figure  (5),  the  a>mponent  fields  could  be  chosen  to  be  the 
isothermal  field  (1)  and  field  (2).  Importantly, 
temperature  gradients  do  not  exist  in  (1)  so  that  the 
heat  tlux  at  any  surface  must  be  determined  by  (2). 
Since  the  energy  equation  is  homogenous,  any 
solution  for  the  temperature  field  can  be  multiplied 
by  a  constant  factor  and  remain  a  solution  provided 
that  the  summed  component  fields  match  the 
required  boundary  conditions.  Hence,  field  (2)  can 
be  broken  down  into  the  sum  of:- 

-  The  product  of  qlk  with  (a),  the  field  with  zero 
temperature  at  the  impingement  plate  and  in  the  jet 
plenum  and  unit  temperature  gradient  at  the  target 
plate. 

-  The  product  of  T^-T^  with  (b),  the  field  with  zero 
temperature  gradient  at  the  target  plate,  uniform  unit 
temperature  at  the  impingement  plate  and  zero  jet 
plenum  temperature. 

The  temperature  along  the  target  plate  in  solution  (2) 
(this  is  T,-  r,)  can  thus  be  written  as: 

r,-r^ "  f ^  *  (r,-rpB  w 

where  A  and  B  are  constants.  In  fact  A  corresponds 
to  the  target  wall  temperature  for  case  (a)  and  B  is 


'The  hybrid  boundary  conditions  correspond  to  those  of  the  third  kind  specified  by  Lundberg  et  al  (1972)  for  flow  through 
concentric  annuli. 
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the  target  wall  temperature  for  case  (b).  This  equation  can  be 
rearranged  so  that  the  heat  flux  can  be  expressed  as 

q  .  (r,-7j)  +  jJt  (r,-rp  o) 

In  other  words,  the  heat  flux  is  determined  by  two  heat 
transfer  coefficients, 

4  -  h/T,-Tj)  *  A/r,-rp  (4) 


The  heat  transfer  coefficient  results  are  presented  in  full  in  the 
following  section  and  discussed  in  section  6. 


4.  HEAT  TRANSFER  MEASUREMENTS 

Measurements  were  made  of  both  heat  transfer  coefficients  at 
three  jet  spacings  for  a  range  of  Reynolds  numbers.  In  each 
case,  the  heater  foil  power  required  to  affect  liquid  crystal 
colour  play  was  measured  for  different  crystal  colour  play 
positions.  As  each  test  proceeded,  the  power  was  increased  in 
increments  to  move  the  colour  display  oontouifs)  in  steps  over 
the  full  surface  of  the  target  plate.  In  this  way,  as  the  power 
was  increased,  the  crystal  colour  display  moved  from  the 
region  of  lowest  convective  heat  flux  to  the  most  cooled 
location. 

The  surface  heat  flux  required  to  produce  colour  display  at  one 
stated  set  of  conditions  is  shown  in  figure  (6).  By  dividing  the 
heat  flux  by  the  difference  between  the  local  wall  and  the  gas 
temperature,  an  overall  heat  transfer  coefficient  can  be  defined. 
The  overall  heat  transfer  coefficient  is 

A  -  *  ♦  =  A  +  *  6  (5) 


where  6  is  the  dimensionless  plate  temperature.  This  heat 
transfer  coefficient  (non  dimensionalised  by  multiplying  by 
J/k)  at  three  radial  positions  is  presented  as  a  function  of  0  in 
figure  (7).  Two  different  liquid  crystals  (dO.lT  and  31.1“C.is 
indicated  by  the  data  labels)  were  used  to  obtain  these  data  by 
applying  a  double  crystal  coating.  From  equation  (5),  the 
intercept  with  the  Nu  axis  is  the  dimensionless  Jet  heat  transfer 
coefficient  and  the  slope  is  the  dimensionless  plate  heat 
transfer  coefficient.  It  can  seen  that  both  the  ovc'all  heat 
transfer  coefficient  and  the  jet  heal  transfer  coefficient 
decrease  with  distance  from  the  stagnation  point.  Interestingly, 
the  plate  heat  transfer  coefficient  increases  with  radial 
distance.  The  variation  of  the  heal  transfer  coetficienls  with 
position  is  discussed  in  section  (7). 

Having  demonstrated  that  the  superposition  model  could  be 
used  to  analyse  the  data  and  that  the  apparatus  was  operating 
properly,  it  was  possible  to  find  the  two  unknown  heal  transfer 
coefficients,  /i,  and  by  using  only  two  tests.  Thus  equation 
(4)  could  be  written  twice  with  different  plate  or  jet 
temperatures,  then  these  two  equations  rearranged  to  give  fi, 
and  /i,  explicitly  (equations  (6)  and  (7)). 


r/d 

Figure  6.  Heat  flux  as  a  function  of  radial  position.  z/d=2, 
Rej=7500,  r=2yc,  Tj=23°C  and  T,=40.1°C.  The  two  types 
of  marker  indicate  different  sides  of  the  jet. 


(7) 


The  measured  dimensionless  heat  transfer  coefficients  are 
shown  in  figures  (8)  to  (16).  Since  it  would  have  been  very 
time  consuming  to  adjust  the  power  to  position  the  crystal 
colour  display  at  specific  locations,  the  heat  transfer 
coefficients  are  calculated  by  interpolating  for  the  heat  fluxes 
(<7,  and  at  the  locations  of  the  presented  data. 


Figure  7  Overall  Nusselt  number  as  a  function  of 
dimensionless  plate  temperature  at  three  different  radial 
positions.  The  figures  next  to  the  data  points  are  the  liquid 
aystal  display  temperatures.  Rej=7500,  z/d=2. 


(6) 
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Uncertainty  analysis. 

The  experimental  uncertainty,  e^,  in  both  hs  was  calculated  as 
being  less  than  4%  of  the  total  heat  transfer  coefTicient  for 
typical  test  conditions.  Values  of  the  terms  used  in  the 
analysis  are  given  in  the  table  below,  where  the  subscripts  1 
and  2  refer  to  the  separate  experiments  performed  to  obtain  hj 
and  h,. 


X, 

(T,-Ti). 

(T,-T^. 

(T,-T^2 

(T.-T^2 

qi 

<iz 

0.14 

0.14 

0.14 

0.14 

1.32 

0.62 

“C 

»C 

“C 

“C 

W/m^ 

W/m^ 

dh/ax^ 

3.9 

2.9 

24.8 

18.6 

0.22 

0.1 

W/m=K' 

W/m^K^ 

W/m^K^ 

W/m^K^ 

K* 

K-‘ 

Figure  8.  Separate  Nusselt  numbers 
with  z/d=l,  Re=7500. 


Flguir  9.  Separate  Nusselt  numbers 
with  z/d=I,  Re=lSOOO. 


Figure  10.  Separate  Nusselt  numbers 
with  z/d=l.  Re=30000. 


Figure  11.  Separate  Nusselt  numbers 
with  z/d=2.  Re=7500. 


Figure  12.  Separate  Nusselt  numbers 
with  z/d=2,  ReslStKK). 


Figure  13.  Separate  Nusselt  numbers 
with  z/d=2,  Re=30000. 


50 

0 

c 

112  3' 

r/d 

■•■Nuj  -cMud 

Figure  14.  Separate  Nusselt  numbers 
with  z/d=3,  Res7500. 


Figure  IS.  Separate  Nusselt  numbers 
with  z/d=3,  Re=IS0(Kt. 


Figure  16.  Separate  Nusselt  numbers 
with  z/d=3,  Re=30000. 
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Figure  17.  along  the  target  plate  surface  as  a  function  of 
r/d,  z/d=l. 

plate.  The  same  flow  field  was  observed  by  Saripalli  for 
single  confined  jets.  He  correlated  the  confinement  diameter 
The  pressure  coefficient  along  the  target  plate  is  presented  in  at  which  flow  started  to  be  drawn  back  from  the  surroundings 

figures(17)  to  (20)  where  the  legends  refer  to  the  jet  Reynolds  against  the  plate  spacing  (presented  in  Bower  et  al.  (1981)). 

number  and  z/d  respectively.  In  the  impingement  region  the 

data  are  very  close  to  the  free  jet  data  after  Koschei  who  tested  The  discharge  coefficient  was  measured  for  all  three  plate 

at  Rep27,SOO.  The  pressure  is  highest  at  the  stagnation  point,  .spacings  and  was  found  to  be  a  weak  function  of  both 

where  it  recovers  the  plenum  total  pressure,  and  then  decreases  Reynolds  number,  over  the  range  7500  to  30000,  and  of  z.  A 

with  distance  as  the  flow  accelerates  in  the  impingement  value  of  0.83S0.03  was  measured  for  the  confined  jet. 

region.  At  r/d  greater  than  1.0  the  gentle  increase  in  pressure 
is  evidence  of  the  flow  slowing  down  as  it  diffuses  radially. 

Similar  pressure  distributions  were  measured  for  a  z/d  of  5  6.  DISCUSSION  OF  THE  RESULTS 

(not  presented)  although  the  plenum  pressure  was  not 

recovered  at  the  stagnation  point.  In  all  cases  the  jet  heat  transfer  coefficient  is  highest  at  the 

A  simple  investigation  of  the  flow  field  was  performed  using  stagnation  point  and  its  profile  bears  a  marked  similarity  to 
a  small  (Smm)  tuft  suspended  on  a  nylon  line  at  a  jet  Reynolds  that  measured  beneath  rows  of  jets  impinging  onto  curved 

number  of  30000,  figure  (21).  The  tuft  was  able  to  rotate  surfaces  (Bunker  and  Metzger  (1988)  and  Pagenkopf  and 

freely  and  was  used  to  determine  the  flow  direction.  The  jet  Hennecke  (1992)). 

Reynolds  number  was  deaeased  to  15000  for  the  z/d=I 

configuration  and  no  significant  change  in  the  interpreted  flow  Sbignatlon  point  heat  transfer. 

field  was  detected.  It  is  interesting  to  note  the  large  extent  of  The  overall  dimensionless  heat  transfer  coefficient  (Nuj  +  Nu^) 

the  air  which  flows  back  towards  the  jet  along  the  top  plate.  at  the  stagnation  point  is  presented  in  figure  (22).  This 

For  the  largest  spacing  tested  (z/d=3),  this  doughnut  shaped  airresponds  to  the  Nusselt  number  when  the  plate  temperature 

recirculation  vortex  extended  almost  to  the  edge  of  the  square  is  the  same  as  the  jet  temperature  and  is  the  most  appropriate 


Figure  18.  along  the  target  plate  surface  as  a  function  of  Figure  20.  along  the  target  plate  surface  as  a  function  of 


r/d,  z/d»l. 


r/d,  z/d=2. 
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Figure  21.  Flow  field  interpreted  from  the  tuft  deflection  at 
Re|=30,000,  ds20mm. 


case  to  compare  with  free  Jet  data  when  the  entrained  air  from 
the  surroundings  is  at  the  same  temperature  as  the  jet.  In  the 
present  work,  the  Jet  entrains  air  from  the  enclosure  which 
passes  along  the  surface  of  the  impingement  plate.  For  the 
three  spacings  tested,  the  heat  transfer  increases  with  Reynolds 
number.  The  heat  transfer  levels  for  z/d  spacings  of  1  and  2 
are  practically  the  same.  The  same  insensitivity  to  plate 
spacing  was  observed  for  free  Jet  data  by  Van  et  al.  (Ib02)  at 
values  of  z/d  of  2  and  4.  Tliis  is  explained  by  the  presence  of 
the  potential  core  of  the  Jet  which  extends  to  the  plate  (C^=1.0) 
for  smaller  spacings.  The  higher  heat  transfer  levels  measured 
by  these  authors  could  either  be  due  to  the  absence  of  the 
enclosure,  or  the  fact  that  the  Jet  flow  was  fully  developed 
pipe  flow  with  greater  turbulence  on  the  centreline  than  the 
short  orifice  used  in  the  present  work.  The  latter  explanation 
is  more  reasonable  since  the  current  pressure  data  is  very 
similar  to  the  free  Jet  data  (section  5).  The  Nusselt  numlrer 
levels  increase  markedly  for  the  spacing  of  3D.  The  same 
effect  can  be  seen  for  the  free  Jet,  but  at  the  greater  spacing  of 
6D  (not  shown  here).  This  increase  is  associated  with  the  end 
of  the  potential  core  (  Cp  is  less  than  1.0  for  the  confined  Jet 
at  z/d=5)  and  is  due  to  the  arrival  of  turbulence  from  the  shear 
layers  at  the  stagnation  point. 


coefficient.  In  this  region,  the  driving  gas  temperature  must  be 
strongly  influenced  by  contact  between  the  recirculating  flow 
and  the  impingement  plate.  It  is  thought  that  this  effect  is 
more  pronounced  for  the  z/d=2  and  z/d^S  geometries  since,  in 
both  cases,  the  extent  of  the  recirculation  is  much  greater  than 
for  the  z/d=l  case. 

Adiabatic  wall  temperature. 

The  dimensionless  adiabatic  wall  temperature  can  be  calculated 
from  the  two  heat  transfer  coefficients  by  rearranging  equation 
(4)  to  give 


In  cases  where  the  plate  heat  transfer  coefficient  is  large,  the 
adiabatic  temperature  can  be  seen  to  be  significantly  different 
to  the  plenum  temperature.  A  change  in  the  temperature 
potential  beneath  free  Jets  was  measured  by  Striegl  and  Diller 
(1084)  for  a  single  slot  Jet  when  the  temperature  of  the 
surroundings  was  increased  to  the  target  plate  temperature. 
More  recently  Baughn  et  al.  (1991)  presented  values  of  the 
effectiveness  for  a  circular  free  Jet.  The  effectiveness 
decreased  continuously  with  r/d  although  the  large  reduction 
in  effectiveness  for  r/d<2  measured  for  the  confined  Jet  with 
z/d=2  was  not  observed  by  these  authors. 


7.  CONCLUSIONS 

(1)  A  theoretical  description  of  the  effect  of  impingement 
plate  temperature  has  been  proposed  based  on  superposition  of 
solutions  to  the  temperature  field.  The  analysis  introduced 
new  heat  transfer  coefficients  which  have  been  measured.  The 
theoretical  model  was  verified  in  a  series  of  tests. 

(2)  A  steady  state  double  lest  method  has  been  developed  for 
measuring  these  heal  transfer  coefficients  for  a  uniform  heat 
(lux  Iwundary  condition. 

(3)  The  temperature  of  the  plate  has  been  shown  to  have  a 
significant  effect  on  the  overall  heat  transfer  al  the  target  plate 
for  the  z/d=2  and  z/ds3  configurations.  It  is  thought  likely 
that  a  similar  effect  is  present  for  curved  target  surfaces. 
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Discussion 


QUESTION  1: 

DISCUSSOR:  G.  Andrews,  University  of  Leeds 

The  flow  recirculation  within  the  impingement  gap  to  which  you  refer,  is  an  important 
feature  of  impingement  heat  transfer  which  has  received  little  study.  My  research  group 
at  Leeds  made  the  first  publication  on  the  effect  at  the  last  AGARD  heat  transfer  meeting 
in  1985  and  in  four  papers  since  then  (Ref  1  -  5).  The  recirculation  is  responsible  for  the 
impingement  jet  surface  heat  transfer  which  you  have  measured.  However,  this  effect  is 
minimized  for  the  single  jet  geometry  that  you  used  and  is  much  stronger  for  arrays  of 
jets  as  used  in  blade  cooling  and  in  die  work  at  Leeds.  Multi-recirculation  zones  are  set 
up  having  about  one  half  the  size  of  the  impingement  jet-pitch,  so  that  there  is  a  double 
counter  rotating  vortex  between  each  impingement  jet  row.  The  conductive  recirculating 
jet  velocity  can  be  a  major  function  of  the  initial  impingement  jet  velocity  and  the  surface 
averaged  jet-plate  heat  transfer  coefficient  can  be  about  fifty  percent  of  that  on  the 
impingement  wall,  and  this  is  higher  for  Z/D  <  1  .  For  low  coolant  mass  flow  rates  this 
results  in  significant  heating  of  the  impingement  jet  wall  which  in  turn  heats  the 
impingement  jet. 

This  effect  is  also  present  when  film  cooling  fluid  extraction  or 
impingement/effusion  cooling  occurs  as  discussed  in  Paper  30  of  this  symposium.  This 
geometry,  although  it  appears  more  complicated,  is  actually  easier  to  analyze  since  each 
impingement/film  hole  has  a  source  and  sink  for  the  fluid.  For  impingement  jet  arrays, 
the  complex  jet  recirculation  aerodynamics  are  influenced  by  the  impingement  gap 
crossflow  and  there  has  been,  to  my  knowledge,  no  attempt  at  predicting  these  complex 
aerodynamics. 

Do  you  intent  to  extend  your  work  to  arrays  of  impingement  jets  and  to  film 
cooling  jet  extractions? 
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ABSTRACT 

A  control  voliune  finite  difference  method  based 
on  the  work  of  Rhie  in  conjunction  with  (1)  a  high 
Reynolds  k-€  model  and  (2)  a  two  layer  turbulence 
model  has  been  used  to  predict  the  heat  transfer  co¬ 
efficients  underneath  an  impinging  circular  jet  in  the 
absence  of  crossflow.  The  numerical  results  are  com¬ 
pared  to  experimental  measurements  for  two  different 
impingement  height  to  jet  diameter  ratio8;R/D=2, 
and  10.  The  comparisons  indicate  that  although  both 
the  k-t  and  the  two  layer  turbulence  models  are  ad¬ 
equate  in  the  prediction  of  the  flow  field,  the  two 
layer  model  resulted  in  heat  transfer  predictions  that 
were  closer  to  experimental  observations.  It  was  also 
observed  that  the  predicted  heat  transfer  coefficients 
for  the  case  of  H/D~2  were  sensitive  to  the  assumed 
jet  exit  turbulence  levels,  whereas  they  were  not  for 
/r/D=10.  This  information  is  useful  to  the  designer 
of  cooled  turbine  components. 


NOMENCLATURE 


D 

jet  diameter 

H 

distance  between  jet  outlet 

h 

and  impingement  plate 
heat  transfer  coefficient 

k 

turbulent  kinetic  energy 

L 

mixing  length 

n 

coordinate  normal  to  wall 

Nu 

Nusselt  number  =hDf\ 

P 

pressure 

P 

production  of  turbulent 

Re 

kinetic  energy 

Reynolds  number  =pVjDffit 

S 

volumetric  source  term 

T 

temperature 

u 

mean  velocity  component 

Vi 

average  jet  outlet  velocity 

x,y,z 

Cartesian  coordinates 

Greek  Symbols 

e 

dissipation  of  turbulent 

r 

kinetic  energy 
diffusion  constant 

A 

thermal  conductivity 

transported  scalar 

P 

density 

Pt 

turbulent  viscosity 

Pi 

laminar  viscosity 

Subscripts 

4> 

pertaining  to  transported 
scalar  4> 

ij 

indices  in  Cartesian 
tensor  notation 

w 

wall 

Superscripts 

f 

fluctuating  component 

e 

effective 

1 

molecular 

t 

turbulent 

1  INTRODUCTION 

The  high  turbine  inlet  temperatures  encountered  in 
many  modern  gas  turbine  engines  necessitate  the  cool¬ 
ing  of  the  turbine  components.  One  cooling  scheme 
that  offers  high  heat  transfer  coefficients,  as  well  as 
control  over  the  distribution  of  the  coolant  heat  trans¬ 
fer  is  impingement.  This  type  of  cooling  can  be 
found  within  stator  and  rotor  aerofoils,  as  well  as 
on  vane  platforms,  and  shroud  housings.  The  level 
of  heat  transfer  is  dependent  on  many  variables:  (1) 
the  geometry  of  the  impingement  array,  including  the 
impingement  plate  to  impingement  surface  spacing 
[2,  12,  13,  17,  19,  29];  (2)  the  presence  and  temper¬ 
ature  of  a  cross  flow  [8,  9,  11,  16,  22);  (3)  the  level 
of  turbulence  in  the  jet  [18];  (4)  the  jet  outlet  condi¬ 
tions  (velocity,  turbulence  profiles)  [11,  5,  6]  and  (5) 
the  manner  in  which  the  jet  flow  leaves  the  domain  of 
interest  after  impingement  [15,  22].  A  recent  review 
of  the  impingement  literature  has  been  compiled  by 
Downs  [7]. 

The  level  of  impingement  heat  transfer  obtained  in 
any  given  cooling  scheme  design  is  a  function  of  many 
flow  and  geometrical  parameters.  Often,  experimen¬ 
tal  data  for  the  array  geometry  and  domain  outflow 
boundaries  used  in  the  design  do  not  exist.  It  would 
be  costly  to  test  each  design  configuration  experimen- 
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tally.  Furthermore,  it  is  not  feasible  to  perform  these 
tests  within  the  time  frame  allowed  for  the  design. 
Computational  Fluid  Dynamics  (CFD)  is  one  method 
that  will  ultimately  allow  for  a  tool  whereby  the  effects 
of  a  change  of  any  of  the  above  mentioned  parameters 
on  the  heat  transfer  can  be  quantified. 

The  computer  simulation  of  any  flow  of  interest  re¬ 
quires  (1)  a  mathematical  model  of  the  physical  prob¬ 
lem  which  includes  the  partial  differential  equations, 
turbulence  models  and  boundary  conditions  that  gov¬ 
ern  the  distribution  of  the  unknown  dependent  vari¬ 
ables  in  the  region  of  interest;  (2)  a  numerical  method 
for  the  solution  of  the  mathematical  model;  and  (3) 
a  computer  implementation  of  the  numerical  method. 
The  mathematical  model  in  conjunction  with  a  given 
numerical  solution  procedure  is  referred  to  as  a  nu¬ 
merical  model. 

For  a  numerical  model  to  be  useful,  all  three  of  the 
aforementioned  requirements  have  to  be  met  success¬ 
fully.  The  appropriateness  of  a  proposed  mathemat¬ 
ical  model  can  be  ascertained  by  comparing  the  re¬ 
sults  of  a  numerical  solution  to  experimental  data,  in 
which  detailed  boundary  information  has  also  been 
measured.  In  view  of  this,  the  purpose  of  this  paper  is 
to  predict  the  heat  transfer  coefficients  under  a  single 
circular  jet  impinging  on  a  flat  plate  with  no  imposed 
cross  flow  for  two  different  jet  plate  to  impingement 
surface  spacings:  HfD  =  2,  and  10.  These  values  are 
typical  of  the  range  encountered  in  gas  turbine  en¬ 
gines.  The  numerical  predictions  from  this  study  will 
be  compared  to  experimental  data  available  in  the  lit¬ 
erature.  This  will  allow  for  an  evaluation  of  the  ap¬ 
propriateness  of  the  chosen  mathematical  model,  as 
well  as  provide  some  insight  into  the  flow  and  heat 
transfer  characteristics  of  an  impinging  jet. 


2  MATHEMATICAL  MODEL 

The  thermofluid  behaviour  of  a  steady  incompressible 
impinging  jet  can  be  described  by  a  set  of  time  aver¬ 
aged  partial  differential  equations  that  can  be  written 
in  the  following  general  form: 


dpUj<f> 

dxj 


(1) 


where  4>  can  represent  the  three  components  of  ve¬ 
locity,  temperature,  turbulent  kinetic  energy,  dissipa¬ 
tion  of  turbulent  kinetic  energy,  or  any  other  trans¬ 
ported  scalar.  When  ^  represents  the  velocity  compo¬ 
nents,  the  terms  includes  the  appropriate  pressure 
gradients.  The  turbulent  stresses  (— pu'<^')  are  mod¬ 
elled  using  an  Boussinesq  eddy  viscosity  concept  [14j 
whereby  they  are  set  equal  to  mean  flow  gradients 
multiplied  by  a  scalar  turbulent  diffusion  constant. 
Under  this  assumption,  equation  1  can  be  written  as; 


dzj  ~dzj\*dxj) 


-f 


(2) 


is  an  effective  diffusion  constant  and  is  given  by 
=  r'^  -I-  (3) 

where  the  superscripts  I  and  t  refer  to  molecular  and 
turbulent  quantities.  The  coefficients  F^,  the  source 
terms  are  defined  for  different  transport  variables 
(j)  in  Table  1. 

Two  different  turbulence  models  were  used  in  this 
study.  In  both  models,  the  turbulent  viscosity  }Xt  is 
calculated  using  the  k  —  e  model  in  the  fully  turbulent 
regions  away  from  the  wall  [21]: 


k^ 


(4) 


However,  the  models  differ  in  the  treatment  of  the  near 
wall  region,  where  viscosity  has  an  important  effect. 
The  first  model  uses  standard  wall  functions  to  bridge 
the  near  wall  region  [21],  where  as  the  second  model 
uses  a  two  layer  approach  [28]  where  the  van  Driest 
mixing  length  formulation  [14]  is  used  to  obtain  an 
expression  for  the  turbulent  viscosity: 


Pi  =  pL* 


du 

dn 


(5) 


where,  L  is  given  by; 


L  =  Kn 


1  -  exp 


(6) 


A  is  equal  to  26,  k  is  0.40,  and  y'^  is  given  by: 

= - 

pi 

where  r,  is  the  wail  shear  stress.  This  approach  is 
more  economical  in  terms  of  the  number  of  grid  points 
required  to  resolve  the  near  wall  regions  when  com¬ 
pared  to  low  Reynolds  number  turbulence  models,  and 
offers  more  accuracy  in  the  analysis  of  separated  flows 
when  compared  to  high  Reynolds  number  k—t  models 
[28].  Furthermore  transition  effects  can  be  modelled 
through  empirical  constants  used  in  the  mixing  length 
expressions. 

It  is  acknowledged  that  this  turbulence  model  can  not 
capture  all  the  physics  associated  with  a  jet  impinging 
on  a  flat  plate.  For  example,  the  effects  of  the  stream¬ 
line  curvature  on  the  turbulence  are  not  accounted  for. 
However,  this  turbulence  model  does  include  enough 
complexities  to  capture  some  of  the  physics  of  the  flow 
and  has  been  used  successfully  for  two-dimensional  in¬ 
vestigations  of  a  plane  jet  impinging  on  a  flat  surface 
[3,  4,  24],  and  impingement/effusion  cooling  [1]  stud¬ 
ies.  Chuang  and  Wei  [4]  present  comparisons  between 
predicted  and  measured  ground  pressure  distributions 
and  centerline  velocity  decay  profiles  for  a  impinge¬ 
ment  height  to  jet  diameter  ratio  of  two.  The  nu¬ 
merical  predictions  are  in  good  agreement  with  the 
observations,  but  the  centerline  velocity  decay  profile 
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Table  1  Governing  Equation  Variables 


was  sensitive  to  the  assumed  velocity  profile  at  the 
jet  exit.  Their  predictions  also  indicate  high  levels  of 
k  on  either  side  of  the  jet  and  on  the  ,^round  plane. 
The  levels  of  k  are  high  on  the  edges  of  the  jet  as  a 
result  of  the  high  production  of  turbulent  kinetic  en¬ 
ergy  brought  about  by  the  shear  stresses  between  the 
jet  and  the  ambient  fluid.  They  state  that  the  large  k 
sone  on  the  ground  plane  is  due  to  flow  deflection  and 
acceleration  [4].  The  numerical  predictions  also  indi¬ 
cate  the  presence  of  a  potential  core  extending  from 
the  jet  inlet  to  just  above  the  ground  plane.  No  heat 
transfer  predictions  are  presented. 

Nixon  [23]  reports  on  a  complementary  numeri¬ 
cal/experimental  study  of  circular  jets  with  an  im¬ 
pingement  height  of  thirty  jet  diameters.  In  this  work 
Algebraic  Stress  Models  were  also  considered. 

They  observed  that  the  ASM  did  not  give  a  significant 
improvement  over  the  standard  k—(  model  in  the  pre¬ 
diction  of  flow  field  cissociated  with  an  impinging  jet. 
Furthermore,  they  reported  that  the  ASM  was  twice 
as  expensive  as  the  k-€  model,  and  not  as  stable. 

Recently,  Knowles  and  Bray  [20]  performed  computa¬ 
tions  for  a  normal  impinging  jet  in  a  cross-flow  using 
the  standard  k  —  e  turbulence  model.  They  investi¬ 
gated  both  a  circular  free  jet,  and  an  impinging  circu¬ 
lar  jet  with  no  crossflow.  The  computations  were  done 
using  an  2-D  axisymmetric  grid.  They  present  predic¬ 
tions  for  the  free  jet  axial  velocity  decay  for  various 
jet  exit  turbulence  intensities  and  Mach  numbers,  as¬ 
suming  a  uniform  nozzle  velocity  profile.  Their  results 
indicate  (1)  that  the  use  of  the  k-€  model  results  in 
an  overprediction  of  the  jet  spreading  rate  when  com¬ 
pared  to  the  results  of  Donaldson  and  Snedeker  [5] 
and  (2)  that  increasing  the  jet  exit  turbulence  inten¬ 
sity  shortens  its  potential  core.  For  the  impinging  jet 
they  consider  H/D  ratios  of  7.5  and  24,  and  compare 
the  spreading  and  decay  rate  of  the  wall  jet  (produced 
by  the  impingement  jet)  to  experimental  data.  How¬ 
ever,  no  heat  transfer  predictions  were  made. 


The  k-t  model  has  been  used  exteiuively  in  the  predic¬ 
tion  of  the  flow  field  associated  with  an  impinging  jet. 
However,  there  is  little  information  concerning  the  ap¬ 
propriateness  of  this  model  in  the  prediction  of  heat 
transfer  underneath  an  impinging  jet.  Thu  informa¬ 
tion  is  required  in  the  design  of  cooling  schemes  for  gas 
turbine  hardware.  Furthermore,  the  designer  should 
be  aware  of  the  effects  of  different  jet  exit  assumptions 
on  the  resulting  heat  transfer  distribution.  This  paper 
provides  comparisons  between  numericrd  predictions 
and  experimental  observations  of  heat  transfer  coeffi¬ 
cients,  discusses  the  effects  of  varying  the  jet  exit  tur¬ 
bulence  intensity,  and  offers  suggestions  for  improving 
the  heat  transfer  predictions. 

3  NUMERICAL  SOLUTION  PROCEDURE 

The  numerical  solution  procedure  adopted  in  the 
present  study  is  based  on  the  work  of  Rhie  and  Chow 
[25].  The  numerical  solutions  presented  in  this  pa¬ 
per  were  obtained  using  the  computer  code  NASTAR 
written  by  C.  Rhie.  This  method  is  a  Control  Volume 
Finite  Difference  Method  that  solves  for  the  Carte¬ 
sian  velocity  components  and  pressure  using  a  non- 
staggered  grid.  In  this  approach  the  domain  is  di¬ 
vided  into  a  number  of  control  volumes  over  which 
the  governing  equations  are  integrated.  The  ability 
of  this  numerical  solution  procedure  to  provide  accu¬ 
rate  solutions  to  the  mathematical  model  described 
above  for  a  range  of  problems  has  been  demonstrated 
[25,  26,  27]. 

4  NUMERICAL  DETAILS 

A  schematic  of  the  physical  problem  is  presented  in 
Figure  1.  A  single  circular  jet  of  diameter  (D)  1.52 
cm  impinges  on  a  fiat  plate  that  is  a  distance  R  from 
the  jet  outlet  plane.  There  is  no  imposed  crossflow. 
The  total  temperature  of  the  jet  at  its  outlet  is  set 
equal  to  the  ambient  temperature  (21.1‘’C).  The  ve¬ 
locity  profile  in  the  jet  was  assumed  to  be  either  (I) 
uniform  at  a  value  of  V},  or  (2)  given  by  a  l/7th  power 
profile.  The  turbulent  kinetic  energy  (ib)  and  its  dis¬ 
sipation  rate  (e)  at  the  jet  outlet  were  calculated  as 
follows: 

ib  =  1.5  X  (T.7.  X  V^)*  (8) 

where  T.I.  is  the  assumed  turbulence  intensity. 

e  =  C7^ib‘V0.03D  (9) 

The  inherent  symmetry  of  the  problem  was  exploited, 
and  hence  the  computational  domain  incorporates  one 
quarter  of  the  jet  with  the  center  of  the  jet  located  at 
(x,y,z)  =  (0,0,7r).  The  problem  was  solved  in  three- 
dimensions  as  the  next  step  in  the  analysis  is  to  in¬ 
clude  a  cross-flow.  The  computations  were  performed 
in  a  parallepiped  (box-shaped)  domain  that  extended 
from  the  plane  of  symmetry  x/D  =  0  to  a  plane  down¬ 
stream  at  x/D  =  20  in  the  axial  direction,  from  the 
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jet  inlet  plane  z  =  H  io  the  impingement  plate  2  =  0 
in  the  radial  direction,  and  from  the  symmetry  plane 
V  =  0  to  a  slip  boundary  at  the  plane  y/ D—\5.  H/D 
values  of  2  and  10  were  considered  in  this  study. 

The  boundary  conditions  on  the  various  faces  of  the 
calculation  dommn  were  as  follows: 

•  Symmetry  Planes:  On  the  planes  x  =  0,  and 
y  =  0,  the  combined  convective/diffusive  flux  wcis 
set  to  zero. 

•  Outflow:  The  plane  x  =  20D  was  treated  as  an 
outflow  boundary. 

•  Walls  The  upper  (excluding  jet  outlet)  and  lower 
plates  (z  =  11,0)  were  treated  as  follows:  No 
slip  conditions  were  imposed,  and  numerical  pre¬ 
dictions  were  obtained  for  the  cases  of  adiabatic 
walls,  and  for  the  cases  of  an  imposed  uniform 
temperature  (Tm)-  These  different  runs  were  re¬ 
quired  in  order  to  allow  for  a  comparison  with  the 
heat  transfer  data  in  the  literature  [13]  where  the 
adiabatic  wall  temperature  was  used  in  defining 
the  heat  transfer  coefficient. 

•  Jet  Exit:  the  velocity  components,  k,  e  and  tem¬ 
perature  were  specified  at  the  jet  outlet. 

The  number  of  grid  points  used  in  the  x  and  y  direc¬ 
tions  were  35  and  31  respectively.  In  the  z  direction 
the  number  of  grid  points  used  depended  on  the  H/D 
of  the  domain  and  the  wall  boundary  conditions  used. 
For  an  H/D  of  2,  the  number  of  grid  points  used  for 
the  high  Reynolds  number  turbulence  model  and  the 
two  layer  model  were  20  and  40,  respectively.  The 
corresponding  numbers  for  H/D=10  were  31  and  49. 

5  RESULTS 

The  discussion  of  results  is  divided  into  two  parts, 
based  on  the  near  wall  treatment  of  the  flow,  viz  : 
(1)  wall  functions  application  and  (2)  the  two-  layer 
model.  In  each  section  the  highlights  of  these  two 
near- wall  treatments  will  be  given  for  H/D  of  2  and 
10. 

5.1  Standard  Wall  Functions 

The  results  presented  in  this  section  pertain  to  the 
flow  and  heat  transfer  predictions,  using  the  standard 
wall  functions  to  bridge  the  near  wall  region  [21]. 

The  velocity  vector  plots,  in  the  vicinity  of  the  hole, 
on  the  planes  of  symmetry  are  presented  in  Figures  2 
and  3  for  H/D  =  2  and  10,  respectively.  The  flow  pat¬ 
tern  indicates  that  for  H/D  =  2,  the  jet  impinges  on 
the  bottom  plate  with  approximately  the  same  profile 
as  that  prescribed  at  the  hole  exit  plane.  This  implies 
that  there  is  a  minimal  interaction  between  the  bulk 
of  the  jet  flow  and  the  surrounding  fluid.  The  shear 


effects  are  absent  and  the  jet  exhibites  a  potentisil  flow 
characteristics  (similar  to  the  potential  core  of  a  free 
jet).  However,  for  H/D  =  10,  the  effect  of  shear  stress 
on  the  velocity  profile  is  apparent.  The  jet  expands 
and  entrains  fluid  from  surroundings;  this  slows  down 
the  jet  core  velocity  as  can  be  seen  in  figure  3.  Close 
examination  of  the  vector  plot,  reveals  that  the  region 
in  which  the  shear  effects  are  minimal  (i.e.  potential 
core  region)  persists  up  to  approximately  z/D  =  5. 
The  above  observations  are  in  agreement  with  previ¬ 
ous  studies  (e.g.  [5], [6], [10]  etc.). 

Figure  4  shows  the  comparison  between  the  predicted 
dimensionless  jet  centerline  pressure  and  the  corre¬ 
sponding  experimental  profile  [5]  at  the  plane  of  sym¬ 
metry  (y=0)  for  the  case  of  H/D=2.  Good  agreement 
can  be  observed.  The  mean  jet  centerline  velocity 
(along  the  jet)  for  the  case  of  ^f/D=10  is  also  com¬ 
pared  to  the  available  experimental  data  [5]  in  Figure 
5.  The  comparison  is  only  shown  in  the  region  outside 
the  potential  core  (viz  z/D  >  6)  where  the  experi¬ 
mental  data  were  reported.  The  prediction  is  in  good 
agreement  with  the  experimental  measurements. 

At  this  point  it  w2is  concluded  that  the  mean  flow 
characteristics  pertinent  to  impinging  circular  jet  can 
be  adequately  predicted,  using  the  standard  i  — e  tur¬ 
bulence  model  in  conjunction  with  wall  function  for¬ 
mulation  . 

Attention  was  then  focused  on  to  the  heat  transfer  pre¬ 
diction  capability  of  the  present  formulation.  The  pre¬ 
dicted  Nu  along  the  impingement  plate  on  the  sym¬ 
metry  plane  (y=0)  for  H/D=2  is  presented  in  Fig¬ 
ure  6.  Two  cases  were  considered  namely,  jet  turbu¬ 
lence  intensities  of  1%  and  10%  at  the  hole  exit  plane. 
It  is  evident  that  though  the  predicted  Hm  exhibites 
strong  jet  turbulence  intensity  dependency,  neither  of 
the  cases  compared  well  against  the  reported  experi¬ 
mental  data  [13].  An  interesting  feature  observed  from 
the  predicted  profile  is  that  in  the  case  of  high  jet  tur¬ 
bulence  intensity,  the  peak  iVu  occurres  at  the  edge 
of  the  jet  (i.e.  x/D  —  0.5).  Review  of  the  turbulence 
intensity  distribution  (u'  =  y/2k/3)  along  the  same 
plane  (i.e.  at  the  nodal  point  adjacent  to  the  impinge¬ 
ment  wall)  shows  that  the  maximum  u'  occurres  at  the 
same  location  (Fig  7).  This  suggests  that  firstly  the 
jet  does  not  expand  as  it  approaches  the  impingement 
plate  and  secondly  the  maximum  turbulence  kinetic 
energy  is  nearly  the  same  ais  that  convected  by  the  jet 
from  the  exit  plane  of  the  hole  to  the  impingement 
plate.  On  the  other  hand  for  the  case  of  low  jet  tur¬ 
bulence  intensity,  the  peak  Nu  occurres  beyond  the 
edge  of  the  jet  (i.e,  x/D  =  1.6),  corresponding  to 
the  location  at  which  the  peak  turbulence  intensity 
occurres  (Fig.  7).  It  is  evident  that  the  rate  of  pro¬ 
duction  of  turbulence  energy  in  the  vicinity  of  the  wall 
in  this  case,  out-weights  the  convected  turbulence  en¬ 
ergy  from  the  hole  exit  plcine.  The  experimental  data 
also  suggests  that  the  pesik  Nu  occurres  beyond  the 
edge  of  the  jet  (i.e.at  x/D  =  2).  Goldstein  et  al. 
attributed  this  local  peak  to  the  presence  of  vortex 
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ring  surrounding  the  jet;  the  vortex  ring  is  believed  to 
promote  mixing  (i.e.  turbulence  kinetic  energy)  and 
hence  heat  transfer. 

In-overall  the  agreement  between  the  predicted  and 
measured  heat  transfer  coefficient  is  very  poor.  One 
source  of  discrepancy  could  be  due  to  the  application 
of  wall  functions  for  heat  transfer  prediction. 

The  predicted  Nv,  along  the  impingement  plate  on 
the  symmetry  plane  (y=0)  for  the  case  of  H/D=10 
is  presented  in  Figure  8.  Two  cases  were  again  con¬ 
sidered,  namely,  jet  turbulence  intensities  of  1%  and 
10%  at  the  hole  exit  plane.  It  is  evident  that  neither 
of  the  cases  compared  well  against  the  reported  ex¬ 
perimental  data  [13].  The  peak  Nu  occurres  at  the 
stagnation  point  (x/D  =  0)  for  both  calculation  and 
measurement,  corresponding  to  the  location  of  maxi¬ 
mum  turbulence  intensity  as  shown  in  Figure  9. 

An  interesting  feature  observed  from  the  predicted 
profile  is  that  the  Nu  is  independent  of  the  turbu¬ 
lence  intensity  imposed  at  the  hole  exit  plane.  This 
suggests  that  the  turbulence  energy  distribution  at  the 
wail  is  governed  by  the  shearing  effects  and  is  generally 
independent  of  the  turbulence  convected  by  the  jet  to¬ 
wards  the  impingement  plate.  The  source  of  discrep¬ 
ancy  between  the  measured  and  predicted  Nu  profile 
could  again  be  due  to  the  application  of  wall  functions 
for  heat  transfer  prediction. 

At  this  point  it  was  decided  to  use  the  two  layer  model 
for  heat  transfer  prediction. 

5.2  Two  Layer  Turbulence  Model 

Two  inherent  significant  assumptions  on  the  heat 
transfer  characteristics,  when  applying  the  wall  func¬ 
tion  formulation,  are  ; 

1.  Reynolds  analogy  is  invoked,  which  assumes  that 
the  heat  diffusion  rate  is  proportional  to  momen¬ 
tum  diffusion  rate,  i.e.  A(  which  is  not  nec¬ 
essarily  valid;  a  good  example  is  the  case  of  sep¬ 
arating,  re-attaching  flows,  where  at  the  point  of 
re-  attachment  the  wall  shear  stress  is  zero  while 
the  wall  heat  flux  is  maximum. 

2.  The  wall  function  formulation  assumes  a  logarith¬ 
mic  temperature  profile  near  the  wall,  in  analogy 
with  the  near  wall  velocity  profile. 

In  order  to  avoid  the  above  assumptions,  the  conser¬ 
vation  equations  are  solved  to  the  wall  using  the  two 
layer  model  [28].  In  this  model,  the  molecular  thermal 
conductivity  is  used  to  calculate  the  wall  heat  flux,  the 
pre-requisit  of  which  is  that  the  nodal  point  adjacent 
to  the  wall  should  be  located  inside  the  laminar  sub¬ 
layer  region. 

The  calculations  were  repeated  for  both  cases  of 
H/D  =  2  and  HfD  =  10,  using  the  two  layer  turbu¬ 
lence  model.  The  wall  function  calculations  revealed 


that  the  rate  of  heat  transfer  to  the  boundary  is  in¬ 
dependent  of  the  jet  turbulence  intensity  imposed  at 
the  hole  exit  plane  for  the  case  of  H/D  =  10.  It  was 
thus  decided  to  first  carry  out  the  calculation  for  the 
case  of  H/D  =  10  with  the  jet  turbulence  intensity  at 
the  hole  exit  plane  set  to  u'  =  1%. 

Figure  10  shows  the  comparison  between  the  calcu¬ 
lated  Nu  and  the  corresponding  Goldstein  et  al.  data. 
Clearly  a  much  improved  agreement  can  be  observed, 
particularly  near  the  stagnation  region  {x/D  =  0). 
The  maximum  discrepancy  of  25%  occurres  in  the  re¬ 
gion  of  3  <  x/D  <  4.  Grid  refinement  to  improve  the 
agreement  was  not  carried  out  due  to  time  limitation. 

The  same  calculation  was  carried  out  for  the  case  of 
H/D  —  2  with  the  jet  turbulence  intensity  at  the 
hole  exit  plane  set  to  u'  =  1%.  Figure  11  shows  the 
comparison  between  the  calculated  Nu  and  the  corre¬ 
sponding  data.  Poor  agreement  is  observed,  suggest¬ 
ing  that  the  two  layer  model  does  not  perform  well 
for  this  case.  However,  by  reviewing  the  dimension¬ 
less  distance  between  the  nodal  point  adjacent  to  the 
wall  and  the  wall  (y'*'  =  n.Ty*p‘/*/pi),  it  is  observed 
in  Figure  12  that  the  nodal  point  might  not  have  lied 
in  the  laminar  sub-layer  region,  with  the  present  grid 
arrangement.  C.  Rhie  [25]  recommends  that  for  suc¬ 
cessful  two  layer  model  applications,  the  first  nodal 
point  adjacent  to  the  boundary  should  be  located  at 
y+  <  2. 

The  grid  arrangement  was  refined  to  insure  the  rec¬ 
ommended  criterion  is  met  before  any  firm  conclusion 
about  the  merits  of  the  two  layer  model  is  made.  Fig¬ 
ure  13  shows  the  comparison  between  the  measured 
and  calculated  Nu  using  the  refined  grid  arrangement. 
The  agreement  has  not  improved,  even-though  the 
y'*'  <  2  condition  has  been  met.  It  can  be  seen  that 
neither  the  location  nor  the  magnitude  of  the  peak 
Nu  has  been  predicted  correctly. 

It  is  suspected  that  the  implementation  of  the  two 
layer  model  in  the  present  code  might  be  the  cause 
of  this  discrepancy.  In  depth  review  of  the  implemen- 
taion  reveals  that  the  y'*'  value  at  every  x  location  in 
equation  6  is  calculated  based  on  the  maximum  shear 
stress  in  that  plane,  as  opposed  to  the  local  nodal 
value.  This  might  result  in  a  smaller  predicted  sub¬ 
layer  region,  giving  rise  to  a  higher  heat  transfer  coef¬ 
ficient  (i.e. larger  temperature  gradient).  The  effects  of 
this  form  of  implementation  on  the  heat  transfer  dis¬ 
tribution  will  be  investigated  by  present  authors  in  the 
near  future.  Also  the  two  layer  model  in  general  might 
not  be  adequate  for  this  type  of  heat  transfer  predic¬ 
tion.  Other  turbulence  models  (e.g.  low  Reynolds 
number  turbulence  model)  might  be  investigated  in 
future. 
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6  Conclusion 

Based  on  the  present  numerical  study  of  an  impinging 
circular  jet  on  a  flat  plate,  in  the  absence  of  cross-flow 
effects,  the  following  conclusions  have  been  made: 

1.  The  mean  flow  characteristics  of  impinging  cir¬ 
cular  jets  can  be  adequately  predicted  with  the 
standard  k  —  €  turbulence  model  in  conjunction 
with  the  wall  functions. 

2.  The  potential  core  of  the  jet  persist  up  to  5 
hole  diameter  away  from  the  hole  exit  plane. 
Hence,  the  impingement  plate  located  at  dis¬ 
tances  smaller  than  5  hole  diameter  away  from 
the  hole,  is  subjected  to  a  small  rate  of  heat  trans¬ 
fer,  owing  to  the  low  rate  of  turbulence  and  mix¬ 
ing  process  in  the  potential  core  region. 

3.  The  application  of  wall  functions  does  not  yield 
satisfactory  heat  transfer  prediction. 

4.  The  rate  of  heat  transfer  is  a  strong  function  of 
the  jet’s  turbulence  intensity  imposed  at  the  exit 
of  the  hole  for  H/D  =  2. 

5.  Application  of  the  two  layer  turbulence  model  im¬ 
proves  the  heat  transfer  prediction  capability  for 
H/D  —  10,  provided  that  the  y'*’  <  2  condition  is 
satisfied.  The  present  implementation  of  the  two 
layer  model  does  not  adequately  predict  the  heat 
transfer  characteristics  for  ff/D  =  2. 
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SYMMETRY 


Figure  1:  Schematic  of  the  Geometry  Under  Present  Investigation 
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Figure  2:  Vector  Plot  of  the  Flow  in  the  Vicinity  of  the  Hole,  at  the  Plane  of  Symmetry,  for  JT/D  =  2 
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Figure  5:  Comparison  Between  the  Calculated  Dimensionless  Velocity  Along  the  Jet  Center- Line  and  the 
Corresponding  Data  of  Donaldson,  C.  [19711  for  ^f/D  =  10,  V;„  =  Jet  Velocity  at  the  Exit  Plane  of  the  Hole 


Figure  0;  Comparison  Between  the  Calculated  Along  the  Impingement  Plate  and  the  Correspond¬ 

ing  Data  of  Goldstein  et  al.  [1982]  for  ff/D  =  2,  Using  Wall  Functions 


Figure  7:  Calculated  Turbulence  Intensity  Distribution  Along  the  Impingement  Plate  for  H/D  =  2  Using 
Wall  Functions 


Figure  8:  Comparison  Between  the  Calculated  Nxt/Re°-^^  Along  the  Impingement  Plate  and  the  Correspond¬ 
ing  Data  of  Goldstein  et.  al.  [1982]  H/D  =  10,  Using  Wall  Functions 


Figure  Os  Calculated  Turbulence  Intensity  Distribution  Along  the  Impingement  Plate  for  H/D  =  10  Using 
Wall  Functions 


Figure  10:  Comparison  Between  the  Calculated  Along  the  Impingement  Plate  and  the  Corre¬ 

sponding  Data  of  Goldstein  et.  al.  [1982]  for  H/D  =  10,  Using  Two  Layer  Model. 
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Figure  IS:  Comparison  Between  the  Calculated  Nu/Re°  '^^  Along  the  Impingement  Plate  and  the  Corre¬ 
sponding  Data  of  Goldstein  et.  al.  [1982]  fot  H/D  =  2,  Using  Two  Layer  Model 
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ABSTRACT 

For  further  improvement  of  the  tur¬ 
bine  blade  cooling  process  the  know¬ 
ledge  about  the  heat  transfer  in  ra¬ 
dial  coolant  channels  has  to  be  dee¬ 
pened.  Due  to  rotation  the  velocity 
distribution  as  well  as  the  turbulence 
structure  and  therefore  the  heat 
transfer  will  be  influenced.  To  carry 
out  experimental  data  of  the  flow 
field  within  a  rotating  duct  a  non-in- 
trusive  continuous  measuring  system 
(Laser-Two-Focus)  with  an  image  rota¬ 
tor  prism  is  presented.  The  design  of 
the  system  is  explained  in  detail. 
Problems  of  application  are  discussed 
and  results  of  the  first  successful 
measurements  compared  with  numerical 
results  are  presented. 

NOMENCLATURE 

d  duct  inner  diameter 

L  duct  length 

dp  particle  diameter 

Tu  turbulence  parameter 

laserlight  wavelength 
s  start-stop-focus  separa¬ 

tion 

R  maximum  radius  of  measure- 

"***  ment  location 

n  maximum  rotational  speed 

g  earth  acceleration 

p  static  presssure 

u  axial  flow  velocity 

a  divergence  angle  of  prism 

BS 

7  inclination  angle 

F  focal  point 

L  probe  volume  length 

Re  Reynolds  number 

SS  suction  side 

PS  pressure  side 

SPP  Schfflidt-Pechan  image  rota¬ 

tor  prism 

*Now  Siemens-KVrU 


SI  to  S4 

mirrors 

LI,  L2,  L3 

lenses 

MV 

measurement  volume 

SF 

sending  fiber  (monomode) 

RF 

receiving  fiber  (multimode) 

BS 

beam  splitter  prism 

LU 

launching  unit 

OH 

optical  head 

DU 

detector  unit 

ESP 

electronical  signal  pro¬ 
cessing 

INTRODUCTION 

The  improvement  of  power,  efficien¬ 
cy  and  operational  lifetime  of  jet  en¬ 
gines  demands  higher  performance  from 
the  cooling  of  turbine  blades  to  cope 
with  the  increase  of  temperature  and 
pressure  load. 

Accurate  correlations  for  the  de¬ 
sign  of  the  cooling  configuration  baa¬ 
ed  on  detailed  knowledge  of  the  gas 
and  coolant  flow  and  the  heat  transfer 
are  necessary. 

#  secondary  flew  ax’al  velocity 


Fig.l:  Turbine  blade  with  radial  cool¬ 
ant  channel  and  typical  flow 
field  development 

In  the  rotating  components  strong 
centrifugal  and  Coriolis  forces  cause 
a  complex  flow  structure  inside  the 
coolant  channels.  The  change  in  fric¬ 
tion  due  to  the  secondary  flow  has  an 
influence  on  heat  transfer  and  pres¬ 
sure  drop  behaviour.  A  typical  view 
of  a  cooled  turbine  blade  and  a  view 
of  the  flow  pattern  inside  a  channel 


with  circular  cross-section  rotating 
orthogonal  to  the  turbine  axis  is 
shown  in  Fig.l. 

A  numerical  method  has  been  deve¬ 
loped  to  calculate  the  heat  transfer 
in  coolant  channels  Ref.[l].  To  veri¬ 
fy  the  predicted  data,  experiments  on 
pressure  drop  behaviour  and  flow  field 
measurements  were  done  at  OLR  Cologne. 

A  large-scale  coolant  duct, 
(Fig.2),  with  a  diameter  d  =  16mm  and 
a  length  to  diameter  ratio  L/d  =  20 
within  a  cantilevered  rotor  of  Im 
outer  diameter  was  designed  for  the 
investigation.  The  maximum  rotational 
speed  of  the  rotor  was  3000rpm.  The 
measurement  positions  were  located  at 
the  relative  length  x/d  of  3,  10  and 
20.  The  flow  in  the  duct  was  provided 
by  cleaned,  pressurized  air  and  con¬ 
trolled  by  mass  flow  meters  at  the 
specially  sealed  inlet  and  outlet  of 
the  hollow  rotor  shaft.  The  flow  di¬ 
rection  can  be  changed  from  radial  in¬ 
ward  to  radial  outward. 


10  microns  and  are  separated  about  300 


Osamt 

lauricntnq  unii 
wilh  daroiai'on 
priSfn 


Fig.2:  Schematic  of  the  test  rig 

For  the  non-intrusive  flow  measure¬ 
ments  a  Laser-Two-Focus  velocimeter 
was  applied. 

LASER-TWO-FOCUS  VELOCITY  MEASUREMENTS 

The  Laser-Two-Focus  technique  is  a 
well  known  method  in  turbomachinery 
flow  analysis,  Ref.  [2].  The  main  ap¬ 
plications  are:  high  speed,  narrow 
flow  channels  and  low  turbulent  flows 
in  axial  and  radial  compressors  or 
turbines  and  cascade  wind  tunnels. 

The  principle  is  a  time-of-f light 
measurement  of  very  small  particles  in 
the  flow,  dp  <  0.5  microns,  which  have 
a  good  flow  following  behaviour 
(Fig. 3).  The  optical  setup  is  des¬ 
cribed  in  detail  in  Ref. [3].  Typical¬ 
ly  the  two  becuns  are  focussed  down  to 


microns. 
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Fig. 3:  Principle  of  the  Laser-Two-Fo¬ 
cus  velocimeter 

When  the  natural  particle  concen¬ 
tration  is  not  sufficient  artificial 
seeding  is  provided  to  reduce  the  mea¬ 
suring  time.  To  get  results  of  mean 
flow  velocity,  mean  flow  angle  and 
turbulence  intensities  with  sufficient 
confidence  numerous  start-stop  events 
have  to  be  detected  and  statistically 
evaluated.  In  a  first  approach  one 
might  believe  that  the  L2F-system 
could  be  operated  the  same  way  on  the 
duct  flow  as  on  usual  turbomachine  ap¬ 
plications.  This,  however,  ist  not  a 
very  pratical  solution.  In  the  turbo¬ 
machine  case  the  probe  volume  is 
figured  through  locally  fixed  casing 
windows  to  a  certain  rotor  blade  pas¬ 
sage  position,  which  changes  circumfe¬ 
rentially  during  rotation.  Since  the 
L2F-system  is  active  in  every  blade 
passage  the  flow  is  always  present  in 
the  probe  volume  and  measurements  are 
continuously  possible. 

Considering  the  duct  flow  measure¬ 
ments  can  only  be  carried  out  during 
the  very  short  time  period  when  the 
rotating  duct  passes  the  fixed  measur¬ 
ing  volume.  This  time  period  is  typi¬ 
cally  only  about  1/1000  of  the  rotor 
revolution  time  and  therefore  the  re¬ 
sultant  measuring  time  is  about  1000 
times  longer  than  in  an  usual  turbo¬ 
machine  application.  This  cannot  be 
tolerated.  The  only  way  to  overcome 
this  drawback  is  to  have  the  measuring 
system  continuously  operating  in  the 
rotating  frame. 

One  solution  of  the  problem  would 
be  to  install  the  complete  optical 
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head  of  the  measuring  system  on  the 
rotor.  This,  however,  is  not  possible 
wi^h  a  normal  L2F-eystem  with  the  big 
Ar  -Ion  laser.  A  laser  diode  system 
which  is  much  smaller  and  just  under 
development  in  the  institute  could  be 
a  possible  choice,  but  adjustment 
problems  of  the  complex  optical  setup 
cannot  be  avoided  in  an  enviroment  of 
vibrations  and  high  centrifugal  for¬ 
ces.  We  decided  therefore  to  place 
only  a  single  part  of  the  optical  sys¬ 
tem  on  the  rotor  and  to  have  the  most 
parts  of  the  optics  separated  from  the 
rotor  in  a  stationary  location.  The 
collimated  light  from  the  L2F-system 
is  launched  into  the  rotor  concentric 
to  the  rotor  axis  and  guided  by  mir¬ 
rors  to  the  lens,  which  is  mounted  on 
the  rotor,  but  movable  to  focus  the 
laser  beams  to  different  probe  volume 
locations . 


OPT  Ci.  -tAO  -  ^2  0S-  -o 


SP  -L3 


Fig. 4:  Optical  beam  path  of  the  fiber 
optic  Laser-Two-Focus  velocime- 
ter 

A  new  developed  L2F  probe  (Ref. [3]) 
with  fiber  technique.  Fig. 4,  seemed  to 
be  ideal  for  this  application.  The 
beams  between  the  beam  splitter  and 
the  focussing  lens  are  parallel.  The 
small,  lightweight  optical  head  is 
fixed  on  the  rotor  pedestal  avoiding 
relative  motions  between  optical  head 
and  rotor. 

The  separation  of  the  lens  from  the 
optical  head  caused  a  negative  effect 
on  the  measuring  volume.  As  shown  in 
Fig. 5,  the  dividing  point  of  the  beam 
splitter  and  the  focal  plane  are  no 


Fig. 5:  Distortion  of  the  measuring 
volume  due  to  the  separation  of 
BS  and  LI 


more  identical  as  they  should  be  and 
so  the  beams  in  the  measuring  volume 
are  no  longer  parallel,  but  slightly 
inclined.  The  inclination  angle  7  de¬ 
pends  on  the  distance  between  lens  and 
beam  splitter  and  causes  different 
beam  separations  as  a  function  of  the 
probe  volume  lenght  L.  The  different 
beam  separations  in  the  measuring 
volume  will  cause  different  time-of- 
flight  measurements  so  that  for  exam¬ 
ple  in  laminar  flows  an  artificial 
turbulence  is  indicated.  However, 
theoretical  calculations  and  experi¬ 
mental  results  in  a  jet  flow  showed, 
that  the  maximum  distance  between  lens 
and  beam  splitter  of  800mm  will  result 
in  a  relative  error  of  only  0.3%  at  a 
turbulence  level  Tu  =  4%.  The  statis¬ 
tically  evaluated  mean  velocity  is  not 
influenced. 

THE  OPTICAL  SET-UP 

The  schematic  set-up  of  the  L2F 
measuring  device  is  shown  in  Fig. 6. 


Fig. 6;  Set-up  of  the  Laser-Two-Focus 
device  at  the  rotating  duct 

The  multicolored  light  from  a  4W- 
Argon  Laser  is  guided  through  a  mono¬ 
mode  fiber  SF  to  the  optical  head. 
There  the  laser  beam  is  divided  by  a 
color  dispersion  prism.  The  diver¬ 
gence  angle  between  the  be2unB  with  a 
wave  length  A  of  514nm  (start)  and 
A  of  488nm  (stop)  is  a  *  0.17*.  This 
results  in  a  beam  separation  s  of  292 
microns  with  a  focussing  lens  LI  of 
100mm  focal  length.  The  parallel 
beams  are  directed  through  an  image 
rotator  prism  SPP  and  by  four  mirros 
SI  to  S4  perpendicular  into  the  duct. 

The  image  rotator  (Schmidt-Pechan- 
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prism,  Fig. 7)  is  necessary  to  keep  the 
orientation  of  the  start  and  stop 
beams  -  the  measurement  plane  -  always 
parallel  to  the  duct  axis.  Without 
this  additional  optical  component  the 
measurement  plane  would  turn  counter¬ 
clockwise  when  the  rotor  is  turned 
clockwise.  The  image  rotator  com¬ 
pensates  this  motion  if  it  is  rotated 
clockwise  with  half  the  rotor  fre¬ 
quency. 


Fig. 7:  Schmidt-Pechan  image  rotator 
prism 

The  angular  stability  of  the  me¬ 
asurement-plane  is  excellent  by  the 
use  of  a  belt  gear.  Many  efforts  had 
to  be  done  to  solve  the  adjustment 
problem  of  the  prism  in  the  optical 
beam  path.  A  model  rotor  was  designed 
to  study  the  problem  and  a  procedure 
was  found  to  do  this  very  accurately. 
The  local  variation  of  the  measuring 
volume,  which  is  a  measure  of  the  ad¬ 
justment  quality,  we  achieved  was  less 
than  30  microns. 

The  four  mirror  arrangement  with 
two  mirrors  fixed  at  the  duct  enabled 
the  system  to  measure  at  different 
lines  of  sight  with  respect  to  the  ro¬ 
tational  axis  within  an  angle  range  of 
±100°,  (Fig. 8). 


'100° 


Fig. 8:  Cross-section  of  the  duct  with 
the  observeable  (hatched)  area 


The  lens  LI  is  traversable  by  a 
DC-motor  up  to  10mm,  so  that  the  mea¬ 
suring  volume  can  be  traversed  over 
half  the  duct  diameter.  The  position 
is  controlled  by  a  potentiometer.  The 
electrical  connections  to  the  OC-motor 
and  the  potentiometer  are  enabled  with 
slip-rings  on  the  rotor  shaft. 

The  described  positioning  possibi¬ 
lities  enabled  the  system  to  measure 
more  than  one  half  of  the  circular 
cross  section  of  the  duct.  If  a  sym¬ 
metrical  flow  is  assumed,  the  flow 
pattern  in  the  other  half  can  be 
treated  as  a  reflected  image. 

The  scattered  light  from  particles 
out  of  the  probe  volume  is  directed 
backwards  through  the  optical  set-up. 
The  different  colors  from  start  and 
stop  are  recombined  to  one  multicolor 
beam  by  the  dispersion  prism  in  the 
optical  head.  This  light  is  guided 
with  a  multimode  fiber  to  a  detector 
unit  and  the  signal  processing  elec¬ 
tronics  . 

Measurements  at  different  ratios 
x/d  of  duct  length  were  possible  by 
mounting  the  duct  section  with  the  in¬ 
tegrated  window  for  optical  access  and 
the  traverse  mechanism  for  the  lens  at 
the  desired  position.  Ratios  x/d  of 
3,  10  and  20  were  choosen. 

Particular  attention  was  taken  on 
the  design  and  the  estimation  of  the 
loads  on  to  the  mechanical  and  optical 
parts,  especially  on  the  achromatic 
lens.  Due  to  the  high  centrifugal  ac¬ 
celeration  of  4000g  at  a  radius  R  = 
400mm,  and  n  =  3000rpm,  there  were 
some  doubts  '£?iat  the  lens  would  keep 
it  optical  quality. 


Fig. 9:  Pressure  chamber  for  lens  stress 
simulation 

Therefore,  a  small  pressure  chamber 
(Fig. 9)  was  manufactured  to  check  the 
lens  with  an  equivalent  load.  Which 
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is  corresponding  to  a  pressure  p  of 
lObar.  A  parallel  light  beam  was 
directed  through  the  plane  window  to 
the  focussing  lens  and  the  focal  plane 
was  magnified.  Then  the  pressure  in 
the  chamber  was  increased  up  to  lObar. 
There  were  no  significant  changes  in 
the  focal  plane  observeable. 

Artificial  seeding  was  done  at  the 
inlet  of  the  rotor  shaft  by  a  particle 
generator  atomizing  a  Glycerin-Alcohol 
mixture. 

DISCUSSION  OF  PROBLEMS  DinilNO  THE  MEA¬ 
SUREMENTS 

Some  difficulties  occured  during 
the  first  tests  and  handicapped  the 
measurements.  In  the  original  design 
the  window  (2mm  BK7  plate)  was  in  a 
position  close  to  the  wall  and  paral¬ 
lel  to  the  duct  axis  to  get  minimum 
disturbance  of  the  flow.  This  caused 
the  following  problems: 

-  Reflections  from  the  window  into 
the  receiving  optics  resulted  in 
a  drastical  reduction  of  signal- 
to-noise  ratio.  Multiple  reflec¬ 
tions  in  the  image  rotator  may 
cause  this  problems. 

-  The  window  got  dirty  after  very 
short  measuring  time  and  made 
further  measurements  impossible. 
The  soiling  was  caused  by  oil 
from  the  air  supply  shaft  seals 
which  crept  along  the  duct  wall 
and  not  so  much  from  seeding  par¬ 
ticles. 

The  cleaning  of  the  window  took  a 
lot  of  time,  because  the  rotor  was 
fully  capsuled  and  had  to  be  dismount¬ 
ed  for  this  purpose. 


beveled  glass 


Fig. 10:  View  of  the  duct  section  with 
the  integrated  window 


By  a  change  in  the  design  (Fig. 10) 
both  problems  were  solved. 

The  window  was  separated  by  10mm 
from  the  duct  wall  and  was  inclined  by 
7  degrees.  The  remaining  hole  in  the 
wall  is  about  4mm  in  diameter. 

The  inclined  glass  surface  directed 
the  reflections  out  of  the  receiving 
optics.  The  backplaced  window  pre¬ 
vented  soiling  for  hours  and  the  hole 
in  the  wall  showed  no  observeable  dis¬ 
turbance  in  the  flow  field  behind  the 
duct  axis. 

Another  problem  occured  at  close  to 
the  wall  measurements,  because  the 
minimum  distance  achieved  was  about 
1.5mm.  Normally,  a  L2F-system  is 
capable  to  measure  down  to  0.2roffi  per¬ 
pendicular  to  a  wall,  but  the  uncon¬ 
ventional  be£un  path  had  a  negative  ef¬ 
fect  on  this  capability.  To  obtain 
measurements  from  the  boundary  layer 
close  to  the  wall  a  small  hole  was 
drilled  into  the  rearwall,  0  1.2mm,  to 
reduce  background  flare.  The  hole  was 
closed  with  a  beveled  glass  cylinder 
to  avoid  reflections  into  the  optics. 

Since  the  flow  is  stationary,  the 
influence  of  the  hole  of  such  a  small 
size  is  negligible. 

A  secondary  effect  of  this  modifi¬ 
cation  was  a  more  easy  way  to  adjust 
the  measuring  volume  normal  to  the 
duct  axis,  because  now  the  laser  beam 
had  to  be  positioned  only  to  the  cen¬ 
ter  of  the  two  windows,  which  can  be 
easy  observed. 

COMPARISON  OF  EXPERIMENTAL  AND  NUMERI¬ 
CAL  RESULTS 

First  measurements  were  carried  out 
at  a  relative  length  x/d  of  20  and  a 
flow  from  the  outer  radius  to  the  cen- 


Fig.ll:  Axial  velocity  profile  from  SS 
to  PS  for  no  ISOOrpm,  Reo60000 
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ter  at  a  rotational  speed  of  ISOOrpm. 

The  following  figures  show  the 
axial  velocity  distribution  in  the 
plane  from  the  suction  side  to  the 
pressure  side  and  in  the  perpendicular 
plane.  The  symbols  are  representing 
the  experimental  results  and  the  solid 
lines  were  generated  from  numerical 
results. 

In  Fig. 11  the  velocity  profile  from 
suction  side  to  pressure  side  is 
shown,  which  confirmed  the  expected 
asymmetrical  distribution,  while  the 
velocity  profile  in  the  perpendicular 
plane  in  Fig. 12,  is  symmetrical.  The 
observable  differences  between  the  re¬ 
sults  are  more  related  to  the  circum¬ 
stance  that  in  the  experiments  the 
flow  field  was  not  yet  fully  develop¬ 
ed.  This  is  caused  by  differences  in 
the  inlet  conditions  of  the  experiment 
in  comparison  to  the  assumptions  made 
by  numerical  calculations. 


r«tat[v«  radius  r/R 


Fig. 12:  Axial  velocity  profile  perpen¬ 
dicular  to  SS-PS  for  n=1500rpm. 
Re  =  60000 

Finally,  in  Fig. 13  the  turbulence 
distribution  from  suction  side  to 


Fig. 13:  Turbulence  distribution  from 
PS  to  SS  for  n  >  ISOOrpm, 
Re  -  60000 


pressure  side  is  shown.  There  are  al¬ 
so  deviations  from  the  calculated 
values,  specially  from  the  center  to 
the  suction  side.  The  reasons  there¬ 
fore  seemed  to  be  also  the  inlet  con¬ 
ditions.  A  more  detailed  presentation 
and  discussions  of  the  results  will  be 
given  in  Ref. [4] . 

CONCLUSION 

The  results  obtained  from  the  ex¬ 
periments  showed,  that  the  proposed 
L2F  device  with  an  image  rotator  is  a 
very  suitable  method  to  determine  the 
flow  field  in  a  small  rotating  flow 
channel. 

The  measurements  will  be  carried  on 
at  increased  rotational  speeds  and 
also  the  buoyancy  effects  due  to  a 
heated  tube  wall  on  the  flow  field 
will  be  studied. 

REFERENCES 

[1]  H.P.  Berg  et  al.:  "The  Effect 
of  Roation  on  Local  Coolant  Side  Flow 
and  Heat  Transfer  in  Turbine  Blades". 
The  10th  ISABE,  Nottingham,  UK,  1991, 
ISABE  91-7016. 

[2]  R.  Schodl:  "Laser-two-focus  ve- 
locimetry."  In  "Advanced  Instrumenta¬ 
tion  for  Aero  Engine  Components", 
Philadelphia,  USA,  1986,  AGARD-CP-399 , 
paper  7. 

[3]  R.  Schodl:  "Laser-two-focus 
techniques".  In  "Measruement  Techni¬ 
ques  in  Aerodynamics",  von  Karman  In¬ 
stitute  for  Fluid  Dynamics,  Lecture 
Series  1989-05,  Rhode-St.  Gendse, 
Belgium. 

[4]  M.  Elfert:  "The  Effect  of  Rota¬ 
tion  and  Buoyancy  on  Flow  Development 
in  a  Rotating  Circular  Coolant  Chan¬ 
nel",  to  be  published  in  the  procee¬ 
dings  of  the  2nd  Int.  Symp.  on  Engi¬ 
neering  Turbulence  Modelling  and  Mea¬ 
surements,  June  1993,  Florence,  Italy. 


16-7 


Discussion 


QUESTION  1; 

DISCUSSOR:  N.  Hay,  University  of  Nottingham 

Regarding  the  problem  of  oil  on  the  window,  we  had  a  similar  problem  in  a  combustion 
situation  and  we  solved  it  by  using  film  cooling  techniques;  we  blew  clean  air  across  the 
window  from  a  slot  upstream.  Would  it  be  possible  to  use  the  same  approach  in  this  case? 
AUTHOR’S  REPLY: 

I  think  it  would  be  possible.  Normally  we  use  a  similar  cleaning  device  where  solvent  is 
blown  out  of  some  holes  upstream  from  time  to  time  to  clean  the  window.  In  the  present 
case,  since  it  is  complicated  to  adapt  the  method  to  the  rotating  duct,  we  decided  to  separate 
the  window  from  the  duct. 
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ABSTRACT 

An  overview  and  summary  of  test  methods  and  results  are 
given  for  the  problem  of  measuring  local  heat  transfer  on 
rotating  surfaces  that  model  gas  turbine  engine  disks.  Disk- 
cavity  situations  genetically  similar  to  those  encountered  in  the 
high  pressure  stage  disk  cooling  are  considered,  with  cooling 
air  supplied  both  at  or  near  the  wheel  centerline  as  well  as 
through  single  or  multiple  jets  impinging  outboard  on  the 
wheel  near  the  blade  attachment  region.  In  some  situations 
provision  has  been  made  for  ingestion  into  the  disk-cavity 
from  the  gas  path  region  radially  outboard  of  the  disk.  Local 
heat  transfer  rates  in  all  cases  are  deteraiined  from  the  color 
display  bom  a  thin  coating  of  encapsulated  liquid  crystals 
sprayed  onto  the  disk,  in  conjunction  with  use  of  a  video 
camera  and  computer  vision  system.  For  cases  with  axisym- 
metric  disk  surfaces,  the  coated  surfaces  are  illuminated  and 
viewed  continuously,  and  detailed  radial  distributions  of  local 
Nusselt  number  are  obtained.  For  non-axisymmetric  disk 
surfaces,  such  as  encountered  in  the  vicinity  of  boltheads,  the 
disk  is  illuminated  with  stroboscopic  light  and  a  method  has 
been  developed  and  used  to  synchronize  the  computer  frame- 
giabber  with  the  illumination. 


NOMENCLATURE 

A  heat  transfer  area 

cp  specific  heat 

E  entrainment  supply  flow  ratio,  =  QeA}p 

h  convection  heat  transfer  coefficiem 

k  theimal  conductivity 

m  total  coolant  mass  flow  rate 

Nu  Nusselt  number,  =  hrc^ 

q  local  surface  heat  transfer  rate 

Q  total  measured  coolant  volumetric  flow  rate 
Qb  measured  entrainment  volumetric  flow  rate 
Op  calculated  fiee  disk  punqting  flow 
r  radial  coordinate 

To  disk  radius 

ri  impingement  radius 

R  jet  supply  flow  ratio,  =  Q/Qp 
Rem  flow  Reynolds  number  =  zn 
Rer  disk  rotational  Reynolds  number  =  wro^/n 
t  temperature 

ti  initial  temperature 

tr  reference  temperature 


ts  local  surface  temperature 

z  rotor-to-stator  spacing 

a  thermal  diffusivity 

V  fluid  kinematic  viscosity 

p.  fluid  dynamic  viscosity 

0)  angular  velocity 

p  fluid  density 

9  time 

T  time  step 

INTRODUCTION 

Current  aircraft  propulsion  engines  and  rocket  engine  turbo- 
pumps  employ  very  high  axial  turbine  stage  inlet  temperatures 
for  the  hot  working  gases  that  flow  along  the  hot  gas  path  at 
the  outer  boundary  of  the  rapidly  rotating  turbine  disks.  A 
perennial  major  concern  in  turbine  design  is  the  ingestion  of 
fluid  from  the  hot  gas  path  into  into  the  disk-stator  cavity 
where  it  can  increase  both  temperature  level  and  temperature 
gradients  within  the  highly  stressed  disk.  The  pumping  ability 
of  the  rotating  disk  produces  an  inherent  tendency  of  the  disk 
for  cavity  evacuation,  and  induces  the  hot  gases  into  the  cavity 
unless  the  disk  pumping  appetite  is  provided  for  by  separately 
supplied  cooling  flows.  The  amount  of  coolant  necessary  to 
prevent  hot  gas  ingestion  into  the  cavity  is  important  in  engine 
design,  because  of  the  cycle  penalty  associated  with  it  and  the 
resulting  need  to  minimize  its  use. 

Detailed  convection  heat  transfer  information  over  the  entire 
face  of  turbine  disks  is  also  needed  in  general  in  order  to 
specify  a  cooling  design  that  will  insure  acceptably  low  metal 
temperatures  and  temperature  gradients,  consistent  with 
desired  durability.  Despite  this  need  for  detailed  heat  transfer 
information  on  rotating  surfaces,  such  information  has  been 
acquired  only  slowly  starting  with,  among  othets,  the  analysis 
of  von  Katman  [1]  and  the  experiments  of  Cobb  and  Saunders 
[2]  and  Kreith,  et  al  [3].  A  concise  review  of  literature 
addressing  both  the  fluid  mechanics  and  heat  transfer  aspects 
of  the  subject  through  1982  is  provided  by  Owen  [4]. 

In  general,  cooling  air  can  be  provided  to  the  disk  or  disk- 
cavity  in  different  ways,  with  one  of  the  most  common 
methods  using  supply  at  or  near  the  disk  axis,  followed  by 
radially  outward  flow  along  the  disk.  The  emphasis  in  such 
schemes  is  usually  placed  upon  purging  the  cavity  of  hot 
gases.  A  second  method  involves  the  diiea  impingement  of 


coolant  jets  onto  the  disk  surface,  usually  near  the  disk 
periphery  in  an  anetnpt  to  provide  more  cooling  to  the  blade 
anachment  region.  This  latter  method  has  long  been 
considered  to  be  a  potentially  very  effective  method  to  tur¬ 
bine  cooling,  but  a  method  where  heat  transfer  mechanisms 
are  not  well  understood.  Some  early  measurements  on  actual 
cooled  turbine  hardware  [5]  revealed  anomalous  results  where 
heat  transfer  unexpectedly  decreased  with  increasing  disk 
speed.  Subsequent  laboratory  studies  with  Jets  impinging  on 
plane  rotating  surfaces,  eg  Popiel,  et  al  [6],  Metzger  and 
Grochowsky,  [7],  Metzger  et  al  [8],  Bogdan,  [9],  and  Popiel 
and  Boguslawski  [6]  have  shown  that  a  single  isolated  jet  can 
easily  be  too  weak  to  effectively  penetrate  the  boundary  layer 
flow  induced  by  the  disk  rotation.  Since  jet  impingment 
schemes  always  involve  a  finite  number  of  jets  spaced  around 
the  disk  at  intervals,  there  is  always  concern  that  hot  gas  flow 
can  penetrate  into  the  cavity  at  the  spaces  between  the  jets,  and 
even  that  the  jet  flow  may  actually  induce  and  exaggerate  the 
radially  inward  hot  gas  flow. 

The  interaction  of  an  impinging  jet  onto  a  surface  with 
boundary  fluid  pumped  by  the  surface  motion  is  quite 
different  than  the  usual  interaction  of  a  jet  with  a  cross-flow. 

In  the  case  of  the  moving  surface,  the  jet  encounters  an  ever 
stronger  cross-flow  as  it  nears  the  surface,  whereas  in  the 
more  usual  stationary  surface  case,  the  cross-flow  must 
reduce  to  zero  at  the  surface.  Some  lecendy  published  data 
[  10],  with  sets  of  three  impinging  jets  set  close  together, 
suggest  that  the  heat  transfer  effect  of  multiple  jets  may  be 
predictable  by  superposition  of  single  jet  performance,  but  this 
conclusion  is  questionably  applied  to  disk  cooling  situations 
with  jets  closely  spaced  over  the  full  360  degrees.  Both 
centrally  supplied  coolant  supply  and  radially  outboard  jet 
supply,  both  with  single  and  multiple  jets,  have  been 
investigated  with  the  methods  described  herein.  The  paper 
focuses  on  the  experiemntal  modeling  and  methods  employed 
and  gives  an  overview  of  results  obtained  in  terms  of  the 
effects  of  various  parameters  such  as  coolant  flow  Reynolds 
number,  jet  supply  versus  central  supply,  radial  position  of 
jets,  and  the  contour  of  the  disk. 


The  acquisition  of  heat  transfer  information  for  turbine  disks 
has  been  slow  and  knowledge  is  still  very  incomplete  because 
of  the  expense  and  complexity  usually  involved  with  making 
local  heat  transfer  tneasurements  on  rotating  surfaces. 
Conventionally,  such  measurements  involve  mounting 
expensive  heat  flux  gages,  or  spot  heaters  and  thermocouples, 
on  the  disk  surface,  and  transmitting  electrical  power  and 
measurement  signals  from  and  to  the  rotating  apparatus 
through  slip  rings.  In  the  present  study,  very  localized 
convection  heat  transfer  rates  are  obtained  by  utilizing 
remotely  viewed  liquid  crystal  surface  coatings  together  with  a 
thermal  transient  test  procedure. 


rotating  surfaces  has  been  developed  over  the  past  few  years 
at  Arizona  State  University  [  10]  and  at  the  University  of 
Karlsruhe  in  Germany  [  1 1  ],  in  both  cases  applied  to  a 
situation  where  the  disk  is  cooled  by  jets.  Adaptation  of  the 
technique  to  the  present  configuration  and  preliminary  results 
have  been  previously  presented  by  Metzger  and  Kim  [12]. 

A  significant  advantage  of  the  present  test  method  concerns 
the  proper  modeling  of  the  thermal  boundary  conditions  on  all 
the  wened  surfaces.  In  many  instances  of  practical  interest, 
the  flow  in  the  wheel-space  between  rotor  and  stator  often 
contains  recirculating  regions  where  the  flow  exchanges  heat 
with  both  the  stator  and  the  rotor.  In  most  previous  testing, 
the  disk  is  usually  the  only  active  heat  transfer  surface  and 
heat  transfer  to  or  from  the  stationary  surfaces  is  not  properly 
modeled  or  accounted  for  in  the  experiments.  In  the  present 
tests,  all  surfaces  are  heat  transfer  active. 

Measurement  Theory  and  Procedures  The  test  procedures 
and  data  reduction  theory  used  in  this  investigation  are 
essentially  identical  to  those  described  in  Metzger  and  Larson 
[13]  and  Metzger  and  Bunker  113],  and  only  a  brief  overview 
is  presented  here.  In  the  technique  used,  detailed  local  convec¬ 
tion  coefficients  over  the  test  region  of  interest  are  deduced 
from  measurements  of  local  transient  wall  iemperature 
responses  to  the  driving  convective  heating  load  based  on  well 
established  one-dimensional  conduction  theory. 

The  wall  temperawre  response  for  one-dimensional  heat 
conduction  in  a  semi-infinite  solid  object  to  a  step  change  in 
ambient  fluid  temperamre  is  described  by  the  following 
classical  solution. 

(is-ii)/(trti)  =  1  -  exp(h2a6/k2)  •  erfc  (hVa0  A)  (1) 

If  material  properties  are  known,  the  heat  transfer  coefficient  h 
can  be  inversely  obtained  from  Eq.  1  with  measurements  of 
transient  wall  temperawre  response  and  fluid  temperature  tm- 
For  a  simplified  flow  situation,  the  driving  fluid  temperature 
tm  may  be  considered  as  the  local  mixed  mean  temperature. 
However,  in  less  restricted  cases,  tm  can  be  substiwted  by  a 
more  readily  measurable  reference  temperature  tr  and  h  can  be 
redefined  accordingly. 

In  acwal  experiments,  a  true  step  change  in  fluid  temperawre 
is  nearly  impossible  to  achieve  and  generally  the  reference 
temperature  will  be  a  function  of  time.  In  this  case  the 
solution  given  by  Eq.  1  is  still  valid  as  a  fundamental  solution 
but  is  used  for  a  series  of  step  changes  in  tr<6)  using 
Duhamel's  superposition  theorem,  ie: 


t-ti  =  I  U(e-Ti)Atr 
i=l 


In  the  present  method,  encapsulated  liquid  crystal  coatings  ate 
sprayed  directly  onto  the  disk  test  surface  and  their  response  is 
observed  and  processed  during  the  transient  with  automated 
computer  vision  and  dam  acquisition  systems.  Local  convec¬ 
tion  coefficients  are  calculated  from  the  transient  thermal 
response  of  the  lest  surface,  as  determined  by  color 
indications  from  the  thin  coating.  This  technique  applied  to 


-V  .  fh^aO-Ti)!  ,  [hVace-xi)] 
U(0  -  Ti)=l  -  exp - ^ -  ertej^ - ^ - J  (3) 


For  the  acrylic  plastic  test  surface  material  used,  the  depth  of 
heating  into  the  disk  over  the  time  duration  needed  to  complete 


the  test  is  less  than  the  disk  thickness.  In  addition,  departure 
from  one-dimensionality  because  of  fmite  lateral  conducnon  in 
the  disk  is  not  expected  to  have  a  significant  effect  on  the  local 
surface  temperature  response  for  the  surface  heat  transfer 
gradients  anncipated,  as  shown  by  Vedula,  et  al  [14]  and 
Metzger  and  Larson  [13], 

In  the  technique  used,  the  transient  surface  temperature 
information  is  provided  by  the  application  of  a  temperature 
indicating  coating  material  and  a'  PC-based  image  processing 
system  employing  the  frame  grabber.  The  coating  material 
used  for  this  study  is  an  commercially  available  encapsulated 
chiral  nematic  thermochromic  liquid  crystal  (TLC),  applied  to 
the  test  surface  using  an  airbrush.  The  TLC  displays  colors  in 
response  to  temperature  changes  as  a  result  of  lattice  reorien¬ 
tation  of  the  crystal.  When  sprayed  as  a  thin  layer,  the  TLC  is 
essentially  clear  and  displays  color  with  increasing  tem¬ 
perature  in  sequence  of  red,  green,  blue,  and  back  to  clear. 

The  nominal  temperatures  for  red,  green,  and  blue  displays  of 
the  present  chiral  nematic  TLC  are  38.4  C,  39.8  C,  and  43.5 
C,  lespectively.  The  process  is  reversible  such  that  the 
calibration  of  temperature  remains  unchanged  for  a  large 
number  of  cycles  under  laboratory  conditions.  While  all  TLC 
type  coatings  assume  a  finite  time  response  for  the  lattice 
rotations,  Ireland  and  Jones  [15]  have  shown  that  micro- 
encapsulated  chiral  nematic  coatings  on  the  order  of  10'3  cm 
thick  require  only  a  few  milliseconds  for  this  action.  This  time 
lag  is  negligible  in  comparison  with  the  thermal  transients  of 
the  present  study. 

A  typical  experimental  run  begins  with  heating  laboratory 
compressed  air  up  to  a  desired  temperamre  while  the  test 
section  is  maintained  at  loom  temperature.  A  three-way  ball 
diverter  valve  is  used  to  route  the  heated  air  away  from  the  test 
section  until  the  air  temperature  reaches  a  preselected  steady 
state  value  indicated  by  a  monitoring  thermocouple  in  the 
diversion  line.  When  steady  state  is  nearly  reached  in  the 
diversion  line,  the  disk  is  brought  to  the  desired  test  speed  as 
rapidly  as  possible  to  minimize  any  possible  temperature  rise 
within  the  test  region  due  to  frictional  heating.  Typically  the 
disk  speed  can  be  stabilized  within  two  minutes  with  less  than 
0.5  C  increase  in  the  recirculating  air  initially  at  room  temper¬ 
ature.  The  heated  air  is  then  suddenly  re-routed  to  the  test 
section  as  the  frame  grabber  and  data  log  system  for  air 
temperamre  measurements  are  initiated  simultaneously.  For 
tests  with  entrairunent  flow,  the  secondary  air  flow  at  room 
temperature  is  also  initially  passed  away  from  the  test  sectitm 
by  a  second  diverter  valve  and  re-routed  simultaneously  with 
the  main  flow.  For  the  test  cases  with  19-jet  supply,  it  was 
necessary  to  preheat  the  plenum  chamber  in  order  to  improve 
the  reference  air  temperature  response  particularly  at  lower 
flowrates. 

As  the  test  surface  is  heated  by  introduction  of  flow  at  elevated 
temperature,  the  local  color  information  from  TLC  captured  by 
a  color  video  camera  is  digitized  pixel-by-pixel  with  the  frame 
grabber  in  reference  to  a  pre-set  threshold  corresponding  to 
the  calibrated  color  intensity.  The  outcome  of  this  image 
digitization  process  is  a  pixel  time-temperature  matrix  covering 
the  entire  test  region  monitored  by  the  video  camera.  This 
information  together  with  the  transient  reference  temperature 


data  suffices  to  obtain  the  local  heat  transfer  coefficients  with  a 
relatively  high  resolution  using  Eq.  2. 

The  pre-set  threshold  for  the  desired  color  is  determined  by 
calibrating  the  image  processing  system  against  a  TLC-^Cuied 
copper  bar.  The  temperature  response  of  the  copper  bar  to  a 
heat  input  load  is  monitored  by  a  thermocouple  embedded  in 
the  bar.  By  varying  the  input  threshold  values,  an  optimum 
threshold  and  corresponding  wall  temperature  can  be  acquired 
for  given  lighting  conditions. 

Apparams  Figure  1  shows  a  schematic  of  the  test  apparatus 
used.  Fig.  2  shows  cross  sections  of  the  disk  and  stator 
assemblies  used,  except  where  noted,  for  the  experimental 
results  to  be  discussed.  Rotational  speeds  up  to  10,000  rpm 
have  been  achieved  by  a  3/4  HP  induction  motor  driving  an 
enclosed  and  sealed  twin  bearing  quill  through  a  flat  belt 
Continuously  variable  speed  adjustment  is  provided  by  an 
autotransformer,  and  the  disk  speed  is  continuously  monitored 
with  a  photoelectric  pickup  and  a  digital  frequency  counter. 


Fig.  1  Apparatus  Schematic 


Fig.  2  Disk  and  Stator  Assembly  Cross  Section 

The  disks  have  been  constructed  of  clear  acrylic  plastic  with  a 
radius  of  4.75  in.  (12.065  cm)  in  two  versions:  a  smooth 
(plane)  configuration  and  a  contoured  configuration.  The 
smooth  version  has  plane  parallel  disk  and  stator  surfaces  over 
the  full  radius  with  variable  disk-to-stator  spacing.  The 
contoured  version  has  been  machined  with  shaping  on  both 
disk  and  stator  that  more  closely  approximate  the  disk  cavity 
boundaries  common  in  turbine  stages.  Air  can  be  supplied  to 
the  cavity  either  through  a  single  large  inlet  hole  at  the  stator 
center  line  or  through  single  or  multiple  jets  as  shown  in 
Fig.  2.  Simulated  boltheads  have  been  fabricated  from 
lightweight  balsa  and  are  attached  to  the  contoured  Hi.sk  The 
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disk  thickness  varies  between  0.354  in  (0.899  cm)  and  0.58 
in  (1.473  cm)  along  the  radius.  Both  test  disks  have  seventy 
eight  equally  spaced  0.053  in  (0. 135  cm )  diameter  holes  at 
4.6  in  (1 1.684  cm)  radius  which  simulate  rotating  cavity 
coolant  discharge  flow  passages,  such  as  through  the  blade 
roots  at  flitree  attachment  joints. 

The  shroud  assemblies  consist  of  three  components  made  of 
acrylic  plastic  and  aluminum.  The  front  shroud  piece  is 
interchangeable  to  produce  different  disk  and  stator  arrange¬ 
ments.  The  disk  is  maintained  parallel  to  the  stattv  with  a 
shroud  support  assembly  attached  to  the  bearing  housing  and 
the  spacing  is  adjusted  by  moving  the  entire  shroud  assembly 
in  the  axial  direction.  The  front  shroud  has  an  acrylic  viewing 
window  (machined  to  match  the  shroud  contour)  which 
permits  visual  observations  over  the  entire  disk  radius. 

In  the  tests  reported  here  with  coolant  impinging  onto  the  disk 
from  jets,  19  jets,  equally  spaced  around  the  full  360  degrees 
were  used.  The  jet  supply  nozzles  were  nuide  of  brass  each 
having  a  nozzle  tip  with  a  0.052  in  (0. 1 32  cm)  exit  diameter, 
soldered  to  a  0.125  in  (0.318  cm)  ID  tube.  The  nozzle  tips 
were  configured  such  that  the  jets  they  produce  issue  at  an 
angle  of  45  degrees  to  the  axial  direction.  In  the  current  19-jet 
version,  the  supply  nozzles  were  installed  through  19  equally 
spaced  positioning  holes  at  4.305  in  ( 10.935  cm)  radius  from 
the  shroud  center  Each  nozzle  is  individually  fixed  with  a  set 
screw  allowing  two  degrees  of  freedom  for  adjustment;  axial 
translation  and  full  360  degree  azimuthal  rotation. 

The  impingement  gap  between  disk  and  nozzle  tip  was 
maintained  as  0.25  in  (0.635  cm)  for  the  present  testing  and 
the  disk-to-stator  spacing  was  maintained  as  0.5  in  ( 1 .27  cm) 
for  all  smooth  disk  tests.  The  corresponding  settings  for  the 
contoured  disk  tests  were  0.19  in  (0.483  cm)  and  0.44  in 
(1.118  cm)  at  the  impingement  radius  The  azimuthal  angle  for 
each  nozzle  was  fixed  at  1 3  degrees  radially  outward  for  all 
tests.  All  jet  supply  nozzles  are  connected  to  a  plenum 
chamber  located  near  the  front  shroud  through  heat  resistant 
plastic  tubes.  The  plenum  chamber  serves  as  a  flow 
distributor  and  is  essentially  a  hollow  disk  with  manifold 
holes  configured  such  that  heated  air  enters  the  chamber 
axially  through  one  inlet  pon  and  exits  radially  in  equal  parts 
distributed  equally  spaced  holes  on  the  rim.  It  was  fabricated 
from  a  reinforced  plastic  (Lexan)  and  equipped  with  guard 
heaters  to  minimize  heat  losses.  The  guard  heaters  were 
found  necessary  in  order  to  insure  that  the  jet  exit  temperature 
remained  high  enough  to  produce  a  useable  display  of  the  disk 
liquid  crystal  surface  coating.  For  tests  with  a  single  center 
supplied  jet,  the  multiple  jet  plenum  chamber  is  by-passed.  In 
this  case  the  heated  air  is  direcdy  injected  axially  through  a 
0.227  in  (0.577  cm)  diameter  hole  located  at  the  center  of  the 
front  shroud. 

In  the  present  testing,  the  possiblity  of  entrainment/ingestion 
from  the  hot  gas  path  radially  outboard  of  the  disk  was 
similated  by  providing  a  controlled,  separately  metered 
amount  of  secondary  flow,  supplied  to  a  separate  plenum 
chamber  with  design  similar  to  the  jet  supply  plenum.  Room 
compressed  air  is  divided  into  eight  equal  parts  passing 
through  the  plenum  chamber  and  delivered  to  the  rear  of  the 
shroud  rim  by  plastic  tubes.  Each  jet  first  impinges  onto  a 
circumferential  groove  machined  into  the  opposite  facing 


shroud  component  and  serving  as  a  settling  chamber.  It  is  then 
introduced  radially  into  the  test  section  through  a 
circumferential  gap.  The  degree  to  which  it  is  entrained  into 
the  disk  cavity,  as  opposed  to  rapid  mming  and  axially  exit, 
can  be  at  least  partially  indicated  by  its  detected  effect  on  the 
disk  local  heat  transfer. 

With  the  present  disk  and  shroud  anangenKm,  all  discharge 
flow  is  forced  out  through  the  seventy-eight  discharge  holes 
near  the  disk  rim  and  the  disk-to-rim  clearance  gap  which  was 
measured  to  be  0.018  in  (0.046  cm).  The  flowrates  for  all 
flows  were  measured  using  ASME  standard  orifices.  The 
uniformity  of  the  distribution  of  flow  through  the  multiple  jets 
was  independently  checked  using  a  precision  rotometer,  and 
were  found  to  be  uniform  within  ±5%. 

Theimocouples  to  measure  the  driving  jet  temperature  are 
located  within  the  jet  supply  nozzles  near  their  exit  Five 
additional  thermocouples  were  installed  on  the  front  shroud  to 
monitor  midpoint  temperature  variations  at  various  locations 
within  the  wheel  space.  All  thermocouples  used  were  type  K 
(Chromel-Alumel)  with  nominal  wire  diameter  of  0.{X)314  in 
(0.0798  mm).  The  transient  responses  of  the  seven 
thermocouples  monitoring  jet  and  wheel  space  region 
temperatures  were  recorded  through  a  data  log  unit  (Fluke 
2400  B  Intelligent  Computer  Front  End)  with  a  0.4  sec 
sampling  interval  for  each  thermocouple. 

RESULTS  .AMP  -DISCUSSION 

Experimental  Uncertainties  To  minimize  experimental 
uncertainties,  the  temperature  of  the  supplied  flow  is  chosen 
so  that  the  color  threshold  is  not  reached  until  sufficient  time 
has  elapsed  after  the  stan  of  flow  (usually  10  seconds  or 
more)  to  insure  that  the  elapsed  time  can  be  determined 
accurately.  Also,  the  flow  temperamre  is  chosen  so  that  the 
elapsed  time  and  corresponding  penetration  of  the  temperature 
pulse  into  the  surface  are  small  enough  (usually  less  than  60 
seconds)  to  insure  that  the  test  surface  can  be  treated  as  semi¬ 
infinite  as  assumed  in  the  data  reduction.  All  of  the  results 
presented  were  obtained  with  threshold  times  satisfying  these 
constraints,  and  the  uncertainty  in  the  measured  convection 
coefficients  is  estimated  to  be  ±10  percent  by  the  methods  of 
Kline  and  McKlintock  [16]. 

Figure  3  shows  the  nature  of  results  obtained  to  fully 
characterize  the  radial  variation  in  convection  coefficient,  h, 
presented  non-dimensionally  as  a  radially  local  Nusselt 
number.  Nu  is  based  on  outer  disk  radius,  ro,  so  that  the 
values  reflect  changes  in  h.  These  results  are  typical  of  all  full- 
radius  testing  in  that  the  convection  coefficients  vary  over  a 
large  range  and  several  tests  with  different  supply  temper¬ 
atures  are  necessary  to  cover  the  entire  range  without  violating 
the  test  requirements  listed  in  the  previous  paragraph.  In  the 
ranges  where  results  from  two  tests  overlap,  there  is  generally 
good  agreement  well  within  the  estimated  experimental 
uncertainty.  Further  confidence  is  given  by  comparison  with 
previous  results  [10]  obtained  for  similar  conditions  but  with  a 
different  test  disk  and  different  liquid  crystal  coating.  The 
dashed  lines  on  Fig.  3  show  these  previous  results  for  the 
case  of  Rer  =  2.71  x  lO^  with  Rem  =  1360  flower  line)  and 
1900  (upper  line).  The  convection  coefficient  is  based  on  the 
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disk  surface  -  jet  inlet  temperature  difference  in  this  and  in  all 
of  the  results  presentations  that  follow. 

Effect  of  Impingement  RaHiiis  for  Single  Jet  Imningment 
Figure  4  shows  typical  measured  single-jet  Nu  variadons  that 
illustrate  the  effect  of  jet  nozzle  location,  with  rj/To  varied  from 
zero  to  0.8  in  0.2  increments,  while  disk  speed  and  jet 
flowrate  is  held  constant.  These  results  were  obtained  with  an 
earlier  plane  disk/  plane  stator  arrangement  [  10]  with  radial 
exit  of  the  supplied  flow  at  the  edge  of  the  disk.  For  a  given 
impingement  flow  and  disk  speed,  the  local  radial  convecdon 
coefficients  attained  with  impingement  onto  the  disk  center 
appear  to  establish  the  general  level  of  the  maximum  heat 
transfer  possible  at  the  various  radii,  regardless  of  the 
impingement  radius.  Impingement  at  radial  outboard  locadons 
does,  however,  increase  the  local  heat  transfer  in  the  vicinity 
of  impingement  over  what  would  be  the  case  with  center- 
supplied  flow,  with  the  increase  ranging  from  a  very  small 
amount  at  rjto  -  0-2  to  about  80  percent  at  riAo  =  0.8. 
Distribudons  such  as  this  show  generally  that  the  radial 
average  heat  transfer  decreases  with  increasing  impingement 
radius,  so  that  most  effecient  use  of  this  type  of  disk  cooling 
is  obtained  with  center  impingement.  However,  in  a  given 
applicadon,  it  may  be  desirable  to  tailor  the  radial  heat  transfer 
distribudon,  and  the  results  of  Fig.  4  indicate  that  off-center 
impingement  can  be  an  effecdve  means  of  doing  so. 


Fig.  3  Typical  Radial  Nu  Distribudon  Obtained 
With  Three  Supply  TemTeranires 


Single  Center  Sunpiv.  RffecK  of  Oontniir  and  Flowrate 
Figures  S-7  show  measured  local  heat  transfer  rates  obtained 
with  the  contoured  disk  and  stator  arrangement,  with  air 
supplied  to  the  cavity  only  through  the  center  inlet  In  these 
tests,  the  data  as  a  funcdon  of  radius,  especially  in  the  nnid- 
radius  region,  is  sparse  as  a  consequence  of  difficuldes 
associated  with  observing  the  liquid  crystal  responses  through 
the  contoured  plexiglas  viewing  window.  It  was  found 
impossible  to  illuminate  the  test  surface  uniformly  over  die 
endre  radius,  therefore  a  separate  calibradon  applicable  to  each 
region  of  interest  was  conducted  and  the  data  was  reduced 
accordingly. 

Figure  5  shows  typical  local  Nusselt  number  results  for  values 
of  Rer  and  Rem  of  3.14  x  10^  and  2505,  respccdvely.  For 
comparison;  the  corresponding  results  obtained  with  the  plane 
disk  and  stator  as  presented  in  Metzger  and  Kim  [12]  are 
indicated  by  the  dashed  line,  and  show  good  agreement  with 
the  contoured  results.  The  finding  that  heat  transfer  is  largely 
inscnsidve  to  the  disk  contour  is  in  agreement  with  a  previous 
study  by  Metzger,  et  al  [8]  that  included  the  effect  of  disk 
shape  on  heat  transfer.  Apparendy,  the  very  large  tangential 
component  of  the  disk  pumped  flow  minimizes  the  effects  of 
disk  contour. 

Figures  6  and  7  show  additional  results  for  the  contoured  disk 
and  stator  combination,  for  Rem  =  3. 14  x  10^  and  5.38  x 
10^,  respectively.  For  each  value  of  rotational  Reynolds 
number,  three  values  of  flow  Reynolds  number  were  tested. 
The  results  all  display  similar  radial  distributions,  with 
Nusselt  number  levels  increasing  with  increasing  Rem  as  for 
the  plane  disk  cases.  Also  indicated  on  these  and  subsequent 
figures  is  R,  the  ratio  of  supplied  flow  rate,  Q,  to  the 
calculated  turbulent  pumping  flow  evaluated  from  the  von 
Karman  expression:  Qp  =  0.0697  x  r  Rer^-^.  For  the  results 
in  Figs.  5-7,  the  full  disk  (r  »  tq)  pumping  flow  is  used. 
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It  is  evident  from  Figs.  S-7  that  with  single  center  jet  supply, 
quite  high  heat  transfer  rates  (for  a  given  surface  temperature  - 
coolant  inlet  temperature  difference)  are  present  near  the  disk 
center  as  a  result  of  both  impingement  and  undiminished 
temperature  difference.  However,  the  high  central  region  heat 
transfer  rates  decrease  rapidly  with  radius  as  the  coolant 
looses  its  impingement  character  and  as  the  coolant-to-surface 
temperature  difference  diminishes.  An  important  question 
when  considering  the  use  of  central  coolant  supply  schemes  is 
how  the  magnitude  of  heat  transfer  rate  remaining  at  the 
important  outer  radius  position  compares  with  cases  where  the 
coolant  is  introduced  through  one  or  more  jets  located  at  some 
distance  radially  outboard  of  the  disk  center.  This  question  is 
considered  in  the  following  section  for  the  case  of  the  multiple 
jet  supply  arrangement  investigated. 


Fig,  6  Nu  for  Center  Supply,  Contoured  Disk 
Effect  of  Rem  on  Nu  at  Rer=3.14  x  lO^ 


Fig.  7  Nu  for  Center  Supply,  Contoured  Disk 
Effect  of  Rem  on  Nu  at  Rer*5.38  x  105 
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Effects  of  Multiple  Jet  Outboard  Impingement  Figures  8 
and  9  present  results  obtained  using  the  contoured  disk  and 
stator  with  coolant  supplied  through  19  equally  spaced  jets. 

In  these  figures,  local  Nusselt  numbers  are  again  based  on  the 
measured  heat  transfer  rates  and  the  disk  surface  -  jet  inlet 
temperature  difference.  Figure  8  shows  parametrically  the 
effect  of  variations  in  Rem  from  2520  through  4430  (and 
corresponding  variations  in  R  from  0.22  through  0.38,  with  R 
evaluated  with  the  impingement  radius)  while  Rer  is 
maintained  constant  at  5.85  x  10^.  All  three  sets  of  results 
exhibit  peak  values  of  local  Nusselt  number  right  at  the 
impingement  radius,  with  rapid  radial  decreases  on  both  sides 
of  the  impingement  location.  The  fact  that  measurable  results 
are  not  obtained  radially  inward  of  the  values  shown  indicates 
that  the  heat  transfer  effects  of  the  jet  array  do  not,  to  any 
significant  extent,  propagate  radially  inward. 

The  dependence  of  the  local  heat  transfer  rates  on  the  value  of 
Rem  is  seen  in  Fig.  8  to  be  relatively  weak.  A  decrease  in 
coolant  flowrate  of  nearly  50  percent  results  in  only  about  an 
1 1  percent  decrease  in  the  impingement  heat  transfer  rates 
averaged  over  their  effective  radial  positions.  This  is  in 
contrast  to  the  greater  dependence  on  Rem  measured  with 
central  coolant  supply,  as  indicated  for  the  corresponding 
value  of  Rer  in  Fig.  7.  The  difference  is  thought  to  be  strongly 
associated  with  the  reduction  in  the  coolant-to-surface 
temperature  difference  that  occurs  in  the  radial  outflow 
direction  with  central  supply. 

The  values  of  Nu  in  the  outboard  disk  regions  with  central 
supply  of  coolant  can  be  obtained  from  Fig.  7,  and  then 
compared  with  the  jet  supply  values  shown  in  Fig.  8,  for 
almost  identical  values  of  Rem  (indicating  the  same  amount  of 
total  coolant  flow.)  The  relative  lack  of  dependence  of  the  jet 
supply  on  Rem  combined  with  more  significant  dependence 
for  the  central  supply  act  to  create  a  variation  with  Rem  of  the 
relative  heat  transfer  performance  of  these  two  supply 
schemes.  For  the  lower  values  of  Rem,  the  values  of  Nu  at  the 
impingement  radius  location  are  significantly  higher  than  those 
achieved  with  central  supply  of  the  same  total  coolant  flow.  In 
fact,  for  a  nominal  Rem  value  of  25(X),  the  peak  jet  supply  Nu 
values  are  approximately  100  percent  greater  than  the 
corresponding  central  supply  values.  Stated  another  way,  this 
also  means  that  the  same  peak  cooling  rates  can  be  achieved 
with  jet  supply  flow  with  only  about  60  percent  of  the  flow 
required  if  centrally  supplied. 

Figure  9  shows  parametrically  the  effect  of  variations  in  Rer 
from  3. 14  X  105  to  5.38  x  105  (and  corresponding  variations 
in  R  from  0.32  through  0.45,  again  evaluated  with  the 
impingmem  radius)  while  Rem  is  maintained  approximately 
constant  in  the  range  4430  -  4470.  All  three  sets  of  results 
again  exhibit  peak  values  of  local  Nusselt  number  right  at  the 
impingement  radius,  with  a  rapid  radial  decreases  on  both 
sides  of  the  impingement  location.  The  peak  values  are  almost 
completely  independent  of  the  variation  in  Rer,  indicating  that 
they  are  dictated  exclusively  by  the  jet  flow,  which  remains 
constant  in  this  presentation.  Such  behavior  is  consistent  with 
behavior  expected  for  what  we  have  termed  in  prior  studies  as 
the  jet -dominated  flow  regime,  and  is  consistent  with  recent 
detailed  flowfleld  maps  made  in  the  interaction  region  between 
a  single  impinging  jet  and  the  pumped  boundary  layer  on  a 
rotating  disk  Brodersen  and  Metzger  [17]. 


Also,  although  the  flowrate  associated  with  each  individual  jet 
in  the  19  jet  array  is  smaller  than  that  associated  with 
impingement  dominated  conditions  in  previous  studies,  it 
appears  that  the  19  jets  acting  together,  at  relatively  close 
circumferential  spacings,  do  thermally  penetrate  the  pumped 
boundary  layer  to  effectively  cool  the  surface.  The  recent 
flowfleld  mapping  indicates  that  the  direction  of  the  pumped 
disk  flow  is  almost  entirely  tangential  in  the  inner  layers  where 
the  interaction  between  disk  and  jet  is  dictated.  With  19  jets 
closely  spaced  as  in  the  present  configuration,  the  upstream 
jets  appear  to  shield  each  individual  jet  from  the  full  effect  of 
the  pumped  flow  and  allow  the  jets  to  penetrate  better  than 
would  a  single  jet  with  the  same  flow. 


Fig.  8  Nu  for  Outboard  Jet  Supply,  Contoured  Disk 
Effect  of  Rem  on  Nu  at  Rer=5.38  x  lO^ 


Fig.  9  Nu  for  Outboard  Jet  Supply,  Contoured  Disk 
Effect  of  Rer  on  Nu  at  Rem=4450 
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Effect  of  Entraininent  Flow 

Figures  10-13  show,  for  the  19  jet  supply,  the  measured 
effects  of  simulating  an  entrainment  flow  from  the  blade 
passages  by  supplying  a  measured  secondary  flow  to  the  disk- 
cavity  region  through  a  gap  in  the  outer  rim  shroud.  This 
flow  is  supplied  at  room  air  condidons  so  it  is  initially  at  the 
same  temperamie  as  the  test  disk.  As  the  disk  temperature 
increases  during  a  test  under  the  influence  of  the  heated 
cooling  jets,  the  difference  between  the  disk  surface  and 
simulated  entrainment  flow  increases,  and  tends  to  drive  the 
surface  heat  transfer  in  a  direction  opposing  that  of  the  coolant 
jets.  Thus,  if  the  entrainment  flow  is  significantly  intruding 
into  the  diJc  cavity,  its  presence  will  be  evident  through  a 
measured  decrease  in  local  disk  heat  transfer  rates. 

For  each  of  the  combinadons  of  Rem  and  Rer  shown  in 
Figs.  10-13,  two  values  of  simulated  entrainment  flowrates 
were  invesdgated,  nominally  values  of  6%  and  10%  of  the 
calculated  turbulent  pumping  flow  based  on  the  outer  disk 
radius.  For  direct  comparison,  the  previous  results  (0% 
entrainment)  are  re-plotted  on  these  figures.  It  is  immediately 
apparent  that  the  presence  of  the  simulated  entrainment  flow  is 
felt  on  the  disk  surface,  and  that  the  effects  are  observed  more 
strongly  as  entrainment  flow  increases.  Nevertheless,  the 
effects  are  reladvely  small,  and  indicate  that  the  jets  are  sdll 
quite  effecdve  in  cooling  the  local  region  of  the  disk  near  their 
impingement  radius. 

It  should  be  emphasized  that  these  results  in  Figs.  10-13  only 
serve  to  qualitadvely  indicate  the  presence  of  a  heat  transfer 
effect  from  the  entrainment  flow,  and  that  they  are  insufficient 
to  fully  characterize  the  heat  transfer  effect  quandtadvely.  In 
general  the  jet  and  entrainment  flow  temperatures  will  be  quite 
different,  and  together  with  the  disk  surface  temperature, 
consutute  a  thrce-tempeiature  convection  situation  where 
information  on  both  convection  coefficient  and  another 
parameter  (usually  termed  effectiveness)  are  necessary  to 
describe  the  heat  transfer  phenomenon,  similar  to  the  situation 
encountered  with  film-cooling  injection  onto  a  surface. 


Fig.  10  Effect  of  Entrainment  on  Nu,  Contoured  Disk 
Rer=3.14x  105,  R=0.34 


Fig.  1 1  Effect  of  Entrainment  on  Nu.  Contoured  Disk 
Rer=3.14  x  I05,  R=0.60 


Fig.  12  Effect  of  Entrainment  on  Nu,  Contoured  Disk 
Rer=5.38  x  105,  R=0.22 


effects,  on  local  heat  transfer  near  the  impingement  radius,  of 
the  presence  of  simulated  boltheads  located  radially  inward  on 
the  disk  surface,  for  a  single  combination  of  Rem  and  Rer,  for 
two  values  of  entrainment  flow  percentage,  respectively.  In 
both  instances  the  measured  local  Nusselt  number  values 
obtained  with  the  boltheads  in  place  are  generally  slighdy 
lower  than  those  measured  without  boltheads.  This  trend  is 
plausibly  explained  by  the  presence  of  a  larger  pumped  flow 
with  the  bolts  in  place  which  interacts  more  with  the 
impingement  flow  to  reduce  the  penetration  of  the  jets  to  the 
disk  surface,  although  the  data  base  is  obviously  not  large 
enough  to  suppon  any  but  the  most  tentative  speculations. 
Nevertheless,  even  though  the  effeas  are  small  in  these  two 
instances,  the  effect  is  in  the  direction  of  decreased  cooling 
capacity  of  the  jet  flow,  and  deserves  to  be  investigated  over  a 
much  wider  range  of  conditions. 


0 

Fig.  14  Effect  of  Boltheads  on  Nu  Without 
Entrainment,  Contoured  Disk 
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Figs  16  and  17  describe  tests  conducted  to  obtain  local 
Nusselt  numbers  around  the  simulated  boltheads.  The  tests 
were  conducted  for  a  typical  set  of  conditions  using  strobe 
illumination  and  a  sychronized  frame-grabbing  procedure. 

Such  three-dimensional  surface  elements,  or  proousions  into 
the  disk  flow,  will  necessarily  cause  both  the  flow  and  heat 
transfer  distributions  to  depart  from  axisymmetiic  over  some 
region  extending  both  radially  inward  and  radially  outward 
from  their  location  on  the  disk.  In  general  the  radial  extent  of 
the  effect  as  well  as  the  magnitude  of  circumferential 
variations  set  up  in  the  disturbed  region  can  be  important  in 
that  they  potentially  add  additional  thermal  stresses  to  an 
already  highly  stressed  disk. 

Figure  1 6  shows  a  sketch  of  a  portion  of  the  disk  and 
boltheads  with  the  character  of  the  local  radial  and 
circumferential  heat  transfer  variations  obtained.  As  might  be 
expected,  the  heat  transfer  distribudons  are  different  on  the 
upwind  and  downwind  sides  of  the  boltheads.  This 
difference  is  shown  quandtadvely  in  Fig.  17  in  terms  of 
variadons  along  typical  uwind  and  downwind  radial  lines 
indicated  A  and  B  in  Fig.  16. 


Fig.  16  Nu  Contours  Around  Boltheads 
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Fig.  17  Effect  of  Boltheads  on  Radial  Nu  Distribution 


SUMMARY 

The  work  presented  can  be  summarized  as  follows; 

•  The  acquisition  of  detailed  local  convection  heat  transfer 
coefficient  distributions  on  models  of  both  plane  and 
contoured  turbine  disks  using  acrylic  disk,  thin  spray- 
applied  coats  of  encapsulated  liquid  crystals  as  surface 
temperature  indicators,  transient  testing,  and  a  computer- 
vision  system  has  been  successfully  demonstrated.  The 
method  offers  an  affordable  means  of  local  disk  heat 
transfer  information,  and  could  be  useful  in  an  interactive 
way  to  rapidly  assess  the  effects  of  design  alternatives  or 
changes. 

«  The  method  has  been  employed  thus  far  to  acquire 
axisymmettic  convection  heat  transfer  information  ffirm 
both  plane  and  contoured  routing  disks  with  two 
different  coolant  supply  schemes. 

•  Except  for  minor  variations,  the  convection  coefficients 
for  the  contoured  disk  and  sutor  configuration  are  very 
similar  to  those  for  the  plane  disk  and  sutor.  both  in 
magnitude  and  distribution.  This  observation  concurs 
with  the  very  limited  prior  information  on  the  independent 
effect  of  disk  shape  and  is  plausible,  so  it  appears 
appropriate  to  conclude  that  the  effea  of  disk  contour  on 
heat  transfer  is  minor. 

•  For  coolant  supplied  finom  the  center  of  the  disk  cavity, 
the  local  heat  transfer  rates  decrease  monotonically  from 
center  to  disk  rim  along  the  disk  face. 


•  For  coolant  supplied  to  the  disk  face  from  a  jet  ring  near 
the  disk  outer  radius,  the  location  of  significant 
coefficient  magnitudes  is  restricted  to  the  outer  radius 
region,  but  the  results  indicate  that  the  same  nugnitude  of 
local  cooling  effect  can  be  obtained  with  the  jet  supply  at 
lower  values  of  total  coolant  flowrate  than  required  with 
central  supply. 

•  For  the  present  multiple  jet  tests,  the  measured  heat 
transfer  effect  of  the  multiple  jets  is  more  significant  than 
found  in  previous  studies,  despite  the  fact  that  the 
flowrate  from  each  individual  jet  is  no  mote  than  two 
percent  of  the  calculated  disk  pumping  flow.  The 
combination  of  closely  spaced  jets  around  the  complete 
circumference  and  the  presence  of  a  closely  ^aced  stator 
is  thought  to  act  to  improve  jet  penetration  through  the 
pumped  boundary  layer  to  the  moving  surface. 

•  Although  the  presence  of  both  simulated  entrainment  and 
boltheads  on  the  disk  act  to  reduce  the  cooling  rates  for  a 
given  jet  flow  and  disk  speed,  neither  appears  to  cause  a 
major  degradation  in  the  multiple  jet  cooling  performance, 
at  least  over  the  parameter  ranges  covered  in  this  smdy. 

•  The  feasibility  of  obtaining  non-axisymmetric  local  heat 
transfer  variations  in  both  the  radial  and  circumferential 
directions  around  three-dimensional  disk  surface 
protrusions  such  as  boltheads  has  been  demonstrated 
using  the  same  transient  test  procedures  with  the 
substitution  of  strobe  illumination  and  synchronization  of 
the  frame-grabber.  The  limited  information  acquired 
shows  a  disk  surface  heat  transfer  effect  within  only  a 
small  radial  region  around  the  protrusion,  but  the 
interaction  of  the  pumped  flow  with  outboard  cooling  jets 
indicates  that  boltheads  do  increase  the  pumped  flow. 
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SUMMARY 

The  Swollen  Polymer  Technique  is  a  mass  transfer 
analogy  method  of  obtaining  heat  transfer  data.  It 
is  similar  in  principle  to  the  naphthalene  method  but 
has  the  advantage  that  it  can  be  combined  with 
interferometric  measuring  methods  giving  a 
panoramic  view  of  the  disUibution  of  the  transfer 
coefficient  over  the  working  surface.  Also  the  mass 
transfer  process  is  reversible  and  the  working 
surface  can  be  used  repeatedly. 

Changes  in  thickness  of  a  polymer  coating  on  the 
working  surface,  initially  swollen  with  an  ester,  arc 
measured,  using  holographic  interfcromcuy  to  yield 
a  fringe  pattern  depicting  loci  of  equal  transfer 
coefficient  over  the  surface. 

The  paper  describes  the  basis  of  the  method,  the 
equipment  required  to  implement  it,  the  precautions 
necessary  for  its  successful  use.  its  advantages, 
limitations  and  future  potential. 

The  technique  yields  data  useful  in  the  design 
process.  Examples  of  its  application  to  film  cooled 
surfaces  are  given,  including  the  effects  of 
geometry,  density  ratio  and  acceleration  of  the 
mainstream  flow  on  the  heat  transfer  coefficient. 

Extension  of  the  technique  for  the  simultaneous 
measurement  of  effectiveness  and  heat  transfer 
coefficient  is  described  and  its  further  extension  for 
use  with  curved  surfaces  is  outlined. 

A  recent  development  to  the  technique  itself  by  the 
use  of  a  thermoplastic  plate  for  recording  the 
holograms  opens  up  the  possibility  of  further 
advancement  using  electronic  image  processing. 

SYMBOLS 

c  concentration  of  swelling  agent  in  fluid,  kg 

m'* 

C  fluid  specific  heat  capacity.  kJ  kg  '  K  ' 
d  hole  diameter,  m 

D  diffusivity  of  transferred  material  (swelling 
agent)  in  fluid.  mV 

D,  diffusivity  of  swelling  agent  in  coating, 

m^s' 


h  heat  transfer  coefficient  at  surface  location 
(x.y).  W  m-=K  ' 

H  greatest  value  of  h  for  air-operated 
prototype  that  can  be  estimated  with 
specified  precision  from  mass-transferring 
air-operated  mass-transferring  model  of 
scale  factor  S.  W  m  'K  ' 

H'  greatest  value  of  h  for  water-operated 
prototype  that  con  lx:  estimated  with 
specified  precision  from  water-operated 
mass-transferring  model  of  scale  factor  S. 
W  m  -K  ' 

H"  greatest  value  of  h  for  prototype,  operating 
with  any  fluid,  that  can  be  estimated  with 
specified  precision  from  mass-transferring 
model  operating  with  air  or  water.  Watts 
m=K' 

k  mass  transfer  coefficient  at  (model)  surface 
location  (x.y).  m  s  ' 

K  greatest  v.alue  of  k  for  transfer  to  air 
dctcnninahlc  with  specified  precision  in  an 
experiment  of  duration  t,  m  s ' 

K'  greatest  value  of  k  for  transfer  to  water 
determinable  with  specified  precision  in  an 
experiment  of  duration  x,  m  s  ' 

Ka  acceleration  parameter  =  v  (duydx)/u*, 

1  ch-iracteristic  dimension  of  prototype  or 

model,  m 

M  blowing  rate  s  u^p,  u, 
m"  mass  transfer  per  unit  area,  kg  m'^ 

n  fringe  order 

p  vapour  pre.ssure  of  swelling  agent,  mm  Hg 
q"  heat  flux  at  surface  location  (x.  y),  W  m'^ 

s  change  of  coating  thickness  (surface 

recession)  occurring  in  time  interval  t  at 
location  (x.y),  m 

S  scale  factor  of  model  =  Im/1p 
S'  Pitch  of  film  cooling  holes  (Fig.  1 1),  m 
t  duration  of  exposure  of  model  to 

convective  transfer,  s 
T  temperature,  °K 

u  fluid  velocity,  m  s  ' 

X.  y.  coordinates  of  point  in  transferring  surface, 
m 

z  perpendicular  distance  from  surface  at 

point  (x.y),  m 
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Greek 

a  angle  of  injection,  degrees  to  the  surface 
difference  between  fluid  concentrations  at 
solid  surface  and  in  bulk  of  sire;tm.  kg  m  ^ 
X  thermal  conductivity  of  fluid.  W  m  ‘K  ' 

X  wavelength  of  (laser)  light  used  in 
interferomeU7,  nm  (m  x  10  ’) 

H  fluid  viscosity,  kg  m 's ' 

V  fluid  kinematic  viscosity  =  (i/p,  mV 
p  fluid  density,  kg  m  ^ 

Pi  density  of  swelling  agent,  kg  m  ‘ 

X  fixed  duration  specified  for  mass  transfer 
model  experiments,  s 
T\  film  cooling  effectiveness 

Sufllxes 

aw  adiabatic  wall 

B,  b  condition  in  bulk  of  fluid  stream,  far  from 
surface. 

c  film  cooling  flow 

g  mainstream  flow 

M  for  (mass  transferring)  model  system 

P  for  prototype  system 

w  wall 

S.  s  condition  in  fluid  stream  adj.acent  to.  and 
in  equilibrium  with,  surface 
0  without  film  ccxiling  injection 

Dimensionless 

Pr  Prandtl  number,  =  pCp/x 

Re  Reynolds  number,  pul/p 

Sc  Schmidt  number.  =  p/pD 

1.  INTRODUCTION 

The  Swollen  Polymer  Technique  is  a  m.ass  transfer 
measurement  technique  which,  through  the 
heat/mass  transfer  analogy,  gives  high  resolution 
mapping  of  the  heat  transfer  coefficient  over 
extended  areas. 

It  was  originally  developed  by  one  of  the  authors 
(N  Macleod)  and  has  since  been  applied  to  a  wide 
range  of  heat  unnsfer  problems.  The  most 
extensive  use  has  been  in  the  study  of  film  cooling. 
Here,  the  provision  of  a  ’map’  as  a  direct  output. 
Fig.  1,  is  invaluable  not  only  in  revealing  potential 
hot  spots,  but  also  in  giving  an  insight  into  the 
changes  occurring  in  the  complex  flow  pattern  as 
injection  parameters  are  varied. 

This  gives  the  technique  an  immediate  obvious 
advantage  both  over  thermal  methods  relying  on 
point  measurement  of  heat  flux  or  temperature,  and 
over  the  familiar  naphthalene  mass  transfer 
technique  which  requires  computer  processing  of 
profilometric  measurements  to  generate  a  map. 

The  advantages  of  the  Swollen  Polymer  Technique 


over  thermal  techniques  using  infra-red  scanning  [1] 
or  liquid  crystals  (2.31  ^or  surface  temperature 
measurement  stem  from  the  absence  of  any 
requirement  to  view  the  surface  during  its  exposure 
to  the  flow.  This  makes  for  easier  rig  design,  and 
eliminates  errors  arising  from  non-homogenous 
fluid  optical  properties.  These  can  result  in  errors 
in  locating  the  point  at  which  the  measurement  is 
made. 

Despite  these  advantages,  and  others,  such  as  rapid 
test  surface  restoration,  the  Swollen  Polymer 
Technique  has  yet  to  be  widely  adopted.  Perhaps 
this  is  due  to  worries  related  to  the  possible 
complexity  of  the  holographic  interferometry  or  of 
other  elements  of  the  technique,  or  to  uncertainties 
regarding  the  accuracy  or  applicability  of  the 
results. 

It  is  the  purpose  of  this  paper  to  demonstrate  that 
the  Swollen  Polymer  Technique  is  a  well-developed 
and  thoroughly  tested  system  for  the  accurate  and 
reliable  csiimtuion  of  heal  transfer  data. 

2.  ANALOGY  BETWKEN  CONVECTIVE 
HEAT  AND  MASS  TRANSFER 
In  all  processes  of  forced  convection  the 
fundamental  transport  mechanism  is  diffusion. 
Diffusion  is  effected  by  continual  and  widespread 
random  agitation,  either  of  molecules  or  of 
m.acroscopic  eddies.  Where  the  diffusate,  or 
diffusing  entity,  does  not  itself  significantly 
influence  lhe.se  random  motions,  the  diffusion  is 
governed  by  an  equation  whose  form  is  the  same 
for  different  diffusaics.  viz. 

Diffusate  Flux  Vector  = 

-Diffusivity  x  V.  (diffusate  concentration) 

For  heat  diffusion  (conduction),  the  diffusate  is 
thermal  energy  and  the  general  relation  becomes 
Fourier's  Law;  for  mass  diffusion,  it  becomes 
Fick’s  law. 

The  magnitude  of  the  diffusivity  is  generally 
different  for  different  diffusates  in  the  same  fluid, 
particuKarly  for  the  molecular  diffusion  of  heat, 
mass  and  momentum  in  liquids.  For  laminar  flow, 
the  diffusional  prcKC.sses  for  mass  and  heal  in 
convective  transfer  arc  both  purely  molecular,  and 
the  ratio  of  the  mtiss  and  heat  transfer  coefficients 
for  strictly  similar  model  and  prototype  systems  is 
everywhere  proportional  to  the  ratio  of  the 
appropriate  molecular  mass  and  thermal 
diffusivitics.  For  transfer  to  turbulent  flow, 
however,  only  a  proportion  of  the  overall 
diffusional  process  is  molecular;  the  remainder, 
outside  the  viscous  sub-layer  next  to  the  wall,  is  by 
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eddy  transport,  for  which  (he  diffusion  coefficients 
for  mass  and  heat  at  the  same  point  are  generally 
more  nearly  equal  [9],  Thus  the  mass  and  heat 
transfer  coefficients  are  not  proportional  to  the 
corresponding  molecular  diffusivities.  but  show  a 
weaker  dependence  on  these.  There  is  evidence, 
both  theoretical  and  experimental,  that  (his 
dependence  is  approximately  as  (diffusivityf  *’’,  at 
least  over  a  small  range  of  diffusivity.  Expressed 
in  dimensionless  terms,  the  currently  accepted 
relationship  between  heat  and  mass  transfer 
coefficient  and  the  corresponding  molecular  thermal 
and  mass  diffusivities  for  dynamically  similar 
prototype  and  model  systems  is  accordingly; 


Where  Sc/Pr  differs  greatly  from  unity  there  arc 
theoretical  reasons  for  doubting  that  (he  RHS  of  (I) 
accurately  represents  the  form  of  the  Sc-Pr  function. 
This  need  not  undermine  confidence  in  the  validity 
of  mass^eat  transfer  modelling,  however,  if 
equation  (1)  is  applied  in  an  indirect  w.ay.  If  h,  and 
hj  are  heat  transfer  coefficients  at  points  1  and  2  on 
the  prototype  and  k,  and  kj  are  measured  mass 
transfer  coefficients  at  corresponding  points  on  the 
model  operated  under  corre-sponding  conditions  (in 
particular,  at  the  same  Re),  then  whatever  the 
correct  form  of  the  dependence  of  the  transfer 
coefficients  on  Sc  and  Pr.  eqn.  (1)  gives 


Thus  if  point  2.  say,  is  so  chosen  that  h.  is  known 
there  for  the  experimental  flow,  h,  can  be  found 
from  the  measured  ratio  ki/k,  for  the  model.  An 
additional  advantage  of  this  procedure  is  that 
equation  (2)  does  not  contain  the  Schmidt  number 
of  the  mass-transfer  system,  so  that  k|/kj  can  be 
found  directly  from  experimental  determinations  of 
any  linear  measure  of  k,  without  knowledge  of  any 
physical  property  of  the  transferred  substance,  such 
as  would  be  needed  to  evaluate  k,  or  k.  ,sep.Tratcly. 

There  is  now  a  very  substantial  literature  testifying 
to  the  validity  and  practical  utility  of  equation  (2). 
whatever  doubts  may  remain  about  the  status  of 
equation  (I)  and  about  physical  property  values  for 
model  materials  in  relation  to  absolute 
determinations  of  h. 


3.  SWOLLEN  POLYMER  HOLOGRAPHIC 
TECHNIQUE 

The  essence  of  this  technique  is  that  changes  in  the 
thickness  of  a  permanent  elastomeric  surface 
coating,  initially  swollen  to  equilibrium  with  the 
volatile  or  soluble  mass-transferring  agent,  are 
measured  by  holographic  comparisons  of  the  initial 
surface  configuration  with  that  after  exposure  to  the 
convecting  fluid  stream  for  a  known  time  (S]. 
Superimposition  of  holograms  of  initial  and 
subsequent  surface  states  yields  a  system  of 
interference  fringes  overlying  the  image  of  the 
surface.  Fig.  1.  The  fringes  are  isosystolic  lines,  or 
loci  of  constant  recession  -in  effect,  contours  of 
coating  thickness  change,  the  contour  interval  being 
of  the  order  of  the  wavelength  of  (he  coherent 
(laser)  light  employed.  The  superimposed 
holograms  constitute  an  interferogram.  a  contour 
map  of  the  surface  showing  the  amount  of  mass 
transferred  in  the  time  interval  between  initial  and 
subsequent  observ.ations  as  a  function  of  position  on 
the  surface  (conveniently  registered  by  a  ruled  grid 
of  reference  lines)  over  the  whole  field  of  view. 

More  particul.arly.  if  (he  recession  or  coating 
thickness  change  occurring  over  time  t  has  the 
value  s  for  all  points  on  a  given  contour,  it  is 
rc.adily  shown  that  the  mass  transfer  flux  at  all  such 
points  for  the  tfansferred  material  of  density  p,  is 
PiS/t.  If  Ac,  =  (c,  -  c^)  is  the  driving  force  for  the 
transfer,  the  uansfer  coefficient  k  is  thus  given  for 
all  points  on  the  contour  as:  k  =  p,s/t.Ac,. 

4.  OPTICAL  PRINCIPLES  AND  PRACTICE 
The  basic  optic.al  arrangement  required  for  making 
initial  and  subsequcnt-st.nte  holograms  of  a  mass- 
transferring  model  surface  is  shown  schematically 
in  Figure  2.  The  essential  optical  principle  is  the 
convergence  at  the  photographic  plate  or  other 
recording  surface  of  two  beams  from  the  same 
coherent  light  source  (here  a  He-Ne  laser)  of 
wavelength  X.  one  beam  having  been  modulated  by 
reflection  from  the  test  plate  while  the  other 
provides  a  smooth  reference  field  of  illumination. 
The  interference  pattern  formed  at  the  recording 
surface  by  superposition  of  these  optical  fields 
registers  (he  phase  and  intensity  distribution  in  that 
plane  of  the  wave-front  originating  from  the  test 
plate,  and  may  be  reconstructed  from  its  encoded 
record,  once  that  is  made  permanent  as  a  hologram, 
by  illuminating  the  recording  with  the  reference 
beam  alone.  The  eye  (or  a  television  camera) 
placed  behind  the  hologram  (hen  sees  a  virtual 
image  of  the  test  surface  in  front  of  the  hologram, 
in  the  position  occupied  by  (he  test  plate  when  the 
hologram  was  recorded. 
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If  meanwhile  the  test  plate  still  occupies,  or  is 
restored  exactly  to,  its  original  position,  its  virtual 
reconstructed  image  is  superimposed  upon  the 
surface  itself.  If  any  part  of  this  test  surface  is 
displaced  from  its  original  location  through  such  a 
distance  that  the  light  reaching  the  observer  from  it 
is  out  of  phase  with  that  appearing  to  originate  from 
the  corresponding  part  of  its  virtual  image, 
destructive  interference  will  make  the  displaced 
region  appear  darker.  When  viewed  through  the 
initial-state  hologram,  the  loci  of  all  points 
displaced  equally  from  their  initial  (or  virtual 
image)  positions  will  be  light  or  dark  bands  or 
fringes,  according  to  whether  the  optical  path 
change  is  an  even  or  odd  number  of  X/2  increments. 

In  the  arrangement  of  Fig.  2.  the  mass-transferring 
coating  is  a  transparent  layer  overlying  a  fixed 
diffusely  reflecting  surface.  Recession  of  the 
coating  surface,  and  change  in  coaling  thickness, 
changes  the  optical  path  length  of  the  object  beam 
(though  not  its  geometrical  path  length)  because  the 
refractive  index  of  the  coating  elastomer  is  greater 
than  that  of  air.  The  consequent  relation  between 
recession  distance  and  number  of  fringes  generated 
depends  not  only  on  this  refractive  index  difference 
but  also  on  the  angles  of  viewing  and  observation, 
and  is  given  in  [5]. 

Fig.  3  details  the  sequence  of  operations  in  our 
most  usual  application  of  these  principles,  and  Fig. 
4  shows  the  holographic  apparatus  used  in  the  film 
cooling  investigation  at  Nottingham,  This  is 
contained  within  a  chamber  where  temperature  is 
maintained  constant  and  equal  to  that  of  the  wind 
tunnel  in  which  the  demountable  test-piece  is 
exposed  to  the  flow.  This  is  vital,  as  temperature 
changes  result  in  changes  in  the  thickness  of  the 
coating  substrate  which  are  experimentally 
indistinguishable  from  those  arising  in  the  coaling 
due  to  mass  bansfer. 

After  the  initial  hologram  is  made,  the  mass- 
transferring  test-piece  is  removed  from  the  anti¬ 
vibration  optical  table  and  special  environment 
required  for  successful  holography  and  placed  in  the 
wind-tunnel.  Fig.  5,  or  other  flow  system. 

During  the  subsequent  timed  exposure  to  the 
experimental  flow,  the  transferring  surface  need 
neither  be  visible  from,  nor  connected  to.  any  data 
gathering  station  outside  the  test  equipment:  the 
coating  develops  its  own  self-contained  record  of 
the  pattern  of  transfer  as  the  experiment  proceeds. 
This  record  is  made  visible,  after  the  test-piece  is 
replaced  in  its  kinematic  mount  on  the  holographic 
table,  either  by  viewing  it  through  the  developed 
hologram  of  its  original  state  (live-fringe  technique). 


or  by  using  the  still  undeveloped  plate,  which  is 
developed  subsequently  (frozen-fringe),  or  double 
exposure,  method).  The  latter  gives  directly  a 
robust  permanent  record;  but  the  live-fringe 
technique  has  the  advantage  of  allowing  local 
maxima  and  minima  of  mass  transfer  rate  to  be 
identified  unambiguously  on  the  contour  pattern. 
This  is  achieved  by  minutely  displacing  the 
developed  hologram  towards  the  object,  eg.  by 
gently  deflecting  it  by  light  finger  presure;  during 
this  movement  the  fringes  appear  to  move  outwards 
from  points  of  maximum  recession  and  converge 
upon  those  of  minimum  uansfer  [6].  In  any  case, 
the  interference  fringe  pattern  thus  generated, 
registering  the  difference  between  final  and  initial 
surface  configurations,  can  either  be  photographed 
or  video-recorded. 

To  interpret  this  fringe  or  contour  map  in  terms  of 
absolute,  or  even  relative,  surface  recessions  or 
rates  of  transfer,  we  require  to  know  fringe  order 
numbers.  These  are  readily  found  by  independent 
measurements  of  surface  recession  at  one  or  two 
selected  points  in  the  fringe  field.  In  our  work,  we 
have  used  free-jet  air  gauging  for  such  point 
measurements.  Fig.  6  shows  the  air  gauge  and 
kinematic  mount  u.scd  at  Nottingham  [7].  A 
poienti,-!!  source  of  eaor.  that  of  mass  transfer  to  the 
flow  of  air  from  the  gauge,  can  be  virtually 
eliminated  by  saturating  the  air  supply  to  the  gauge 
with  the  mass  U'ansferring  agent. 

Local  coating-thickness  changes  corresponding  to 
many  fringes  can  in  this  way  be  measured  to  a 
fraction  of  a  fringe,  and  thus  with  great  precision. 
The  spatial  resolution  of  these  measurements  over 
the  surface  is  limited  only  by  the  grain  size  of  the 
photographic  or  other  recording  medium. 

In  our  experiments  the  la.ser  light  wavelength  is  633 
nm.  so  even  in  a  model  of  small  dimensions 
operated  at  high  flow  Reynolds  numbers,  accurately 
measurable  surface  recession  con  be  far  smaller 
than  the  fluid  vi.scous  sub-layer  thickness.  Thus, 
although  the  method  registers  mass  transfer  through 
configurational  changes  in  the  flow  boundaries, 
these  changes  can  be  kept  so  small  as  to  have  no 
significant  effect  on  the  flow. 

5.  PHYSICO-CHEMICAL  PRINCIPLES  OF 
SWOLLEN  POLYMER  TECHNIQUE  AND 
THE  CHOICE  OF  SWELLING  AGENT 
A  polymer  surface-coating  initially  swollen  to 
equilibrium  with  a  volatile  or  soluble  swelling  agent 
diminishes  in  thickness  as  the  transferable  material 
is  removed  from  its  surface.  For  some  lime,  ic. 
until  the  swelling  agent  concentration  falls 
significantly,  the  coating  shrinks  at  the  same  rate  as 
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would  a  (solidified)  surface  layer  of  the  pure 
swelling  agent  under  the  same  conditions  of 
convective  transfer. 

The  volume  of  the  swollen  material  is  simply  the 
sum  of  the  component  volumes.  For  a  thin  polymer 
coating  bonded  to  a  rigid  substrate,  and  thus  of 
fixed  superHcial  area,  volume  changes  are 
proportional  to  changes  of  thickness.  The  local 
coating  recession  at  any  point  is  thus  the  volume  of 
swelling  agent  transferred  per  unit  area  of  coating 
at  that  point. 

On  this  basis,  the  properties  of  (he  polymer  are 
irrelevant  to  the  interpretation  of  the  holographic 
record  of  recession  rate  in  terms  of  mass  transfer 
coefficients.  It  follows  that  any  swellable  stable 
polymer  that  can  conveniently  be  deposited  as  a 
strongly  adherent  transparent  surface  coating  on  a 
suitable  (diffusely  reflecting)  model  substrate  may 
be  chosen  for  this  application.  The  room- 
temperature  vulcanising  (RTV)  silicone  elastomer. 
GE  615.  available  as  a  liquid  from  Dow  Coming,  is 
found  very  convenient  for  the  purpose.  After 
mixing  with  the  proprietary  catalyst  it  may  be 
painted  or  solvent-sprayed  to  form  a  coating  a  few 
tenths  of  a  millimetre  thick  on  the  surface  of  a  light 
alloy  model  previously  treated  with  the 
recommended  primer  to  promote  bonding;  a  few 
minutes  or  hours  later,  depending  on  the  age  of  the 
liquid  sample  and  the  ambient  temperature,  the 
coating  forms  a  firm  elastic  film,  see  Fig.  7. 
Curing  is  completed  in  24-48  hours,  after  which  the 
film  can  be  swollen  to  equilibrium  by  immersion 
for  a  few  hours  in  a  bath  of  (he  swelling  agent 
chosen.  After  removal  from  the  bath  and  freeing 
from  superficial  liquid  droplets  by  blotting  with 
absorbent  paper,  the  coated  model  is  ready  for  use 
in  a  mass  transfer  experiment. 

The  coating  can  be  re-swollen  for  subsequent 
experiments  simply  by  re-immersion  in  the  liquid 
bath.  With  the  swelling  agents  recommended 
below,  it  appears  to  suffer  no  deterioration,  even 
after  dozens  of  repetitions  of  the  swelling-shrinking 
cycle. 

Regarding  the  choice  of  swelling  agent,  the  above 
arguments  imply  that  this,  also,  can  be  fixed  simply 
by  considerations  of  values  of  coefficients  at 
different  points  on  the  same  surface.  It  is  not  even 
necessary  in  principle  to  know  the  physical 
properties  of  the  swelling  agent  (assuming  (hat  its 
concentration  in  (he  experimental  sveam  nowhere 
approaches  saturation);  eqn.  (2)  above  shows  that 
the  ratio  of  transfer  coefficients  at  any  two  points 
appearing  on  the  same  mass-uunsfer  interferogram 
is  the  ratio  of  the  fringe  orders  at  those  points,  if 


the  concentration  driving  force  for  mass  transfer, 
c,  -  C),  is  the  same  at  both  locations  -  eg.  if  the 
swelling  agent  concenumion  in  the  experimental 
fluid  stream  is  everywhere  very  small,  so  that  c,  -  c^ 
~c,  throughout. 

There  are  nevertheless  quite  sU'ingent  practical 
limitations  on  choice  of  swelling  agent  in  all  cases. 

This  is  because  such  swelling  agents  must  give 
sufficiently  low  rates  of  mass  transfer  in  situations 
of  practical  interest  to  generate  reasonably  small  (ie. 
countable)  numbers  of  interference  fringes  in  an 
experimental  period  long  enough  for  the  flow  start¬ 
up  and  stopping  periods  to  be  negligible.  This 
means  that  the  swelling  agent  must  be  of 
exceptionally  low  vapour  pressure  or  solubility, 
such  as  is  neither  easily  determined  nor  reliably 
estimated  from  standard  corrcLitions.  Consequently 
the  choice  of  swelling  agents  is  stfictly  limited, 
particularly  if  absolute  v;ilues  of  heat  transfer 
coefficient  arc  required. 

Details  of  three  swelling  agents  found  suitable  by 
us,  together  with  recently  determined  and  verified 
physical  property  data,  arc  given  in  Table  1. 

These  recommended  swelling  agents  satisfy  a 
further  limitation  on  the  choice  of  swelling  agent, 
viz  that  it  mu.st  have  a  sufficiently  powerful 
swelling  action  on  the  coating  elastomer  used.  Here 
the  fundamental  requirement  is  that  a  coating  of 
acceptable  thickness,  swollen  initially  to 
equilibrium,  should  contain  enough  swelling  agent 
to  allow  subsequent  transfer  of  an  accurately 
measurable  amount  without  a  significant  fall  in 
surface  concentration  from  the  initial  (saturation) 
value. 

A  mathematical  treatment  of  this  latter  requirement 
is  given  in  18).  The  results  of  this  analysis  show 
that  for  experiments  of  fixed  duration,  x.  depletion 
effects  set  an  upper  limiting  v.alue  for  the  transfer 
coefficient  that  can  be  measured  with  any  specified 
accuracy  using  a  given  swelling  agent/polymer 
coating  system.  This  limiting  value  of  the 
coefficient  is  independent  of  coating  thickness  when 
(hat  exceeds  a  critical  magnitude  of  order  /DiX. 

Table  1  gives  results  for  such  limiting  values 
according  to  the  analysis  of  Ref  8.  These  have 
been  calculated  for  the  three  swelling  agents  most 
commonly  used  by  us  and  for  GE  RTV  615  silicone 
rubber  coatings  of  more  than  the  critical  thickness 
(approximately  1.5  x  10"*  m  for  x  =  .100  s).  Here 
K  and  K'  are  the  greatest  v.ilues  of  coefficients  of 
mass  transfer  to  air  and  water  respectively, 
determinable  interfcrometrically  with  an  error  due 
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to  coating  depletion  not  exceeding  2-3%  of  K  or  K' 
in  experiments  lasting  5  minutes. 

The  implications  of  these  limitations  on  k  for  the 
simulation  of  heat  transfer  equipment  by  'cold' 
polymer-coated  scale  models  are  shown  directly  in 
the  last  two  columns  of  the  table.  Here  H  and  H' 
are  the  largest  values  of  heat  transfer  coefficients 
(to  air  and  water  respectively)  that  can  be  estimated 
with  2-3%  accuracy  for  a  prototype  system  from 
five-minute  measurements  on  a  geometrically 
similar  mass-tiansferring  model  S  times  as  large, 
coated  with  the  materials  detailed  in  the  table, 
operated  at  the  same  Reynolds  number  with  the 
same  fluid. 

These  values  are  obtained  as 


from  equation  (1)  (and  H'  similarly),  on  the  basis 
that  Up/Uy  =  S,  when  the  model  and  prototype 
Reynolds  numbers  are  equal  and  the  fluids  are  the 
same.  When  the  fluids  are  not  the  same,  the 
following  more  general  expression  can  be  arrived  at 
from  equation  (1)  for  H7S 

,  jc  yffjfS  f^r  =  f:^r  j 

(4) 

-  if  the  model  is  operated  with  air.  If  the  model 
fluid  is  water,  H'  replaces  H  in  this  expression. 

6.  OPTIMAL  OPERATING  CONDITIONS 
FOR  COATED  COLD  MODELS 
When  planning  to  simulate  the  performance  of 
convective  heat  transfer  (’prototype’)  equipment 
with  a  coated  mass  transferring  ’cold’  model,  the 
experimenter  can  use  equation  (4)  and  the  given 
table  of  H  values  to  choose  the  swelling  agent, 
experimental  fluid  and  scale  factor  S  so  as  to  ensure 
that  no  significant  modelling  errors  arise  from  GE 
615  coating  depletion  (de-saturation)  in  a  five 
minute  experiment.  It  is  first  necessary  to  estimate 
approximately  a  value  for  h^.  the  maximum  (local) 
heat  transfer  coefficient  value  which  it  is  desired  to 
determine  for  the  prototype.  Then,  from  equation 
(4),  a  coated  m^el  S  times  as  large  as  the 
prototype  will  allow  estimation  of  prototype  heat 
transfer  coefficients  with  an  error  due  to  coating 
depletion  not  exceeding  2-3%  in  a  S-minute  period 
of  transfer  if 


i (5) 

S  ..  [PrJ  S 

-  where  H^/S  has  the  value  of  H/S  in  the  table  if 
the  model  is  air-operated  and  H'/S  if  the  model 
fluid  is  water. 

As  an  example  of  the  modelling  choices  to  which 
this  leads,  we  may  consider  a  particular  cold  model 
study  of  gas-turbine  blade  film-cooling.  Here, 
previous  results  had  indicated  that  h^,  the  greatest 
value  of  the  heat  transfer  coefficient  at  the  blade 
surface  under  the  most  extreme  flow  conditions  to 
be  investigated,  would  be  of  the  order  200  Watts  m' 
‘K  *.  Assuming  for  the  present  purpose  that  the 
prototype  fluid  has  approximately  the  properties  of 
air.  and  assuming  also  that  we  wish  to  use  air. 
rather  than  water,  as  the  model  fluid,  we  then  have 

2^  <  K  W  m  -^  AT  *  (6) 


Reference  to  the  H/S  v.tlues  given  in  the  table 
shows  that  the  first  two  swelling  agents  listed  there 
would  be  suitable  only  for  S  >  4  or  5.  ie.  for  a 
model  much  larger  than  the  prototype.  Thus,  if  it 
were  desired  to  use  a  model  of  the  same  size  as  the 
prototype.  n-Tetradecane  would  be  the  swelling 
agent  of  choice  in  the  air-operated  model. 

With  this  swelling  agent,  a  scaling  factor  S  =  1  and 
h  for  the  prototype  nowhere  greater  than  2(X)  W  m 
’K  '.  k  for  the  air-operated  model  would  not  exceed 
200/600  X  17  X  10'^  ms  ',  ie.  %  K.  It  follows  that 
in  a  five-minute  experiment  the  coaling  recession 
would  nowhere  exceed  one-third  of  that 
corresponding  to  signific.int  depletion.  Thus,  if  the 
duration  of  these  experiments  were  limited  to  x,  the 
numbers  of  fringes  observed  would  everywhere  be 
unduly  and  unnecessarily  small  and  the  percentage 
error  on  each  recession  measurement  and  k  value 
would  be  correspondingly  large.  The  coating- 
depletion  error  would,  of  course,  at  the  same  time 
be  reduced  below  the  2-3  %  assumed  in  the  table; 
but  this  reduction  would  fall  far  short  of 
compensating  for  the  increased  percentage  error  in 
recession  measurement.  Clearly,  the  resultant 
percentage  error  in  k  would  be  minimised  by 
continuing  the  transfer  to  the  point  where  coating 
depletion  began  to  become  significant  in  relation  to 
the  error  in  measuring  the  coating  recession  -  in  this 
case,  by  extending  the  duration  of  the  experiment  to 
about  3  X  T.  or  15  minutes. 

In  general,  therefore,  the  optimum  duration  of  a 
model  experiment  designed  to  maximise  the 
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accuracy  of  h  estimation  for  the  prototype  is  given 
approximately  by 


-  assuming,  for  the  coating  materials  given  here,  a 
coating  thickness  of  at  least  1.5  x  10'*  m.  ensuring 
that  the  saturated  coating  has  adequate  swelling- 
agent  capacity. 

7.  APPLICATION  OF  THE  METHOD  TO 
THE  ESTIMATION  OF  HEAT  TRANSFER 
COEFFICIENTS  ON  FILM  COOLED 
SURFACES 

The  easy  surface  restoration  of  the  polymer  coating 
simply  by  soaking  in  a  bath  of  swelling  agent  is  a 
very  attractive  feature  of  the  method  for  film 
cooling  studies,  in  which  various  injection 
geometries  are  tested  over  a  wide  range  of  flow 
parameters.  The  basic  operational  steps  for 
obtaining  a  hologram  with  fringes  corresponding  to 
contours  of  constant  mass  or  heat  transfer 
coefficient  have  already  been  covered.  Some  of  the 
necessary  precautions  have  also  been  mentioned;  in 
particular,  the  need  to  keep  the  test  plate 
temperature  constant  to  avoid  the  appe.irancc  of 
fringes  resulting  from  thermal  strains.  In  our 
experiments  at  Nottingham,  both  the  holographic 
apparatus  and  the  wind  tunnel  working  section  .arc 
contained  in  temperature-  controlled  chambers,  and 
the  flow  temperature  is  also  conU'olled  to  cn.surc  a 
fixed,  uniform  temperature  throughout. 

The  resulting  repeatability  is  evident  from  the 
fringes  shown  in  Fig.  8,  and  the  associated 
interpretation  beneath  it.  Note  the  very  high  spatial 
resolution  which  permits  fringes  to  be  rc.solvcd 
within  small  distances  from  the  2.3  mm  diameter 
injection  holes.  Note  also  that,  in  accordance  with 
Section  2,  the  results  are  presented  as  a  ratio.  h/h„. 
to  remove  the  sensitivity  to  Sc.  Only  a  part  of  the 
hologram  is  shown  here.  There  is  a  region  of  flow 
visible  on  the  photograph  from  which  the  Figure  is 
taken  which  is  unaffected  by  the  injected  flow,  thus 
permitting  the  fringe  number  corresponding  to  h.,.  to 
be  determined. 

A  considerable  body  of  data  has  been  collected 
using  the  method.  Fig.  9  shows  correlated  data 
demonstrating  the  effects  of  mainstream 
acceleration  upon  the  heat  transfer  coefficient  under 
cooling  films.  It  will  be  noted  that  the  data 
includes  cases  with  a  density  ratio  of  1.52, 
modelling  the  real  engine  conditions  more  closely. 
The  sensitivity  of  the  heat  transfer  coefficient 


disuibution.  and  the  associated  flow  field,  to  density 
ratio  rate  can  be  gauged  from  Fig.  10  in  which  the 
blowing  rate  is  maintained  constant  at  unity  for 
density  ratios  of  1  and  1.52. 

The  modelling  of  elevated  density  ratios  in 
isothermal  flows  requires  foreign  gas  injection.  In 
the  present  case,  carbon  dioxide  was  used. 
Although  diffusion  rates  for  the  swelling  agent 
vapour  differ  between  air  and  carbon  dioxide,  this 
was  found  to  have  no  discernible  effect  (13)  and  it 
was  thus  concluded  that  the  swollen  polymer 
technique  gives  precise  and  detailed  measurements 
of  heat  transfer  coefficients  under  conditions 
modelling  the  most  essential  of  those  for  the  real 
engine. 

8.  EXTENSION  OF  THE  METHOD  FOR 
EFFECTIVENESS  MEASUREMENT 
Two  mechanisms  contfol  the  heat  transfer  to  film 
cooled  surfaces.  As  already  seen,  the  stirring  effect 
of  injecting  a  How  in  a  cross-sue.'im  increases  the 
heat  transfer  coefficient  above  that  for  the  boundary 
layer,  ie.  h/h,,  >  I .  Reduced  heat  u-ansfer  will  only 
result  if  the  temperature  of  the  injected  film  is 
.sufficiently  low.  This  thermal  dilution  is  usually 
given  in  terms  of  an  adiabatic  wall  effectiveness. 


where  T^,.  T,.  T,.  are  the  mainstream,  the  coolant 
gas  and  the  adiabatic  wall  temperature  respectively. 

It  is  easily  shown  that 


where  subscripts  w  and  g  denote  film  heat  fluxes 
measured  with  coolant  temperatures  equal  to  the 
wall  and  gas  temperature  respectively.  It  is  evident 
that  a  thermal  experiment  can  easily  be  conducted 
to  determine  r|,,.  simply  by  p.Tssing  gases  at  the 
wall  .and  m.ainsU'eom  temperatures  to  separate 
sections  of  the  injection  .arrangement. 

In  the  an.alogous  ma.s.s  uansfer  experiment,  the 
concentration  at  the  wall  is  equivalent  to  the  wall 
temperature,  and.  in  the  swollen  polymer  technique, 
this  concenU'ation  is  set  by  the  vapour  pressure  of 
the  swelling  agent.  To  model  the  condition  of 
cool.ani  temperature  equal  to  wall  temperature,  all 
that  is  ncce.s.sary  is  to  saturate  the  coolant  airstream 
with  swelling  agent,  while  maint.aining  isothermal 
conditions.  The  modelling  of  cooKant  temperature 
equal  to  free  stream  temperature  requires  only  the 
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absence  of  swelling  agent  in  both  coolant  and  main 
stream,  as  in  the  earlier  transfer  coefficient 
measurements,  so  that  it  should,  in  principle,  be 
possible  to  determine  both  the  heat  transfer 
coefficient  and  the  film  cooling  effectiveness  from 
a  single  experiment. 

An  injection  system  comprising  two  adjacent 
identical  slots  was  constructed  to  test  these  ideas. 
Air  saturated  with  swelling  agent  vapours  was  fed 
to  one.  while  the  other  was  fed  with  normal  air.  A 
double-exposure  interferogram  was  obtained 
covering  the  flow  field  downstream  of  both  slots. 


At  any  streamwise  location  then,  the  mass 
transferred  corresponded  to  the  fringe  order  at  that 
point.  Thus,  the  ratio  of  the  fringe  orders  at  any 
location  downstream  of  the  two  slots  gave  the 
coiTCsponding  ratio  of  the  mass  transfer  from  which 
11.,  could  be  determined  using 


(10) 


where  subscripts  ’a’  and  'sa'  denote  'air'  and 
saturated  air’  respectively. 

It  proved  relatively  easy  to  satisfy  the  underlying 
assumptions  of  identical  slot  geometries  and 
isothermal  conditions.  Achieving  the  necessary 
100%  saturation  level  was  more  problematic 
because  of  the  exceedingly  low  vapour  pressure  of 
the  swelling  agent.  It  proved  necessary  to  spray 
swelling  agent  into  a  heated  chamber,  and  then  to 
pass  the  mixture  through  a  cooler  and  droplet 
separator  to  achieve  fully  saturated  conditions  at  the 
wind  tunnel  flow  temperature. 

Comparison  with  therm.-il  measurements  of 
effectiveness  from  [14]  are  shown  in  Fig.  II.  The 
results  are  close  bearing  in  mind  that  all  are  subject 
to  experimental  error.  Both  sets  of  data  show  the 
optimum  effectiveness  to  be  given  by  the  middle 
value  of  blowing  rate,  0.64. 

9.  EXTENSION  OF  THE  METHOD  TO 
CURVED  SURFACES 

Curved  surfaces  present  two  problems;  the  coating 
of  the  surface  with  polymer,  and  the  interpretation 
of  the  Cringe  pattern,  as  the  optical  path  length 
becomes  a  complex  function  of  position. 


The  second  problem,  that  of  fringe  order 
intetpretation.  can  be  solved  with  the  aid  of 
geomeuic  analysis  and  a  computer.  Clearly,  this 
problem  would  be  eased  if  the  fringe  data  could  be 
read  electronically  directly  from  the  hologram. 

We  have  found  that  the  thermoplastic  holographic 
recording  system  offered  commercially  by  the 
Newport  Corporation  [IS],  used  in  conjunction  with 
a  video  camera  and  recorder,  offers  a  more  user- 
friendly,  largely  automatic,  replacement  for  ordinary 
photography  in  holographic  mass  transfer 
techniques,  thus  extending  their  range  and  ease  of 
application  in  every  way.  It  is  noteworthy  that  the 
Newport  thermoplastic  recording  system  yields 
holographic  interferograms  showing  spatial 
resolution  at  least  equal  to  th.at  of  conventional 
photographic  holograms. 

10.  THE  NEWPORT  THERMOPLASTIC 
HOLOGRAPHIC  RECORDING  SYSTEM 
The  distinguishing  feature  of  this  system  is  the 
thermoplastic  photo-conductive  recording  plate  used 
in  place  of  a  conventional  photographic  medium  to 
record  holograms.  Where  light  falls  on  this 
composite  transp.arent  plate  of  several  functionally 
distinct  layers,  the  altered  conductivity  of  the  photo¬ 
sensitive  layer  changes  the  distribution  of  electric 
charge  which  has  previously  been  applied  by  corona 
discharge  at  the  outer  surface.  Application  of  a 
second  charge  to  the  surface  then  enhances  the 
extent  of  this  redistribution  of  the  electric  field. 
When  the  thermoplastic  layer  of  the  laminated  plate 
is  heated,  by  passage  of  an  electric  current  through 
the  conductive  backing,  the  transparent  softened 
plastic  is  electrostatically  compressed  and  deformed 
locally  according  to  the  local  magnitude  of  the 
charge  gradient  across  it.  On  cooling,  the  solidified 
plastic  layer  thus  registers  the  pattern  of  light  and 
darkne.ss  to  which  it  was  originally  exposed  as 
variations  of  surface  level;  and  the  resulting  pattern 
of  ridges  and  hollows  can  diffract  the  incident  light 
in  the  same  way  as  the  lines  of  developed  grains  in 
the  emulsion  of  a  conventional  hologram  recorded 
photographically.  Because  the  thermoplastic  is 
homogenous  and  of  such  high  electrical  resistance 
as  to  sustain  large  lateral  charge  gradients,  the 
attainable  spatial  frequency  of  the  lateral  variations 
of  thickness  change,  and  hence  the  spatial  resolution 
of  the  record,  rivals  that  even  of  the  finest-grain 
photographic  emulsions.  It  is  thus  well  adapted  to 
record  visible-light  holograms. 


A  method  of  casting  a  .smooth  coating  of  even 
thickness  was  devised,  see  Fig.  12.  While  an  even 
thickness  is  not  a  prerequisite  of  the  method, 
smoothness  and  dimensional  accuracy  of  the 
finished  surface  are  clearly  desirable. 


On  irr.'idiating  the  plate  with  uniform  intense  light, 
all  residual  charge  leaks  away  to  the  earthed 
conductive  backing;  electric  heating  of  the 
thermoplastic  layer  then  allows  its  surface  to  flow 
into  the  original  planar  configuration  under  the 
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action  of  surface  tension,  obliterating  the  record. 
The  plate  is  then  ready  for  a  fresh  exposure. 

This  high-resolution  system  of  optical  recording  has 
the  significant  advantage,  compared  with 
photography,  that  it  entails  no  chemical  processing. 
The  Newport  system,  comprises  the  recording 
device  or  camera,  with  its  inbuilt  corona  plate¬ 
charging  mechanism  and  substrate-heating  circuity, 
together  with  a  Controller  cabinet  and  electrically 
operated  shutters  for  interrupting  object  and 
reference  beams.  With  this  equipment  all 
operations  required  to  produce  a  stable  record  of  the 
pattern  of  illumination  at  the  plate  can  be  carried 
out  in  situ  and  in  an  automated  sequence. 
Moreover,  the  complete  record/erase  cycle  -  the 
erasing  of  one  hologram  and  recording  of  another 
on  the  same  re-usable  plate  -  can  be  completed  in 
one  minute,  simply  by  pressing  a  switch  on  the 
Controller.  The  thermoplastic  system  approaches  in 
this  respect  the  convenience  of  ESPI  (which  the 
present  authors  have  also  used  for  mass  transfer 
measurement  [16]),  while  far  surpassing  that  in 
fringe  resolution  and  image  quality,  being  based  on 
true  holography. 

Live  -  or  frozen-fringe  interferograms  can  be 
obtained  from  thermoplastically  recorded  holograms 
in  the  usual  way:  and  these  can  be  video  recorded 
if  a  television  camera  is  placed  at  C  in  Fig.  2,  just 
as  when  conventional  photography  is  used  to  form 
the  holograms  [17].  The  use  of  a  television  camera 
necessarily  degrades  the  image  quality  of  the 
interferogram  and  gives  poorer  spatial  resolution 
than  can  be  obtained  with  photographic  recording; 
but  it  promises  great  advantages  in  respect  of  any 
subsequent  image  processing  step.  Thus,  for 
example,  if  the  object  surface  is  curved,  the  signal 
from  the  video  camera  can  readily  be  input  to  a 
computer  programmed  to  generate  and  display  on 
the  monitor  the  pattern  of  transfer  coefficient 
variation  corrected  for  optical  distortion  by  the 
surface  curvature. 

11.  CONCLUSIONS 

•  The  numerous  advantages  of  the  Swollen 
Polymer  Technique  over  both  thermal  and 
other  mass  transfer  techniques  have  been 
outlined. 

•  Guidelines  and  precautions  have  been 
specified  which  will  allow  precise,  high 
resolution  heat  U'ansfer  data  over  extended 
areas  to  be  obtained. 

•  It  has  been  shown  that  the  ratios  of  heat 
transfer  coefficients  at  points  on  a  surface 


can  be  deduced  from  the  ratios  of  the 
fringe  orders  independent  of  the  Schmidt 
number  and  of  other  thermo-physical 
properties  of  the  polymer/swelling  agent 
system. 

•  Guidelines  have  been  given  for  the 
rational,  optimum  selection  of  the  swelling 
agent  at  the  planning  stage  of  an 
experiment. 

•  Examples  of  the  application  of  the 
technique  to  film  cooling  heat  transfer 
studies  have  demonstrated  both  the 
repeatability  and  reliability  of  the  results, 
and  the  capability  of  modelling  the  most 
important  parameters. 

•  An  extension  of  the  method  permitting  the 
simultaneous  measurement  of  both  the  heat 
uansfer  coefficient  and  the  film  cooling 
effectiveness  has  been  demonstrated. 

•  New  developments  in  data  collection 
which  should  case  the  problem  of  fringe 
pattern  interpretation  on  curved  surfaces 
have  also  been  described. 
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Grid  Spacing  =  5d 


Strong 

Acceleration 


Figure  I  Intert'crence  fringes  showing  the  elTeci  of  mainstream  flow  acceleration  on  the 
heat  transfer  coefflcieiii  distribution  for  air  injection  through  a  row  of  35°  holes  at  blowing 
rate  =  1 .  [Ref  18] 
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•  TRANSPARENT  POLYMER  COATING  OF  UNIFORM  TH I CKNESS  ( -  0  5mm ) 
POURED  OR  CAST  IN  RECESS  IN  ALUMINIUM  SURFACE 

•  surface  IS  ETCHED  TO  GIVE  DIFFUSE  REFLECTION 

SEQUENCE  OF  EXPERIMENT 


1.  THE  SURFACE  IS  SOAKED  IN 
ORGANIC  SWELLING  AGENT 

(ETHYL  SALICYLATE) 


SWELLING  AGENT  ABSORBED 


SWELLING 


l-l-H-fl-ff  f4= 

ffTffTTT  T  ^0-1T 


/  > )  r-T)  )  }  /  rrn  / 


2.  AIR  GAUGE  READING  IS  TAKEN 
AT  A  SINGLE  POINT 


T!  T7~ni  1 1  /■/  n  r 


HOLOGRAM  FORMED  OF  SWOLLE  N  .  SURFACE  (PARTIAL  EXPOSURE 

OF  photographic  plate ) 


SWOLLEN  surface  IS  EXPOSED 
TO  AIRSTREAMS.  SWELLING  AGENT 
IS  LOST  AND  SURFACE  RECEDES 
BY  AN  AMOUNT  PROPORTIONAL 
TO  THE  LOSS 


SWELLING  AGENT 

transferred 


i'~r )'">  /  I  i  >  !  I  ! 


MAXIMUM 

RECESSION 


HOLOGRAM  IS  FORMED  OF  FINAL  SURFACE  (COMPLETES 
EXPOSURE  OF  photographic  PLATE) 


AIR  GAUGE  READING  IS  TAKEN 
AT  THE  SAME  POINT  AS  IN 
2  ABOVE 


'  n  r  r  n  I  I  ! )  T  } -r  I 


THE  PHOTOGRAPHIC  PLATE  IS  DEVELOPED  AND  ILLUMINATED  WITH 
THE  REFERENCE  BEAM.  INTERFERENCE  FRINGES  ARE  SEEN 
FOR  WHICH 

RECESSION  0<  fringe  ORDER  cx  k 

fringe  order  identification  is  through  air  gauge 
measurements  2  AND  6  ABOVE 


Figure  3  Descripiion  of  (he  teciinique 
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Grid  Spacing  =  5d 


Test  Number  171 
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Figure  8  I^epeatability  check  on  Iringe  patterns  and  associated  li  h  for  no'tr.al  injection 
with  blowing  rate  =  2.  [Ref  7] 
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Figure  10  FlTect  ouiciisity  ratio  \ari.itioii  on  tlie  heat  transfer  coetTicient  distribution  tor 
90°  and  35°  injection  throiigli  a  row  oi  holes  at  Mowing  rate  =  1.  [Ret  19] 
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Discussion 


QUESTION  1: 

DISCUSSOR:  H.B.  WEYER,  Institut  fur  Antriebstechnik 

What  is  the  effect  of  Mach  Number?  With  an  increasing  Mach  number  the  differences  in 
surface  temperature  -  due  to  stagnation  •  become  more  evident.  This  must  have  some 
influence  on  the  evaporation  of  the  swelling  agent. 

AUTHOR'S  REPLY; 

The  method  is  suitable  for  low  Mach  number  flows  only.  We  use  a  velocity  of  20  to  35  m/s. 
At  high  Mach  numbers  there  will  be,  as  you  say,  a  temperature  rise  in  the  boundary  layer. 
This  affects  the  saturation  vapour  pressure  of  the  swelling  agent  which  is  very  sensitive  to 
temperature.  Thus  the  concentration  gradient  driving  the  mass  transfer  is  no  longer 
known  and  it  is  no  longer  possible  to  derive  a  mass  transfer  coefficient  from  the 
measurement  of  surface  recession. 

QUESTION  2: 

DISCUSSOR:  H.B.  WEYER,  Institut  fur  Antriebstechnik 

Blade  aerodynamics  is  very  sensitive  to  the  blade  shape.  How  precise  is  the  coating  with 
respect  to  blade  shape  variations? 

AUTHORS  REPLY: 

Using  a  casting  method  it  is  possible  to  produce  very  smooth  surfaces  and  very  accurate 
coating  thickness.  The  thickness  of  the  coating  does  not  have  to  be  even  all  over  because 
we  measure  changes  in  the  thickness  after  swelling. 

Coating  a  blade  is,  therefore,  possible,  but  in  regions  where  there  might  be  a 
curvature  in  two  planes  the  interpretation  of  the  holographic  image  becomes  too  difficult. 
When  there  is  curvature  in  one  plane  only,  such  as  occurs  on  the  flank  of  a  blade,  a 
correction  depending  on  position  has  to  be  applied  to  the  fringe  order  read  from  the 
hologram,  but  apart  from  that  there  are  no  problems. 

QUESTION  3: 

DISCUSSOR:  L.  de  Chanterac,  DRET/  Service  des  recherches 

Do  you  think  that  reversible  utilization  of  the  swollen  polymer  technique  is  possible  and 
that  a  dynamic  heat  transfer  coefficient  could  be  obtained  with  this  method? 

AUTHOR'S  REPLY: 

The  swollen  polymer  technique  is  a  reversible  process  since  the  working  surface  can  be 
reactivated  simply  by  dipping  it  again  in  swelling  agent. 

Regarding  measurement  of  the  dynamic  heat  transfer  coefficient  this  is  possible 
with  the  "live  fringe"  technique  (Fig.  2).  One  would  then  count  the  number  of  fringes 
passing  per  unit  time  and  that  reflects  the  instantaneous  values  of  the  mass  (or  heat) 
transfer  coefficient.  A  video  recording  would  be  useful  in  this  case  for  the  analysis  to  be 
done  later  at  leisure.  The  "live  fringe"  passing  rate  could  be  different  for  different 
positions  on  the  surface  observed  and  thus  the  measurements  could  give  space  as  well  as 
time  resolved  values. 
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The  USAF  Advanced  Turbine  Aerothermal  Research  Rig  (ATARR) 

by 

C.W.  Haldeman  Jr.  and  M.G.  Dunn 
Calspan  Coip.,  Advanced  Technology  Center 
BuffalOrNew  York 

and 


C.D.  MacArthur  and  C.G.  Murawski 
Aero  Propulsion  and  Power  Directorate 
Air  Force  Wright  Laboratory,  WPAFB 
Dayton,  Ohio 


ABSTRACT 

The  Advanced  Turbine  Aerothermal  Research  Rig  (ATARR) 
has  been  under  development  and  construction  at  Wright- 
Patterson  Air  Force  Base  for  the  past  three  years. 
Consmiction  of  the  facility  is  now  complete  and 
demonstration  experiments  are  underway.  These 
demonstration  experiments  involve  use  of  an  instrumented 
turbine  stage  (both  surface  pressure  and  surface  heat  flux 
instrumentation)  to  obtain  measurements  for  comparison  with 
predictions,  flow  path  measurement  of  total  pressure,  total 
temperature,  and  static  pressure  to  determine  flow  path 
uniformity,  as  well  as  instrumentation  to  ascertain  proper 
operation  of  all  facility  components. 

At  the  time  of  this  writing,  the  experiments  designed  to 
obtain  the  data  just  mentioned  are  underway  but  results  are 
not  available.  Therefore,  the  written  paper  will  be  confined 
to  a  description  of:  (1)  the  facility  and  its  design  capabilities, 
(2)  a  description  of  the  operation  of  the  major  comj^nents 
with  limited  supporting  data,  e.g.,  main  valve  opening  and 
closing  times,  and  (3)  a  brief  description  of  an  uncertainty 
analysis  that  has  been  completed  for  the  instrumentation  and 
aero-performance  measurements. 

Nomenclature 


General 

h 

L 

Nphy  = 

Po  = 

Pref  = 

Cfw  = 

To 

Tref  = 

W 

w 

6 


flad  “ 
^fu 

’Imeas  “ 
0 


total  enthalpy 
losses 

rotor  physical  speed 
total  pressure  of  incoming 
gas 

reference  pressure,  14.7  psia 
heat  transfer  to  walls 
total  temperature  of  incoming 
gas 

reference  temperature,  Slb^R 
measured  work  done  by 
turbine 

weight  flow  of  test  gas 
nondimensional  pressure, 
Po/Pref 

specific  heat  ratio 
adiabatic  efficiency 
fundamental  efficiency 
measured  efficiency 
nondimensional  temperature. 
ToH'ref 


Subscripts 

d  =  downstream  of  stage 

d,is  =  ideal,  isentropic  conditions 

downstream  of  stage 
u  =  upstream  of  stage 

1.  INTRODUCTION 

For  the  past  fifteen  years,  several  groups  have  pioneered  the 
development  of  short-duration  facilities  and  the  associated 
instrumentation  for  the  investigation  of  phenomena  relating 
to  high-pressure  turbines.  For  the  facilities  just  mentioned, 
the  term  short-duration  has  been  used  in  the  past  to  mean  test 
times  on  the  order  of  tens  of  milliseconds  to  a  few  hundred 
milliseconds.  The  short  duration  test  capability  is  becoming 
an  increasing  attractive  alternative  to  conventional  "long  run¬ 
time"  testing.  By  "long  run-time''  has  been  meant  test  times 
on  the  order  of  hours.  The  promise  of  major  cost  savings 
coupled  with  the  ability  to  measure  new  quantities  not 
possible  in  conventional  facilities  has  motivated  this  interest 
in  short-duration  facility  development.  One  of  the  most 
significant  aspects  of  the  ATARR  facility  discussed  in  this 
paper  is  that  even  though  it  is  considered  to  be  of  the  short 
duration  class,  the  test  time  is  on  the  order  of  seconds  instead 
of  milliseconds. 

To  review  the  short-duration  facility  development  history  for 
a  moment,  the  application  of  the  isentropic  light  piston 
compression  tube  for  turbine  research  was  pioneered  at 
Oxford  University  by  Schultz  and  co-workers  (e.g..  see  Ref. 
1)  and  a  sector  of  high-pressure  turbine  vanes  was 
instrumented  with  thin-film  heat-flux  gages  and  used  as  the 
test  article.  The  test  time  for  the  Oxford  facility  is  on  the 
order  of  a  few  hundred  milliseconds.  Dunn  and  co-workers 
at  (Zalspan  used  the  shock  tunnel  to  initially  obtain 
measurements  for  a  sector  of  a  high-pressure  turbine  vane 
row  (e.g.,  see  Ref.  2)  followed  by  replacement  of  the  vane 
sector  with  a  full  stage  routing  turbine  (Ref.  3).  The  test 
time  for  this  facility  is  on  the  order  of  tens  of  milliseconds. 
Louis  at  the  Massachusetu  Institute  of  Technology 
investigated  the  use  of  both  the  shock  tube  and  the  blowdovm 
facility  (Ref.  4)  for  the  investigation  of  factors  affecting  heat 
transfer  in  turbines.  The  test  times  for  his  facilities  were  also 
on  the  order  of  milliseconds.  Richards  and  co-workers  at  the 
Von  Kaiman  Institute  also  developed  a  light  piston  facility 
(e.g.,  see  Ref.  S)  to  perform  measurements  on  a  high-pressure 
turbine  vane  sector  (e.g.,  see  Ref.  6).  Epstein  and  co-workers 
at  the  Massachusetts  Insdtute  of  Technology  designed  and 
built  a  low  pressure  blowdown  facility  (e.g.,  see  Ref.  7)  to 
perform  measurements  on  a  high-pressure  turbine  vane  row. 
This  facility  is  different  than  the  one  described  in  Ref.  4.  The 
test  time  associated  with  the  MIT  blowdown  turbine  facility 
is  on  the  order  of  a  few  hundred  milliseconds. 

The  primary  force  driving  the  development  of  ATARR  at 
WPAFB  was  the  potential  for  being  able  to  measure  heat 
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transfer  and  aero-performance  simultaneously  for  advanced 
technology  military  engines.  To  this  end,  it  was  decided  to 
build  a  large  blowdown  facility  with  a  test  "me  on  the  order 
of  one  to  five  seconds.  The  test  time  duration  for  this 
particular  facility  is  determined  by  the  weight  flow  rate  that 
must  be  supplied  to  the  turbine  and  by  the  amount  of  power 
that  the  eddy  current  brake  must  absorb  because  of  work 
extracted  by  the  turbine  rotor  from  the  test  gas.  One 
objective  of  ATARR  is  to  measure  either  the  cooled  or 
uncooled  turbine  efficiency  to  within  ±  0.25%  of  the  "true" 
value  within  a  95%  confidence  limit.  Achieving  this  goal 
will  make  ATARR  competitive  with  the  best  conventional 
facilities  for  aero-performance  evaluation.  Another  objective 
of  the  facility  is  to  determine  the  thermal  (cooling) 
performance  of  new  turbine  designs. 

In  the  remainder  of  the  paper.  Section  2  presents  a  discussion 
of  the  facility  and  its  components.  Section  3  presents  a  brief 
description  of  the  operation  of  one  of  the  major  components 
(the  main  valve)  and  Section  4  presents  a  brief  description  of 
an  uncertainty  analysis  used  to  define  the  instrumentation  and 
facility  parameter  requirements. 

2.  DESCRIPTION  OF  THE  FACILITY 
It  was  noted  earlier  that  ATARR  was  designed  and 
constructed  to  meet  the  specific  needs  of  the  turbine 
components  group  at  WPAFB.  This  group  is  charged  with 
the  responsibility  of  developing  new  engine  technology  and. 
in  particular,  with  the  development  of  more  advanced,  higher 
work  output,  and  higher  operating  temperature  turbines  for 
future  military  applications.  More  specifically,  the  goal  is  to 
achieve  significant  increases  in  turbine  inlet  temperature 
while  at  the  same  time  reducing  the  flow  rate  of  cooling  air 
accompanied  by  work  and  speed  increases.  The  increases  in 
material  stress  associated  with  this  goal  are  substantial. 

There  are  a  number  of  new  design  concepts  that  have  promise 
for  increases  in  turbine  performance  such  as  super  effective 
cooling  designs,  3-D  aerodynamic  design,  vaneless  HP/LP 
systems  and  metal/non-metal  composites.  These  concepts 
can  be  more  reliably  incorporated  into  military  engine  design 
if  extensive  testing  has  been  performed  to  validate  their 
usefulness. 

The  ATARR  has  been  a  cooperative  effort  with  Calspan, 

MIT,  Belcan,  Allison,  and  the  USAF  all  contributing.  The 
facility  is  designed  to  accommodate  full  scale  (either  vane 
row  alone  or  full  stage)  engine  hardware  and  to  subject  this 


hardware  to  test  conditions  consistent  with  actual  engine 
operation.  By  taking  advantage  of  scaling  relationships,  the 
important  nondimensional  groups  which  determine  the 
behavior  of  the  turbine  stage  can  be  reproduced  and  at  the 
same  time  operate  at  test  conditions  that  do  not  subject  the 
instrumentation  to  conditions  as  harsh  as  those  associated 
with  actual  engine  conditions.  The  blowdown  facility  is  one 
for  which  the  supply  tank  temperature  and  pressure  change 
during  the  course  of  a  given  experiment  and  it  is,  therefore, 
necessary  to  carefully  measure  the  flowpath  parameters  so 
that  the  appropriate  nondimensional  groups  can  be 
duplicated.  The  specific  parameters  that  can  be  duplicated 

with  this  facility  are:  flow  function(wjf^/5) ,  corrected 

speed  specific  heat  ratio  of  the  turbine  inlet  gas 

( S ),  pressure  ratio  across  the  stage,  ratio  of  gas  temperature 
to  wall  temperature,  ratio  of  gas  temperature  to  coolant 
temperature,  Reynolds  number.  Mach  number,  and  Prandtl 
number.  These  parameters  will  be  duplicated  during  a 
portion  of  the  test  time  duration,  but  not  during  the  entire  test 
time.  Each  experiment  is  designed  to  maximize  this  portion 
of  the  test  time  within  the  constraints  imposed  by  the  eddy 
current  brake.  This  power  absorbing  device  is  programing 
to  maintain  the  proper  corrected  speed  for  the  maximum 
period  of  time.  This  maximum  operating  time  of  the  eddy 
current  brake  is  determined  by  the  temperature  increase  of  the 
brake  drum  during  the  blowdown  time  as  a  result  of 
dissipating  the  power  extracted  from  the  test  gas  by  the  rotor. 

Figure  1  is  a  sketch  of  the  ATARR.  The  test  gas  supply  tank 
.shown  on  the  far  left  has  a  volume  of  approximately  3,200 
ft.3  and  designed  to  be  pre.ssurized  to  1 80  psia  while  being 
heated  to  550°F.  Any  combination  of  pressure  and 
temperature  between  these  maximums  can  be  utilized.  The 
test  gas  would  normally  be  nitrogen  or  a  mixture  of  nitrogen 
and  carbon  dioxide  in  order  to  duplicate  the  appropriate 
nondimensional  groups.  The  supply  tank  is  insulated  with 
four  inches  of  fiberglass  with  a  0.020  inch  aluminum  jacket 
to  minimize  heat  loss  to  the  room.  Not  shown  on  the  sketch, 
but  located  internal  to  the  supply  tank  is  a  variable  speed  fan 
and  an  electrical  heater.  The  supply  tank  insulation  and 
fan/heater  combination  were  designed  to  produce  axial 
temperature  uniformity  on  the  order  of  0.8°F  (over  the  20  ft. 
length  of  the  tank).  It  is  estimated  that  for  a  typical  run,  the 
majority  of  the  te.st  gas  would  be  taken  from  about  one-third 
of  the  supply  tank.  The  supply  tank  is  insummented  with 
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resistance  temperature  detectors  (RTD's)  in  order  to  measure  the  supply  tank  valve  were  to  remain  open  and  if  there  were 

the  axial  and  the  radial  temperature  uniformity.  Temperature  no  other  way  to  terminate  the  flow.  However,  to  mitigate  this 

measurements  are  currently  underway,  but  not  available  for  potentially  dangerous  situation,  there  is  an  emergency  valve 

presentation  at  this  time.  (located  downstream  of  the  test  section  and  referred  to  as  an 

isolation  valve  on  Figure  1)  that  can  be  driven  closed  using  a 
Located  internal  at  one  end  of  the  supply  tank  is  a  fast  acting  deluge  valve.  This  deluge  valve  would  be  fired  in  the  event 

valve  (which  has  moving  components  weighing  about  600  of  a  potential  turbine  run  away, 

lbs.)  that  is  designed  to  open  in  approximately  100 

milliseconds,  remain  open  for  a  pre-determined  time  period,  Downstream  of  the  supply  tank  main  valve  is  the  test  section 

and  then  close  in  approximately  100  milliseconds.  Careful  which  houses  the  turbine  that  is  being  investigated.  Internal 

control  of  both  the  opening  and  closing  of  the  valve  are  to  this  test  section  are  several  other  essential  components  and 

critical  to  avoid  structural  damage.  Of  particular  concern  is  instrumentation  associated  with  the  facility.  Figure  2  is  a 

the  requirement  that  valve  closing  must  be  done  in  a  way  that  sketch  of  some  of  these  components  and  the  facility 

closes  off  a  large  portion  of  the  flow  area  very  quickly,  but  instrumentation  locations.  Table  1  is  a  tabulation  of  the 

then  covers  the  remaining  portion  of  axial  travel  at  a  lower  specific  (non-stage)  instrumentation  location,  type,  and 

velocity  in  order  to  avoid  hard  impact  between  the  valve  and  expected  accuracy, 
the  bumper.  The  bumper  is  spring  loaded  and  designed  to 

accommodate  a  reasonable  impact  velocity,  but  not  a  velocity  Table  1  describes  the  instrumentation  located  in  the  supply 

that  it  so  large  that  the  springs  become  fully  compressed.  It  tank.  The  primary  instrumentation  at  location  1  are  the 

is  important  that  this  valve  close  within  the  prescribed  time  RTD's  and  the  Baratron  unit  Ahead  of  the  turbine  stage 

interval  because  the  eddy  brake  is  not  designed  to  absorb  the  there  is  a  boundary  layer  bleed  designed  to  remove  the 

power  extracted  by  the  turbine  indefinitely.  There  is  boundary  layer  associated  with  the  incoming  flow.  Also 

sufficient  gas  in  the  supply  tank  to  cause  turbine  runaway  if  located  ahead  of  the  turbine  stage  in  the  flow  path  are  takes 


Axial  Location  3(a) 

II  12  31114  IS 


Figure  2  Sketch  of  ATARR  Instrumentation  Locations 


of  total  pressure  and  total  temperature.  Similar  rakes  of  total 
pressure  and  total  temperature  are  located  in  the  flow  path 
downstream  of  the  rotor.  For  the  demonstration  experiments, 
these  rakes  are  fixed  in  position,  but  in  the  future  traversing 
units  will  be  added  to  this  configuration.  A  photograph  of 
one  of  the  total  pressure  rakes  is  given  in  Figure  3(a).  A 
clo.se-up  photograph  of  a  pressure  probe  is  given  in  Figure 
3(b).  One  of  the  total  temperature  rakes  is  shown  in  Figure 
3(c).  The  thermocouple  housed  in  these  probes  is  butt 
welded  Type  E  wire  and  is  0.001 -in.  diameter.  The  design 
and  construction  of  the  thermocouple  probes  is  very  similar 
to  that  reponed  in  Ref.  8.  Wall  static  pressure  is  measured  at 
the  rake  locations. 


The  vane  portion  of  the  particular  turbine  stage  being  used 
for  the  demonstration  experiments  is  shown  in  Figure  4(a). 
4(b).  and  4(c).  Figure  4(a)  illustrates  the  miniature  flush 
diaphragm  Kulite  pressure  transducers  placed  at  midspan  on 
both  the  pressure  and  suction  surfaces  and  a  contoured 
leading-^ge  insert  (at  midspan)  containing  platinum  thin- 
film  heat-flux  gages.  Figure  4(b)  is  a  photograph  of  two 
contoured  strip  insens  (at  midspan)  containing  platinum  thin- 
film  heat-flux  gages.  Figure  4(c)  is  a  photograph  of 
numerous  button-type  heat-flux  gages  locat^  at  20%.  50%. 
and  80%  of  span  on  the  airfoil  surface  and  on  the  hub  and  tip 
endwall.  With  the  exception  of  the  bunon-type  gages,  the 
Pyrex  substrate  was  designed  to  be  sufficiendy  thick  to  avoid 


Figure  3(a)  Photograph  o<  Upstream  Total  Pressure  Rake 


Figure  3(b)  Close-Up  Photograph  of  Total  Pressure  Probe 


Figure  3(c)  Photograph  of  Downstream  Temperature  Probe 
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Figure  4(a)  Instrumentation  on  Vane  A.irfoUs 


Figure  4(b)  instrumentation  on  Vane  Airfoils  (Cont.) 


Figure  4(cl  Instrumeatatrorr  on  Vane  Airfoils  (Conf.l 


batksiiie  heating  (and,  theretore.  preserving  the  one¬ 
dimensional  approximation  tor  data  reduction)  for  test 
duration  on  the  order  of  one  second.  The  rotor  portion  ol  ihis 
vtage  IS  not  shown,  but  it  is  instrumented  in  a  similar  manner. 

The  downstream  isolation  valve,  shown  in  l-igurc  1.  serves 
the  function  of  providing  a  downstream  flow  control  device 
which  is  used  to  achieve  the  desired  stage  pressure  ratio  by 
adjusting  the  flow  area.  Further,  this  valve  can  be  used  to 
isolate  the  test  section  from  the  dump  tank  permitting 
pressunzation  of  the  test  section  poor  to  and  after  an 
expenment  in  order  to  obtain  a  calibration  of  the  pressure 
transducers.  For  the  purposes  of  this  calibration  the  Baratron 
pressure  measuring  device,  which  has  a  detector  m  the  test 
section  as  well  as  the  supply  tank,  is  considered  to  be  the 
standard  against  which  the  calibration  is  performed. 

Two  dump  tanks  of  volume  equal  to  approximately  ,T200  ft.^ 
each  are  connected  to  the  test  section  as  shown.  Prior  to  a 
run,  the  dump  tanks  and  the  test  section  are  evacuated  using 
ihe  .Stokes  vacuum  pump  and  Roots  blower  shown  on  the 
schematic  of  Figure  I .  The  dump  tanks  and  the  test  section 
arc  routinely  evacuated  to  a  pressure  of  approximately  (f  7 
lorr  prior  to  initiation  of  an  experiment.  The  eddy  current 
brake  noted  on  Figure  I  is  a  scaled  up  version  of  the  one  used 
.11  MTV  I  see  Ref.  1 )  and  was  designed  by  Dr's.  (1.  Guenette 
ind  .A  Eipstein  of  MIT  ,As  previously  noied.  the  turbine  inlet 
loial  icmperatiire  decreases  as  the  supply  tank  blows  down. 
The  current  supplied  to  the  coils  of  the  magnets  surrounding 
the  rotating  drum  is  on  the  order  of  WK1  amperes  of  pulsed 
Df  current  supplied  by  a  programmable  .SCR  power  supply. 
The  brake  can  absorb  power  at  a  maximum  of  4  megawatts  at 
7,,S(KI  rpm.  The  current  to  the  magnets  is  programmed  in 
order  to  maintain  proper  corrected  rotor  speed  during  the 
blowdown  priKess.  The  rotating  component  of  this  brake  is 
constructed  of  Inconel  7 1 X  and  can  be  heated  to 
approximately  1 ,000'  F'  without  significant  loss  of  strength 


.■\  pyrometer  looking  .ii  the  brake  dnim  surface  can  be  used  to 
monitor  this  temperature.  For  a  large  Inch  pressure  turbine 
isimilar  to  the  one  slinwii  in  Ficiire  4i  ol  the  megawatt 
class  (engine  coniliiioiisi.  the  time  lor  the  brake  temperature 
to  reach  the  I  .OOO'T-  limn  is  about  two  seconds.  In  general, 
either  the  vane  exit  or  the  rotor  exit  lor  both)  of  the  turbine 
stage  would  be  choked  during  the  experiment.  Regardless  ot 
whether  or  not  the  stage  is  choked,  the  previously  mentioned 
isolation  valve  i which  also  serves  as  an  emergency  shut  off 
valve)  will  remain  choked  for  a  wide  range  of  conditions 
which  serves  to  mamiaiii  die  proper  pressure  ratio  across  die 
turbine  stage. 

The  shaft  on  which  the  rotor  component  is  mounted  contains 
a  torque  meter  which  derives  its  signal  from  strain  gauges 
mounted  on  a  necked-down  portion  of  the  drive  shaft.  The 
torque  meter  was  calibrated  prior  to  final  assembly  of  the 
rotating  package  to  an  accuracy  of  0.2,Vf  of  full  scale.  Data 
obtained  with  this  device  will  be  used  as  pan  of  the  turbine 
stage  efficiency  determination  which  will  be  described  in 
■Section  4.  The  rotating  component  is  initially  brought  to  the 
proper  speed  in  the  evacuated  test  section  using  a  vanable 
speed  electnc  motor.  This  motor  is  attached  to  the  end  of  the 
shaft  nearest  the  return  iron  of  the  eddy  current  brake.  .At  the 
other  end  of  the  shaft  is  mounted  a  2(K)  channel  slip  ring  unit 
that  IS  used  to  transfer  the  data  from  the  rotating  component 
to  the  laboratory  data  recorders 

Figure  5  is  a  photograph  of  the  A'T.ARR  as  it  currently  exists 
The  insulated  supply  tank  can  be  seen  on  the  far  left,  the 
external  flange  of  the  fast  acting  valve  is  to  the  right  of  the 
supply  tank,  a  transition  piece  from  ihe  valve  to  the  test 
section  which  contains  the  boundary  layer  bleed  cannot  be 
seen,  the  test  section  is  relatively  short  in  axial  dimension  and 
is  bounded  by  the  two  flanges  that  can  be  seen,  and  the  stair 
up  to  a  platfonn  providing  access  to  one  side  of  the  test 
section  IS  in  the  center  of  the  photograph  Tlie  isolation  valve 


Table  3  The  ATARR  Data  Acquisition  Computer 
System 

•  Sun  4/330  Computer  System 

•  32  Megabytes  of  Memory 

•  2  X  1.2  Gigabyte  Disk  Drives  (Removable) 

•  1600/6250  BPI  9-Track  1/2  Inch  Tape  Drive 

•  Sun  GX  19  Inch  Color  Graphics  Display 

•  IEEE-488  (GPIB)  Instrumentation  Bus 

•  Ethernet  TCP/IP  Communications 

•  Appletalk  Based  QMS  Printer/Plotter 

•  Sun  OS  UNIX  Operating  System 


A  comprehensive  software  suite  has  been  written  to  reduce 
the  raw  data  to  the  important  engineering  results  and  display 
them  graphically.  Figure  7  is  a  block  diagram  of  the  software 
structure  functional  decomposition.  The  data  acquisition 
system  consists  of  three  major  functions:  software  interfaces, 
user  interfaces,  and  system  management.  Within  each  of 
these  major  functions  are  several  service  blocks  as  noted  on 
the  figure. 


Plgura  7  The  ATARR  Software  Structure  Functional  Dacompoaltlon 
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3.  OPERATION  OF  SUPPLY  TANK  MAIN 
VALVE 

As  previously  mentioned,  the  valve  separating  the  supply 
tank  from  the  test  section  is  one  of  the  major  components  of 
the  ATARR.  This  valve  must  open  quickly,  remain  open  for 
a  prescribed  period  of  time,  and  close  quickly.  There  are 
several  reasons  why  proper  operation  of  the  supply  tank  main 
valve  is  essential,  e.g.,  safety,  flow  quality,  and  avoidance  of 
damage  to  other  faciUty  components.  A  simple  gas  dynamic 
model  describing  the  operation  of  the  actuating  cylinder  and 
the  main  valve  which  it  drives  was  developed  in  order  to 
predict  the  valve  operation.  Results  obtained  from  the 
prediction  model  are  compared  with  experimental  results  in 
the  following  paragraphs. 

Figure  8(a)  presents  a  comparison  between  an  experimentally 
determined  axial  position  vs.  time  history  and  a 
corresponding  pr^iction.  The  prediction  is  obtained  from  an 
unste^y  model  inidaliy  developed  at  MIT  and  modified  at 
Calspan  to  predict  the  operational  characteristics  of  the  valve 
and  associated  activation  system.  After  the  supply  tank  valve 
has  moved  approximately  8.S  inches  in  the  axial  direction,  it 
is  essentially  fully  open.  The  weight  flow  requirements  of 
the  turbine  stage  located  in  the  test  section  are  fully  met  by 
the  corresponding  flow  area  and  any  additional  area  at  the 
valve  will  not  result  in  additional  weight  flow.  As  can  be 
seen  from  Figure  8(a).  the  travel  for  the  particular  case  shown 
was  approximately  10  inches.  The  time  required  for  the 


valve  to  move  approximately  9  inches  was  about  100  ms 
which  is  well  within  the  design  goal  of  the  system.  Closing 
of  the  valve  is  shown  on  the  right  side  of  Figure  8(a).  The 
valve  accelerates  rapidly  from  the  10  inch  position  to  about  2 
inches  in  approximately  100  ms  and  then  slows  down  over 
the  remainder  of  the  axial  travel  in  order  to  avoid  hard  impact 
with  the  bumper.  The  time  required  to  close  off  about  90% 
of  the  available  flow  area  is  well  within  the  design 
requirements. 

Figure  8(b)  presents  a  comparison  between  the  measured  and 
pr^icted  pressure  histories  associated  with  the  opening  and 
closing  actuator  legs  of  the  system.  Included  on  this  figure 
are  the  pressure  in  the  opening  line  and  the  pressure  in  the 
closing  line.  To  the  left  hand  side  of  the  figure  is  the  valve 
opening  sequence  and  at  about  2.4  seconds  the  valve  closing 
sequence  is  initiated.  The  predicted  peak  in  the  opening 
pressure  at  about  0.2  seconds  is  above  the  data  which  is 
characterisDc  of  the  model  and  the  closing  pressure  is 
underpredicted  while  the  valve  is  open  and  ovetpredicted 
while  the  valve  is  closed.  The  opening  pressure  is  well 
predicted  throughout  the  entire  sequence  of  events.  Figure 
8(c)  presents  a  comparison  between  the  opening  and  closing 
reservoir  pressures  for  the  duration  of  valve  operation.  In 
general,  for  Figures  8(a)  -  8(c)  the  agreement  between  the 
prediction  and  the  experimental  data  is  shown  to  be 
reasonably  good. 


Figure  8(a)  Comparison  Between  Experiment  and  Prediction  For  Supply  Tank  Valve  Motion 


Figure  8(b)  Comparison  Between  Experiment  and  Prediction  For  Valve  Pressure  Histories 
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Time  (Normalized,  Sec) 

Figure  a(c)  Comparison  Between  Experiment  and  Prediction  For  Reservoir  Pressure  Histories 


4.  SUMMARY  OF  UNCERTAINTY  ANALYSIS  FOR 
AEROPERFORMANCE  MEASUREMENTS  IN 
THE  ATARR 

There  are  many  problems  associated  with  making 
aeroperformance  measurements  of  turbine  stage  efficiency  in 
any  facility,  long  run  time  or  short  duration.  The  goal  set  for 
the  ATARR  was  to  be  able  to  measure  turbine  efficiency  to 
within  ±  0.25%  of  the  "true"  value  within  a  95%  confidence 
limit  Because  a  great  many  of  the  assumptions  used  in  the 
calculation  of  efficiency  cannot,  in  general,  be  verified 
independently,  the  "true"  efficiency  becomes  a  function  of 
the  assumptions  made  about  the  testing  process,  the  working 
fluid,  etc,  which  comprise  the  basis  of  the  efficiency 
calculation.  Within  any  given  basis,  preliminary  estimates 
described  in  detail  in  Ref  7  suggest  that  single-sample  data 
of  approximately  ±  0.8%  accuracy  can  be  obtained  and 
through  the  use  of  common  statistical  techniques.  The 
material  presented  here  is  a  brief  summary  of  the  material 
presented  in  Ref.  7  which  is  a  condensation  of  a  more 
detailed  report  (Ref  8).  The  topics  addressed  in  Ref  7 
include:  the  accuracy  required  in  each  measurement 
quantity,  the  choice  of  alternative  (but  equivalent)  efficiency 
definitions,  the  determination  of  the  proper  working  fluid  and 
the  working  fluid  properties. 

The  desired  0.25%  efficiency  accuracy  for  the  ATARR 
facility  could  easily  be  overshadowed  when  comparisons  are 
made  with  data  taken  in  other  facilities  because  of  differences 
in  the  testing  methods.  It  is  argued  in  Ref  9  that  the  proper 
way  of  comparing  efficiencies  taken  from  different  facilities 
is  to  "cottcct"  the  indicated  efficiency  to  account  for  losses 
and  obtain  an  efficiency  measure  which  is  independent  of  the 
test  process.  Uncooled  turbines  operate  in  long-duration 
facilities  at  conditions  which  are  close  to  adiabatic,  while  the 
same  turbines  in  short-duration  facilities  would  have  higher 
heat-transfer  losses.  However,  the  assumption  of  adiabatic 
conditions  is  not  appropriate  for  either  long  or  short-duration 
facilities  when  cooled  turbines  are  tested.  Cooled  hardware 
in  short-duration  tests  would  be  expected  to  experience 
additional  heat-loss  effects  above  those  that  would  occur  if 
the  same  mrbine  were  tested  in  a  long-duration  facility.  To 
compare  measurements  taken  in  these  two  facilities  one  has 
to  correct  for  the  fundamental  differences  in  the  testing 
process. 

The  thermodynamic  efficiency  measured  in  any  facility  is 
given  by: 


which  for  constant  mass  flow  and  no  energy  addition  or 
removal  (adiabatic  flow),  translates  into: 
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Where  the  subscript";  u  and  d  represent  the  conditions 
upstream  and  downstream  of  the  stage,  respectively  and  hd.js 
represents  the  resulting  enthalpy  of  the  fluid  if  it  were  to  be 
expanded  isentropically  to  the  measured  downstream 
pressure.  Equation  1-1  represents  the  measured  efficiency  in 
any  testing  facility.  But  this  measure  can  be  influenced  by 
energy  losses  which  are  not  directly  related  to  the  stage 
performance.  They  would  include  energy  loss  by  heal 
transfer  to  surfaces  and  mass  flow  leakage  through  seals.  An 
accounting  process  must  be  done  since  any  energy  lost  in  this 
manner  is  not  available  to  do  work  on  the  turbine.  If  the  sum 
of  all  the  los.ses  are  labeled  as  L  then  the  fundamental 
efficiency  is: 
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The  work  described  in  Ref.  9  has  only  been  concerned 
with  the  heat-transfer  losses  which  occur  during  the  testing  of 
a  turbine  stage.  Accounting  for  only  these  losses  (Qw.  the 
heat  transfer  to  the  walls)  creates  an  adiabatic  efficiency: 
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There  is  the  possibility  that  losses  exist  in  both  the  testing 
facility  and  the  stage  which  are  not  heat-transfer  losses,  and 
thus  an  adiabatic  efficiency  could  still  be  dependent  on  the 
testing  process.  Only  a  measurement  of  efficiency  which 
accounts  for  all  losses  (such  as  equation  2)  can  be  used  when 
comparing  data  taken  in  different  facilities. 


In  general,  long-duration  facilities  are  assumed  to  have  no 
heat  losses  and  negligible  mass  flow  losses  (although  these 
assumptions  need  to  be  verified  for  each  facility)  implying 
that  L=0.  Under  these  assumptions  the  long-duration  facUity 
measures  the  adiabatic  efficiency  and  the  fundamental 
efficiency.  In  a  short-duration  facility  there  will  be  heat 
transfer  because  of  the  isothermal  nature  of  the  facility  and 
the  enthalpy  change  would  need  to  be  corrected  for  these 
losses  to  determine  the  adiabatic  efficiency.  Further  to 
conven  to  a  fundamental  efficiency,  other  losses  besides  heat 
transfer  need  to  be  quantified.  Thus  to  convert  an  efficiency 
measurement  in  any  testing  facility  to  an  adiabatic  efficiency 
requires  the  knowl^ge  of  one  of  two  variables:  the  adiabatic 
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enthalpy  (  h<i,ad)  or  the  heat-transfer  losses  in  the  system 
(Qw).  But  to  conven  to  a  fundamental  efficiency  which  is 
the  only  efficiency  measurement  which  is  independent  of  the 
testing  process  requires  a  knowledge  of  all  the  losses  in  the 
system  (L).  To  avoid  the  problem  of  trying  to  determine  L 
accurately  in  a  short-duration  facility,  a  second  method,  using 
the  work  extracted  by  the  turbine,  can  be  used  to  determine 
the  change  in  enthalpy  across  the  stage.  If  all  the  energy 
dissipat^  by  the  gas  across  the  stage  is  transformed  into 
work  then: 

=  (4) 

and  W  can  replace  the  numerator  in  equation  1-2,  These  two 
methods  are  commonly  referred  to  as  the  thermodynamic 
method  and  the  mechanical  method  for  measuring  efficiency. 

One  of  the  unique  differences  between  the  thermodynamic 
technique  and  Ae  mechanical  technique  is  that  the 
mechanical  method  provides  the  fundamental  efficiency 
directly.  Using  the  ^ermodynamic  technique  introduces  a 
dependency  on  the  testing  process  which  directly  influences 
the  loss  term  L  and  complicates  the  process  of  comparing 
data  taken  in  different  facilities.  The  mechanical  method  also 
has  its  drawbacks.  It  assumes  that  all  the  energy  change  that 
occurs  across  the  turbine  stage  gets  translated  into  useful, 
measurable  work  and  not  other  forms  of  potential  energy 
(such  as  turbulence)  which  are  not  directly  measured. 

In  addition  to  the  testing  process,  assumptions  about  the  gas 
properties  and  other  topics  which  might  seem  extraneous  to 
the  main  uncertainty  analysis  play  key  roles  in  determining 
the  context  in  which  the  efficiency  measurements  are  made. 

It  is  clear  that  as  long  as  this  "context"  or  "basis"  remains 
consistent,  efficiency  measurements  can  be  directly 
compared.  For  these  reasons  the  analysis  described  here  is 
not  an  error  budgeting  process,  rather  it  is  geared  to 
evaluating  different  measurement  uncertainties  and  grouping 
them  according  to  different  data  processing  procedures.  In 
this  way  estimates  can  be  made  as  to  how  much  the  final 
uncertainties  can  be  reduced.  Thus,  for  the  majority  of  this 
work  we  will  be  using  single-sample  data.  Discussion  of 


statistical  techniques  which  could  be  used  to  combine 
different  measurements  and  increase  the  accuracy  beyond  the 
point  of  the  individual  measurements  are  described  in  Ref  7. 

Several  different  problems  which  confront  the  engineer  when 
measuring  efficiency  are  examined  in  Ref  7,  but  the  details 
of  that  examination  cannot  be  repeated  here.  Because  the 
ATARR  will  be  used  to  test  a  variety  of  turbines,  specific 
estimates  of  the  obtainable  accuracies  are  not  given  in  detail: 
rather,  the  equations  are  developed  which  will  allow  adequate 
prediction  of  the  uncertainty  in  the  measured  efficiency  for 
any  stage  configuration. 

It  is  shown  in  Ref.  7  that  the  definition  of  efficiency  and  the 
physical  basis  for  its  determination  are  more  significant  in 
comparing  data  from  different  facilities  than  the  repeatability 
of  the  measurements  themselves.  Within  the  constraints  of 
consistent  definition  and  basis,  efficiency  measurements  with 
accuracies  better  then  0.25%  are  achievable.  In  programs 
where  test  data  are  to  be  compared  with  data  from  other 
facilities,  the  specific  method  of  determining  efficiency  must 
be  carefully  considered.  Factors  such  as  the  specific  gas 
properties,  the  defining  equation  of  state  of  the  gas,  and  the 
isentropic  relationships  used,  can  result  in  differences  in  the 
obtained  efficiency.  Whether  the  thermodynamic  or  the 
mechanical  method  is  better  for  measuring  efficiency  is 
strongly  dependent  on  the  objectives  of  the  testing  program 
as  well  as  the  turbine  configuration  and  how  the  loss  term  is 
treated.  If  a  satisfactory  estimate  of  the  loss  term  is  not 
available,  then  realistically  only  the  mechanical  method  can 
be  used. 

5.  SUMMARY  COMMENTS 

A  brief  description  of  the  Advanced  Aerothermal  Research 
Rig  (ATARR)  currently  under  development  at  Aero 
Propulsion  and  Power  Directorate  of  Wright  Patterson  Air 
Force  Base  has  been  presented.  ATARR  is  the  first  large 
scale,  short  duration  nirbine  facility  built  in  the  United  States 
for  integrated  aerodynamic  and  heat  transfer  testing.  It  has 
been  built  both  to  extend  our  capability  to  validate  turbine 
designs  and  provide  affordable  turbine  performance  testing. 
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Discussion 


QUESTIONS  1  &  2: 

DISCUSSOR:  P.  Harasgama,  ABB 

How  are  you  going  to  achieve  the  stated  accuracy  of  0.25%  on  aerodynamic  performance 
and  have  you  demonstrated  an  instrumentation  technology  that  can  achieve  such  levels  of 
measurement  accuracy? 

DISCUSSOR:  T.  Arts,  von  Karman  Institute 

With  the  presented  design  of  pressure  probe  rakes,  taking  into  account  blockage  effects 
and  how  shock  interactions  in  transonic  flows,  is  the  0.25%  goal  really  feasible  or 
achievable? 

AUTHORS'  REPLY  (to  related  questions  above): 

The  topic,  while  conceptually  easy,  is  extremely  complicated  to  document  and  the  results 
are  susceptible  to  multiple  interpretations.  This  paper  was  an  overview  of  the  ATARR 
facility,  discussing  only  small  parts  of  our  uncertainty  analysis.  A  more  detailed 
discussion  of  our  early  uncertainty  analysis  was  presented  at  the  Sacramento  Joint 
Propulsion  Conference^  based  on  underlying  research  done  at  Calspan.  Since  the 
completion  of  Reference  1,  additional  work  has  been  done  on  the  uncertainty  analysis 
and  the  will  soon  be  documented^.  In  essence.  Reference  1  focused  on  the  best  ways  of 
combining  temperature  and  pressure  data  to  obtain  the  efficiency  with  the  highest  degree 
of  accuracy,  not  how  to  reduce  the  instrument  uncertainty  which  contributes  to  the 
measurement  uncertainty.  Reference  1  can  be  summarized  by  four  statements: 

1)  Measurements  of  0.25%  efficiency  are  possible  given  existing  instrument 
technology  by  properly  performing  calibrations  and  reducing  other  sources  of  error  (such 
as  A/D  conversion,  amplifier  drift,  etc.)  to  a  minimum. 

2)  Real  gas  effects  can  be  of  the  same  magnitude  as  the  total  instrument 
uncertainty,  making  relative  accuracies  of  0.25%  (i.e.  the  difference  between  two  tests  in 
the  same  facility)  easier  to  achieve  than  an  absolute  measurement. 

3)  None  of  the  problems  in  making  high-accuracy  measurements  are  endemic  to 
short  of  medium  duration  facilities^.  Thus  if  a  particular  group  is  claiming  0.25% 
efficiency  measurements  on  a  facility,  the  same  instrumentation  calibration  used  at 
ATARR  should  achieve  the  same  accuracy. 

4)  Variations  between  facilities  will  probably  dominate  the  overall  absolute  error 
in  efficiency  measurements,  making  comparisons  of  measurements  on  the  same  turbine 
hardware  in  different  facilities  difficult  at  best. 

However,  we  believe  that  0.25%  efficiency  measurements  are  a  good  target,  worthy 
of  continued  pursuit.  It  forced  those  of  us  associated  with  ATARR  to  do  an  in-depth 
uncertainty  analysis  before  the  final  instrumentation  was  installed,  and  it  forced  us  to 
run  critical  tests  on  the  entire  system.  Tests  which  are  often  done  after  facilities  are  built, 
were  done  prior  to  facility  completion,  helping  to  locate  and  correct  potential  problems. 

This  is,  as  Moffat^  has  suggested  one  of  the  key  roles  of  a  proper  uncertainty  analyses. 

The  results  of  our  analysis  revealed  several  potential  problems  in  the  selected  A/D  system 
and  instrumentation. 

1)  Static  calibration  of  both  pressure  and  temperature  standards  to  the  required 
accuracy  were  accomplished.  We  are  presently  using  these  standards  to  calibrate 
temperature  and  pressure  rakes.  Preliminary  data  demonstrate  information  shows  that 
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static  calibration  of  the  pressure  rakes  and  RTD's  (resistance  temperature  devices)  can 
be  done  to  the  required  accuracy  levels.  We  are  still  in  the  process  of  calibrating 
thermocouple  rakes.  However,  using  these  diagnostics  in  a  dynamic  system  requires 
and  entirely  different  calibration  facility,  allowing  independent  variation  of  Mach 
number,  radiation,  and  facility  time  constants  to  assure  proper  calibration  of  the  recovery 
factors.  A  detailed  design  of  the  required  facility,  in  particular,  using  the  ATARR  itself 
to  calibrate  the  rakes. 

2)  The  A/D  system  purchased  was  a  software  programmable  amplifier,  A/D 
system  with  internal  calibration  capabilities.  The  goal  was  to  decrease  the  overall  test 
set-up  time  and  to  reduce  the  number  of  personnel  required  to  run  the  facility.  Several 
problems  were  noted: 

a)  When  calibrating  the  A/D  system,  the  internal  ground  was  different 
from  the  external  ground,  causing  an  unexpected  offset  in  the  amplifiers  which  was  on  the 
order  of  2-3  counts. 

b)  The  attenuators  caused  excessive  noise  in  the  output  signal.  The 
manufacturer  was  able  to  retrofit  the  system  prior  to  facility  commissioning  in  order  to 
resolve  these  problems. 

c)  One  of  the  analog  switches  used  to  switch  gains  on  the  amplifier  has  a 
strong  temperature  dependency.  This  creates  a  variation  in  the  gain  of  about  1.5%,  at  a 
gain  of  1000,  from  a  10°C  temperature  rise.  Redesigned  amplifiers  are  now  available, 
alleviating  the  problem.  For  the  old  amplifiers  which  still  exist  in  the  system,  a  fan  unit 
was  installed  which  stabilized  the  temperatures  and  reduced  the  problem  considerably. 
Further,  calibrating  the  amplifiers  immediately  before  and  after  a  test  documents  any 
amplifier  drift  and  allows  for  correction. 

The  overall  accuracy  of  the  instrumentation  system  is  a  function  of  how  well  one 
can  statically  (i.e.  at  one  point  in  time)  calibrate  the  system,  and  how  well  one  can 
document  the  total  system  drift.  The  following  is  an  outline  of  the  calibration  procedure 
as  a  function  of  time  that  we  are  currently  using: 

Step  1  (One-twos  month  before  instrument  installation  in  facility): 

Several  laboratory  calibrations  are  done  on  the  instruments  to  verify  their 
performance  as  a  function  of  their  primary  and  secondary  variables  (i.e. 
pressure  transducer  evaluated  based  on  pressure  and  temperature).  These  are 
done  over  time  to  verify  drift.  Each  instrument  calibration  is  flanked  by  an 
amplifier  calibration  to  evaluate  any  drift  in  the  amplifiers. 

Step  2  (Installation): 

The  instruments  are  installed  in  the  facility.  Data  at  room  conditions  is  obtained 
to  verify  that  no  ground  loops  have  been  created  and/or  that  there  is  no  increase  in 
noise  levels. 

Step  3  (Testing); 

3a  (Morning  of  the  experiment):  Calibrate  all  amplifiers 

3b  (Immediately  before  experiment):  Pill  supply  tank  and  test  section,  do  pre-test 
pressure  calibrations,  verify  temperature  uniformity  in  the  test  section 
3c  (Test):  Run  the  experiment 

3d  (Post-test  data):  Take  data  during  cool-down  time 

3e  (Immediately  after  experiment)  Fill  supply  tank  and  test  section,  do  post-test 
pressure  calibrations,  verify  temperature  uniformity  in  test  section 
3f  (After  experiment):  Calibrate  all  amplifiers 

All  of  these  steps  may  not  need  to  be  done  in  all  cases,  but  we  will  start  with 
this  system  to  verify  our  overall  instrument  drift.  It  should  be  evident  from  this 
discussion  that  significant  time  is  required  to  obtain  the  desired  accuracy.  This  level 
of  accuracy  lengthens  overall  testing  time. 

In  summary,  this  type  of  measurement  accuracy  is  right  on  the  edge  of  what  is 
achievable  using  existing  technology,  but  with  new  calibration  techniques.  We  believe  it 
to  be  a  good  goal  for  instrumentation  since  it  is  both  defined  and  achievable.  Since  we  are 
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still  in  the  process  of  calibrating  our  instruments,  we  do  not  have  a  definitive 
experimental  answer  yet.  In  addition,  we  will  not  know  what  our  dynamic  accuracy  is 
until  we  build  the  separate  calibration  facility  noted  earlier.  However,  we  have  gone  to 
great  length  to  document  our  work,  in  the  hope  that  whatever  our  results,  our  experience 
will  point  us  towards  better  instrument  designs  and  data  reduction  techniques. 
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TRANSIENT  THERNAL  BEHAVIOUR  OF  A  CONPRESSOR 
ROTOR  WITH  AXIAL  COOLING  AIR  FLOW  AND  CO¬ 
ROTATING  OR  CONTRA-ROTATING  SHAFT 

C.  Burkhardt,  A.  Mayer,  E.  Reile 
MTU  Motoren-und  Turblnen-Union  Munchen  GmbH 
8000  Munchen  50,  Germany 


Abstract 

Heat  transfer  measurements  were  made  in  a  fi¬ 
ve-cavity  compressor  drum  rig,  in  which  cooling 
air  passed  axially  through  the  centre  of  the 
discs.  The  rig  also  contained  a  central  drive 
shaft  which  could  be  either  co-  or  con¬ 
trarotated. 

Tests  were  conducted  for  different  mass 
flow  rates,  rotational  speeds  and  air  tempe¬ 
ratures.  Typical  engine  conditions  for  steady 
state  and  transient  operating  conditions  were 
simulated.  Local  Nusselt  numbers  were  obtained 
for  the  discs  of  one  cavity  and  compared  with 
other  published  results.  Furthermore  an  in¬ 
vestigation  into  the  effect  of  co  and  contra¬ 
rotating  shaft  on  the  surface  temperatures  of 
the  discs  and  on  the  Nusselt  number  distribution 
was  also  carried  out.  It  was  found  that  the  di¬ 
rection  of  rotation  and  speed  of  the  shaft  in¬ 
fluenced  the  disc  temperatures  as  well  as  the 
Nusselt  numbers. 

NOMENCLATURE 

a  inner  radius  of  cavity 

b  outer  radius  of  cavity 

g  acceleration  due  to  gravity 

G  gap  ratio,  =  s/b  ,  ,  ,  , 

GrL  local  Grashof  number,  0^  rL-’  BAT/p‘ 
k  thermal  conductivity 

L  characteristic  length,  =»  b-r 

m  coolant  mass  flow  rate 

N  rotational  speed 

Nu[^  local  Nusselt  number 

=  qc,s'>-/{Ts-Tref)-k 
p  pressure 

q  heat  flux 

r  radial  coordinate 

Rez  axial  Reynolds  number,  »  2pWa/p 

Reg  rotational  Reynolds  number,  •  pObVM 

s  axial  distance  between  discs 

t  time 

T  temperature 

Tj-ef  reference  air  temperature,  T5  in  this 

paper 

W  bulk-average  axial  velocity  at  inlet 

to  cavity 

X  nondimensional  radial  coordinate  =  r/b 

x<o  inner-to-outer  radius  ratio 

Xji  shaft-to-inner  disc  radius  ratio 

z  axial  coordinate 

B  coefficient  of  volumetric  expansion 

AT  temperature  difference,  -l/T^jf 

f  axial  Rossby  number,  •  W/Qa 

S  nondimensional  surface  temperature, 

-  {Ts-Tref)/(T*  max  ■  Tref) 
li  dynamic  viscosity 

V  kinematic  viscosity, p/p 

p  density 

n  angular  speed  of  cavity 


Subscripts 

c  pertaining  to  convection 

hub  hub  of  disc 

L  pertaining  to  characteristic  length 

max  maximum  value 

rim  rim  of  the  disc 
R  pertaining  to  rotor 

s  value  at  disc  surface 

SH  pertaining  to  shaft 


1.  Introduction 

In  a  gas  turbine  engine,  it  is  often  the  case 
that  cooling  air,  to  be  used  in  the  turbine,  is 
passed  through  the  centre  of  the  compressor 
discs.  Some  of  this  air  can  enter  the  cavities 
between  adjacent  corotating  compressor 
discs  as  a  result  of  rotationally  induced 
buoyancy  effects:  the  flow  inside  the  cavities 
is  significantly  affected  by  the  temperature 
difference  between  the  discs  and  coolant  as  well 
as  the  radial  temperature  profile. 

Since  the  designer  must  be  able  to  control  the 
thermal  behaviour  of  the  rotor,  an  understanding 
of  the  heat  transfer  phenomena  is  of  paramount 
importance.  On  the  basis  of  this  knowledge  the 
stress  levels,  fatigue  life  and  radial  growth 
can  be  predicted.  There  are  only  a  few  pu¬ 
blications  which  help  designers  understand  the 
fluid  dynamics  and  the  heat  transfer  in  rotating 
cavities  with  an  axial  throughflow.  Moreover, 
the  limited  work  that  does  appear  (Ref.  1)  has, 
in  contrast  to  the  present  paper,  concentrated 
on  single  plane  disc  cavities  without  a  heated 
shroud  and  with  disc  temperature  profiles  that 
did  not  always  reflect  those  in  an  engine  com¬ 
pressor. 

This  paper  concentrates  on  the  understanding  of 
the  heat  transfer  process,  under  simulated  engi¬ 
ne  conditions,  in  a  five  cavity  compressor  drum 
rig  (see  fig.  1)  with  an  axial  throughflow  of 
coolant.  The  rig  also  contained  a  central  drive 
shaft  which  could  be  either  co  -or  contrarota¬ 
ted.  For  the  analysis  of  the  test  results,  mea¬ 
sured  disc  surface  temperatures  were  used  as 
boundary  conditions  to  solve  the  heat  conduction 
equation  for  the  discs.  From  the  computed  surfa¬ 
ce  heat  fluxes  the  local  Nusselt  numbers  were 
obtained. 

2.  Rig  Tests 
2.1  Geometry 

Fig.  1  shows  the  configuration  used  for  the 
rig  tests  described  in  this  paper.  The  drum  as¬ 
sembly,  which  was  driven  by  an  electric  motor, 
comprised  the  last  four  discs  of  a  high  pressure 
compressor  and  reached  a  maximum  speed  of 
15500RPM.  The  rotor  cavity  geometry  and  the  ma¬ 
terials  used  corresponded  to  those  of  an  engine 
design. 


The  shaft  was  driven  by  the  use  of  an  air  impel¬ 
ler  (not  shown  in  fig.  1)  and  it  could  be  either 
CO-  or  contrarotated  relative  to  the  drum  assem¬ 
bly.  In  the  former  case  the  maximum  shaft  speed 
was  +  12000RPM  (the  same  as  the  drum);  in  the 
latter  case  the  maximum  shaft  speed  was  -11400 
RPM. 

In  this  paper  only  the  temperature  measurements 
from  the  middle  cavity,  formed  between  discs  2 
and  3,  are  discussed,  this  cavity  had  an  in- 
ner-to-outer  radius  ratio,  x^q,  of  0.286,  a  gap 
ratio,  G,  of  0.256  and  a  shaft-to-inner  disc 
radius  ratio,  Xji,  of  0.793. 


2.2  Air  System 

To  simulate  the  engine  compressor  stage  tempe¬ 
rature,  as  shown  in  Fig.  1  hot  air,  supplied 
through  a  pipe  arrangement,  was  impinged  onto 
the  outer  surface  of  the  drum. 

Cooling  air  was  supplied  through  inlet  ports 
arranged  in  the  hub  area  upstream  of  the  first 
disc.  This  air  passed  axially  through  the  an¬ 
nulus  between  the  central  shaft  and  the  hub  of 
each  successive  disc  before  leaving  the  rear  of 
the  drum  assembly  through  outlet  ports. 

The  test  facility  included  two  main  air  lines 
supplying  hot  and  cold  air  respectively.  The 
temperatures  of  the  impingement  and  cooling  air 
were  controlled  by  valves.  For  the  transient 
tests,  all  valves  were  simultaneously  switched 
from  cold  to  hot  or  vice  versa. 


2.3  Instrumentation  and  data  acouisition 

The  drum  assembly  was  instrumented  with  44 
Ni-Cr-Ni  thermocouples.  The  transmission  capaci¬ 
ty  from  the  rotor  system  was  limited  to  20  si¬ 
multaneous  signals.  Therefore,  three  instru¬ 
mentation  arrangements  were  provided.  By  repea¬ 
ting  a  test  and  altering  the  arrangement  it  was 
possible  to  obtain  measurements  from  all  the 
thermocouples  for  any  particular  test  condition. 
The  thermocouple  locations  for  the  middle  cavity 
can  be  seen  in  Fig.  1.  A  pyrometer  was  also  in¬ 
stalled  in  order  to  obtain  more  information  on 
the  shroud  temperature  at  the  outer  surface  of 
the  middle  cavity. 

Two  different  data  recording  systems  were  used. 
The  first  recorded  all  measurements  and  was  pre¬ 
dominately  used  for  steady  state  tests.  Moreover 
this  system  allowed  spot  checks  to  be  made.  The 
second  system  which  was  used  for  all  transient 
runs,  allowed  up  to  40  signals  per  second.  A 
smoothing  technic  was  employed  to  obtain  values 
every  1.5  seconds.  Both  systems  were  calibrated 
and  checked  regularly  to  minimize  experimental 
inaccuracies;  the  maximum  difference  noted  be¬ 
tween  any  two  thermocouples  was  less  than  1.0  K 
at  ambient  temperatures.  The  measurement  errors 
at  test  conditions  could  not  be  precisely  deter¬ 
mined  but  were  estimated  to  be  about  ±  1  %. 

The  coolant  mass  flow  was  measured  at  the  assem¬ 
bly  exit  by  an  orific  plate,  and  using  gas  ana¬ 
lysis  to  determine  any  leakage  through  the 
seals.  This  technique  produced  an  uncertainty 
of  ±3%  and  i2%  at  low  and  maximum  flow  rates 
respectively.  The  additional  leakage  through  the 
min  flanges  was  estimated  to  be  1%  of  the  cen¬ 
tral  axial  flow  at  the  full  load  condition  for 
the  middle  cavity.  Errors  in  pressure  and  rotor 
speed  were  negligibly  small. 


2.4  Test  Conditions 

Tests  were  carried  out  for  simulated  full 
load  and  idle  conditions  as  well  as  acceleration 
and  deceleration.  For  the  steady  state  tests, 
whilst  keeping  all  other  parameters  constant, 
the  effect  of  the  following  on  the  disc  tempe¬ 
rature  and  heat  transfer  was  investigated: 

-  rotor/shaft  speeds 

-  coolant  mass  flow  rates 

-  coolant/impingement  temperatures 

Transient  tests  were  carried  out  between  the 
idle  and  full  load  steady  state  conditions  for 
different  mass  flow  rates  and  for  both  a  co-  and 
contrarotating  shaft.  The  steady  state  condi¬ 
tions  for  simulated  full  load  and  idle  are  li¬ 
sted  in  Table  1. 

Fig.  2  shows  the  main  conditions  for  the  tran¬ 
sient  tests.  For  an  acceleration  test,  the  coo¬ 
ling  flow  rate,  pressure  and  rotor  speed  reached 
their  specified  values  after  approximately  10  - 
15  s.  For  the  impingement  air  it  was  more  than 
100  s.  Due  to  the  thermal  inertia  of  the  casing, 
the  coolant  air  temperature  required  a  longer 
time  period  to  reach  its  specified  value. 

3.  Data  Analysis 

If  the  temperature  histories  at  the  surface  of  a 
solid  are  known,  then  the  internal  temperature 
distribution  can  be  computed  by  solving  the  time 
dependent  heat  conduction  equation;  this  is  ter¬ 
med  a  direct  heat  conduction  problem.  Once  the 
temperature  field  has  been  calculated,  the  sur¬ 
face  heat  fluxes  and  the  subsequent  Nusselt  num¬ 
bers  can  be  determined. 

The  computation  was  carried  out  using  the  ther¬ 
mal  analysis  program  P/THERMAL  (PDA).  This  is  a 
hybrid  analysis  technique  based  on  the  combined 
use  of  finite  elements  and  the  heat  balance  fi¬ 
nite  difference  method.  The  computational  analy¬ 
sis  included  the  effects  of  radiation.  The  cal¬ 
culations  were  carried  out  with  the  aid  of  a 
2-dimensional  axisymmetric  finite  element  model. 
The  grid,  which  is  illustrated  in  Fig.  3,  com¬ 
prised  396  material  elements  and  82  convective 
elements.  The  latter  were  used  to  obtain  surface 
heat  fluxes.  The  shape  of  the  cavity,  modelled 
by  the  finite  elements,  is  a  reasonable  ap¬ 
proximation  to  the  geometry  shown  in  Fig.  1. 

The  mid  plane  of  each  of  the  two  discs  was  assu¬ 
med  to  be  adiabatic  (8T/3z  =  0).  This  assump¬ 
tion,  which  has  been  used  in  Ref.  2  is  conside¬ 
red  to  be  suitable  for  relatively  thin  discs 
with  large  radial  temperature  gradients. 

As  can  be  seen  from  Fig.  1,  the  number  of  ther¬ 
mocouples  used  for  the  calculation  was  limited 
to  only  four  per  disc. 

Due  to  the  fact  that,  for  each  timestep,  tempe¬ 
rature  values  had  to  be  allocated  to  the  in¬ 
dividual  surface  nodes  of  the  grid,  interpolated 
measured  temperatures  were  required.  Ref.  3  dis¬ 
cussed  an  investigation  into  interpolation  pro¬ 
cedures  whereby  the  number  of  measurement  loca¬ 
tions  was  considered.  From  these  results,  it  can 
be  deduced  that  for  the  present  case  a  "Bessel 
interpolation"  polynomial  is  the  most  suitable. 
Thermocouples  M5,  M9,  M13,  H16  were  used  for  the 
upstream  disc  and  M6,  HIO,  M14,  M16  for  the 
downstream  disc.  As  an  example.  Fig.  4  shows  the 
results  of  interpolated  surface  temperatures 
versus  radius  for  several  timesteps  for  the  up¬ 
stream  and  downstream  discs. 

The  coolant  air  passed  through  the  narrow  an¬ 
nulus  between  the  shaft  and  the  bore  of  the 
discs,  rjh  <  I"  <*•  As  a  boundary  condition 
the  bore  surface  temperatures  were  assumed  to  be 
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isothermal;  the  measured  temperatures  MS  and  M6 
were  used  for  discs  2  and  3  respectively.  Ther¬ 
mocouples  H18  and  M19  were  used  to  determined 
the  temperature  at  the  outer  surface  of  the 
shroud  of  the  middle  cavity.  During  later  tests 
the  signal  from  a  pyrometer  (as  shown  in  Fig.  1) 
was  also  recorded  to  improve  this  boundary  con¬ 
dition. 


In  the  numerical  procedure,  a  maximum  timestep 
of  2  sec  was  chosen.  The  initial  conditions  were 
obtained  by  solving  the  steady  state  conduction 
equation  with  (dT/dt)  -  0  and  using  the  boundary 
conditions  described  above. 

The  local  Mussel t  number  is  defined  by  : 

Nut*  dc.s'L  /  (Ts'Tref)  '  (^) 

where  L  is  a  characteristic  length,  Tj  is  the 
local  disc  surface  temperature,  T^ef  is  a  sui¬ 
table  reference  temperature,  and  k  the  thermal 
conductivity  of  the  fluid  which  is  evaluated  at 
T^ef.  Following  the  suggestion  of  Ref.  4,  for 
these  tests  the  characteristic  length  used  was 
(b-r),  and  T5  was  used  for  the  reference  tempe¬ 
rature,  T^ef- 

4.  Rio  Test  Results 

4.1  Temperature  Profiles 

Since  the  flow  inside  the  cavity  is  affected 
by  buoyancy  forces  the  disc  temperature  dis¬ 
tribution  has  a  significant  effect  on  the  disc 
heat  transfer.  Fig.  5  shows  the  variation  of 
nondimensional  surface  temperature,  6  ,  against 
nondimensional  radial  coordinate,  x,  where  S  - 
(Ts-Tfef)/(Ts,max'Tref)  4'’^  ^  4*'^ 

subscript  'max'  is  used  to  denote  the  maximum 
disc  surface  temperature  for  the  test.  The  cur¬ 
ves  shown  are  for  the  full  load  condition. 


4.2  Transient  tests 

The  transient  loadcases  included  both  accelera¬ 
tions  and  decelerations,  similar  to  actual  engi¬ 
ne  conditions,  for  three  different  coolant  air 
flow  rates  as  well  as  with  either  a  co-  or  con¬ 
trarotating  central  shaft.  Table  1  shows 
the  steady  state  conditions  at  the  beginning  and 
end  of  the  transients  mentioned  above. 

Fig.  6  illustrates  results  in  terms  of  Nusselt 
number  variation  with  time  for  a  contrarotatio- 
nal  shaft.  Test  results  for  two  different  coo¬ 
ling  flow  rates  for  an  acceleration  and  a  dece¬ 
leration  are  presented  for  the  upstream  and 
downstream  discs.  Most  of  the  calculated  Nusselt 
numbers  are  positive  which  implies  that  heat  is 
convected  from  the  disc  surface  to  the  fluid. 

The  results  are  valid  for  the  following  ranges 
of  characteristic  parameters: 

2.710<  <  Re,  <  9.5-10^,  1.9-10®  <  Re^  < 

5.6-10®,  0.08  <  MT  <  0.14 

Also  shown  in  Fig.  6  is  the  correlation 
of  Ref.  4  given  as: 

Nul  -  0.0054  RezO-3  Gri_0-25  (2) 

This  was  obtained  from  experimental  results 
where  both  discs  had  the  same  temperature  dis¬ 
tribution  which  increased  with  radius. 

The  correlation  shown  corresponds  to  the  steady 
state  condition  at  the  end  of  the  transient  pro¬ 


cess.  As  can  be  seen,  it  reasonably  predicts  the 
heat  transfer  for  the  central  and  outer  radii  of 
the  discs. 


From  the  results  it  is  possible  to  state  the 
following: 

-  The  Nusselt  numbers  determined  for  the  up¬ 
stream  disc  2  are  greater,  than  those  for  the 
downstream  disc  3. 

-  For  the  time  range  shown,  in  the  main,  the 
upstream  disc  has  Nusselt  numbers  which  are 
greater  in  the  hub  area  than  those  at  the  larger 
radii;  this  occurs  for  both  acceleration  and 
deceleration. 

-  For  the  downstream  disc,  the  Nusselt  numbers 
are  generally  smaller  in  the  hub  area  than  at 
the  outer  radii  for  acceleration.  For  decelera¬ 
tion,  however,  the  opposite  occurs  at  the  be¬ 
ginning  of  the  transient  period  but  as  time  in¬ 
creases  the  Nusselt  numbers  decrease  and  become 
invariant  with  radius. 

-  The  difference  in  Nusselt  numbers  between  the 
upstream  and  downstream  discs  is  more  si¬ 
gnificant  at  the  lower  radii. 

-  For  all  transient  tests,  there  is  a  greater 
variation  of  Nusselt  number  with  time  at  the 
lower  radii . 

-  An  increase  in  coolant  flow  rate  from  30X  to 
100%  of  the  maximum  decreases  the  Nusselt  num¬ 
bers  on  the  upstream  disc  and  increases  them  on 
the  downstream  disc. 

It  should  be  born  in  mind  that  the  choice  of 
reference  temperature,  T^gf.  is  important  in 
correctly  computing  the  Nusselt  numbers.  In  the 
present  work  a  common  reference  temperature,  T5, 
was  used  for  both  the  upstream  and  downstream 
discs  of  the  middle  cavity.  Indeed,  if  the  heat 
fluxes,  rather  than  the  Nusselt  numbers,  are 
compared,  the  differences  between  the  discs  are 
greatly  reduced. 

4.3  Steady  State  Tests 

In  order  to  assess  in  more  detail  the  effects  of 
cooling  flow  rate  on  the  heat  transfer,  steady 
state  tests  were  carried  out  in  which  all  para¬ 
meters  but  the  flow  rate  was  kept  constant. 

For  both  the  idle  and  full  load  conditions, 
three  flow  rates  were  used:  30%,  60%  and  100%  of 
the  values  shown  in  Table  1.  For  the  upstream 
disc  Fig.  7  shows  the  effect  of  the  flow  rate  on 
the  radial  temperature  profile  for  both  load 
conditions.  Similar  graphs  were  obtained  for  the 
downstream  disc. 

Fig.  8  shows  the  Nusselt  numbers,  for  the  three 
flow  rates  for  the  upstream  and  downstream  discs 
under  the  full  load  condition.  As  was  noted  abo¬ 
ve  for  the  transient  results  an  increase  in  flow 
rate  decreases  the  heat  transfer  on  the  upstream 
disc  but  decreases  the  heat  transfer  on  the 
downstream  disc. 

The  results  presented  so  far  were  all  obtained 
with  a  contrarotating  shaft.  Fig.  9  illustrates 
the  effect  of  shaft  rotational  speed  ranging 
from  maximum  contrarotation  (-11400  RPM)  to  co¬ 
rotation  (•fl2000  RPM)  on  the  steady  state  coo¬ 
ling  air  and  disc  temperatures.  For  each  shaft 
rotational  speed,  tests  were  carried  out  with 
three  different  coolant  flow  rates  whilst  kee¬ 
ping  all  other  variables  constant.  Although  Tj 
was  constant  for  all  shaft  speeds,  T5  varied 
slightly.  This  is  probably  due  to  the  heat 
transfer  effect  of  the  two  upstream  cavities. 

The  disc  temperatures  decrease  as  the  shaft 
speed  approaches  the  drum  speed.  This  effect  is 
more  pronounced  for  the  higher  flowrates  and  the 
downstream  disc.  Fig.  10  shows  that,  as  the 
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shaft  speed  varies  from  its  maximum  contra  to 
its  maximum  corotational  values,  there  is  a  con¬ 
tinuous  increase  in  the  Nusselt  numbers  for  both 
discs. 

5.  Conclusions 

Heat  transfer  experiments  have  been  conducted 
using  a  five  cavity  compressor  drum  rig  with  an 
axial  throughflow  of  coolant  air. 

The  results  from  one  of  the  cavities  have  been 
presented.  The  geometry  comprised  an  inner-to- 
outer  radius  ratio,  x^oi  of  0.286,  and  a  gap 
ratio,  G,  of  0.256.  The  rig  also  contained  a 
central  drive  shaft,  with  a  shaft-to-inner  disc 
radius  ratio  of,  Xj^,  0.793,  which  could  be  eit¬ 
her  CO-  or  contrarotated.  Simulated  compressor 
radial  disc  temperature  profiles  (increasing 
with  radius)  were  used  for  the  rig  tests. 

The  local  Nusselt  numbers  were  obtained  from  the 
conduction  solution  using  boundary  conditions 
which  included  measured  disc  surface  tempe¬ 
ratures.  The  results  were  obtained  for  the  fol¬ 
lowing  ranges  of  characteristic  parameters; 

2.7-10<  <  Re^  <  9.5-10^,  1.9-106  <  pe^  < 

5.6-106,  0.08  <  4AT  <  0.14 

The  main  conclusions  are: 

-  Under  identical  test  conditions,  the  heat 
transfer  for  the  upstream  disc  tends  to  be 
greater  than  that  for  the  downstream  disc. 

-  The  upstream  disc  has  Nusselt  numbers  which 
are  greater  in  the  hub  area  than  those  at  the 
larger  radii  for  both  acceleration  and  decelera¬ 
tion.  For  the  downstream  disc,  the  Nusselt  num¬ 
bers  are  smaller  in  the  hub  area  than  at  the 
outer  radii  for  acceleration.  For  deceleration, 
however,  the  opposite  occurs  at  the  beginning 

of  the  transient  period  but  as  time  increases 
the  Nusselt  numbers  decreases  and  become  in¬ 
variant  with  radius. 

-  An  increase  in  flow  rate  decreases  the  heat 
transfer  on  the  upstream  disc  but  increases  the 
heat  transfer  on  the  downstream  disc. 

-  For  the  variation  of  the  shaft  rotational 
speed  ranging  from  -  11400  to  +  12000  RPH, 
whilst  all  other  parameters  were  kept  constant, 
the  steady  state  disc  temperatures  tend  to  de¬ 
crease  as  the  shaft  speed  approaches  the  drum 
speed.  This  effect  ,  which  is  greater  for  the 
downstream  disc,  is  more  pronounced  for  larger 
coolant  flow  rates.  In  addition,  for  both  discs 
the  Nusselt  number  increase  as  the  shaft  speed 
approaches  that  of  the  drum. 

The  present  work  has  only  concentrated  on  the 
disc  heat  tansfer.  However,  a  simple  heat  ba¬ 
lance  for  the  middle  cavity,  using  the  differen¬ 
ce  between  the  cavity  inlet  and  outlet  tempera¬ 
tures  shows  that  the  heat  flux  from  the  shroud 
is  indeed  greater  than  that  from  both  discs. 

This  is  a  topic  which  needs  further  attention 
as  discussed  in  Ref.  5. 

In  response  to  this  and  other  questions,  the 
analysis  is  continuing  at  present,  and  it  is 
hoped  to  obtain  correlations  that  could  be  of 
use  to  the  designer. 

This  work  has  presented  results  from  simulated 
engine  geometries  and  conditions.  To  fully  un¬ 
derstand  the  complex  flow  and  heat  transfer  phe¬ 
nomena  in  rotating  cavities  with  an  axial 
throughflow,  a  combined  theoretical  and  experi¬ 
mental  study  is  required  including  rigs  such  as 
that  described  here  and  simplified  geometries  as 
discussed  in  Ref.  4. 


References 
Ref.  1  Owen,  J.M. 

Flow  and  heat  transfer  in  rotating  disc 
systems;  ICHMT  International  symposium 
in  heat  transfer  in  turbomachinery, 
Athens,  August  1992 

Ref.  2  Long,  C.A. 

Transient  analysis  of  temperature  mea¬ 
surements  on  discs  of  the  R6199  H.P. 
vented-rotor  compressor.  University  of 
Sussex;  86/TFMRC/87,  June  1986 

Ref.  3  P.G.  Tucker,  C.A.  Long 

A  finite  element  analysis  of  compressor 
disc  heat  transfer  using  the  transient 
conduction  method  with  sparse  boundary 
collocation  points.  Second  international 
conference  on  advanced  computational 
methods  in  heat  transfer,  1992,  Milan, 
Italy 

Ref.  4  P.R.  Farthing,  C.A.  Long,  J.M.  Owen  and 
J.R.  Pincombe 

Rotating  cavity  with  axial  throughflow 
of  cooling  air;  ASME,  90-GT-16 

Ref.  5  Long  C.A.,  Tucker  P.G. 

Shroud  heat  transfer  measurements  from  a 
rotating  cavity  with  an  axial 
throughflow  of  air;  ASME,  92-GT-69 


IDLE 


FULL 

LOAD 


Nr 

ROTOR  SPEED 

RPM 

8000 

12000 

NsH 

SHAFT  SPEED 

RPM 

-4000 

-8000 

m 

COOLING  FLOW  RATE 

kg/s 

0.08 

0.35 

P 

PRESSURE 

bar 

1.16 

2.76 

T5 

REFERENCE  AIR  TEMP. 

K 

340 

392 

M18 

SHROUD  TEMP.  AT 

DISC  2 

K 

440 

577 

M19 

SHROUD  TEMP.  AT 

DISC  3 

K 

448 

610 

Table  1  Initial  and  final  steady  state  conditions  for  the  transient  runs 
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Flg.1  Cross-section  through  the  compressor  test  rig 
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upstream  disc  downstream  disc 

Fig. 6  Radial  variation  of  Nussalt  number  during  an  acceleration 
and  declaration  with  a  contrarotating  shaft 

~  _  correlation  (2) 


?00  5 
400  S 

^IIHE:  100  5 
-B-||f1E:2400  5 


The  results  are  valid  for  the  following  ranges 
of  characteristic  parameters: 


NUSSELT  NUMBER 
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Effect  of  cooling  flow  rata  on  the 
radial  temperature  distribution 
for  disc  2 


RRDIUS  [MM:  -PDlUS  [MM] 

Fig. 8  Effect  of  cooling  flow  rate  on  the  Nusselt  numbers  at  full  load  and  a  contra- 
rotational  shaft  for  the  (a)  upstream  and  (b)  downstream  disc 


Fig. 9  Effect  of  shaft  rotational  speed  on  the  cooling  air  and  disc 
temperature  for  three  different  cooling  flow  rates. 
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Fig. 10  Effect  of  shaft  rotational  speed  on  the  disc  Nusselt  number  at  full  load 
for  (a)  upstream  disc  and  (b)  downstream  disc 


Discussion 


QUESTION  1: 

DISCUSSOR;  J.  Dixon,  Rolls  Royce 

I  note  that  radiation  has  been  taken  into  account  in  the  analysis  of  the  rotating  cavity  with 
axial  throughflow  and  heated  shroud.  Was  radiation  found  to  be  significant? 
AUTHOR'S  REPLY; 

From  the  literature  it  is  well  known  that  radiation  can  have  a  significant  effect  on  the 
heat  transfer  in  cavities  with  discs  having  different  surface  temperatures.  In  the  present 
work,  calculations  with  and  without  radiation  revealed  that  the  difference  in  heat  flux 
was  approximately  10  -  15%. 

QUESTION  2: 

DISCUSSOR:  M.  Owen,  University  of  Bath 

The  authors  are  to  be  congratulated  for  obtaining  Nusselt  numbers  from  the  compressor 
disks  of  an  actual  engine.  The  evaluation  of  Nusselt  numbers  from  measured  surface 
temperatures  is  a  badly  conditioned  problem,  and  small  errors  in  the  measured 
temperature  can  cause  large  errors  in  the  computed  Nusselt  numbers.  Also  the  effect  of 
uncertainties  in  the  boundary  conditions  on  the  bore  of  the  discs  can  cause  uncertainties 
in  the  compiled  Nusselt  numbers  at  the  small  radii  of  the  disc.  Are  the  variations  of  the 
Nusselt  number  near  the  center  of  the  disc  caused  by  physical  effects  or  errors?  Having 
said  that,  it  is  pleasantly  surprising  to  see  that  experimental  conditions  (obtained  from 
rig  at  different  conditions  from  the  engine)  agree  under  many  conditions  with  the  values 
of  the  Nusselt  number  measured  by  the  authors,  particularly  at  the  larger  radii. 
AUTHOR’S  REPLY: 

A  numerical  study  into  the  variation  of  temperature  profiles  in  the  bore  region  is  being 
carried  out  at  present  in  order  to  find  out  whether  the  variation  of  Nusselt  number  is 
caused  by  physical  effects  or  by  errors  in  interpolation  or  measurement  respectively. 
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RESUME 

Les  temperatures  de  fonctionnement  des  turbomacbines 
obligent  les  constnicteurs  i  refroidir  les  parties  du  moteur 
situees  en  aval  de  la  chambre  de  combustion  et  notamment  les 
turbines. 

La  connaissance  de  Tdcoulement  d’air  dans  les  circuits  de 
ventilation  est  indispensable  pour  opLmiser  le  refroidissement 
des  moteurs.  Afin  de  determiner  precisement  les  phenomenes 
d'echanges  de  cbaleur  et  les  efforts  aerodynatmques  sur  les 
parois  de  cavites  de  formes  complexes.  Snecma  utilise  le  code 
MATHILDA  ddveloppe  a  I’ONERA. 

Le  code  MATHILDA  resout  les  equations  de  Navier-Stokes 
tridimensionnelles,  pour  des  ecoulaments  de  fiuide 
compressible.  Les  equations  soot  traitees  a  I’aide  d'une 
metbode  volumes  finis  sur  un  maillage  structure.  Le  schema 
de  resolution  est  decentre  d'ordre  2,  Une  metbode  implicite 
de  type  ADI  permet  de  stabiliser  et  accdierer  le  calcul. 

Cet  article  presente  les  travaux  de  validation  du  code 
MATHILDA  pour  des  applications  aux  ecoulements  dans  des 
cavites  interdisques.  Les  cas  presentds  ont  ete  etudies  par  la 
raise  en  oeuvre  de  la  version  bidimensionnelle  axisymetrique. 

Deux  types  de  cavites  experimentales  ont  servi  aux 
validations,  des  cavites  Rotor/Stator  et  des  cavites 
Rotor/Rotor.  Les  solutions  obtenues,  comparees  aux  mesures 
experimentales.  sont  satisfaisantes.  d'un  point  de  vue 
aerodynamique  et  d'un  point  de  vue  thermique. 

Le  dernier  calcul.  sur  une  configuration  reelle  de  cavite 
interne  de  moteur,  permet  d'apprebender  les  difficultes 
rencontrees  dans  la  raise  en  oeuvre  de  ce  type  de 
modeiisation.  et  de  mesurer  I’apport  d'un  code  r^solvant  les 
Equations  de  Navier-Stokes  pour  la  description  des 
^ulements  de  refroidissement. 

INTRODUCTION 

Les  performances  atteintes  par  les  turboreacteurs  actuels  sont 
obtenues  en  partie  grfice  a  une  temperature  de  fonctionnement 
de  la  turbine  trbs  eievde.  Ce  trbs  haut  niveau  de  temperature 
des  gaz  qui  circulent  dans  le  moteur  oblige  les  molonstes  a 
refroidir  les  pibces  en  contact  avec  I' air  chaud. 

Pour  assurer  le  refroidissement  des  elements  de  turbines,  de 
Pair  froid  est  preieve  dans  le  coropresseur  et  acheraine  au 
travels  de  circuits  de  ventilation  vers  les  disques  et  aubes  de 
turbines.  Les  geometries  de  ces  circuits  sont  generalement 
complexes,  et  induisent  des  ecoulements  ob  les  effets 
physiques  sont  deiicats  a  modeiiser  (fortes  recirculations, 
gradients  de  temperahires  importants,  pbenombnes  de  parois, 
^changes  de  cbaleur  et  efforts  aerody namiques  . . . ) . 

Pour  concevoir  les  canaux  et  les  cavites  par  lesquels  passe 
Pair  de  refroidissement,  et  pour  completer  les  outils 
classiques  de  dimensionnement  que  sont  les  correlations, 
Snecma  utilise  le  code  MATHILDA  developpe  a 


PONERA/OE  [1],  et  participe  a  sa  validation.  Le  code 
MATHILDA  est  presente  dans  une  premiere  partie. 

La  premiere  phase  d’industhalisation  du  code  pour  son 
application  aux  ecoulements  dans  les  cavites  interdisques  est 
la  validation  dans  des  configurations  experimentales. 

Plusieurs  installations  foumissent  les  donnees  qui  servirontde 
base  de  comparaison  pour  les  calculs.  Ces  bancs  sont  le  banc 
CRETE  [2],  situe  a  PONERA,  et  qui  simule  Pdcoulement 
dans  une  cavite  Rotor/Stator,  le  banc  BEATRICE  [3]  situe 
chez  Snecma,  qui  represente  Pecoulement  dans  une  cavite 
Rotor/Rotor  de  type  cavite  entrainee.  Pour  completer  la 
validation,  des  donnees  experimentales  issues  de  la 
bibliogiaphie  (4)  sont  utilisees. 

Les  comparaisons  calcul/experience  portent  generalement  sur 
les  coefficients  d’echanges,  les  pressions,  les  coefficients  de 
moment.  Pappreciation  qualitative  de  Pecoulement.  Elies  font 
Pobjet  de  la  deuxieme  partie  de  cet  article. 

Enfin  un  calcul  sur  une  geometrie  reelle  de  cavite  est  presente 
dans  une  troisieme  partie.  Cette  appbcation  permet  de  se 
rcndre  comptc  de  la  coraplexite  des  geometries  rencontrees, 
de  la  variete  des  phenomenes  physiques  qui  se  developpeni  et 
de  Pinteret  d'un  calcul  Navier-Stokes  pour  la  prevision  de  ce 
genre  d'ecoulement. 

1  PRE.SRNTAT10N  DU  CODE  MATHILDA 

1.1  Generalltes 

Le  code  MATHILDA  a  ete  utilise  pour  calculer  divers  types 
d'ecoulements  turbulents  dans  des  cavites,  subsoniques  ou 
supersomques,  stationnaires  ou  non  (5).  Aujourd’bui,  la 
majorite  des  applications  conceme  Petude  des  transferts  de 
masse  et  d’energie  dans  les  circuits  de  ventilation  et  de 
refroidissement  des  turbomachmes.  La  premibre  dtape  du 
processus  de  vaUdation  a  consist^  a  analyser  la  stability  de 
I'algorithme,  a  mesurer  la  precision  des  resultats  en  fonction 
de  la  finesse  du  maillage,  et  a  dvaluer  les  performances  des 
modules  physiques.  Cette  £tude  s’est  faite  sur  des 
configurations  simples  [6-7-8]:  canaux  fixes  ou  en  rotation, 
cavites  annulaires  entre  disques  parallbles. 

1.2  Modeles  physiques  el  schemas  numerinues 

Le  code  MATHILDA  permet  d'intdgrer  les  Equations 
instationnaires  de  bilan  de  I'adrothermique  (masses, 
impulsion.  6nergie,  etc...)  sur  un  maillage  curviligne 
quelconque  a  deux  ou  h  trois  dimensions.  Le  vecteur  vitesse, 
les  gradients  et  les  tenseurs  sont  mesurds  dans  un  rephre 
carl^sien  qui  peut  dventuellement  £tre  mobile. 

Le  fiuide  considdrd  est  un  mdlange  non  r^actif  de  gaz  parfaits. 
dont  les  propridt^s  thermodynamiques  peuvent  varier 
lin^airement  avec  la  temperature.  La  modeiisation  des 
transferts  mrbulents  repose  sur  Phypotfibse  de  Boussinesq.  La 
viscosite  tourbillonnaire  est  reliee  h  deux  quantites 
caracteristiques  de  la  turbulence:  son  dnergie  cinetique  K,  et 
une  ecbelle  de  longueur  L.  qui  represente  la  taille  des  gtos 
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tourbilloas.  Ces  deiu  quantiles  peuvent  Stre  calculdes  en  Des  mesures  de  pressions  et  de  vicesses  sent  r^alisdes  en  deux 

ebaque  point  soil  grace  &  une  hypotbise  d'dquibbre  de  type  positions  radiales  qui  correspondent  aux  rayons  rdduits  0.41 

alg6brique  (modble  de  longueur  de  mdlange  de  Prandtl),  soil  et  0.78,  sur  toute  la  bauteur  de  I'entrefer. 
par  integration  d’une  ou  de  deux  equations  de  bilan  (modules 
KetlC-L).[l). 


En  tridimensionnel,  le  reseau  de  calcul  est  un  empilement 
d’bexabdres  adjacents  deux  e  deux,  dont  la  forme  et 
I’agencement  peuvent  btre  quelconques:  il  se  compose  en 
general  d'un  ensemble  de  sous-domaines  limites  par  six 
portions  de  surface  sur  lesquelles  les  maillages  coincident.  Ce 
mode  de  structuration  permet  de  prendre  en  compte  des 
geometries  assez  complexes.  Cbaque  element  de  volume  (ou 
cellule)  est  limite  par  six  facettes  (ou  interfaces).  Les 
parambtres  geombtriques  nbeessaires  b  I'algoritbme 
d’intbgration  -  volumes  et  vecteurs  surface  -  soot  calculbs  a 
partir  des  coordonnbes  des  noeuds  du  maillage  [1],  de 
maoibre  b  garaotir  la  conservabvitb  du  systbme. 

Toute  interface  pent  btre  a  priori  cboisie  comme  un  blbrnent 
de  paroi  fixe  ou  toumante,  sur  laquelle  on  impose,  en  plus  de 
la  Vitesse  angulaire,  un  niveau  de  temperature  ou  un  flux  de 
cbaleur.  Sur  les  bonds  du  domaine  de  calcul,  les  autres  types 
de  limites  possibles  sont:  les  entrees  de  fluide  b  conditions 
generatrices  imposbes  ou  celles  b  dbbit  donnb,  les  sorties  b 
pressioo  statique  fixbe  en  subsonique,  les  plans  de  symbtiie, 
les  surfaces  de  pbriodicitb,  etc. 

Les  equations  de  bilan  sont  disetetisbes  sur  cbaque  cellule, 
suivant  la  technique  des  volumes  finis.  Les  flux  b  travers  les 
interfaces  sont  exprimbs  en  fonction  de  I'btat  de 
I’bcoulement  au  centre  des  cellules  environnantes:  de  part  et 
d’autre  de  cbaque  interface,  deux  btats  plus  ou  moins 
dbeentTbs  sont  obtenus  a  I'aide  d' interpolations  paraboUques 
de  type  “MUSCL”,  qui  sont  cottigbes  par  une  procedure  de 
“limitation  des  pentes";  la  partie  rbversible  des  flux  (Euler) 
est  alors  calculbe  b  I'aide  d'un  sebbma  basb  sur  la 
dbcompositioD  de  la  matrice  jacobienoe  suivant  ses  trois 
sous-espaces  propres  [9];  les  frottemenis  et  les  flux  de 
diffusion  soot  calculbs  au  centre  des  bexabdres  grace  b  la 
formulation  intbgrale  de  Green  (1|.  puis  sont  interpolbs  et 
projetbs  sur  les  interfaces.  Lorsque  le  maillage  au  voisinage 
des  parois  est  trop  grossier  pour  capter  les  sous-couebes 
visqueuses,  un  modble  algbbrique  d'bcbanges  paribtaux,  basb 
sur  r  approximation  de  Couette,  permet  de  faire  le  pont  entre 
condition  de  non-glissement  et  calcul  au  point  couraot. 

Le  systbme  d’bquations  diffbreotielles  ordinaires  ainsi  obtenu 
est  intbgrb  b  I’aide  d'un  sebbma  implicite  d'ordre  un  ou  deux, 
qui  permet  dans  une  certaine  mesure  d’bcbapper  b  la 
limitation  CFL  du  pas  de  temps.  Le  systbme  d'bquatioos 
obtenu  aprbs  linearisation  est  factorisb  suivant  les  trois 
directions  du  maillage,  et  le  travail  consiste  b  rbsoudre 
successivemeot  trois  sbries  de  systbmes  tridiagonaux  par 
blocs.  Les  systbmes  Unbaires  correspondant  b  une  direction 
donnbe  sont  iodbpeodants  les  uns  des  autres;  ils  sont  classbs 
suivant  leur  taille,  puis  traitbs  par  lots,  ce  qui  permet  une 
vectorisation  efficace  de  I’enserable  de  i'algoritbme  [  10). 

2  VALlDA-nONS  EXPERIMENTALES 

2.1  Ecoulement  dans  une  cavttb  Rotor/Stator 

Montase  exvirimentol 

Le  montage  du  banc  CRETE  est  prbseotb  sur  la  figure  1. 11  $e 
compose  de  deux  disques  paraUbles  dont  I'un  est  mis  en 
mouvement  de  rotation  autour  de  leur  axe  commun. 

La  cavitb  est  alimentbe  par  le  moyeu,  I'air  btant  bjeetb  b  la 
pbripherie.  Le  rayon  maximum  est  de  300  mm,  I'entrefer  de 
30nim. 

La  Vitesse  de  rotation  est  bgale  b  6000  tr/mn,  ce  qui 
correspond  b  un  nombre  de  Reynolds  de  I’ordrc  de  10^.  Le 
debit  d’ alimentation  est  bgal  b  ISO  g/s,  Tbcoulement  btant 
centrifuge. 


Figure  1  ;  Montage  CRETE,  cavite  Rotor/Stator 
R^sultats  num^riques 

Etant  donnbes  la  geometrie  du  dispositif  experimental,  les 
conditions  d’ alimentation  en  air  et  la  vitesse  de  rotation, 
I’bcoulement  est  considbrb  comme  axisymbtrique.  Le 
maillage  dans  un  plan  axial  (figure  2)  compoite  40  points 
dans  la  direction  r^iale  et  37  points  dans  la  direction  axiale. 
Des  ressercements  prbs  des  parois  assutent  la  prbscncc  des 
premibres  mailles  dans  la  couebe  Umite  turbulente. 


Figure  2 :  Montage  CRETE,  maillage  37x40 

La  visuaUsaUon  des  vecteurs  vitesse  (figure  3)  montre  une 
recirculation  importante  dans  la  cavitb  qui  s’btend  jusqu'au 
rayon  rbduit  r=0,S  et  une  autre  sitube  prbs  de  I'bjectioo  qui  est 
moins  btendue.  L’effet  de  la  centrifugation  le  long  du  rotor 
est  marqub  par  des  vecteurs  vitesse  plus  importants  que  pour 
le  stator. 
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L'exameo  de  revolution  du  coefficient  d’entrainement  en 
fonction  de  I’entiefer  montre  un  bon  accord  avec  les  mesutes 
pour  le  rayon  r=0,78  (figure  4)  et  un  resultat  legerement 
moins  bon  pour  r=0,41  (figure  5).  Cette  difference  s'explique 
par  la  localisation  du  rayon  0,41  dans  une  zone  de 
recirculation,  les  calculs  ayant  ete  realises  avec  un  modele 
algebrique  de  longueur  de  melange.  L'influence  de  la 
recirculation  se  fait  surtout  sentir  pres  du  stator,  ators  que 
pres  du  rotor  I’effet  d'acceieration  centrifuge  guide 
I’ecoulement  et  attenue  I'effet  de  cette  recirculation. 


Rgure  3  :  Montage  CRETE,  vecteurs  vitesse 


Figure  5  :  Montage  CRETE,  coefficient  d’entrainement, 
r=0,41 

Sur  ce  cas  ont  ete  realises  des  tests  d'initialisation  du  calcul. 
Bn  effet  la  oes  grande  diversite  de  geometries  qui  peuvent 
etre  ttaitees  par  MATHILDA  a  oblige  d'implanter  une  phase 
de  demarrage  du  calcul  qui  part  du  repos  a  I'instant  initial. 

Une  technique  purement  numerique  consiste  a  initialiser  le 
calcul  turbulent  par  un  calcul  laminaire.  La  figure  6  montre 
I’interSt  de  cette  mise  en  oeuvre  sur  revolution  du  residu 
pour  requation  de  conservation  de  la  masse.  Les  residus 
decroissent  d’un  facteur  1(X)  apres  3000  iterations,  dans  le  cas 
d’une  initialisation  turbulente  avec  un  pas  de  temps  egal  i  30 
CFL.  Pour  le  meme  nombre  d' iterations  et  le  mSme  pas  de 
temps,  r initialisation  laminaire  permet  une  decroissance  d'un 
facteur  lOOOO. 


lnltl*lla«tlon  turbulanta 


Figure  4 :  Montage  CRETE,  coefficient  d'entrainement, 

r=  0,}o 


Figure  6 ;  Montage  CRETE 

Influence  de  I’initialisation  sur  la  convergence  du  calcul 
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2.2  F^uW-ment  dans  une  caviU  entrain^ 
expirimerttal 

Le  montage  BEATRICE  (figure  7)  permet  d’^tudier  les 
ph^nom^nes  de  convection  dans  les  cavitds  Rotor/Rotor,  n 
repr^sente  une  cavit£  formie  de  deux  disques  chau/f^s  en 
rotation,  alimentde  en  air  par  le  moyeu. 

Le  disque  aval  est  instruments  en  thermocouples  pour 
permettre  les  mesures  de  coefficients  d’Schanges. 

ft)ur  le  cas  StudiS  les  conditions  d’Scoulements  sent  les 
suivantes : 

"  Vitesse  de  rotation  :  5317  tr/mn 

-  dSbit :  2,60  kg/s 

-  pression  totale  d’alimentadon  ;  5,42  bars 

-  tempSrature  totale  d' alimentation  :  71,66  “C 


Figure  7 :  Montage  BEATRICE 
Maillage  65  x  65  points 


Risultaxs  numiriaues 

Le  maillage  utilisS  pour  les  calculs  comprend  65  points  dans 
la  direction  radiale  et  65  points  dans  la  direction  axiale.  Le 
maillage  (figure  7)  est  resserrS  prSs  des  parois  afln  de 
respecter  le  domaine  de  validitS  des  lois  de  paroi. 

Les  calculs  ont  StS  rSalisSs  avec  un  modSle  de  turbulence  de 
type  longueur  de  mSlange.  En  plus  des  conditions  de 
tempSrature  et  de  pression  totales,  de  taux  de  turbulence  et  de 
longueur  de  melange,  la  pr6rotation  du  fluide  est  imposee  en 
ent^e  de  cavit6. 

Le  pas  en  temps  adopts  pour  faire  avancer  la  solution  vers 
l’6lat  stationnaire  est  6gal  i  40  CFL.  A  I’insunt  initial,  le 
fluide  a  un  mouvement  de  rotation  uniforme  dans  toute  la 
cavitd,  les  couches  limites  dynamiques  et  thermiques  ne  sont 
pas  ini6alis6es. 

Les  flux  de  chaleur  et  frotlemenls  n'6tant  pas  flx6s  apris 
10000  iterations,  le  calcul  a  ete  poursuivi  jusqu’4  I'iteration 
20000.  Cela  correspond  i  un  temps  CPU  d'une  heure  sur  le 
calculateur  CRAY  YMP  de  I’ONERA,  soit  8  ps  par  point,  par 
iteration  et  par  equation. 

L’evolution  des  residus  (figure  8)  montre  la  bonne 
convergence  du  code  sur  les  cinq  variables  conservatives  du 
calcul. 


Figure  9 :  Montage  BEATRICE 
Champ  de  vitesses 


22-5 


Entre  les  deux  disques  I'^coulement  est  essentiellement 
axisymetrique  (effet  d’entrainemenc).  La  figure  9  montre  la 
faible  peuetratiou  du  debit  dans  la  cavity.  On  peut  aussi  noler 
la  presence  des  effets  centrifuges  sur  les  couches  limites  qui 
se  developpent  sur  les  parois  verticales.  Enfin  une 
recirculation  apparait  par  effet  d’entrainement  par  le  fluide 
d^bitant  du  fluide  r^sidant  dans  la  cavitd. 

Le  coefficient  d’ecbange  qui  est  mesure  (figure  10) 
correspond  au  rapport  du  flux  de  chaleur  sur  la  difference  de 
temperature  entre  la  paroi  et  le  fluide  debitant  (  a  =  Qp  /  (Tp 
-  Ttre)  oil  Ttre  est  la  temperature  totale  relative  ^  I’entree  de 
la  cavite).  Les  courbes  1  et  2  de  la  figure  10  montient  le 
coefficient  d’ecbange  calcuie  par  MATHILDA  aprbs 
respectivement  10000  et  20000  iterations.  La  difference  entre 
les  deux  calculs  n’excbde  pas  10%  de  la  valeur  experimentale 
et  la  difference  entre  les  mesures  et  les  calculs  est  toujours 
inferieure  ^  20%  sauf  pour  le  fond  de  la  cavite. 

Un  test  sur  1' influence  de  la  prerotation  du  fluide  sur  le  calcul 
des  coefficients  d’echange  sur  le  disque  aval  a  ete  realise.  La 
Vitesse  de  rotation  a  ete  annuiee.  La  courbe  3  de  la  figure  10 
montre  le  resultat  obtenu  pour  le  calcul  des  coefficients 
d'echanges.  Pour  les  rayons  eieves  (entre  0.2  m  et  0.24  m)  il  y 
a  une  difference  de  I’ordre  de  20%  avec  le  calcul  precedent. 
Plus  pres  du  moyeu  la  difference  est  moms  importante,  dans 
cette  zone  de  I’ecoulement  la  vitesse  axiale  est  preponderante 
et  I'effet  de  la  prerotation  se  fait  moins  sentm. 


«.  tio.  no.  m.  i9».  m. 


Figure  10  :  Montage  BEATRICE 
Evolution  du  coefficient  d’echange  a  la  paroi  en  fonction 
du  rayon 

2J  Ecoulement  dans  une  cavite  Rotor/Rotor 
Montaee  expirimmal 

Les  donnees  expeiimentales  utilisees  pour  ce  troisibrne 
exemple  de  validation  sont  foumies  par  les  etudes  d'Owen  et 
Rogers  [4]  sur  les  systbmes  en  rotation. 

La  geometrie  se  compose  de  deux  disques  paralieies  en 
rotation  avec  une  alimentation  axiale  au  moyeu  et  une  sortie 
radiate  en  peripherie.  La  modeiisation  choisie  est 
bidimensionnelle  el  axisymetrique;  les  trous  d'ejection  du 
fluide  sont  done  remplaces  par  une  fente  equivalente,  e'est  d 
dire  respectant  le  debit  total  sortant  de  la  cavite. 


Le  disque  aval  est  instrumente  en  thermocouples  et  Ton 
dispose  de  donnees  expeiimentales  pour  les  coefficients 
d'^hange  sur  la  paroi. 

Plusieurs  regimes  de  rotation  et  plusieurs  debits  d' injection 
ont  ete  etudies  par  les  auteurs.  Nous  presentons  les  resultats 
pour  deux  valeurs  de  debit  D=0, 1  kg/s  et  D=0,05  kg/s,  et  pour 
une  valeur  de  la  vitesse  de  rotation  egale  a  D  =  207  rd/s. 

RisuUats  num^riaues 

Le  maillage  utilise  pour  les  calculs  est  compose  de  81  points 
dans  la  direction  axiale  et  de  81  points  dans  la  direction 
radiale  (Figure  11).  Les  resserrements  du  maillage  pits  des 
parois  verticales  permettent  de  placer  les  premiers  points  de 
maillage  dans  la  zone  logarithmique  de  la  couebe  limite 
lurbulente. 


Figure  1 1  :  Cavite  Rotor/Rotor 
Maillage  81  x  81  points 

Pour  cette  configuration  les  calculs  ont  ete  realises  avec  le 
modele  K-L. 

Les  figures  12  et  13  montrent  les  vecteurs  vitesses  pour  les 
conditions  de  debit  D=0,1  kg/s  et  D=0,05  k^s. 

On  peut  observer,  notamment  pour  le  debit  le  plus  ^lev6,  la 
structure  classique  de  I'^coulement  dans  une  cavity 
Rotor/Rotor.  En  effet  I’^coulement  peut  se  decomposer  en 
plusieurs  zones,  la  region  source  ou  zone  de  recirculation, 
situee  dans  la  partie  inferieure  de  la  cavite  (moitie  de  la  cavite 
pour  D=0.1  kg/s  et  tiers  de  la  cavite  pour  D=0,05  kg/s),  le 
noyau  ou  zone  d’ecoulement  purement  tangentiel  dans  des 
conditions  isolhermes,  situe  dans  la  partie  superieure  de  la 
cavite,  et  enfin  les  couches  d'Ekman  qui  se  developpent  le 
long  des  parois. 

La  comparaison  entre  les  tallies  de  recirculations  calcuiees  et 
celles  mesurees  montre  un  bon  accord,  la  difference  dans  les 
deux  cas  etant  de  I’ordre  de  5%. 

Les  mesures  expeiimentales  permettent  de  valider  le  code  sur 
les  coefficients  d’echange  calcuies  sur  le  disque  aval  de  la 
cavite.  Les  resultats  montrent  que  la  qualite  des  resultats 
depend  fortement  de  la  nature  de  I’ecoulement.  En  effet  les 
resultats  numeriques  et  les  mesures  se  recoupent  bien  pour  la 
partie  de  paroi  qui  se  trouve  en  face  du  noyau.  En  revanche 
ils  sont  moins  precis  pour  la  zone  de  paroi  corresp>'ndant  k  la 
zone  source,  ce  qui  se  voit  sur  la  figure  14  pour  E>=0,1  kg/s  et 
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sur  la  figure  15  pour  D=0,05  kg/s.  Ce  comportemeut 
s'explique  par  I’utilisation  de  lois  de  parols  qui  out  ili 
calibr^^  pour  des  ^ulements  de  couches  limites  et  doot  la 
validity  pour  les  ^ulements  d&:oll6i  n’est  pas  assume. 


Figure  12 :  Cavite  Rotor/Rotor,  0=0,1  kg/s,  fi=207  rd/s 
Vecteurs  vitesses 


Figure  13  :  Cavite  Rotor/Rotor,  0=0,05  kg/s,  0=207  rd/s 
Vecteurs  vitesses 


Nusseit 


Rayon  {m} 

Figure  14  ;  Cavite  Rotor/Rotor,  0=0,1  kg/s,  0=207  rd/s 
Coefficient  d’echange  sur  la  paroi  aval 


Nusseit 


Rayon  (m) 

Figure  1 5 :  Cavity  Rotor/Rotor,  0=0,05  kg/s,  0=207  rd/s 
Coefficients  d’4change  sur  la  paroi  aval 


Les  trois  exemples  de  validations  presentees  precedemment 
mettaient  en  oeuvre  des  geometries  simples.  De  plus  les 
conditions  de  fonctionnement  de  ces  bancs  experimentaux  ne 
sont  pas  toujours  representatifs  des  ecoulements  dans  les 
moteurs.  Ce  dernier  exeraple  de  calcul  dans  une  configuration 
Rotor/Stator  que  nous  presentons  est  typique  des  appUcations 
du  code  MATHILDA  pour  le  dimensionnement  des  moteurs 
d’avions. 

La  geometrie  modeiisee  represente  une  cavite  de  preiivement 
d'air  froid  sous  compresseur.  □  s’agit  done  d'une  cavite 
comprise  entre  un  stator  S  (figure  16)  et  deux  rotors  R1  et  R2. 
De  I' air  est  preieve  dans  la  veine  en  amont  et  en  aval  du  stator 
et  evacue  par  un  orifice  de  preiivement  P.  La  hauteur  de 
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veine  complete  D'est  pas  prise  en  compte,  on  ne  mod^lise  que 
50%  de  celle-ci,  I'effet  du  pr^l^vement  sur  I’^coulement  dans 
la  veine  £taot  limits. 

Les  conditions  de  fonctionnement  representees  sont : 

-  Vitesse  de  rotation  10000  tr/mn 

-  pression  statique  dans  la  veine  20  bars 

-  pression  statique  au  prelevement  16  bars 

-  ddbit  d’air  dans  la  veine  150  kg/s 

-  temperature  de  paroi  750  -  BOOK 

-  temperature  d’air  750K 

Le  matilage  realise  (figure  16)  pour  le  calcul  compte  155 
points  dans  la  direction  radiale  et  2(X)  points  dans  la  direction 
atiiale. 


P 


Figure  16  :  Cavite  Rotor/STATOR,  cas  moleur 
Maillage  1 55  x  200  points 

Les  buts  de  cette  validation  sont  de  comparer  les  valeurs  de 
debits  calcules  en  differents  points  de  la  cavitc  avec  les 
valeurs  donnees  par  les  methodes  de  dimenstonnement.  ct 
aussi  d’etudier  la  structure  de  I’ecoulement  afin  de  prevoir  les 
u-ansferts  de  chaleur. 

Les  principales  caracteristiques  de  cet  ecoulement  sont 
requilibre  des  debits  qut  passent  en  amont  et  en  aval  du 
stator,  la  presence  de  recirculations  et  les  echanges  de  chaleur 
relativement  peu  eieves. 

Le  champ  des  vitesses  en  amont  du  stator  (figure  17a)  montrc 
la  forte  recirculation  qui  s’etablit  dans  toute  la  cavite  et  qui 
conduit  le  fluide  vers  I’onfice  de  prelevement.  II  faut  notcr 
que  cette  recirculation  en  induit  une  autre  plus  faible, 
contrarotative.  a  la  sortie  du  labynnthe  erqu'elle  entrame  une 
partie  de  I’air  provenant  de  ce  labyhnthe  vers  le  prelevement. 
Dans  cette  zone  I'entrainement  du  fluide  par  le  rotor  reste 
faible.  la  vitesse  dans  le  plan  mendien  etant  preponderante 
par  rapport  a  la  vitesse  tangentielle. 

Dans  la  cavitd  en  aval  du  stator  (figure  17b)  deux 
recirculations  contrarotatives  se  developpent.  I’ecoulement  le 
long  du  rotor  etant  centripete  pour  celle  sc  situant  dans  la 
partie  supeneure  de  la  cavite  et  centrifuge  pour  celle  occupant 
la  partie  inferieure.  Cela  signifie  que  I'introducuon  de  fair  de 
la  veine  dans  la  cavite  se  fait  le  long  du  rotor. 

Dans  le  labyrinthe  (figure  17c)  on  reirouve  une  certaine 
periodicite  de  I'ecoulement  dans  les  deux  cavites.  La  encore 
on  note  la  presence  de  deux  recuculations.  le  fluide  etant 
entraine  prbs  du  stator  par  le  debit  qui  passe  de  la  cavite  aval 
vers  la  cavitd  amont. 

Toutes  ces  recirculations  ont  une  influence  sur  la  repartition 
de  temperature  dans  I'ensemble  de  la  cavite.  Sur  la  figure  18 
qui  repr6sente  les  lignes  iso-temp6rature  totale. 


I'augmentation  de  densitd  des  lignes  iso  indique 
r^chauffement  du  fluide. 

Dans  la  cavitd  en  amont  du  stator  le  fluide  au  centre  de  la 
recirculation  est  a  la  meme  temperature  que  dans  la  veine.  Le 
ph6nomene  de  rechauffement  le  long  du  rotor  est  propagd  par 
le  mouvement  de  recirculation. 

II  faut  noter  I’importance  du  rechauffement  de  I’air  au 
passage  du  labyrinthe  et  I’effet  des  recirculations 
contrarotatives. 


Figure  17  :  Cavit6  Rotor/Stator,  cas  moteur 
Champ  des  vitesses 
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Figure  18  :  Cavite  Botor/Stator,  cas  moteur 
Lignes  iso-temperature  totale 

CONCLUSION 

Des  calculs  de  validation  a^rothermique  du  code 
MATHILDA  en  configuration  bidimensionnelle 
axisymetrique  ont  r^alis^s  pour  des  ecoulements  dans  des 
cavitis  Rotor/Stator  et  Rotor/Rotor. 

La  comparaison  des  r^sultats  de  calculs  et  des  mesures 
exp^rimentales  a  montr^  un  accord  satisfaisant  d’un  point  de 
vue  adrodynamique  et  d'un  point  de  vue  thermique. 

La  phase  d'initialisation  joue  un  rdle  important  sur  la  vitesse 
de  convergence  du  calcul. 

L'utilisation  d'un  code  de  calcul  basd  sur  la  resolution  des 
equations  de  Navier-Stokes  permet  une  analyse  complete  des 
phenomenes  apparaissant  dans  les  cavites  complexes  de 
turbomachines. 

Neanmoins  des  developpements  restent  necessatres  pour 
ameiiorer  le  temps  de  calcul.  la  validite  des  lots  de  parois 
dans  ie  cas  d’ecoulements  decolies.  I'application  du  modele 
K-L  aux  ecoulements  ^  bas  nombre  de  Reynolds  et  la  mise  en 
oeuvre  d'un  calcul  sur  des  geometries  complexes. 


Plusieurs  evolutions  sont  actuellement  testees  (modele  K-L 
ameliore)  ou  developpees  (version  multi -domaines  du  code)  ^ 
rONERA. 

D' autre  part  les  travaux  de  validation  se  poursuivent  chez 
Snecma  sur  des  configurations  experimentales  et  sur  des 
applications  rdelles  aux  cavitds  de  refroidissement  des 
moteurs. 
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Discussion 

QUESTION  1; 

DISCUSSOR;  J.W.  Chew,  Rolls  Royce 

I  was  very  interested  in  your  results,  particularly  those  for  the  rotor-rotor  example  with 
axial  throughflow.  Are  the  experimental  data  that  you  compare  with  generally  available? 
AUTHOR'S  REPLY: 

Yes,  this  data  will  be  published.  We  will  compile  all  the  results  in  a  publication  shortly. 
QUESTION  2: 

DISCUSSOR:  M.  Owen,  University  of  Bath 

The  flow  in  a  rotating  cavity  with  an  axial  throughflow  is  often  nonaxisymmetric.  Have 
you  computed  the  three-dimensional  flow  for  the  case?  If  so,  have  you  found  cases  where 
the  flow  is  nonaxisymmetric? 

AUTHOR’S  REPLY: 

We  have  purposely  tried  to  choose  our  configurations  for  their  nearly  axisymmetric 
behavior  because  we  are  interested  in  the  entrainment  effect.  We  have,  however,  started 
three-dimensional  calculations  with  the  aim  of  showing  that  the  axisymmetric 
calculations  can  be  used  for  industrial  applications  even  if  they  are  not  perfect.  We  don't 
think  that  the  flow  is  purely  axisymmetrical,  but  we  do  think  that  the  assumption  is 
sufficient  for  our  purpose  at  this  time.  We  know  that  when  you’re  injecting  a  flow  in  a 
cavity  behind  a  blading  you  have  a  heterogeneity  in  the  pressures  in  the  tangent  direction 
and  that  this  will  have  a  three-dimensional  effect  on  the  flow  in  the  cavity.  The  three- 
dimensional  calculations  will  determine  the  error  in  our  present  method  of  treating  the 
problem. 
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STUDY  OF  FLOW  STRUCTURE  IN  ROTATING  CAVITIES:  NUMERICAL  PREDICTIONS 
OF  LAMINAR  AND  TURBULENT,  STEADY  AND  UNSTEADY  FLOWS. 

P.  Maubert,  R.  Schiestel,  L.  Elena,  A.  Randriamampianina,  A.M.  Chaouche, 

E.  Crespo  del  Arco  &  P.  Bontoux 
Institut  de  Mdcanique  des  Fluides,  IM2,  Unitd  Mixte  34  CNRS 
1,  rue  Honnorat.  F- 13003  Marseille,  France. 


SUMMARY 

The  flow  regimes  in  rotating  cavities  (modelling  co¬ 
rotating  disks  or  rotor-stator  systems),  with  or  without 
throughflow,  are  studied  by  numerical  approach  using 
different  techniques:  spectral  and  rmite  volume  methods. 
Comparisons  between  these  techniques  have  been  carried 
out  for  a  typical  test  case.  The  solutions  have  been  also 
compared  satisfactorily  to  asymptotical  approximations 
and  to  experimental  results,  llie  computations  with 
spectral  methods  have  been  carried  out  until  the  onset  of 
unsteady  instabilities  and  transition  to  mrbulence.  The 
turbulent  regimes  have  been  treated  with  finite  volume 
method  based  on  modelling  derived  from  k-e  or  algebraic 
model  of  second  order. 

LIST  OF  SYMBOLS 
a  Inner  radius  of  the  cavity 
b  Outer  radius  of  the  cavity 
c  Axial  clearance  of  the  exit 
Mass  flow  rate  (=QA'b) 

Dj  Particle  derivative 

Fr  Froude  number  (sfl^AR/g) 
g  Gravity  acceleration 

G  Gap  ratio  (=s/b) 

h  Half  of  axial  width  of  the  cavity 

L  Aspect  ratio  (=AR/2h) 

p  Mean  pressure 

p'  Fluctuating  pressure 

Pr  Prandtl  number  (=v/x) 

Q  Volumetric  flow  rate 

r  Radius 

R  Normalized  radius  (=r/s) 

Ra  Rayleigh  number  (=gPATAR^PrAr^) 

Rjj  Reynolds  stress  tensor  (=  u'j  u' j  j 

R^  Curvature  parameter  (=(a-»-b)/AR) 

Re  Reynolds  number  (=2f2AR^/v) 

RCf  Geostrophic  Reynolds  number 

(=SVg/v) 

Re^  Rotational  Reynolds  number  (=nb^/v) 

Ro  Turbulent  Rossby  number  (=eAf2) 

Roth  Thermal  Rossby  number  (=PAT) 

s  Axial  width  of  the  cavity  (=2h) 

T  Mean  temperature 

Tj  Temperature  at  r=a 

T^  Temperature  at  p=b 

Tq  Reference  temperature  (=(Tj,+Tg)/2) 

t'  Fluctuating  temperature 

Uj  Mean  velocity 
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Fluctuating  velocity 

Axial  mean  velocity  at  inlet  (at  z=0) 

Normalized  radial  velocity  (sUp/ilr) 

Geostrophic  velocity 

Radial  mean  velocity  at  inlet  (at  r=a) 

Normalized  circumferential  velocity  (=Ug/f2r) 
Axial  coordinate 

Normalized  axial  coordinate  (=z/s) 

Thermal  expansion  coefficient 
Thermal  diffusivity 
Ekman  layer  thickness 
Unit  tensor 
Source  thickness 
Sink  thickness 

Radial  width  of  the  cavity  (=b-a) 

Temperature  difference  (=T(,-Tg) 

Dissipation  rate  of  mrbulent  kinetic  energy 
Isotropic  part  of  dissipation  rate 
Alternate  tensor 

Geostrophic  Rossby  number  (=Vg/f2r) 
Laminar  flow  parameter 
(=2.828  C  Re-*/2(R  +i)-l/2) 

Kinematic  viscosity 
Density 

Circumferential  coordinate 
Rotation  vector  (=(12,0,0)) 

Angular  speed 

Streamfunction 

Vorticity 


1.  INTRODUCTION 

The  knowledge  of  the  flow  structure  and  heat  transfer 
inside  rotating  disk  systems  is  of  crucial  importance  for 
high  speed  gas  turbine  design.  Improving  the 
performances  of  the  gas  turbines  at  very  high 
temperances  is  a  difficult  task  that  has  led  the  designers 
to  focus  their  interest  on  the  fluid  cooling  system.  In 
order  to  perform  high  levels  for  developed  power  and  to 
improve  the  thermal  efficiency  in  turbomachinery,  the 
main  flow  is  heated  up  to  1800°K  at  the  exit  of  the 
combustion  chamber.  This  fact  leads  to  heat  transfers 
from  the  hot  fluid  that  produce  temperature  increases  in 
the  vital  components  of  the  motor,  such  as  turbine  blades 
and  disks.  In  spite  of  important  progress  in  the  field  of 
materials  resistance,  the  blades  and  the  disks  of  the 
nirbines  caimot  bear  such  thermal  gradients.  These  will 
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result  in  a  dilatation  of  the  various  components  that 
should  be  overcome  by  loosing  distances  between  solid 
structures,  and  then  a  decrease  of  efficiency. 

In  order  to  remedy  to  this  problem,  the  components  of 
the  motor  must  be  irrigated  by  using  the  flow  of  '‘cool" 
air  drawn  from  the  stages  of  the  high  pressure 
compressor.  The  objective  is  thus  to  get  a  precise 
description  of  the  type  of  flow  structures  and  of  the 
distribution  of  temperatures  in  the  circulation  of  cooling 
fluid  between  disks.  Optimizing  the  machine  efficiency 
results  from  favorable  geometry  and  flow  circulation  but 
also  from  preserving  the  main  flow  from  perturbations 
due  to  an  introduction  of  cooling  air. 

In  the  case  of  cavities  subjected  to  block  rotation,  the 
essential  objective  is  to  know  how  the  cooling  air  can  be 
renewed  by  the  cooling  flow  rate.  For  the  rotor-stator 
systems,  in  addition  to  the  renewing  process,  it  appears 
the  problem  of  the  injection  of  cooling  air  in  the  main 
flow  and  the  possible  reverse  flow  of  hot  air  inside  the 
cavity. 

Previous  studies 

Many  experimental,  numerical  and  theoretical  studies 
have  been  devoted  to  the  flow  between  rotating  coaxial 
disks.  The  basic  model  corresponding  to  the  flow  over  a 
free  disk  has  been  studied  for  the  first  time  by  Von 
Karman  [1]  using  an  integral  method.  Numerous 
experimental  studies  have  been  carried  out  by  Owen  and 
co-workers  (ref.  [3]  to  (12)).  A  general  survey  of  the 
typical  flow  structures  is  given  in  ref.  (2). 

We  shall  consider  two  main  cases;  the  rotating  cavity 
with  a  radial  throughflow  and  the  flow  between  a  rotating 
disk  and  a  stationary  casing.  In  the  first  case,  the 
structure  of  the  flow  is  typical  of  a  source  sink  flow  in 
which  four  regions  can  be  distinguished;  the  source 
region  at  the  inlet,  the  sink  region  at  the  outlet,  the 
Ekman  layers  along  the  lateral  walls  and  a  central  core  of 
gcosirophic  flow.  The  thickness  of  the  Ekman  layers  is 
controlled  by  the  rotation  speed  and  the  extent  of  the 
source  region  is  mainly  governed  by  the  coolant  flow  rate 
Cw  Owen  and  Pincombe  have  made  theoretical  studies 
relying  on  Hide's  solutions  [131.  They  have  made  also 
visualizations  and  laser  doppler  measurements  [11]  in  the 
rotating  cavity  with  axial  inlet  and  radial  outlet  through  a 
cylindrical  perforated  shroud  and  found  spatially  periodic 
instabilities  associated  with  laminar-turbulent  transition 
at  large  flow  rates.  The  associated  heat  transfer  problem 
has  been  smdied  by  Owen  and  Bilimoria  [9],  Owen  and 
Onur  [10]  and  also  Northrop  and  Owen  [6,7].  Theses 
authors  have  identified  several  forced  convection  regimes 
and  they  have  given  correlations  for  the  Nusselt  numbers 
on  the  upstream  wall. 

One  of  the  first  experimental  studies  of  the  fluid 
mechanics  associated  with  the  rotation  of  a  smooth  disk 
enclosed  in  a  cylindrical  chamber  was  that  of  Daily  and 
Nece  [  14].  The  authors  have  distinguished  four  regimes: 
merged  laminar  boundardy  layers,  separate  laminar 
boundary  layers,  merged  turbulent  boundary  layers, 
separate  turbulent  boundary  layers.  In  each  case  moment 
coefficients  were  measured.  Daily  et  al.  [15]  also  studied 
enclosed  disk  systems  using  a  similar  test  rig  and  gave 
more  detailed  measurements  including  mean  velocity 
profiles.  More  recently,  a  very  detailed  experimental 


investigation  on  enclosed  rotating  disks  has  been 
undertaken  by  Itoh  et  al.  [16].  The  authors  have  made 
measurements  of  the  mean  velocity  distributions  and  all 
the  six  components  of  the  Reynolds  stress  tensor. 
Velocity  distributions  in  the  boundary  layers  are  shown 
to  be  similar  at  constant  local  Reynolds  numbers. 

Numerical  approach  has  been  developed  by  Chew  [17]  for 
laminar  flow  [18].  Koosinlin,  Launder  and  Sharma  [19] 
considered  the  turbulent  case  using  a  mixing  length 
model  taking  into  account  the  rotation  effects  through  a 
rotation  Richardson  number  in  the  spirit  of  Bradshaw 
approach  [20].  Sharma  [21,22]  applied  the  low  Reynolds 
number  k-e  model  to  the  flow  on  a  free  disk.  The  k-e 
model  was  also  used  by  Chew  [23]  to  predict  turbulent 
flow  in  a  rotating  cavity  with  radial  flux  using  wall 
functions  approximation  near  the  solid  boundaries. 
However,  for  several  reasons  (wall  treatment, 
convergence  of  iterative  process)  the  model  failed  to 
predict  the  essential  characteristics  of  the  flow  and  the 
author  points  out  the  need  of  a  more  refined  insight. 
Chew  used  afterwise  [24]  the  mixing  length  approach  and 
found  good  agreement  with  experimental  data.  The 
rotating  cavity  with  radial  flux  has  been  studied  by  Morse 
[25]  with  a  modified  low  Reynolds  number  k-£  model 
which  allows  a  far  more  realistic  description  of  the 
Ekman  layer  region  using  a  refined  mesh  near  the  wall. 
More  recently,  lacovides  and  Theofanopoulos  [26,27] 
used  second  order  modelling  developed  in  Launder's  group 
to  predict  various  rotating  disk  configurations  including: 
corotating  disks  with  radial  inlet  or  outlet,  enclosed  disks 
with  and  without  throughflow,  corotating  disks  in  an 
enclosure.  In  the  fully  turbulent  core  the  authors  use  the 
k-E  model  or  an  algebraic  stress  mode!  while  in  the  near 
wall  region  a  mixing  length  with  Van  Driest  type 
correction  is  used. 

Considering  the  complexity  of  the  flows  under 
consideration  including  effect  of  rapid  rotation  on 
turbulence,  confinement  and  wall  effects  on  turbulence 
with  Ekman  layers  development,  interaction  with  heat 
transfer,  a  general  predictive  method  is  still  not 
available.  Advanced  turbulence  models  have  to  be  tested 
in  simple  geometries  which  arc  representative  of  the 
physical  interactions  involved  and  for  which 
experimental  data  are  available  for  comparisons. 

2.  GEOMETRIES 

The  flow  between  corotating  compressor  or  turbine  disks 
and  that  between  a  turbine  disk  and  an  adjacent  stationary 
casing  can  be  respectively  modelled  by  a  rotating  cavity 
and  by  a  rotor-stator  system.  The  basic  geometries, 
studied  in  this  paper,  are  illustrated  in  Figure  1.  This 
comprises  a  rectangular  section  of  an  aimular  domain  of 
height  s(=2h)  in  the  axial,  z-direction  and  from  r=a  to  rsb 
in  the  radial,  r-direction. 

The  different  configurations  correspond  to: 

-  differentially  heated  cavities  (RCT); 

-  rotating  cavities  submitted  to  a  source-sink  throughflow 
with  radial  outflow  and  radial  (RCR)  or  axial  (RCA) 
inflow; 

-  differentially  rotating  (rotor-stator)  cavities  (RSI  and 
RS2). 
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To  examine  the  influence  of  thennal  gradients  on  systems 
with  uniform  rotation  (Problem  RCT),  the  two  vertical 
cylinders  are  held  at  constant  temperatures,  and 
and  the  gravity  vector  is  oriented  antiparallel  to  the 
vertical  axis  of  rotation.  For  Problems  RCR  and  RCA, 
involving  a  superposed  throughflow,  the  sections 
corresponding  to  the  source  and  sink  of  fluid  rotate  at  the 
same  angular  velocity  as  the  endwalls.  For  differential 
rotation  (Problems  RSI  and  RS2),  one  endwall  (the 
stator)  is  stationary  while  the  other  endwall  (the  rotor) 
and  the  outer  cylinder  (shroud  attached  to  the  rotor)  rotate 
at  the  same  rate.  The  inner  cylinder  of  the  configuration 
is  either  held  at  the  same  rotation  rate  (RSI)  or 
stationary  (RS2). 


(c)  (e) 


Figure  1.  Geometries:  Differentially  heated  cavity 
(RCT)  (a);  Rotating  cavity  with  radial  (RCR)  (b)  or  axial 
(RCA)  (c)  inflow;  Differentially  rotating  cavities  (RS1 , 
RS2)  (d,  e). 

3.  GOVERNING  EQUATIONS 
The  general  governing  equations  are  written  for  a 
newtonian  fluid  with  the  Boussinesq  approximation.  The 
density  is  taken  to  be  constant  except  in  the  effective 
body  force  terms  (buoyancy,  Coriolis  and  centrifugal)  as 
suggested  by  Homsy  and  Hudson  [28],  De  Vahl  Davis  et 
al.  [29]  and  Randriamampianina  et  of.  [30].  That  is: 


p  =  Po{l-P(T-To)} 


(1) 


where  pQ  and  To(=  (Tj, +T3)/ 2),  are  the  reference 
density  and  temperature,  and  p  is  the  thermal  expansion 
coefficient. 

The  Navier-Stokes  and  energy  equations  are  considered  in 
the  time  dependent  form  and  axisymmetry  is  assumed. 
Different  scalings  for  the  velocity  are  used  depending  on 
the  mechanism  smdied  [31].  The  geometry  is  defined  by 
the  aspect  ratio  L=AR/2h  and  the  curvature  parameter 
R^=(a-i-b)/AR.  The  physical  parametas  are  characterized 
by  the  following  dimensionless  groups: 

-  the  Prandtl  number,  Pr=v^  , 

-  the  Reynolds  number,  Re=2DAR^At, 

-  the  Froude  number,  Fr=£J^AR/g, 

-  the  Rayleigh  number,  Ra=pATgAR^Pr  /v^, 

-  the  mass  flow  rate,  C^=Q/vb. 

For  the  RCR  configuration,  the  forced  flow  at  the  source 
is  parallel  and  modelled  by  a  given  radial  velocity 
profile;  the  flow  is  also  assumed  to  rotate  with  the  same 
angular  velocity  as  the  cavity  walls.  At  the  sink,  a 
Dirichlet  type  condition  is  used  for  the  velocity 
components. 

4.  ASYMPTOTIC  SOLUTIONS 
Analytical  solutions  carmot  be  obtained  for  the  entire 
flow  field  of  all  the  problems  considered,  so  the 
theoretical  models  are  based  on  asymptotic  boundary 
layer  solutions  (Stewartson  [32],  Robinson  [33],  Hunter 
[34],  Hide  [13],  Homsy  and  Hudson[28]). 

4.1.  Problem  RCT  -  Rotation  and  Buoyancy 
Driven  Convection 

For  the  range  of  parameter  values  considered,  the  flow  is 
governed  by  the  competition  between  buoyancy, 
Coriolis  and  centrifugal  forces  which  successively 
dominate  as  the  rotation  rate  is  increased.  For  small 
Froude  numbers  (Fr«l)  the  centrifugal  force  is 
negligible  and  associated  boundary  layer  regimes  have 
been  investigated  theoretically  by  Robinson  [33]  and  by 
Hunter  [34]  for  Rni»l.  These  flows  can  be  decomposed 
into  three  distinct  zones:  the  core,  the  Ekman  and  the 
Stewartson  layers.  Asymptotic  solutions  for  the  radial 
and  azimuthal  velocities  have  been  determined  for  the 
Ekman  layers.  These  layers  develop  along  the  radial  walls 
when  Re»l  and  Roth/Fr«l,  (with  Roth=PAT).  The 
solutions  are  expressed  as  follows  (see 
Randriamampianina  et  al  [30]): 


«A=VA,ef[e^s>nCi+e  (2) 

va  =  VArefVL[l  -  e^‘  cosCi  COSC2]  (3) 


f. 

where: 


VAref 


Ra 


Re 

2^J2L 


Cl  =  A(z  - 1),  C2  =  A(z  + 1),  and 

(4) 
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The  nuxiimim  values  of  vdodty  are: 
e“*'^Ra 

“^“«“4V2L5^^Re’ 


and  when  Re - 


Ra 

* - 5 - 

4L^Re 


(5) 

(6) 


4.2.  Problem  RCR  •  Rotation  with  superposed 
radiai  flow 

These  flows  can  be  decomposed  into  four  zones:  core. 
Ekman  layers,  source  and  sink  regions.  Fjitering  fluid  is 
entrained  into  boundary  layers  in  the  aomce  region.  The 
flow  is  then  distributed  into  the  two  non-entraining 
Ekman  layers,  squrated  by  an  inviscid  core.  Fluid  leaves 
at  the  outer  radius  via  a  sink  region.  For  lugh  rotation 
rates.  Re»l.  the  Coriolis  force  dominates  at  some 
distance  from  the  inlet  section,  where  the  non  linear 
terms  are  negligible.  The  asymptotic  solution  for  this 
case  applies  to  the  Ekman  boundary  layer  with  the 
veloci^  e:q>ressed  as  follows: 

«B  =  Vgref  (r)  sinCi  +  sinC2]  (7) 

=  Vfiref  (r)  -1+e^  cos?i  +e“^  cos^2]  <®> 


Re.  In  a  fixed  reference  firame,  the  asymptotic  (Uminar) 
solutions  are  given  below. 

-  Regime  1  (laminar  merged  boundary  layers)  ([35]): 


„  ,  ,  Re  .(z  -1)^  , 

Upl  —  ^Cref(0  o  [ 

Cl  Cierv/^g^2^  4 

(13) 

va=-Vctef(r)^ 

(14) 

(15) 

-  Regime  11  (laminar  teptnic  boundary  layers): 

nc2  =VQrf(r)[pe^siii?5+(l-P)e~^smC6 

]  (16) 

vc2  =  Vctef(^■XP(l-c^cosC5)+ 

a-P)e-^cosC6l 

(17) 

where 


VB.cf(r)  = 


4V2itL(R„+r) 


<9) 


with  j  ,  ^2  A  defined  as  in  the  former  section  by 
relatioa  (4). 

These  n^ons  (7)-<8)  are  valid  when  the  reqrective 
diicknesses  of  die  source  and  the  sink  regions,  A£  and 
are  very  large  conqiared  to  the  P-lnTiiiii  layer 
diickness.  A£  and  A|^  are  appirndmated  by  Sde(13]  as: 

(.0, 


Xb  = 


6n(2Re)‘ 


W’  Xa  =  Xb 


(Rm+1) 

(Rm-l) 


(12) 


These  two  last  dimeauonlcss  parameters  were  introduced 
by  Hide{13]  to  scale  the  influence  of  the  non  linear  terms 
over  the  viscous  ones,  respectively  at  the  sink  (X{,)  and 
the  source  (X,)  regions.  Then,  for  the  linear  case,  and 
X,  «  1,  A£sA|(.  For  the  non  linear  regime,  and  X,  » 
1,  the  two  thicknesses  can  be  quite  different:  A£  >  Aj^. 


where  ^5  =— 1)  and  =  A(z-bl).  Here  P  is 

solution  of  =0.  which  arises  from  the  mass 

oanservadon  conditioa  (see  Owen  and  Rogers[36]). 

5.  MODELLING  OP  TURBULENT  REGIMES 
The  geometries  of  flow  under  consideration  are 
axisymmeixical  with  a  rectangular  section.  The  first  one 
(Figure  Ic)  is  a  simplified  representation  of  two 
ooiotating  gas  turbine  disks  where  oooUng  air  is  fed 
through  a  cenlial  htde.  Rotation  prodncea  a  soureo-ank 
flow  whidi  has  been  studied  oqierimentafy  by  Finoombe 
[3738].  The  second  (Eugnre  ItQ  conesponds  to  die  closed 
rotor-sttior  ^stem  lite  the  one  studied  by  Daily  and  Niece 
[14],  udiile  ^  geometiy  (Rgnre  le)  considered  by  Boh  et 
aL  [16]  is  not  limited  axiidly. 

The  goveniiiig  equations  for  the  conservation  of  mass 
and  momentum  are  deduced  from  the  Navier-Stdces 
equations  by  statistical  averapng.  They  are  written  in  a 
rotating  frame  of  reference  with  Bonatinesq 
approximation  applied  to  the  centrifugal  and  Coriolia 
forces  7j : 

DtUi  =-p4  -RijJ  +(1/2QV)4 

~2ejpq(ijpUq 

Ujj=0  (18) 

We  used  two  types  of  turbulence  models:  on  the  one  hand 
a  low-Reynolds  number  k-e  nKxiel  and  on  the  other  hand  a 
zonal  approach  with  second  order  turbulence  modeUing  in 
the  core  region. 


4.3.  Problem  RS  Differential  Rotation 
Driven  Flow 

Daily  and  Nece  [14]  empirically  delimited  the  existence 
of  four  regimes.  There  are  two  laminar  (I  and  II)  and  two 
turbulent  (m  and  IV)  regimes.  Their  appearance  dqiends 
on  the  values  of  the  gap  ratio  G  and  the  Reynolds  number 


The  zonal  approach  had  been  used  by  CR.  Yap  [39]  to 
solve  accurately  the  wall  region  by  comiectiiig  a  Itigh 
Reynolds  number  ASM  model  applied  far  the  wall  to  a 
mixing  length  model  or  a  one-equation  model  qtpUed  in 
the  wall  adjacent  region.  In  present  calculation  we  use  a 


low  Reynolds  number  k-e  model  in  the  region  adjacent  to 
the  wall  and  an  ASM  high  Reynolds  number  model  in  the 
central  core. 

The  equations  for  energy  and  dissipation  of  turbulence  in 
the  framework  of  Boussinesq  approximation  read  [32]: 

D,k  =  P  +  G-e  +  D(k)  +  vk  jj  (19) 

P  Turbulence  production  by  mean  flow 
G  Extra  production  term  due  to  density  variations 
£  Viscous  dissipation 

D(k)  Turbulent  diffusion. 

Dj£  =  +  2**^  +  D(£)  “1"  jj  (20) 

Source  and  sink  terms 

Additive  source  for  low  Reynolds  numbers  Rej 
Z^  Additive  source  due  to  density  variations 

D(e)  Turbulent  diffusion. 

When  k-£  closure  is  used,  the  Reynolds  stresses  are  given 
by: 

Rij=|k8ij-v,(Ui.j  +  Uj,i)  (21) 

ASM  modelling  is  constructed  from  the  transport 
equations  for  the  turbulent  Reynolds  stresses  in  a  rotating 
frame  of  reference: 

D,Rij  =  Py  +Gij  +£)ij  +0ij  +  Dij(Rjj)-eij  (22) 

Pjj  strict  production  term 

GiJ  production  term  due  to  density  variations 

Gjj  extra  production  term  corresponding  to  the 

explicit  effect  of  rotation 

<I>ij  pressure-strain  correlation 

Dij(Rij)  turbulent  diffusion 

Eij  viscous  dissipation. 

Main  closure  hypotheses  rely  on  the  standard  LRR  model 
[37],  Algebraic  modelling  is  usually  achieved  using 
Rodi’s  hypothesis.  We  propose  here  a  modified  Rodi's 
hypothesis  based  on  objective  tensors  [53]; 

D,Rij-inij-Dij(Rij)  =  -^(D,(k)-D(k))  (23) 

The  algebraic  model  is  directly  derived  from  (23). 
Temperature  gradients  interact  with  the  turbulent  flow 
when  density  changes  occur.  Only  a  first  approach  will  be 
considered  here,  limited  to  relatively  small  temperature 
differences,  using  Boussinesq  approximation.  In  the 
temperature  equation  : 

D.T  =  -FTj.j+-^Tjj  (24) 

the  turbulent  flux  Fjj  is  approximated  by  a  gradient 
hypothesis.  In  the  algebraic  stress  modelling  framework, 
a  tensorial  diffusivity  is  used.  The  present  approach 
utilizes  a  crude  approximation  based  on  a  direct  extension 


of  Boussinesq  hypothesis,  supposed  to  act  on  the 
Coriolis  forces  terms. 

6.  NUMERICAL  APPROXIMATION 

6.1  Navler-Stokes  solution 

The  Navier-Stokes  and  energy  equations  are  expressed  in 
a  vorticity-streamfunction  formulation  and  solved  by 
spectral  methods  based  on  Chebyshev  expansion.  The 
tau-method  was  previously  used  to  study  the  competition 
between  buoyancy  and  rotation  forces  in  a  confined 
cavity  (Randiiamampianina  et  al  [30]).  Associated  to  the 
collocation  method,  a  combined  Adams-Bashforth/ 
second  order  backward  Euler  scheme  proposed  by  Vanel  et 
al.  [40]  and  Ehrenstein  and  Peyret  [4i]  was  chosen  for  its 
good  stability  properties.  At  each  time  step  the  problem 
is  reduced  to  the  resolution  of  two  Helmholtz  equations, 
and  a  Stokes  problem  comprising  equations  for  the 
vorticity  and  streamfiinction.  The  solution  is  achieved  by 
using  the  matrix  diagonalization  technique  proposed  by 
Haidvogel  and  Zang  [42],  extended  to  the  collocation 
method  for  an  axisymmetric  configuration  (Chaouche  et 
al.  [43]). 

6.2  Turbulence  equation  solution 

The  system  of  partial  differential  equations  is  solved  by 
finite  volume  method,  using  an  outgrowth  of  the  TEAM 
code  (UMIST,  Manchester).  Steady  convection-diffusion 
equations  are  written  in  the  generic  form: 

V,  'l 

-Sa,=0  (25) 

^4)  ■ ;  i 

They  are  then  integrated  over  a  control-volume 
surrounding  each  interior  node  of  the  mesh.  These  give 
raise  to  an  algebraic  system  involving  five  points 
relations; 

Ap<I>p=  lAjOj  +  Bp  (26) 

j=N.S,W,h 

The  code  uses  the  standard  shifted  MAC  type  grids  for  die 
treatment  of  velocity-pressure  linkage.  The  pressure  field 
is  calculated  using  the  SIMPLER  algorithm  that  proved  to 
be  more  robust  in  the  case  of  strong  rotation  rates. 
Convection-diffusion  terms  are  discretized  using  a  power 
law  scheme  [44].  The  discretized  equations  are  treated 
successively,  the  coupling  between  equations  being 
solved  iteratively.  The  linear  systems  are  solved  by  a 
line  by  line  and  raw  by  raw  application  of  Thomas 
algorithm.  At  each  iteration  step,  the  components  of  the 
full  Reynolds  stress  tensor  are  obtained  by  solving  a  6x6 
linear  system  by  direct  method. 

Moreover,  strong  rotation  rates  often  lead  to  severe 
stability  problems.  They  have  been  overcome  by  several 
stabilization  techniques  including  a  partial  implicitation 
of  Coriolis  terms  [53],  stabilization  practices  introduced 
by  Huang  and  Leschziner  [45]  for  the  numerical 
implementation  of  second  order  closures,  solution  of  the 
6x6  system  for  Reynolds  stress  components  by  direct 
method  instead  of  the  successive  solution  of  normal  and 
shear  components  proposed  in  ref  [45]  for  non-rotating 
situations. 

The  grid  is  composed  of  at  least  66x80  discretization 
points.  The  density  of  the  mesh  is  increased  near  the  wall 
region.  The  connection  between  ASM  and  k-E  models 
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requires  particular  attention  to  insure  consistency  at  the 
interfaces  of  control  volumes.  At  intermediate  control 
volumes  the  flux  is  calculated  by  k-E  model  on  the  outer 
side  and  by  ASM  on  the  inner  side.  The  changing  of 
model  is  made  at  a  distance  of  the  wall  approximately 
equal  to  1/15  of  the  caviy  width. 

Of  course,  mesh  tests  have  been  made  with  various 
number  of  points  and  various  distributions  showing  that 
the  grids  u^  give  practically  grid-iitdependant  results. 
Typically  about  2000  iteration  steps  are  necessary  to 
reach  steady  state,  corresponding  to  a  CPU  total  time 
ranging  from  1  to  2  hours  approximately  on  CRAY2 
computer. 

The  boundary  conditions  are  of  four  types:  inlet, 
symmetry  line,  wall  and  outlet.  At  the  walls,  the  use  of 
low  Reynolds  number  k-e  model  make  the  calculation  free 
of  any  type  of  wall  function  treatment.  All  quantities  are 
put  to  zero  (k,  E,  R.j).  At  the  axis  of  symmetry,  gradients 

of  scalars  and  normal  stresses  vanish  while  shear  stresses 
go  to  zero.  At  inlet,  profiles  of  all  quantities  are 
imposed.  We  introduced  an  initial  turbulence  level  of 
k/u2=i0‘^.  We  foimd  however  that  this  precise  value  is 
of  very  weak  influence  on  the  main  flow  inside  the 
cavity.  At  outflow,  a  free  boundary  is  supposed: 

if  V  .  >0  dF/dr=0 

r,exit 

if  V  .  <0  F=F  . 

r,exu  exit 

where  F  stands  for  any  quantity  except  which  is 

calculated  from  continuity  and  pressure  assumed  to  be 
constant. 

7,  RESULTS 

7.1.  Problem  RCT:  Rotation  and  buoyancy 
driven  convection  (see  Figure  l.a) 

The  temperature  difference  (AT)  and  the  temperature  level 
(Tq)  inside  the  cavity  are  taken  to  be  constant,  and  the 

angular  velocity  SI  is  varied  up  to  12=250  rad/sec  (for 
AR=4cm).  The  geometry  is  defined  by  the  aspect  ratio 
L=1  and  the  curvature  parameter  Rni=2,  with  the  Prandti 
and  Rayleigh  numbers  set  to  Pr=0.71  and  Ra=3500 
respectively.  Two  values  of  the  thermal  Rossby  number, 
Roth,  arc  mainly  considered,  Roth=2.xl0'^  and  4.x  lO"^, 
for  Re/Fr^/^  Fixed  respectively  at  500  and  3370,  within  a 
wide  range  of  rotation  rates:  4.xlO'^<Fri4.xIO^  and 
10<Re<105. 

Three  major  types  of  steady  regimes  have  been  observed: 
the  buoyancy  driven  regime  (BDR),  the  Coriolis  force 
dominated  regime  (COR)  and  the  centrifugal  force 
dominated  regime  (CER).  The  BDR  corresponds  to  the 
classical  convective  flow  driven  through  buoyancy  forces 
generated  from  density  variations  by  an  orthogonally- 
imposed  temperature  gradient  and  gravitational 
acceleration.  The  COR  signifies  the  increasing  influence 
of  rotation,  and  for  Roth<0.2  this  results  in  the  reduction 
of  the  basic  theimal  convection  (originating  from  BDR). 
The  effect  of  rotation  at  large  12  and/or  large  Roth 
(Roth^.2)  is  seen  in  the  CER.  This  regime  occurs  when 
the  centrifugal  force  dominates  over  the  other,  the 


resulting  thmnal  convection  is  generated  by  the  inqiosed 
thermal  gradient  and  colinear  coitrifugal  acceleration. 


v(0,Z)  O-** 


•0,1  0.0  O.I  0.2  0.3  0.4 

V(O.Z) 

Figure  2.  Problem  RCT:  Comparisons  of  the  computed 
collocation  solution  with  the  asymptotical  solution 
(equation  (3),  Hunter  [34]).  /^imuthal  velocity  profiles 
versus  z  at  r=0  for  Re=2133  (a);  Re=32000  (b).  COR 
(a)  and  CER  (b)  regimes  for  Roth=0.0C^. 

A  comparison  between  the  computed  solutions  obtained 
with  the  collocation  method  (at  the  mid-cavity  along 
vertical  axes)  with  the  asymptotic  solution  given  by 
relation  (3)  for  two  values  of  Re  with  Roth=4.xl0"^  is 
shown  in  Figures  2.a,  b.  In  Figure  2.a,  the  computed 
azimuthal  velocity  profile  is  in  good  agreement  with  the 
asymptotic  solutions  for  Re=21.^-  '.  This  cotresptmds  to 
the  COR.  Since  in  the  asymptotic  solutions  Rj^  is 
infinite,  at  the  centre  of  the  cavity  the  azimuthal  velocity 
vanishes;  this  does  not  occur  in  the  computed  values  of 
azimuthal  velocity.  At  larger  value  of  Re,  Re=32000 
(Figure  2.b),  the  computed  azimuthal  velocity  profile 
progressively  deviates  from  the  asymptotic  solution,  and 
involves  an  azimuthal  flow  in  the  core  with  greater 
rotation  than  the  side  walls.  This  later  configuration 
corresponds  to  the  CER  so  it  is  not  surprising  that  there 
are  differences  with  the  theoretical  solution  (3)  which 
applies  for  the  COR. 

Discussion  of  the  regimes 

The  variation  of  maximum  radial  and  azimuthal  velocities 
with  Re  are  shown  in  Figures  3a  and  b,  respectively.  The 
differences  noted  above  become  apparent  when 
comparing  the  Re-dqiendence  of  the  conqiuted  velocities 
with  those  from  the  asymptotic  solutions  (5)-(6).  The 
three  regimes  are  characteii^  by  the  following  features: 
in  the  BDR,  the  dimensionless  (with  respect  to  x/h) 
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velocity  remains  independent  of  Re;  in  the  COR  the 
velocities  are  reduced  following  a  1/Rc  dependence;  in  the 
CER  the  flow  structure  is  changed  by  the  dominant 
centrifugal  force  and  velocities  increase  as  Re.  The  rate  of 
increase  actually  depends  on  the  value  of  Roth;  for  large 
values  of  Roth,  the  transition  to  CER  occurs  earlier.  The 
phenomena  arise  due  to  the  application  of  the  Boussinesq 
approximation  to  the  centrifugal  force.  This  is  evident 
upon  inspection  of  the  coefficient  associated  with  the 
centrifugal  force. 


Figure  3.  Problem  RCT:  Re-dependence  of  the  extrema 
of  radial  (a)  and  azimuthal  (b)  velocities  computed  with 
both  collocation  and  tau  methods.  Comparisons  with 
asymptotical  solutions  (5)  and  (6)  of  Hunter  [34J.  BDR, 
COR  and  CER  for  Roth=0.0004  and  0.02;  CER  for 
0.025Roths0.2. 

7.2.  Problem  RCR:  Rotation  with  superposed 
radial  flow  (see  Figure  l.b) 

The  problem  was  previously  investigated  by  several 
authors  using  theoretical,  numerical  and  experimental 
approaches  (Bennetts  and  Jackson  [46],  Hyun  [47],  Owen 
and  Pincombe  [11],  Chew  et  al.  [48]).  In  the  work 
discussed  here  the  computations  were  performed  with 
Ls2.267  and  R^jS  13.94. 


I 
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Figure  4.  Problem  RCR;  Comparisons  of  the  variations 
of  the  computed  profiles  versus  z/D  with  the 
asymptotic  solutions  of  Hide  [13],  at  r^O  for 
Cw30.0463  and  for  various  Re,  1 00  s  Re<46240;  radial 
velocity  with  relation  (7)  (a);  azimuthal  velocity  with 
relation  (8)  (b). 

Problem  RCR  was  studied  over  a  range  of  parameters 
corresponding  to  different  regimes. 

The  steady  regimes  range  from  an  "aimular  Poiseuille"  (P) 
type  flow  (  which  occurs  at  low  rotation  rates),  to  linear 
(LEK)  and  nonlinear  (NLEK)  Ekman  regimes  which  occur 
at  large  rotation  rates  with  developed  Ekman  layers  (see 
Hide  [13]).  The  linear  regime  corresponds  to  a  relatively 
small  radial  flow  and  is  characterize  by  the  equality  of 
the  thicknesses  of  source  and  sink  regions.  The  nonlinear 
regime  corresponds  to  relatively  large  radial  flow  rates 
and  is  characterized  by  the  thickening  of  source  region 
and  a  diminishing  sink  region. 

The  accuracy  of  the  collocation  solutions  is  studied  for 
the  boundary  layer  configuration  in  the  linear  case  and 
with  various  resolutions  ranging  from  16x16  to  64x64. 
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The  investigations  of  the  LEK,  NLEK  regimes  at  large 
values  of  Re  and  are  made  up  to  the  onset  of 
oscillatory  behaviour  using  a  40x40  resolution. 

The  P,  LEK  and  LEK  regimes 

The  axial  variations  of  the  radial  and  the  azimuthal 
velocities  at  the  mid-radial  section  are  shown  in  Figure 
4.a,  b,  for  several  values  of  Re  and  for  0^=0.0463. 
Comparisons  are  made  with  the  asymptodc  solutions  (7)- 
(8),  where  corresponds  to  one  third  of  the 

theoretical  Ekman  layer  thickness.  The  asymptotic 
solutions  give  better  than  order  of  magnitude  estimates  of 
the  maximum  velocities,  even  during  the  transition  from 
P  to  LEK  regimes  (ReSSOO). 


Figure  5.  Problem  RCR;  Radial  (a)  and  azimuthal  (b) 
velocities  profiles  versus  z  for  different  values  of  Cw 

(4.633sCwS563.55)  and  Re=2312  at  r=0;  LEK  and 
NLEK  regimes. 


the  non  linear  terms  are  negligible  inside  the  Ekman 
layers,  they  can  be  important,  even  dominant,  in  the 
source  and  sink  regions.  This  results  in  a  thicknening  of 
the  source  region.  The  azimuthal  velocity  pattern  for 
Cw>3S0  reflects  a  strong  radial  stratification  and  the 
minimal  velocity  occurs  just  close  to  the  outlet  section 
where  the  remaining  Ekman  layers  are  found.  If  we 
consider  as  previously  the  radial  and  azimuthal  velocity 
profiles  along  the  axial  direction  at  the  central  location 
of  the  cavity  (Figures  S.a,b),  we  observe  in  a  first  stage 
(for  Cwr<320)  an  increase,  then  a  stabilization  of  the 
velocity  in  the  Ekman  layers.  The  increase  of  the  mass 
flux  results  in  an  increase  of  the  radial  flow  in  the  core: 
between  Cw=  312  and  S64  the  velocity  in  the  core  varies 
from  nearly  zero  (Ekman  regime)  to  about  3S0  while  the 
velocity  in  the  shear  layer  remains  at  about  580.  For  the 
azimuthal  velocity,  there  is  a  variation  from  nearly  zero 
to  about  1600  over  the  range  of  Cw  studied. 
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Figure  6.  Problem  RCR;  Variations  of  the  source  and 
sink  thicknesses  versus  Xa.  Comparison  of  computed 
values  vitith  asymptotic  solutions  (10)-(11)  from  Hide 
[13):  LEK  and  NLEK  regimes. 

Significant  differences  also  occur  when  using  expression 
suggested  by  Faller  [50]  for  the  geostrophic  velocity  in 
the  NLEK  regime.  However,  we  note  that  for  the  range  of 
parameters  considered  in  this  study  that  the  (non  linear) 
relation  given  by  Faller  [50]  does  not  result  in  any 
improvement  in  Hide's  (linear)  estimate.  The  actual 
variations  of  the  sizes  of  the  inlet  and  outlet  regions  as  a 
function  of  Xg  (defmed  in  (12))  are  shown  in  Figure  6 
together  with  Hide's  theoretical  estimates.  Typical 
streamlines  are  presented  for  the  two  regimes.  The  is 
well  predicted  by  the  two  solutions  for  Xa<0.1,  as  well  as 
the  transition  to  NLEK.  Differences  are  observed  for  the 
NLEK,  especially  in  the  thickness  of  the  sink  region. 


We  have  investigated  the  NLEK  regime  by  increasing  Cw 
up  to  Cw=564,  at  a  constant  value  of  Re,  Re=:2132.  This 

corresponds  to  X.j^<2.31,  where  X|^^=2V2  C^Re'*^^ 
(R^  +  1)'*^^  is  the  laminar  flow  parameter  defmed  by 
Owen  et  al.  [36].  As  mentioned  by  Hide  [13],  although 


Time-dependent  regimes 

When  increasing  the  rotation  rate  at  large  mass  fluxes, 
transition  to  time -dependent  regimes  was  observed.  The 
computations  were  carried  out  in  the  case  of  an  annular 
cavity  of  aspect  ratio  L=3.37  and  curvature  parameter 
R„=1.22.  Owen  et  al.  [11,12]  have  found  experimenully 
laminar  and  turbulent  flows  in  the  same  configuration. 
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Two  types  of  instabilities,  A  and  B,  have  been  observed 
experimentally  by  Faller  [50]  and  Tatro  and  Molld- 
Christensen  [51].  The  onset  of  these  instabilities 
depends  on  the  local  Reynolds  number  (Rej.=5VgA')  and 
Rossby  number  (ef=Vg/llr)  where  Vg,  5,  are  the 
geostrophic  velocity  at  the  radial  distance  r  and  the 
Ekman  layer  thickness,  respectively. 

The  numerical  simulations  were  obtained  while  varying 
the  dimensionless  flow  rate  Cyj,  for  fixed  rotation  rate, 
Re=40580.  The  initial  condition  for  each  run,  was 
generally  the  solution  obtained  for  a  lower  C^.  In  some 
cases,  the  uniqueness  of  the  solution  was  confirmed  by 
taking  different  initial  conditions  for  the  computations 
and  we  did  not  find  any  evidence  of  coexistence  of 
different  solutions.  When  increasing  the  mass  flow  rate, 
80<C,^^150,  the  flow  becomes  chaotic  following  a 
sequence  S  -»  PI  QP  ^  P5  -»  NP  (see  Figure  7). 

For  Cw^lOO  the  flow  is  steady  (S)  with  NLEK  structure.  In 
this  range,  the  flow  obtained  from  computations  presents 
the  four  aforementioned  regions  described  by  Hide  [13] 
and  observed  experimentally  by  Owen  el  al.  [12].  The 
lowest  value  of  the  flux  at  which  the  oscillation  is 
observed  is  taken  as  the  critical  point  The  quantities  Vg 
and  5  are  measured,  then  giving  and  Re^.  Two  empirical 
laws, 

Re^A)=56.3+58.4£j.(A)  and 
Rer(B)=124.5+3.7er(B), 

relate  the  critical  values  for  the  onset  of  the  two 
instabilities,  A  and  B,  found  experimentally.  For 
Cw=100,  using  the  computed  values  of  5  and  Vg  at  the 
center  of  the  cavity,  the  numerical  values  of  the  local 
parameters  are;  £^=0.6  and  Ref=95.  The  empirical  critical 
parameters  for  the  two  instabilities,  corresponding  to 
e^=0.6,  are  Rej(A)=92  and  Rey(B)=127.  Thus,  according 
to  the  empirical  relations,  the  type  A  instability  should 
be  found.  (The  experimental  accuracies  in  the  critical  Re,, 
for  the  instabilities  are  estimated  as  5%  for  the  type  A  and 
2%  for  the  type  B.)  Increasing  the  dimensionless  flow 
rate  up  to  Cw=l20,  the  flow  becomes  time-dependent. 
The  regime  is  oscillatory,  denoted  by  PI,  and  the 
frequency  is  f=80.8  (T=l/f5s0.0124).  At  C^=120,  the 

local  parameters  are  ef=0.8  and  RefS:124.  According  to 
the  empirical  laws,  the  critical  parameters  for  this  value 
of  the  Rossby  number  are  Ref(A)=102  and  Ref(B)=127.  A 
transition  to  a  quasiperiodic  regime  is  observed  when  Cvv 
is  increased  up  to  132.  This  regime,  denoted  QP,  has  two 
incommensurate  frequencies  f=81.3  and  r=11.9. 
(T=0.0123  and  T=0.084  respectively).  For  the  numerical 
solution  at  Cw=132  the  computed  values  of  the  Rossby 
and  the  Reynolds  numbers  are  £,.=0.9  and  Re,=136.  For 
e,=0.9  the  empirical  laws  give  the  critical  values 
Re,(A)=107  and  Re,(B)=l28.  When  Cw  is  further 
increased  to  135,  the  frequencies  of  the  motion  are  f=85.2 
and  r=16.7,  giving  f/r=5.  Thus,  both  frequencies  have 
locked  in  a  new  pcriodic-5  regime,  denoted  P5.  A  further 


increase  of  the  mass  flow  rate  to  136  yields  to  a 
chaotic  regime  (NP). 

Investigations  are  in  progress  in  the  case  of  varying 
rotation  rate  Re  at  constant  mass  flux  rate  C«r  (see  Fgure 
7).  The  preliminary  results  show  complex  transitions. 


Re 


Figure  7.  Problem  RCR:  Scenarii  of  transition  to 
chaotic  motion.  Phase  diagrams:  effect  of  mass  flow 
rate  Cw  at  constant  rotation  rate  Res40580  (a);  effect 
of  the  rotation  rate  Re  at  constant  mass  flow  rate 
Cw=100  (b).  (S)  steady  regime;  (P1)  periodic  regime; 
(QP)  quasiperiodic  regime;  (P5)  periodic  regime;  (NP) 
aperiodic  regime. 

7.3.  Turbulent  modelling  for  problem  RCA: 
Rotation  with  superposed  axial  flow  (see 
Figure  l.c) 

The  main  characteristic  of  the  flow  in  the  cavity  subjected 
to  solid  body  rotation  is  the  development  of  two  Ekman 
layers  that  are  described  in  Figure  8  for  the  upstream  side 
of  the  cavity. 

The  rotational  Reynolds  number  is  equal  to  Rejj*2.xl()^ 
and  the  coolant  flow  rate  C^=1092.  This  case  has  been 
experimentally  studied  by  Pincombe  [37,  38].  The 
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geometry  is  defined  by:  s/b=0. 1333,  a/b=0.1,  c/s=0.58 
(corresponding  to  L=6.75  and  R^=1.22). 

The  general  agreement  between  calculations  and 
measurements  is  satisfactory,  but  the  calculation  seems 
to  underestimate  somehow  the  Ekman  layer  thickness. 


*  experiment ;  “  —  k  €  model ;  ASM  /  k  C  model 


Figure  8.  Problem  RCA;  Radial  profile  of  velocity  in  the 
upstream  boundary  layer. 

The  numerical  results  support  the  idea  that  the  fine 
description  of  the  near  wall  region  is  crucial  to  obtain 
realistic  predictions  [22,  52]  and  that  the  fully  turbulent 
region  is  less  critical  although  the  streamlines  can  be 
modified  by  the  choice  of  the  model  in  the  core  region 
(Figures  9  and  10).  It  is  known  that  the  Ekman  layer 
velocity  profiles  can  be  improved  by  using  a  modified 
version  of  the  low-Reynolds  number  k-e  model.  For 
instance  the  Morse's  formulation  [22]  has  been  devised 
for  such  purposes  but  contains  additional  empirical 
terms.  The  aim  of  present  calculations  is  rather  to  eitplore 
ASM  model  coupling.  Indeed,  the  k-e  and  ASM 
predictions  are  not  drastically  different,  reaching  thus  an 
analogous  conclusion  as  reference  [24]  as  far  as  the 


Ekman  layer  zone  is  concerned.  However,  a  closer  look 
reveals  that  the  size  and  the  position  of  the  recirculation 
bulb  within  the  source  region  is  model  dependant  (Figures 
9  and  10).  In  fact,  the  second  order  model  which  contains 
essential  effects  of  rotation  on  turbulence  (production 
terms  and  modelled  redistribution  terms)  is  more  adequate 
to  simulate  turbulence  field  under  rotation,  particularly  in 
the  source  region  and  in  the  sink  flow  region. 


(c)  fb)  (a) 


Figure  9.  Problem  RCA;  Streamlines  (a),  isovalues  of 
circumferential  velocity  (b)  and  turbulent  kinetic 
energy  (c);  k-e  model. 

In  particular,  equation  (23),  particularized  for  the  shear 
stresses,  shows  an  apparent  viscosity  reduction  at  high 
rotation  rates  (depending  on  the  turbulent  Rossby 
number)  and  provides  thus  a  possible  explanatitm  for  the 
influence  of  turbulence  closure  on  the  shape  of 
recirculating  bulb  within  the  source  region  [S3]. 

In  turbulent  flow  the  height  of  the  source  region  can  be 
estimated  by  supposing  that  the  origin  of  the  Ekman 
layer  is  located  at  a  radial  position  where  the  imposed 
mean  velocity  of  injected  fluid  is  equal  to  the  entrainment 
velocity  on  a  free  disk.  For  turbulent  flow,  this  gives: 

ri/b=  a  C^5/13 /Rejj 

This  equation  supports  the  idea  that  the  limit  of  the  whole 
source  region  is  governed  by  the  establishment  of  the 
Ekman  layer  itself.  Ref  [2]  suggests  that  coefficient 
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a=l.80  gives  the  best  agreement  with  measured  values. 
In  fact,  the  values  given  by  the  calculation  r./b=0.62  for 

the  k-e  model  and  0.6S  for  the  ASM  model  (radius  at 
which  the  sireamfunction  reaches  at  the  midline  a  value 
equal  to  the  half  of  its  maximum)  are  fairly  well 
represented  by  this  correlation  which  gives  r./bs0.64. 


(c)  (b)  (a) 

— 

Figure  10.  Problem  RCA:  Streamlines  (a),  isovalues  of 
circumferential  velocity  (b)  and  turbulent  kinetic 
energy  (c);  ASM  model. 

Predictions  of  mean  circumferential  velocity  are  given  on 
Figure  11  for  the  midline  axial  position  showing  good 
agreement  with  the  experimental  results  of  Pincombe. 
Figures  9c  and  10c  give  the  nirbulent  energy  distributions 
in  the  cavity.  The  levels  of  kinetic  energy  predicted  by 
the  two  models  (normalized  by  the  wall  shear  stress)  look 
very  similar.  It  appeared  also  that  the  individual  normal 
stresses  predicted  by  the  modiFied  ASM  model  are  always 
far  from  isotropy,  a  simation  in  favour  of  second  order 
closure. 

The  associated  heat  transfer  problem  has  been  considered 
in  a  similar  geometry  corresponding  to  the  experiment  of 
A.  Northrop  and  J.M.  Owen  [7]  in  which: 

s/b=0.138,  a/b=0.104,  c/s=0.152  and  ReQ=6.5xl0^, 
C^=7000. 


Here,  we  limited  the  calculations  to  constant  wall 
temperature  heating.  Nusselt  numbers  are  known  to  be 
very  sensitive  to  the  sublayer  modelling.  Calculations 
using  the  low  Reynolds  number  k-e  model  proved  to  be 
distinctly  superior  to  the  ones  obtained  by  wall  function 
approach  ([39]).  Figure  12  compares  local  Nusselt 
numbers  predictions  using  k-E  with  experimental  results. 
If  some  discrepancies  still  remain,  the  order  of  magnitude 
is  correct  as  well  as  the  shape  of  the  curve.  However,  we 
must  remark  that  the  Boussinesq  approximation  used  in 
present  calculations  can  only  give  a  rough  prediction. 
Indeed,  temperature  differences  reaching  AT=100°C  can 
produce  important  density  variations  that  influence  mass 
conservation  equation  and  make  the  Boussinesq 
hypothesis  questionable  in  present  case. 
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Figure  1 1 .  Problem  RCA:  Midline  circumferential 
profile. 


Figure  12.  Problem  RCA:  Nusselt  numbers  on  the 
upstream  wall  (low  Reynolds  number). 


7.4.  Problem  RSI:  Differential  Rotation 
Driven  Flow  (see  Figure  l.d) 

The  problem  is  specific  with  respect  to  the  two  former 
ones  (RCT  and  RCR)  as  it  concerns  a  large  extension  in 
the  radial  direction,  L=10  (G=l/ll),  which  brings 
additional  difficulties  concerning  the  adequacy  of 
resolution.  Another  difficulty  comes  from  the  occurence 
of  discontinuities  at  the  comers  between  to  the  rotating 
and  stationary  walls.  In  the  collocation  method,  the 

RcQ  =  50000:r/b  =  0.5 

I' 


The  basic  flow  pattern  consists  of  a  radially  outward  flow 
adjacent  to  the  rotor,  a  radially  inward  flow  adjacent  to 
the  stator  with  an  axial  flow  from  the  rotor  side  to  the 
stator  side  along  the  shroud  surface.  The  flow  is  of 
Couette  type,  and  is  dominated  by  diffusive  motion  and 
the  recirculation  cell  is  localized  towards  the  shroud 
(regime  I)-  When  the  rotation  rate  is  increased,  the 
strength  of  the  flow  driven  by  the  rotating  wall  increases 
and  there  is  a  "hydraulic"  jump  at  the  comer  between  the 
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Figure  1 3.  Problem  RS1 :  Comparisons  of  computed  solutions  obtained  with  spectral  (Collocation.  Tau)  and  finite 
volume  methods,  and  asymptotical  solution  (16),  at  r/b=0.5  (a)  and  r/b=0.85  (b),  for  ReQ=5.x10^. 


discontinuity  is  simply  assigned  between  the  comer 
point  and  the  first  inner  collocation  poinL  The  annulus  is 
also  closer  to  the  rotation  axis  than  for  the  two  previous 
problems,  with  a  curvature  parameter,  Riyi=1.2. 


rotor  and  the  outer  shroud  due  to  the  confinement.  In  this 
small  region,  the  motion  is  locally  reversed  as  the  flow 
moves  toward  the  axis  at  the  border  of  the  Ekman  layer.  It 
then  flows  axially  toward  the  stationary  wall  where  it  is 
decelf'ra'ed.  The  rotor  and  the  stator  layers  are  clearly 
separated  by  an  inviscid  core  (regime  II).  There  is  a  slight 
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asymmetry,  with  thickening  at  the  stator  due  to  the 
increased  shear  induced  by  the  non-rotating  wall. 

Discussion  of  the  solutions 

The  computed  solutions  obtained  with  the  three  tau, 
collocation  and  finite  volume  approximations  were 
compared  for  ReQ=5.xl0^at  two  radial  locations  in 

Figure  13.  Separate  boundary  layers  are  clearly  visible 
with  the  formation  of  the  core  region  (regime  II).  There  is 
also  an  asymmetry  in  the  thichnesses  of  the  rotor  and 
stator  boundary  layers  and  a  weak  reverse  flow  occurs  in 
the  stator  side.  The  three  solutions  agree  pretty  well,  with 
limited  differences  at  r/b=0.8S,  closer  to  the  shroud.  They 
move  aside  the  asymptotical  solution  (16),  taken  with 
P=0.382.  We  recall  that  this  was  provided  for  infinite 
systems.  Differences  are  more  pronounced  at  the  mid¬ 
cavity,  r/b=0.5. 

The  transition  between  regimes  I  and  II  is  seen  in  Figure 
14,  which  shows  the  variation  of  Uniax/(t'*'I^m) 

This  group  was  chosen  to  remove  the  dependency  on  r  of 
the  theoretical  solution  (see  relation  (IS)).  The  radius  is 
taken  as  that  where  the  radial  velocity  is  a  maximum. 
From  both  the  theoretical  and  the  computed  solutions, 
transition  between  regimes  1  and  II  seems  to  occur  at 
Rcq^S.xIO^. 


Time-dependent  regimes  were  observed  for  higher  values 
of  rotation  rates,  and  the  study  of  the  transition  to 
turbulent  regimes  is  reported  thoroughly  elsewhere. 


Figure  14.  Problem  RSI:  Variation  versus  Re  of  the 
maximum  radial  velocity  (Umax^rt-Rm).  Comparisons  of 
computed  solutions  with  analytical  solutions  (13)  and 
(16)  for  regimes  I  and  II. 

7.5.  Turbulent  modelling  for  problem  RS2: 
Differential  rotation  driven  flow  (see  Figure 
l.e) 

The  flow  due  to  an  enclosed  rotating  disk  is  a  sunplified 
model  of  the  flow  between  rotor  and  stator  in 
turbomachinery.  The  calculations  shown  here  correspond 
to  the  experimental  apparatus  of  Itoh  e(  a/.  [16]  in  which 
a  disk  was  rotated  in  a  cylindrical  cavity  (Hgure  le).  The 
rotational  Reynolds  number  reaches  a  value  of  10^. 


Figure  IS  shows  the  radial  velocity  profiles  for  various 
radial  positions.  If  the  thickness  of  the  wall  layer  is 
clearly  underpredicted,  the  qualitative  decrease  of  the  peak 
velocity  near  the  rotor  when  the  radius  increases  is 
correcL  Near  the  rotor  the  secondary  extremum  of  the 
profiles  obtained  from  calculation  is  also  suggested  by 
measurements.  The  profiles  for  the  circumferential 
velocity  show  the  same  trends  (Figure  16),  the  central 
core  with  constant  rotation  speed  is  well  predicted  except 
in  the  very  top  of  the  cavity. 
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Figure  15.  Problem  RS2:  Radial  component  of  mean 
velocity  ,  Reji=  10®;  o  experiment;  -  k  e  model. 

Figures  17  and  18  show  the  velocity  profiles  in  the 
boundary  layers  at  r/b=0.80  for  different  values  of  the 
rotational  Reynolds  number.  Like  in  wall  jets,  the 
thicknesses  bf  and  b^  are  defined  by  the  distance  from  the 
wall  where  the  value  of  velocity  becomes  half  of  its 
maximum  values  and  Vfns  respectively  on  the  rotor 
and  on  the  stator.  The  circumferential  velocity  profiles 
are  normalized  with  Wrc  which  is  the  circumferential 
velocity  at  the  midline  Z=0.S.  Figures  19  and  20  compare 
the  velocity  profiles  at  various  radii  for  different 
rotational  Reynolds  number  varied  in  such  a  way  that  the 
local  Reynolds  number  r^  f2/v  is  constant.  The  self- 
similarity  found  by  Itoh  et  al.  [16]  is  not  exactly 
reproduced.  In  spite  of  the  differences  found  between  the 
profiles,  the  maximum  of  radial  velocity  in  the  Ekman 
layers  and  the  thicknesses  bf  and  bg  are  indeed  in 
acceptable  agreement  as  we  can  see  in  Table  1.  The  length 
and  the  velocity  scales  calculated  are  for  r^£2/vs3.6  10^; 
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Figure  16.  Problem  RS2;  Circumferential  component  of  mean  velocity,  ReQ=10®;  o  experiment;  -  ke  model. 


Table  1.  Problem  RS2:  Characteristic  values  in  Ekman  layer 

Figure  21  gives  an  illustration  of  the  velocity  field  for  the  truly  turbulent  solutions  that  clearly  show  a  different 

streamlines  and  circumferential  component  of  velocity.  pattern  for  the  streamlines. 

The  turbulent  kinetic  energy  (Figure  22)  is  generally 
concentrated  in  the  top  of  the  cavity  where  the  rotational 
Reynolds  number  is  larger. 

Several  cases  have  been  calculated  with  geometry  (l.e) 
which  is  close  to  the  experiments  of  Daily  and  Nece  [14]. 

For  rotational  Reynolds  numbers  comprised  between 
2.xl0^  and  6.xl0^  the  numerical  calculations  can  give  a 
laminar  solution  (decaying  turbulent  energy  going  lo 
zero)  or  a  true  turbulent  solution,  depending  oa  the  initial 
conditions  chosen  to  start  the  calculation.  Figures  23  and 
24  give  velocity  plots  in  the  case  where  turbulence  is 
vanishing  to  give  a  laminar  flow.  Figures  2S  and  26  are 
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Figure  18.  Problem  RS2:  Circumferential  velocity  component  in  boundary  layers  for  the  rotor  (a)  and  the  stator  (b). 


Figure  1 9.  Problem  RS2:  Radial  velocity  component  in  boundary  layers  for  the  rotor  (a)  and  the  stator  (b). 
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Figure  20.  Problem  RS2:  Circumferential  velocity  component  in  boundary  layers  for  the  rotor  (a)  and  the  stator  (b). 
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Figure  2S.  Problem  RS2:  Velodt/  and  turbulent  field  (streamlines,  isovalues  of  circumferential  velod^  and 
turbulent  Mnetic  energy)  Rea"2jc10^  (a,b/:);  ReQ^SjcIO^  (d.e,f). 
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Figure  26.  Problem  RS2:  Velocity  and  turbulent  field  (streamlines,  isovalues  of  circumferential  velocity  and 
turbulent  kinetic  energy)  Refi=6.x10^  (a.b.c);  Ren=10®  (d.e.f) 


8.  CONCLUSIONS 

Differeni  numerical  methods  were  used  to  investigate 
three  test  cases  of  rotating  flow  system.  These  involve 
the  action  of  buoyancy  forces,  superposed  radial  flow, 
and  shear  induced  by  differential  rotation.  The  effects  of 
Rayleigh  number,  mass  flow  rate,  Reynolds  and  Froude 
numbers  together  with  geometric  parameters  and  the 
transition  between  regimes  are  investigated.  The  results 
are  validated  by  comparisons  with  those  obtained  with 
asymptotic  solutions  and  with  available  experimental 
measurements. 

In  the  first  problem  (RCT),  we  have  delineated  the 
successive  transition  from  the  buoyancy  driven  regime 
(BDR)  to  the  Coriolis  force  dominated  regime  (COR)  and 
to  the  centrifugal  force  dominated  regime  (CER).  The 
occurence  of  the  COR  regime  is  affected  by  the  value  of 
the  thermal  Rossby  number. 

In  the  second  problem  (RCR),  for  steady  flows,  the 
computations  reveal  successive  cylindrical  Poiseuille  (P) 
and  Ekman  layer  (LEK  and  NLEK)  regimes.  The 
pseudospectral  solutions  give  an  accurate  prediction  of 
the  steady  Ekman  layer  which  involve  very  steep 
gradients  near  the  rotating  walls.  This  method  allows  the 
direct  treatment  of  boundary  conditions  in  the  physical 
space. 

For  time-dependent  regimes,  a  succession  of  complex 
bifurcations  (PI  ->  QP  ->  P5  ->  NP)  was  found  when 
varying  the  mass  flow  rate  C^  at  constant  Re;,nolds 
number  Re  and  when  varying  Re  at  constant  (Maubert 
et  al.  [49]).  A  rather  good  agreement  is  already  obtained 
with  respect  to  experiments  (  Owen  and  Pincombe  [  1 1  ]). 

The  third  problem  (RSA)  involves  differential  rotation. 
This  case  shows  that  the  collocation  method  can  be  used 
to  treat  the  discontinuity  at  the  junction  between  rotating 
and  stationary  surfaces,  as  in  classical  finite  difference 
method,  but  with  higher  accuracy. 

In  the  case  of  problem  RSI.  the  transition  to  time- 
dependent  motion  is  not  yet  as  clearly  identified  as  in 
problem  RCR.  Owing  to  the  large  extension  of  the 
domain  (AR»s)  the  transition  does  not  simply  result  in  a 
succession  of  bifurcations  of  periodic  regimes  but  occurs 
more  abruptly  (Daily  and  Nece  [14],  Chaouche  [56], 
Randriamampianina  et  al.  [54]). 

Further  extensions  of  the  spectral  methods  are  in 
progress  for  the  investigation  of  more  actual  rotating 
machine  configurations;  in  particular,  for  the  complex 
geometries  by  considering  multidomain  techniques 
(Raspo,  Ouazzani  and  Peyret  [57]),  and  for  the  fully  tlnee- 
dimensional  configurations. 

In  the  case  of  turbulent  regimes  (Problems  RCA  and  RS2) 
the  main  modelling  difficulties  come  from  the 
characteristics  of  the  flows  under  consideration  that  are 
the  strong  rotation  rates  and  the  confinement  between  the 
walls.  The  effect  of  confinement  that  makes  the  flow 
dominated  by  the  Ekman  layers  can  be  described  properly 
only  by  a  fine  resolution  of  the  viscous  sublayer.  Within 
the  limits  of  the  section  of  the  flow  which  is  governed  by 
the  two  Ekman  layers,  a  first  order  low  Reynolds  number 
model  seems  sufficient  to  describe  the  wall  region. 


However,  the  source  region  in  the  case  of  geometry  l.c 
with  recirculation  vortex  is  more  complicated  in  its 
structure  and  second  order  modelling  which  is  potentially 
more  general  seems  necessary  in  this  case.  The  same 
remark  apply  for  the  sink  flow  in  the  exit  portion  of  the 
cavity.  The  benefit  of  second  order  modelling  may  in 
consequence  appear  in  both  moderate  rotation  rates  (with 
an  extended  source  region)  and  at  very  high  rotation  rates 
(with  strong  effect  of  rotation  on  the  turbulence  field 
itselO.  In  the  case  of  geometries  Id  and  le  the  two- 
equation  model  can  give  good  qualitative  behaviour  but 
important  discrepancies  remain  when  the  calculation  is 
compared  to  the  measurements  of  Itoh  et  al.  [16]  showing 
that  a  more  refined  modelling  of  the  rotation  on  the 
turbulence  field  is  necessary.  To  conciliate  the  previous 
remarks,  low  Reynolds  number  second  order  modelling  is 
probably  the  appropriate  way  to  extend  research  work. 
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Discussion 

QUESTION  1: 

DISCUSSOR:  M.  Owen,  University  of  Bath 

The  authors  have  presented  some  very  interesting  results  for  a  wide  range  of  rotating- 
disc  problems.  There  appears  to  be  a  problem  with  the  turbulent  computations,  where  ,  as 
shown  in  Figure  IS,  the  computations  have  "locked  on"  to  the  laminar  solutions  while  the 
data  of  Itoh  et  al.  show  that  turbulent  flow  occurs.  Computations  presented  by  Wilson  et  al. 
(1992)  show  that  low-Reynolds-number  k-e  models  can  give  accurate  computations  for 
this  case.  Could  the  authors  comment  on  this  discrepancy? 

AUTHOR'S  REPLY; 

The  flow  in  rotating  cavities  is  often  complicated  by  the  occurrence  of  laminar-turbulent 
transition  within  the  flow.  Indeed  in  Figure  15  of  the  present  paper,  the  calculated  flow 
near  the  stator  has  locked  on  to  a  quasi-laminarized  solution.  The  result  is  very  sensitive 
to  the  particular  choice  of  the  low-Reynolds  number  version  of  the  k-e  model.  We  have 
used  here  the  Launder  and  Sharma  approach.  In  particular,  fji  =  expf- 
3.4/(l  +  ReT/50)2]  which  is  different  from  the  approach  used  by  Wilson  et  al.  (1992).  No 
doubt  this  change  is  sufficient  to  modify  the  transitional  behaviour  of  the  model.  Many 
low-Reynolds  number  k-e  models  have  been  proposed  in  the  scientific  literature.  A 
comparative  assessment  of  these  different  approximations  would  be  interesting  in  such 
complex  flow  situations. 
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ABSTRACT 

The  thermal  behaviour  of  discs  and  casings 
in  gas  turbine  engines  has  important 
effects  on  engine  performance  and 
integrity  and  theoretical  or  computer 
modelling  of  these  effects  is  an  essential 
part  of  the  design  process.  In  this  paper 
the  current  status  of  thermal  modelling  is 
reviewed,  problem  areas  are  identified, 
examples  of  where  application  of  the 
latest  numerical  and  modelling  techniques 
have  led  to  improvements  are  given,  and 
prospects  for  further  developments  are 
discussed.  It  is  concluded  that,  although 
recent  research  and  computing  advances  are 
improving  the  predictive  capability, 
considerable  scope  for  further  improvement 
remains. 


1.  IHTRODUCTICW 

Thermal  modelling  of  discs  and  casings  is 
required  for  prediction  of  component  life 
and  movements.  Accurate  predictions  of 
the  transient  temperature  distributions 
are  needed  so  that  the  designer  may 
minimise  component  weights  while  achieving 
the  required  life,  controlling  running 
clearances  and  maintaining  the  annulus 
line.  Rotor  tip  clearance  control  has  a 
direct  effect  on  turbine  and  compressor 
efficiencies  and  on  compressor  surge 
margin.  As  engine  operating  temperatures 
and  efficiencies  have  increased  over  the 
years  so  more  attention  has  been  given  to 
their  thermal  behaviour;  this  trend  is 
expected  to  continue. 

Typically,  a  thermal  model  will  consist  of 
a  heat  conduction  solution  for  the 
components  coupled  through  boundary 
conditions  to  models  of  convective  heat 
transfer  and  radiation.  Features  such  as 
frictional  heating  of  the  air,  ingestion 
of  mainstream  gas  into  the  inter-disc 
cavities,  thermal  barrier  coats, 
impingement  cooling,  contact  resistance 
and  flow  leakage  may  have  to  be  accounted 
for.  Predictions  are  required  for  engine 
cycles  through  which  the  engine 
temperatures  vary  widely.  Additional 
coupling  of  the  convective  flow  and 
component  temperatures  occurs  through 
dependency  of  the  flow  on  seal  clearances 
and  buoyancy  effects.  In  addition  to  the 
formidable  problem  of  producing  accurate 
models  of  the  physics,  there  is  the 
additional  challenge  of  achieving  fast 
turn-around  times  and  minimising  costs  so 
that  full  impact  on  the  design  can  be 
achieved. 


No  attempt  will  be  made  to  give  a 
historical  account  of  the  development  of 
this  subject,  but  it  may  be  noted  that  use 
has  been  made  of  finite  element  and  finite 
difference  heat  conduction  models  for 
about  two  decades.  During  this  time 
considerable  experience  and  'engineering 
know-how'  has  been  accumulated  in  deriving 
boundary  conditions  for  the  conduction 
solutions.  Extensive  matching  of  model 
predictions  to  engine  temperature 
measurements  has  ensured  that  models  are 
validated  to  a  high  level.  However,  in 
some  cases,  the  modelling  assumptions  used 
may  not  accurately  represent  some  of  the 
physical  processes  involved.  Hence 
extrapolation  (for  example,  to  a  new 
engine  operating  condition)  without 
matching  to  test  data  would  be  potentially 
hazardous.  At  the  present  time  the 
mathematical  models  and  empirical 
correlations  underlying  the  thermal  model 
are  progressively  being  improved.  This  is 
expected  to  lead  to  fewer  engine  tests 
being  required,  improved  designs  and  fewer 
surprises . 

In  the  next  section  of  this  report  various 
aspects  of  the  thermal  models  are 
discussed  in  some  detail.  Examples  of 
model  validation  and  results  are  then 
given  in  section  3.  In  section  4,  some  of 
the  problem  areas  where  further  research 
is  required  are  highlighted  and  the  main 
conclusions  are  summarised  in  section  5. 


2.  THE  THERMAL  WODBL 

2. 1  Heat  conduction  solution 

The  temperature  field  within  the 
components  is  obtained  through  solution  of 
the  transient,  variable  property,  heat 
conduction  equation.  Numerous  software 
packages  are  available  for  tackling  this 
problem,  but  few,  if  any,  are  specifically 
adapted  to  the  present  application. 

Obvious  requirements  of  the  software  are 
that  it  should  be  accurate  and  have 
sufficient  flexibility  in  the 
specification  of  boundary  conditions.  For 
use  as  a  design  tool  the  program  should 
also  be  efficient  in  terms  of  both  the 
computing  and  engineer ' s  time  and  should 
be  easy  to  use,  with  appropriate  boundary 
condition  options  being  readily  available. 


In  recent  years  Rolls-Royce  have  replaced 
earlier  finite  difference  and  finite 
element  heat  conduction  solvers  with  more 
efficient  finite  element  methods  (see 
Armstrong  and  Edmunds  (1)).  Particular 
features  of  the  present  method  include 
automatic  time  step  setting,  mesh 
generation  and  mesh  adaption  to  achieve  a 
user  specified  accuracy.  Combining  these 
features  with  fast  and  stable  numerical 
methods,  powerful  input  and  output 
processing  capability,  and  a  library  of 
boundary  condition  options  means  a  very 
effective  thermal  modelling  facility  has 
been  produced.  With  numerical  aspects  of 
the  problem  largely  automated  the  engineer 
is  free  to  concentrate  on  boundary 
condition  specification  and  application  of 
the  model. 


While  the  use  of  axisymmetric  models  is 
standard  design  practice  for  both  discs 
and  casings,  three  dimensional  analysis  is 
now  being  increasingly  employed  as  further 
performance  benefits  are  sought.  The 
automatic  finite  element  methods  of 
Armstrong  and  Edmunds  are  also  applied  in 
3D,  enabling  complete  3D  problems  to  be 
tackled  efficiently.  Examples  of  3D 
finite  element  meshes  are  shown  in 
Figure  3.  For  the  casing  (see  Figure  3a) 
the  model  was  used  to  estimate  thermal 
distortion  which  can  adversely  affect  the 
running  clearances.  For  the  turbine  disc 
shown  in  Figure  3b  there  was  particular 
interest  in  the  temperature  distribution 
around  blade  cooling  air  feed  holes  that 
pass  through  the  disc  rim  and  blade  root. 


An  example  of  the  geometry  considered  in  a 
thermal  model  is  shown  in  Figure  1.  In 
this  case  the  main  interest  is  in  the  H  P 
rotor  behaviour.  However,  to  complete  the 
model  it  was  appropriate  to  include  the  IP 
and  LP  shafts,  a  cooling  air  duct  and  some 
other  stationary  components  in  the 
calculation.  With  these  components 
included  the  specification  of  inlet  air 
temperatures  is  simplified.  Figure  2 
shows  part  of  the  automatically  generated 
finite  element  mesh  for  this  example. 

Note,  that  some  approximation  is  necessary 
when  three  dimensional  features  such  as 
blades  and  struts  are  included  in  an 
axisyrrunetric  model  such  as  that  shown  in 
the  figure. 


fieuRE.a*.  3D  ncsH  or  conddessor  cusing  used  in  *SYNiiEr*ic 
TIP  CIEORPNCE  PREDICTIONS 


FIGURE. 31.  TURIINE  DISC  SE6PENT  3D  HEPT  TRPNSFER  ROOEV 

2.2  Convective  boundary  conditions 

Specification  of  convective  boundary 
conditions  is  a  major  source  of  difficulty 
and  uncertainty  in  the  thermal  models. 
However,  as  will  be  shown  in  section  3,  a 
methodology  has  been  developed  which 
reproduces  engine  measurements  reasonably 
well.  Traditionally,  convective  boundary 
conditions  are  modelled  through  the 
specification  of  air  temperature  and  heat 
transfer  coefficients.  This  basic 
approach  is  retained  in  present  models 
although  increasingly  sophisticated  methods 
are  used  to  estimate  heat  transfer 
coefficients  and  gas  temperatures. 


FIGURE.!.  PUTDfIRTIC  RDPPTIUE  NESM  OF  TURIINE  DISC  RERION 
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Main  gas  path  temperatures  are  usually 
estimated  from  throughflow  calculations 
for  the  mainstream  (which  may  be  adjusted 
to  agree  with  measurements ) .  These 
temperature  estimates  are  themselves 
subject  to  some  uncertainty,  due  to  such 
effects  as  radial  temperature  variations 
in  the  annulus  which  are  difficult  to 
model  reliably,  and  this  uncertainty 
transfers  to  the  thermal  model.  Gas 
temperatures  in  other  parts  of  the  engine 
are  usually  estimated  from  energy  balances 
for  the  secondary  air  flows,  taking 
account  of  heat  transfer  and  'windage' 
work.  While  this  is  straight  forward  in 
some  situations,  such  as  flow  along  a 
duct,  it  can  be  difficult  where  the  flow 
distribution  is  uncertain.  A  good  exeunple 
of  the  latter  case  is  axial  throughflow 
between  two  co-rotating  compressor  discs 
where  the  degree  to  which  the  throughflow 
penetrates  into  the  inter-disc  cavity  may 
have  to  be  estimated.  In  such  cases  the 
engineer  may  have  to  make  questionable 
assumptions  regarding  the  flow  and  will 
rely  on  comparison  with  measurements  to 
show  up  any  discrepancies  in  the 
predictions.  With  experience,  accepted 
modelling  techniques  have  been  established 
and  these  techniques  embody  a  database  of 
engine  measurements. 

Heat  transfer  coefficients  based  on  local 
gas  temperatures  are  generally  used,  as 
this  avoids  some  of  the  gross  errors  that 
can  occur  if  a  remote  gas  temperature  is 
employed.  Considerable  use  is  made  of 
well  known  empirical  Nusselt  number 
correlations  for  such  cases  as  duct  flow, 
'free'  rotating  disc  flow,  flow  over  flat 
plates  and  natural  convection  from  flat 
plates  and  cylinders.  While  correction 
factors  are  often  needed  to  account  for 
the  non-ideal  engine  conditions,  use  of 
these  correlations  goes  some  way  to 
ensuring  the  correct  scaling  of  the  heat 
transfer  coefficients  through  a  flight 
cycle.  Buoyancy  effects  due  to  rotation 
are  sometimes  modelled  by  replacing 
gravitational  acceleration  with 
centripital  acceleration  in  correlations 
for  natural  convection.  (Some  support  for 
this  method  is  given  by  the  data  of  Long 
and  Tucker  (2)  but,  in  general,  its 
validity  is  unproven.)  Further,  more 
specialist,  empirical  correlations  may 
also  be  used.  These  include  labyrinth 
seal  heat  transfer  (eg.  Waschka  et  al 
(3)),  rotating  drum  heat  transfer 
(eg.  Childs  et  al  (4)),  rotating  disc 
windage  (eg.  Daily  and  Nece  (5))  and 
impingement  heat  transfer  which  is 
discussed  further  below.  As  for  the  flow 
distribution,  experience  with  this 
approach  to  specification  of  heat  transfer 
coefficients,  has  led  to  the  establishment 
of  accepted  modelling  techniques. 

Impingement  heat  transfer  is  commonly  used 
on  turbine  casings  to  provide  control  of 
casing  temperatures  and  displacements  in 
support  of  tip  clearance  optimisation.  It 
is  also  encountered  on  rotating  discs  due 
to  air  jets  resulting  from  passage  through 
cooling  air  system  restrictors  or  seals. 
Heat  transfer  associated  with  impingement 
is  extremely  difficult  to  model  accurately 
because  of  its  strong  dependence  on 


geometry  and  flow  conditions.  This  is 
reflected  by  the  wide  and  varied  empirical 
correlations  available  on  the  subject  (eg. 
Downs  &  James  (  6 ) ) .  The  traditional 
approach  to  determining  impingement  heat 
transfer  coefficients  for  engine 
applications  has  been  to  derive  them  from 
appropriate  test  measurements.  However,  a 
knowledge-based  database  for  impingement 
heat  transfer  has  recently  been  developed 
( see  Moss  ( 7 ) )  which  contains  a  very 
extensive  set  of  impingement  correlations 
from  existing  literature.  By  selection  of 
a  set  of  keywords  together  with 
specification  of  parameter  values  defining 
the  flow  conditions,  coefficients  are 
evaluated  for  all  correlations  that 
satisfy  the  selected  criteria.  With  links 
to  the  impingement  database  from  the 
finite  element  system  it  is  planned  to 
automate  the  selection  and  evaluation  of 
impingement  heat  transfer  correlations 
with  much  greater  reliability  and  less 
dependence  on  test  measurements. 

Convective  heat  transfer  in  rotating  disc 
cavities  has  been  the  subject  of  a 
sustained  research  effort  over  recent 
years  (see,  for  example,  Owen  (8)  and  Chew 

(9) )  and  some  definite  advances  in  this 
area  can  be  identified.  Computational 
fluid  dynamics  (CFD)  methods  and 
momentum-integral  techniques  have  been 
developed  for  this  application  and  are  now 
being  used  to  assist  in  thermal  modelling. 
Examples  of  the  capabilities  of  these  two 
methods  and  comparison  with  heat  transfer 
measurements  are  given  by  Chew  and  Rogers 

(10)  and  lacovides  and  Chew  (11).  Of  the 
two  methods  the  integral  technique  is  the 
more  computationally  efficient,  and  some 
success  has  been  had  in  coupling  this 
method  to  the  heat  conduction  solution. 

CFD  methods  are  potentially  the  more 
powerful  predictive  tool,  but  their 
computational  requirements  have,  to  date, 
limited  their  application  to  'stand-alone' 
calculations.  It  is  reassuring  to  note 
that  when  heat  transfer  predictions  from 
the  two  models  have  been  compared  with  the 
assumptions  used  in  earlier  thermal 
models,  reasonable  agreement  has  usually 
been  found. 

An  example  of  a  CFD  calculation  for  the 
cavity  in  front  of  a  turbine  disc,  from 
Virr  (12)  is  shown  in  Figure  4.  This 
illustrates  both  the  capability  of  CFD 
methods  and  the  complexity  of  the  flow. 

In  this  axisymmetric  calculation  drag  due 
to  oil  system  pipes  crossing  the  lower 
part  of  the  cavity  has  been  included  in 
the  model.  Such  features  have  a 
significant  effect  on  the  tangential 
velocity  of  the  fluid  in  the  cavity  and 
hence  the  surface  heat  transfer.  Note 
also  that  the  flow  inlets  to  the  cavity 
are  modelled  as  axisymmetric  slots  rather 
than  discrete  holes  or  nozzles  as  occur  in 
practice.  In  this  example,  flow 
is  highly  swirled  at  the  outer  inlet  and 
this  affects  the  flow  structure  in  the 
outer  part  of  the  cavity. 

A  further  important  aspect  of  the 
convection  problem  is  gas  ingestion  in  the 
turbine,  where  contamination  of  the 
cooling  air  by  the  hot  mainstream  gas  may 
lead  to  overheating  of  the  discs. 


24-4 


FICURCM.  PDCOICTED  STREMLINES  FOR  «  TURIlnE  DISC  CRVITV 


Empirical  correlations  and  models  are 
available  in  the  open  literature  for 
estimating  ingress  due  to  disc  pumping 
(eg.  Bayley  and  Owen  (13),  Daniels  et  al 
(14)  and  Chew  et  al  (15)).  Proprietary 
methods  have  been  available  for  some  years 
in  Rolls-Royce  for  estimating  ingestion 
driven  by  the  mainstream  pressure 
distribution  (eg.  Campbell  (16))  and  this 
problem  is  now  receiving  more  attention 
from  the  research  community  (eg.  Green  and 
Turner  (17)).  CFD  is  also  beginning  to 
contribute  in  this  area.  Figure  5  shows 
some  recent  three-dimensional,  steady  CFD 
results  for  flow  ingestion  into  a  model 
disc  cavity  simulating  Green  and  Turner's 
experimental  set-up.  Initial  comparisons 
with  measurements  are  very  encouraging. 
Mote,  however,  that  for  a  full  description 
of  tile  problem,  unsteady  calculations  may 
be  required. 


riCURE.S.  PREDICTED  DELOCITV  VECTORS  SHOUINS  RPINSTRERK  CAS 
lACESTION  THROUCK  AN  AXIAL  CLEARANCE  SEAL 


2.3  Other  Boundary  Conditions 

In  addition  to  convective  heat  transfer 
the  thermal  model  will  usually  require  the 
specification  of  further  complex  boundary 
conditions,  which  have  a  significant 
effect  on  the  disc  or  casing  thermal 
behaviour . 

Contact  resistance  is  of  particular 
importance  in  the  thermal  analysis  of 
turbine  casings,  where  high  conductive 
heat  fluxes  from  nozzle  guide  vane  segments 
to  turbine  casings  are  restricted  by  the 
imperfect  contact  between  these 
components.  Build  tolerances,  pressure 
variations  and  axial  movements,  combine  to 
give  great  variability  in  the  resulting 
casing  temperature.  The  conventional 
approach  is  to  measure  contact  resistance 
via  thermocouples  either  side  of  the 
contact  region  and  derive  boundary 
conditions  to  reproduce  the  measured 
temperature  difference.  However,  worlc  is 
now  in  progress  to  incorporate  a 
predictive  capability,  where  the  thermal 
resistance  is  calculated  from  empirical 
correlations  and  a  Itnowledge  of  the 
contact  conditions. 

Thermal  barrier  coatings  are  increasingly 
being  used  in  a  variety  of  applications  to 
reduce  the  heat  transfer  rate  to 
components,  either  as  a  means  of  improving 
clearance  control  or  to  enhance  the 
component  integrity/life  by  reducing 
temperatures.  The  low  conductivity  of 
barrier  coats  and  their  bonding  agents, 
together  with  their  thin  nature  can  lead 
to  severe  numerical  instability  if  handled 
in  the  finite  element  conduction  solution. 
Techniques  have  therefore  been  developed 
to  represent  the  effects  of  thermal 
barrier  coatings  by  specifying  an  overall 
effective  heat  transfer  coefficient 
assuming  a  composite  wall.  This  simple 
approach  allows  the  effect  of  thermal 
coatings  to  be  evaluated,  in  fast  turn 
around  times. 

While  the  majority  of  thermal  problems 
associated  with  turbomachinery  discs  and 
casings  are  usually  dominated  by 
convective  heat  fluxes,  there  are  some 
instances  where  radiation  can  become 
significant,  and  must  be  accounted  for  in 
the  heat  transfer  solution.  Turbine 
casings  with  low  external  convective 
cooling  are  a  typical  example  of  where 
radiation  effects  must  be  included  in  the 
thermal  model.  The  finite  element  methods 
of  Armstrong  &  Edmunds  (1)  include  full 
specification  of  radiative  boundary 
conditions  complete  with  automatic  view 
factor  calculation. 

The  ability  of  cooling  air  or  annulus  gas 
to  penetrate  even  highly  loaded  flanged 
assemblies  means  that  the  effects  of 
flange  lea)cage  must  also  be  accounted  for 
in  the  thermal  model.  The  main  problem  in 
modelling  such  lea)cage  is  in  determining 
the  conditions  under  which  such  lea)cage 
will  be  present  and  representing  the 
transient  nature  of  the  flow.  However, 
with  a  comprehensive  database  of 
identified  lealcage  from  engine  testing, 
together  with  flexible  boundary  condition 
input  generation  facilities,  the  thermal 
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effects  of  flange  leakage  can  be  accounted 
for. 

2.4  Thenno-Wechanical  Coupling 

Thermal  and  structural  finite  element 
analysis  in  support  of  clearance  control 
and  optimisation  have  conventionally  been 
completed  separately  using  codes  developed 
for  each  type  of  analysis,  with  links  to 
feed  in  previously  calculated  temperature 
distributions  in  specific  deflection  or 
stress  predictions. 

The  automatic  finite  element  analysis 
system  now  in  use,  has  the  capability  to 
complete  either  separate  or  combined, 
linear  or  non-linear,  thermal  and 
mechanical  analyses.  This  is  having  a 
significant  effect  not  only  on  the  time 
taken  to  complete  clearance  predictions 
but  also  in  the  technical  methods  used. 
Improvements  in  turn-around  times  of  over 
50%  have  been  evident  since  the 
introduction  of  thermo-mechanical  coupling. 
By  using  a  common  model  for  the 
temperature  and  displacement  calculations 
unnecessary  duplication  of  work  is 
eliminated  and  geometry  and  boundary 
conditions  are  defined  only  once.  Static 
pressures  and  component  rotational  speeds 
specified  for  use  in  empirical  heat 
transfer  correlations,  can  also  be  used  to 
apply  pressure  and  centrifugal  loads  in 
the  structural  analysis. 

The  coupling  of  temperature  and 
displacement  predictions  also  provides  the 
opportunity  for  improvements  in  the 
technical  methods  used  in  some  thermal 
problems.  A  good  example  of  this  is 
labyrinth  seal  clearance  predictions.  In 
this  type  of  problem,  temperature  and 
displacement  analyses  of  the  rotating  and 
static  seal  members  are  required  to 
determine  seal  clearance  characteristics 
and  minimise  parasitic  air  leakage. 

However,  large  transient  changes  in  seal 
clearance  are  often  experienced  following 
severe  engine  throttle  movements,  causing 
large  variations  in  seal  flow,  heat 
transfer  and  windage.  The  seal  clearance 
characteristic,  which  is  needed  for  the 
temperature  calculation,  thus  depends  on 
the  displacement  calculation.  Combined 
thermo-mechanical  analysis  "opens  up"  the 
possibility  of  a  linked  interactive 
solution  by  the  finite  element  system. 


3.  MODBL  VALIDATIOM  t  RESULTS 

Improvements  in  boundary  condition 
predictive  methods,  coupled  with  a  growing 
database  of  validation  results,  has  led  to 
greater  accuracy  in  temperature 
predictions,  but  confirmation  and 
correction  of  assumptions  remain  an 
essential  part  of  thermal  modelling.  To 
aid  the  engineer  in  adjusting  boundary 
assumptions,  the  finite  element  code 
includes  inverse  analysis  capabilities, 
enabling  the  automatic  optimisation  of 
properties  such  as  surface  heat  transfer 
coefficient  to  achieve  agreement  of  the 
thermal  model  with  component  measurements 
to  an  accuracy  required  by  the  engineer. 


This  approach  not  only  reduces  the  time 
taken  for  the  validation  process,  but  also 
has  the  potential  to  identify  new  or 
improved  Nusselt  No.  heat  transfer 
correlations. 

A  number  of  techniques  can  be  used  to 
achieve  model  validation  and  ensure  that 
the  modelling  accurately  represents  the 
true  thermal  behaviour.  The  principal 
methods  used  and  application  of  the  models 
are  briefly  described  in  the  following 
sub-sections. 

3 . 1  Temperature  Validation 

The  temperature  validation  process 
consists  of  the  detailed  measurement  of 
rotor  disc  and  casing  metal  temperature 
distributions  using  thermocouples  at 
selected  key  locations.  Typically  a  six 
stage  axial  flow  compressor  validation 
test  will  include  in  excess  of  250 
thermocouples  to  identify  axial,  radial 
and  circumferential  temperature 
variations.  In  addition  to  the  metal 
temperature  data,  where  possible,  the 
measurement  of  surrounding  fluid 
properties  (pressure,  temperature)  is 
completed  to  ensure  accurate 
representation  of  convective  boundary 
conditions  in  the  thermal  model.  Figures 
6a  &  6b  show  typical  instrumentation 
locations  for  a  turbine  disc  validation 
test . 


FIGURE. 6A.  INSTRURENTATION  FOR  TURIINE  DISC  URIIORTION  TEST 


FIGURE. ti.  INSTRimCNTRTIOl)  FOR  3D  RODEL  UAllDRTtON 
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One  of  the  primary  objectives  of 
temperature  validation  is  confirmation  of 
heat  transfer  coefficient  assumptions. 
Measurements  are  taken  over  specific 
transient  cycles  that  lead  to  severe 
convective  heat  fluxes.  By  comparison  of 
the  temperatures  predicted  by  the  model 
with  those  measured  on  the  discs  and 
casings,  it  is  possible  to  ensure  that  the 
thermal  behaviour  of  the  model  accurately 
reproduces  the  measured  characteristics  at 
all  transient  and  steady  state  operating 
conditions.  Figure  7a  shows  a  comparison 
between  thermal  model  predictions  and  disc 
temperature  measurements  at  a  steady  state 
engine  condition.  Temperature  comparisons 
for  a  single  location  of  a  typical 
transient  cycle  are  shown  in  Figure  7b. 


F|«U«E.7«.  STE««V  STdtE  DISC  TEflPEMTUDE  WPLIOPTION 


FteuRE.7i.  transient  disc  tenperature  validation 


Displacement  Validation 


While  component  temperature  measurements 
play  an  important  role  in  the  validation 
of  thermal  movements,  it  is  also  necessary 
to  validate  displacement  predictions  to 
confirm  structural  modelling  assumptions. 
Displacement  validation  can  include  a 
variety  of  different  measurement 
techniques,  which  include: 


x-rays  -  steady  state  and 

transient  video  recording  provides 

relative  movements  for 
use  in  the  optimisation 
of  annulus  line 
definition,  labyrinth 
seal  clearances  and  rotor 
blade  tip  clearances. 

This  technique  is 
particularly  useful  for 
otherwise  inaccessible 
locations,  and  is 
inobtrusive  (does  not 
disturb  the  feature  being 
measured ) . 

tip  clearance  -  direct  measurement  of 
probes  rotor  path  clearance 

ensures  correct  disc  and 
casing  modelling, 
including  3  dimensional 
effects. 

ovality  probes  -  usually  utilised  in 
combination  with  tip 
clearance  probes, 
localised  casing 
distortions  can  be 
identified. 

strip  data  -  dimensional  measurement 
of  rotor  and  casing  or 
labyrinth  seal  members 
following  engine  running 
may  be  used  in  comparison 
with  clearance/closure 
characteristics  predicted 
by  the  thermal/structural 
model  for  the  same  engine 
running. 

As  with  temperature  validation,  the 
difficulty  in  accurately  predicting 
component  deflections  means  revision  of 
modelling  assumptions  may  be  required. 

Figure  8 .  gives  a  comp.'  rison  of  predicted 
closure  for  a  turbine  labyrinth  seal  and 
x-ray  derived  measurements  for  a  square 
cycle  accel/decel  test.  These  results 
highlight  the  close  coupling  required 
between  thermal  and  structural  modelling, 
with  the  transient  changes  in  seal 
clearance  causing  large  variations  in  seal 
flow,  heat  transfer,  windage  and 
temperature  rise. 


TIKOECS) 


FItuRE.I.  CONRARISON  OF  AREOICTED  AND  X-RAV  CLOSURE 
CHARACTERISTICS  FOR  LAIVRINTH  SEAL 
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3 . 3  Results 


Oace  the  validity  of  a  thermal  model  has 
been  established,  temperature  and 
displacement  predictions  can  be  reliably 
calculated  for  any  required  transient 
altitude  or  test  bed  cycle.  The  thermal 
model  results  are  ultimately  used  in 
further  detailed  stressing  or  performance 
calculations  and  analysis  of  model  results 
can  facilitate  productive  design 
optimisation. 

Figure  9  shows  predicted  casing 
temperature  distributions  for  a  turbine 
casing  assembly  subject  to  external 
impingement  cooling,  internal  contact 
resistance  and  local  gas  leakage. 

Accurate  prediction  of  these  temperatures 
is  critical  in  determination  of  rotor  tip 
clearances  and  casing  integrity. 


IltPlNCEHClIT 


3D  temperatures  used  to  calculate  local 
stresses  around  the  blade  cooling  air  feed 
holes  in  a  turbine  disc  rim  are  given  in 
Figure  10.  3D  thermal  modelling  of  this 
area  helped  to  provide  understanding  of 
why  the  holes  were  not  the  life-limiting 
feature  predicted  by  a  2D  analysis. 


FIGURE. II.  PREtICTED  30  TERPERRTURE  OISTRIIUTIONS  AROUND  HADE 
COOLING  AIR  FEED  HOLES  OF  TURDINE  DISC  NODEL 


4.  W>ni>T.ME  ARRAS 

Through  experience  of  producing  and 
validating  thermal  models  certain  areas 
where  problems  are  most  frequently 
encountered  and  where  further  work  would 
be  useful  can  be  identified.  Some  of 
these  are  highlighted  in  this  section. 


Not  surprisingly,  many  of  these  areas 
correspond  to  situations  where  the  physics 
is  not  well  understood  or  there  is  a  lack 
of  relevant  data  available.  Others  are 
related  to  the  need  for  fast  job 
turn-around  times  and  minimum  cost  of  the 
thermal  modelling. 

Some  problems  are  relevant  to  compressor 
rotor,  turbine  rotor  and  casings,  others 
are  more  component  specific.  Considering 
first  the  more  general  problem  areas,  the 
need  for  efficient  mechanisms  for 
incorporating  CFD  predictions  in  the 
thermal  modelling  process  is  worth 
emphasising.  Ideally,  from  the  modeller's 
viewpoint,  the  heat  conduction  and  CFD 
calculations  should  be  fully  linked,  but 
this  would  require  considerable  computing 
resource  and  may  increase  job  turn-around 
times  unacceptably.  While  recognising 
that  CFD  will  give  improvements  in 
predictive  capability  in  the  future,  such 
limitations  as  turbulence  modelling,  high 
computing  cost  and  poor  code  robustness 
must  also  be  acknowledged.  At  present 
application  of  CFD  codes  must  be 
supervised  by  specialists,  only  certain 
classes  of  flow  can  be  reliably  predicted, 
and  considerable  judgement  is  required  in 
applying  results  to  the  thermal  model. 

The  extent  to  which  three-dimensional 
effects  can  be  properly  accounted  for  in 
the  axisymmetric  models  is  clearly 
limited.  Such  effects  as  heat  conduction 
from  blades  to  disc,  around  cooling  air 
holes  and  bolt-heads,  and  many  casing 
geometries  are  intrinsically 
three-dimensional.  A  move  towards  more 
three-dimensional  analysis  can  therefore 
be  expected  in  the  future.  For  a  rigorous 
treatment,  the  three-dimensional  nature  of 
the  convective  boundary  conditions  will 
also  have  to  be  modelled;  this  will 
certainly  present  further  problems  to  the • 
design  engineer. 

In  compressors,  both  the  inter-disc 
cavities  and  the  'stator  well'  cavities 
just  inside  the  mainstream  annulus  (see 
Figure  11)  can  present  modelling  problems. 


FIGURE. 11.  CONRREESOR  ETATDR  UELL  AND  INTERDtfC  CAUITIEt 


For  a  cavity  between  co-rotating  discs 
with  a  central  axial  throughflow,  but  no 
net  radial  flow,  it  has  been  found  that 
the  nature  of  the  convection  following  an 
engine  acceleration  may  be  quite  different 
from  that  during  a  deceleration.  This  is 
consistent  with  buoyancy  effects  being 
important  as  the  rotor  temperature 
distributions  are  quite  different  for 
these  two  conditions.  Research  studies 
for  this  problem  indicate  that  the  flow 
may  be  both  three-dimensional  and  unsteady 
(Farthing  et  al  (18)). 

For  stator  wells,  it  is  thought  that 
windage  heating,  blade  platform  and  root 
lea]cage,  seal  clearances,  mainstream  gas 
ingestion,  and  recirculation  of  hot  air 
ejected  from  the  front  half  of  the  wells 
bacjc  into  the  rear  half  of  the  well  can 
significantly  affect  the  heat  transfer. 

The  significance  of  each  of  these  effects 
depends  on  the  detailed  design  and 
temperature  prediction  can  be  both 
difficult  and  time  consuming. 

In  turbines,  mainstream  gas  ingestion  is 
perhaps  the  prime  area  of  difficulty.  As 
discussed  above  CFD  is  beginning  to 
contribute  to  an  understanding  of  this 
problem,  but  further  wor)c  is  needed. 
Impingement  of  inclined  jets  onto  rotating 
components,  as  may  occur  in  a  pre-swirled 
blade  cooling  feed  system,  is  a  further 
situation  for  which  there  is  a  lac)c  of 
data. 

For  casings,  natural  convection  can  be  an 
important  heat  transfer  mechanism  and 
there  is  some  uncertainty  regarding  the 
effect  of  vibration  here.  Other  problems 
to  be  addressed  in  casing  modelling 
include  impingement  heating  or  cooling  and 
contact  resistances. 

The  above  survey  of  problem  areas  is  by  no 
means  complete  but  illustrates  the 
limitations  of  current  methods.  As  there 
are  considerable  differences  between 
engine  geometries  and  as  designs  continue 
to  evolve,  so  new  challenges  are 
continually  presented  to  the  thermal 
modeller.  Concepts  such  as  active  tip 
clearance  control  and  contra-rotating 
engines  may  need  to  be  modelled  in  the 
future  and  so  the  need  is  for  generally 
applicable  modelling  methods  as  opposed  to 
correlations  for  specific  applications. 

5.  OMCmSlCMtS 

Thermal  modelling  of  discs  and  casings  is 
a  valuable  element  of  the  engine  design 
process.  When  properly  validated,  models 
give  useful  estimates  of  temperature 
distribution  for  stress  and  movement 
calculations.  With  an  advanced  finite 
element  solver  for  the  heat  conduction 
problem,  used  in  conjunction  with  powerful 
geometry  and  boundary  condition  software, 
thermal  predictions  can  be  readily 
attained  and  design  proposals  fully 
assessed. 

Further  benefits  could  be  obtained  from 
thermal  modelling  if  more  general 
modelling  techniques  could  be  developed, 
so  reducing  the  reliance  on  engine  test 
validation.  Some  progress  is  being  made 


towards  this  with  application  of  recent 
research  results  and  CFD  methods. 
Prospects  for  continued  improvement  are 
good  as  increasing  computing  power  will 
undoubtably  allow  more  flexibility  in 
the  modelling.  In  particular,  increased 
use  of  CFD  and  three-dimensional  heat 
conduction  solutions  is  expected.  It 
should  be  noted,  however,  that  some 
formidable  problems  must  be  resolved 
before  fully  comprehensive  and  reliable 
predictions  are  possible. 
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Discussion 


QUESTION  1: 

DISCUSSOR:  N.  Selpuk,  Middle  East  Technical  University 

Which  type  of  radiative  boundary  condition  have  you  used  in  your  model? 

AUTHOR'S  REPLY; 

The  finite  element  program  includes  an  option  for  radiative  heat  transfer  between 
surface  zones  using  the  view  factor  method  with  gray  body  assumptions. 

QUESTION  2; 

DISCUSSOR:  D.K.  Hennecke,  Darmstadt 

For  the  calculation  of  disk  temperatures  you  need  the  temperature,  mass  flow  and 
transient  temperature  variation  of  the  surrounding  air.  Do  you  calculate  the  values 
starting  at  the  source  of  the  flow  and  follow  it  along  its  way  to  the  turbine  disk  or  do  you  use 
measurements?  In  particular,  did  you  employ  calculated  or  measured  values  in  Figure 
7? 

AUTHORS'  REPLY: 

CHEW;  We  generally  do  include  energy  balances  along  the  flow  path  from  the  source  to 
the  disc  to  give  the  air  temperature.  Validation  tests  included  air  temperature 
measurements  and  if  necessary  the  initial  model  was  corrected  to  ensure  correct 
reproduction  of  the  local  air  temperature.  My  colleague  Jeff  Dixon  may  be  better  able  to 
answer  your  question  concerning  Fig.  7. 

DIXON:  In  Figure  7  the  air  temperatures  adjacent  to  the  side  surface  are  calculated 
within  the  model  and  compared  with  the  measured  cooling  air  temperatures.  The  air 
temperature  at  position  k  from  figure  6a  is  the  relevant  boundary  condition  for  metal 
temperature  position  T  on  the  disc,  shown  as  a  time-history  plot  in  figure  7b.  The  model 
determines  'its  own'  transient  boundary  air  temperatures,  mass  flows  and  heat  transfer 
coefficients,  starting  from  the  off-take  position  (i.e.,  main  annulus  position). 

QUESTION  3; 

DISCUSSOR:  M.  Owen,  University  of  Bath 

It  is  encouraging  that  considerable  progress  has  been  made  in  applying  computational 
techniques  to  engine  design  and  that  the  pace  of  this  program  is  likely  to  quicken  over  the 
coming  years.  It  is  even  more  encouraging  for  research  workers  that  there  are  still 
many  unsolved  rotating  disc  problems  for  the  future. 

Could  you  explain  how  the  heat  transfer  coefficient  was  calculated  for  the 
computation  shown  in  Figure  7a, b? 

AUTHOR'S  REPLY: 

CHEW:  A  factored  free-disc  heat  transfer  coefficient  was  used  for  the  turbine  disc.  The 
factor  was  kept  constant  throughout  the  test  cycle. 

DIXON:  The  standard  free-disc  correlation  is  used  for  the  disc  position  shown  as  a  time- 
history  plot  in  the  figure  7b.  The  good  thermal  matching  is  obtained  with  factors  close  to 
1.0  at  this  and  similar  locations  based  on  local  air  temperature.  Other  locations  also 
shown  in  Figure  7a  of  the  paper  require  different  correlations  as  appropriate,  e.g.  a 
modified  duct  flow  correlation  in  the  disc  core,  and  a  modified  natural  convection 
correlation  in  the  rotating  cavities  inboard  of  the  drive  arms. 

Again  factors  and  correlations  are  kept  constant  throughout  the  power  range  and 
during  accelerating  and  decelerating  portions  of  the  cycle.  It  is  very  important  to  use  the 
local  air  temperature  to  get  the  right  heat  flux  for  thermal  matching  in  this  class  of 
problems. 
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SUMMARY 

The  paper  provides  both  a  brief  review  of  some  recent  research 
into  the  flow  and  heat  transfer  associated  with  the  turbine  and 
compressor  discs  of  gas-turbine  engines  and  some  new  results 
for  flow  between  contra-rotating  turbine  discs.  Elliptic  solvers, 
parabolic  solvers  and  integral  methods  have  all  been  applied 
successfully  to  some  important  axisymmetric  boundary- layer- 
dominated  flows,  and  multigrid  elliptic  solvers  used  in 
conjunction  with  parallel  computers  offer  great  promise  for  the 
future  computation  of  nonaxisymmetric  flows.  LDA  velocity 
measurements  and  computations  have  given  fresh  insight  into 
the  flow  between  contra-rotating  turbine  discs.  Batchelor-type 
flow,  in  which  there  are  boundary  layers  on  the  discs  and  a 
shear  layer  in  the  midplane,  has  been  computed  for  laminar  flow 
but  has  not  been  observed  in  practice,  even  at  local  rotational 
Reynolds  numbers  as  low  as  2.2  x  10^.  The  actual  flow 
structure  comprised  radial  outflow  in  boundary  layers  on  the 
discs  and  a  central  core  of  radial  inflow  in  which  rotational 
effects  were  weak.  Although  the  flow  in  the  core  was  always 
turbulent,  the  flow  in  the  boundary  layers  was  laminar  for 
rotational  Reynolds  numbers  up  to  at  least  1.2  x  lO^.  Agreement 
between  the  computed  turbulent  velocides  and  the  measured 
values  was  good  for  Reynolds  numbers  above  4.5  x  105. 

LIST  OF  SYMBOLS 

a.  b  inner,  outer  radius  of  disc 

c  constant  or  inlet  swirl-fraction  (=  V^/fir  at  r  =  b) 

Cd  discharge  coefficient 

Cm  moment  coefficient  (=A//Mp0^b’) 

Cp  specific  heat  at  constant  pressure 

Cp  pressure  coefficient  {=  Ap/iipSl^b^) 

C„  nondimensional  flow  rate  (=Q/vb) 

(positive  for  radial  outflow,  negative  for  inflow) 

G  gap  ratio  (=s/b) 

Gc  shroud-clearance  ratio  (=Sc/b) 

Gr,  Grashof  number  (=fl2ripAT/v2) 

k  thermal  conductivity  of  fluid 

m  mass  flowrate 

M  frictional  moment  on  one  side  of  disc 

n  exponent  for  power-law  tempcramre  profile 

Nu  local  Nusselt  number  (=qsr/k(T5  -  Tref)) 

Nu*  modified  local  Nusselt  number  (=  qjr/k(Ts  -  Ts„d)) 

p  static  pressure 

Pr  Prandtl  number  (=  pCp/k) 

q  heat  flux  from  disc  to  cooling  air 

r  radial  location 

Rcw  external  flow  Reynolds  number  (=  Wb/u) 

Re^  axial  Reynolds  number  (=2\W\)) 

Re»  rotation^  Reynolds  number  (=flbVt)) 

s  axial  clearance  between  discs  or  between  rotor 

and  stator 

Sc  shroud  clearance 

T  temperature 

U  representative  velocity 

Vr,  Vg,  Vi  radial,  tangential,  axial  components  of  velocity 
in  a  stationary  frame 

W  appropriate  axial  component  of  velocity 

X  nondimensional  radius  (=T/b) 

Xa  radius  ratio  (=a/b) 

z  axial  distance  from  disc 


p 

coefficient  of  volumetric  expansion 

Ap 

pressure  difference 

AT 

temperature  difference 

turbulent  flow  parameter 

(=CwRe,0-8) 

absolute  viscosity 

U 

kinematic  viscosity 

(P/p) 

P 

density 

0 

sealing  effectiveness 

+  Cw.in)) 

n 

angular  speed  of  disc 

Subscripts 

;id 

adiabatic  value 

eff 

effective  value 

fd 

free-disc  value 

in 

relating  to  ingress 

max 

maximum  value 

min 

minimum  value  (to  prevent  ingress) 

ref 

reference  value  (inlet  conditions  for  cavity) 

oo 

value  at  infinity 

1 .  INTRODUCTION 

Fig.  1  shows  a  schematic  diagram  of  the  rotating-disc  systems 
used  to  model  the  flow  and  heat  transfer  associated  with  nirbine 
and  compressor  discs  in  gas-turbine  engines.  Fig.  la,  the  free 
disc,  is  the  datum  case  for  all  rotating-dIsc  systems  although  in 
the  engine  a  disc  usually  rotates  close  either  to  a  stationa^ 
casing,  as  in  Fig.  lb.  or  to  another  rotating  disc,  as  in  Figs.  Ic  - 
If.  Fig.  Ic  represents  air-cooled  corotating  turbine  discs,  and 
Fig.  Id  represents  the  case  where  air,  for  cooling  the  turbine,  is 
extracted  radially  inward  between  two  high-pressure  compressor 
discs.  In  some  aero-engines,  the  cooling  air  passes  axially 
through  the  centre  of  a  stack  of  compressor  discs,  and  this  case 
is  modelled  by  Fig.  le.  Contra-rotating  turbine  discs,  as  shown 
in  Fig.  If,  may  be  used  in  future  generations  of  ultra-high- 
bypass-ratio  engines  to  drive  contra-rotating  fans:  contra-rotating 
turbine  blades  obviate  the  need  for  one  row  of  stator  blades, 
thereby  saving  weight  and  space.  All  these  systems  share  certain 
characteristics. 

It  is  convenient  to  define  some  of  the  nondimensional  variables 
that  specify  the  system.  The  nondimensional  radii,  x  and  x„  are 
defined  as 


the  gap  ratio,  G,  as 


G  =  ^  (1.2) 

o 

the  shroud-clearance  ration,  Gc,  as 

G,  =  ^  (1.3) 

b 

the  rotational  Reynolds  number.  Re#,  as 


(1.4) 
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For  flows  in  which  buoyancy  effects  are  important  (as  in  the 
case  of  a  heated  rotating  cavity  with  an  axial  throughflow  of 
cotrling  air),  the  local  Grashof  number,  Gr„  is  often  defined  as 
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(e)  rotating  cavity  with  (f)  contra-rotating  discs 
axial  throughflow 

Fig.  1  Schematic  diagram  of  rotating-disc  systems 


and  the  nondimcnsional  flowrate  (for  a  superposed  inflow  or 
outflow),  Cw,  as 


C, 


(1.5) 


Two  axial  Reynolds  numbers  are  used:  Re,  for  the  rotating 
cavity  with  axial  throughflow,  and  Re*  for  the  rolor-sl.ator 
system  with  an  external  axial  flow,  where 


Re,  =  Re.  =  ^ 


(1.6) 


Although  it  is  not  an  independent  nondimensional  parameter,  the 
turbulent  flow  parameter,  Xt,  is  defined  as 


A,  =  C.Re;"’ 


(1.7) 


p^a^r^PAT 


pAT{x^Re,y  (1.8) 


where  AT  is  the  local  temperature  difference  between  the  surface 
of  the  disc  and  the  air  at  inlet  to  the  system. 

In  addition  to  the  above  defining  parameiers,  there  are  several 
nondimensional  v.ariables  of  importance  to  the  engineer.  The 
moment  coefficient.  Cm,  is  defined  as 


M 

•/ipn'b” 


(1.9) 


where  M  is  the  frictional  moment  on  one  side  of  the  disc.  The 
pressure  coefficient,  Cp,  is  defined  as 


w  here  Ap  and  U  are  representative  pressure  differences  and 
velocities,  respectively.  (For  example,  for  a  rotating  cavity,  Ap 
IS  the  radial  pressure  drop  and  U  =  Qb;  for  a  rotor-stator  system 
with  an  external  axial  flow,  Ap  is  the  circumferential  pressure 
variation  and  U  =  W,  the  axial  velocity  of  the  external  flow.) 

The  local  Nusselt  number.  Nii,  and  the  modified  Nusselt 
number  Nu*.  are  defined  as 


Nil-. 


'■‘I 


Nu*  =  - 


(1.11) 


where  T,cf  is  a  suitable  reference  temperature  (for  example,  the 
temperature  of  the  air  at  inlet  to  the  system)  and  Tj.ad  is  the 
adiabatic-disc  temperature  (.see  ref.  1  for  the  details). 

For  the  rotor-stator  system  in  panicuhir,  the  designer  needs  to 
estimate  C^.mm.  minimum  value  of  Cw  necessary  to  prevent 
the  ingress  of  hoi  mainstream  gas  into  the  wheel-space.  In  most 
gas  turbines,  C„  <  Cw  mjn  and  ingress  occurs.  Under  these 
conditions,  it  is  u.seful  to  define  the  sealing  effectiveness,  0,  as 


C 

C.  +  C., 


(1.12) 


where  Cw.m  >s  the  nondimensional  flowrate  of  the  ingested  fluid. 

Another  useful  quantity,  which  is  used  as  a  datum  flowrate  by 
many  research  workers,  is  the  nondimensional  free-disc 
entrainment  rate.  C*  fd,  or  the  free-disc  turbulent  flow 
parameter.  where  (see  ref.  1), 


C.,,,  =  0.22  ReJ*.  =  0.22  (1.13) 

For  turbine-disc  cooling,  C„  is  usually  less  than  Cw.fj. 

Before  discussing  roiaiing-disc  systems  in  more  detail,  it  may  be 
helpful  to  highlight  some  of  the  important  characteristics  of 
isothermal  rotating  cavities  with  a  superposed  radial  inflow  or 
outflow.  In  both  these  "source-sink  flows",  there  is  a  source 
region  that  distributes  the  incoming  flow  into  the  boundary 
layers  on  the  discs  :  in  the  source  region,  the  bound^  layer 
entrains  fluid;  outside  the  source  region,  nonentraining  Ekman- 
type  layers  are  formed.  The  flow  leaves  the  cavity  via  the  sink 
layer,  and  the  interior  core  between  the  sink  layer,  the  Ekman- 
type  layers  and  the  source  region  rotates  with  a  tangential 
velocity,  Vf ;  for  radial  outflow  in  the  boundary  layers,  V*  <  fir, 
for  inflow,  >  Or. 
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The  flow  in  the  source  region  approximates  to  a  free  vortex 
where 


where  the  constant  Ccff  is  referred  to  as  the  "effective  swirl 
fraction".  If,  for  radial  inflow,  the  air  enters  the  cavity  with  a 
tangential  velocity  equal  to  that  of  the  peripheral  shroud,  such 
that  Ccff  is  unity,  then  equation  (1.14)  suggests  that,  for  x  «  I, 
Vo  »  Qr.  and  the  resulting  pressure  drop  can  be  very  large.  If, 
however,  CcU  <  1.  then  equation  (1.14)  implies  that  =  iir 
when  X  =  Vccff;  for  x  >  Vccfr,  the  flow  in  the  boundary  layer  is 
radially  outward,  and  for  x  <  Vccff  it  is  radially  inward.  This 
creates  the  recirculation  inside  the  source  region  shown  in  Fig. 

Id.  and  the  mixing  that  occurs  between  the  recirculating  fluid 
and  the  incoming  air  means  that  the  magnitude  of  the  "effective 
swirl  fraction"  differs  from  the  "initial  swirl  fraction"  that  is 
imparted  to  the  incoming  air  by  the  holes  or  nozzles  in  the 
shroud.  As  discussed  below,  this  effect  can  be  used  to 
■idvantage  to  control  Vj  and  to  reduce  the  pressure  drop 
associated  with  extracting  cooling  air  between  corotating 
compres-sor  discs. 

The  need  to  improve  the  effectiveness  of  the  intemal-air  systems 
of  gas-turbine  engines  has  led  to  a  large  increase  in  the  research 
earned  out  over  the  last  few  years.  The  first  volume  of  the 
research  monograph  by  Owen  and  Rogers  ( 1)  concentrated  on 
rotor-stator  systems,  and  the  second  volume,  which  should 
appear  next  year,  will  deal  mainly  with  rotating  cavities; 
comprehensive  reviews  of  rotating-disc  systems  are  also  given 
in  refs.  2  and  3.  In  Sections  2  and  3  of  the  paper,  an  outline  is 
given  of  recent  computational  developments  and  experiment^ 
measurements  for  rotating-disc  systems  in  general,  and  Sections 
4  and  5  concentrate  on  some  new  experimental  and 
computational  results  for  contra-rotating  discs  in  particular. 

2  .  RECENT  DEVELOPMENTS  IN 
COMPUTATIONAL  TECHNIQUES 

2.1  Elliptic  solvers 

Elliptic  solvers  using  TEACH-type  finite-volume  methods  have 
proved  effective  for  computing  the  flow  and  heat  transfer  in 
many  rotating-disc  systems.  The  version  of  the  low-Reynolds- 
number  k-E  turbulence  model  developed  by  Morse  (4-7)  has 
been  used  to  obtain  good  agreement  with  experimental  data  for 
rotating  cavities  and  rotor-stator  systems.  Fig.  2  shows  a 
comparison  between  the  tangential  velocities  computed  by  Morse 
(4)  and  the  values  measured  by  Pincombe  (8)  for  a  rotating 
cavity  with  a  radial  outfiow  of  air. 

Lapworth  and  Chew  (9)  were  able  to  obtain  good  agreement 
with  experimental  data  for  a  number  of  systems  using  the  mixing- 
length  model,  which  is  usually  adequate  for  those  flows  that  are 
dominated  by  the  boundary  layers  on  the  discs.  lacovides  and 
Theofanopoulos  (10)  used  a  "zonal  turbulence  modelling 
approach"  in  which  one  of  two  mixing-length  models  was  used 
in  the  boundary  layers  and  either  the  k-e  model  or  the  algebraic- 
stress  model  was  used  in  the  turbulent  core  region  outside  the 
boundary  layers.  They  compared  their  computed  results  with 
experimental  data  for  both  rotor-stator  systems  and  rotating 
cavities,  and  concluded  that  the  modelling  of  the  turbulent  cote 
was  of  marginal  importance  in  these  boundary-layer-dominated 
flows.  Neither  of  the  two  mixing-length  models  tested  was 
universally  successful;  one  worked  better  for  rotor-stators,  and 
the  other  for  rotating  cavities. 

Multigrid  methods  are  proving  to  be  an  effective  way  of 
reducing  the  long  computing  limes  necessary  to  achieve  so- 
called  grid-independent  solutions.  By  using  a  series  of 
progressively  coarser  grids,  it  is  possible  to  accelerate  the 
reduction  of  "low-frequency"  errors,  which  are  difficult  to 
reduce  on  a  fine  grid.  As  a  consequence,  linear  convergence 
(where  the  computing  time  is  proportional  to  the  number  of  fine 
grid  nodes)  can  be  achieved  rather  than  the  quadratic 
convergence  associated  with  conventional  iterative  schemes. 


This  technique  was  first  applied  to  laminar  rotating-disc  systems 
by  Lonsdale  (11).  and  his  work  was  later  extended  by  Vaughan 
etaH\ 2)  to  include  variable-property  fluids,  turbulent  flow  and 
heat  transfer.  Using  a  mixing-length  model,  with  the  van  Driest 
modification,  the  authors  computed  the  flow  in  a  rotor-stator 
system  at  Re*  =  4.4  x  10*  using  a  65  x  65  grid  and  achieved  a 
saving  of  computing  lime  of  87%  compared  with  a  single-grid 
solver.  Recently,  Wilson  et  a/  (13)  have  modified  this  multigrid 
solver  for  use  on  a  parallel  computer.  For  laminar  flow  in  a  rotor- 
stator  system,  the  combined  use  of  muliigrid  and  foiff 
processors  gave  a  speed  -up  of  over  20  compared  with  single- 
arid  computations  on  one  processor;  for  mrbulent  flow,  using  a 
variant  of  Morse's  low-Reynolds-number  k-e  model,  the 
equivalent  speed-up  was  seven. 

Many  of  the  rotating-disc  flows  associated  with  gas-turbine 
engines  are  three-dimensional  and  unsteady,  and  multigrid 
methods  and  parallel  computing  are  likely  to  play  an  important 
p;in  in  these  difficult  computations.  However,  for  boundary- 
layer-dominated  flows,  the  methods  outlined  below  may  be 
more  appropriate. 
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Fig.  2  Radial  variation  of  v*/f2r  in  the  midplane  of  a  rotating 
cavity  with  a  radial  outflow  of  air  for  Cw=  2500. 

—  computation  of  Morse  (4) 

Data  of  Pincombe  (8) 


2.2  Parabolic  solvers 

Ong  and  Owen  (14-16)  have  applied  an  efficient  parabolic 
solver,  based  on  the  Keller  Box  method,  to  the  flow  and  heat 
transfer  associated  with  free  discs  and  rotating  cavities.  For 
turbulent  flows,  a  mixing-length  model,  with  the  van  Driest 
modification,  was  found  to  give  good  agreement  with  measured 
velocity  profiles,  moment  coefficients  and  Nusselt  numbers, 

Fig.  3  shows  a  comparison  between  the  Nusselt  numbers 
computed  by  the  parabolic  solver  and  those  measured  by 
Northrop  and  Owen  (17)  for  a  free  disc. 

Reverse  flow  can  occur  in  the  boundary  layers  on  discs  rotating 
in  a  fluid  that  is  itself  rotating  (see  ref.  1 ).  For  a  rotating  cavity 
with  a  radial  outflow  of  fluid,  there  is  a  region  of  radial  inflow  at 
the  edge  of  the  boundary  layer.  As  parabolic  solvers  integrate  the 
equations  by  "marching "  in  the  radial  direction,  this  reverse  flow 
presents  a  problem.  Although  this  can  be  overcome  by  iterating 
alternately  in  the  positive  and  negative  radial  directions,  in 
practice  the  reverse  flow  region  has  little  effect  on  the  accuracy 
of  the  computed  moment  coefficients  and  Nusselt  numbers. 

Parabolic  solvers  are  very  fast,  taking  around  five  minutes  of 
computing  time  on  a  VAX  8530  computer  to  solve  the  boundary- 
layer  equations  using  a  grid  with  around  100  axial  grid  nodes. 
(For  elliptic  solvers,  most  compulation  is  carried  out  with  less 
than  100  axial  grid  nodes  across  the  entire  cavity,  and  computing 
limes  are  measured  in  hours  rather  than  minutes.) 

2.3  Integral  methods 

For  boundary-layer-dominated  flows,  integral  methods  are 
simple  to  use,  are  computationally  efficient  and  can  produce 
solutions  for  moment  coefficients,  pressure  coefficients  and 
Nusselt  numbers  that  are  accurate  enough  for  most  engineering 
applications. 
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The  soluuon  of  the  momentum-integral  equations  by  Owen. 
Pincombe  and  Rogers  ( 1 8)  for  flow  in  rotating  cavities  was 
extended  by  Chew  and  Rogers  (19)  to  include  variable-propeny 
fluids  and  the  energy  equation.  For  turbulent  flow,  the  latter 
authors  used  power-law  velocity  profiles  and  a  modified  form  of 
the  Reynolds  analogy.  The  second-order  partial  differential 
equations  of  the  boundary  layer  are  then  integrated  to  produce 
three  first-order  nonlinear  ordinary  differential  equations  that  can 
be  solved  by  standard  techniques,  such  as  the  Gear  method. 

Vtiriations  of  this  technique  have  been  used  successfully  for 
rotating  cavities  and  rotor-stator  systems,  and  Fig.  4  shows  the 
compan.son  between  Nusselt  numbers  computed  by  the  integral 
method  and  those  measured  by  Northrop  and  Owen  (20)  for  a 
heated  rotating  cavity  with  a  radial  outflow  of  cooling  air. 
"Positive  profile"  refers  to  a  radial  distribution  of 
disc-temperature  that  increases  radially;  "negative  profile"  refers 
to  one  that  decreases  radially.  As  can  be  seen,  Nu  depends  on 
the  temperature  distribution,  and  for  negative  profiles  negative 
values  of  .\u  have  been  measured  and  computed. 

3  .  SOME  RECE.NT  EXPERIMENTAL 
MEASURE.MENTS 

3.1  Rotating  cavities 

Nonhrop  and  Owen  i20)  measured  the  local  Nusselt  numbers  in 
.1  rotating  cavity  with  a  radial  outflow  of  cooling  air,  and 
determined  the  effect  of  Reo,  C*  and  disc-temperature 
distribution  on  the  heat  transfer.  The  Nusselt  numbers  have  been 
computed  successfully  using  the  integral  methods,  parabolic 
solvers  and  elliptic  solvers  described  in  Section  2  at  values  of 
Reo  up  to  3.2  x  10^.  Fanhing  and  Owen  (21)  conducted  flow 
visualization  and  made  heal  transfer  measurements  for  the  case 
where  "cobs ",  or  bulbous  hubs  representative  of  those  found  on 
turbine  discs,  were  attached  to  the  centre  of  the  discs.  The  flow 
structure  was  found  to  be  similar  to  source-sink  flow  between 
plane  discs  (see  Section  1 )  and,  as  long  as  the  source  region  did 
not  fill  the  cavity,  the  integral  equations  provided  a  reasonable 
estimate  of  the  Nusselt  numbers.  For  the  radial  inflow  case. 
Farthing  c!  al  (22)  compared  measured  Nusselt  numbers  on  an 
experimental  rig  with  those  obtained  from  an  instrumented 
compressor  disc  and  with  values  computed  using  the  integral 
equations.  Although  there  were  large  experimental  uncertainties, 
the  overall  agreement  between  the  result?  was  regarded  as 
encouraging. 

Two  ways  of  reducing  the  large  pressure  drops  associated  with 
extracting  cooling  air  radially  inwards  between  coroiating 
compressor  discs  were  investigated  in  refs.  23  -  25.  The  first 
w  ay  was  the  attachment  of  radial  fins  to  one  of  the  discs:  the 
second  used  peripher.tl  de-swirl  nozzles  to  control  the  swirl  of 
the  incoming  air.  For  the  finned  disc,  flow  visualization  revealed 
that  the  conventional  source-sink  flow  structure  still  occurred 


inside  the  rotating  cavity,  and  the  integral  equations  were  able  to 
predict  the  resulting  pressure  drops  with  reasonable  accuracy. 
Without  the  fins,  free-vortex  flow  can  result  in  pressure  drops 
an  order-of-magniiude  greater  than  those  associated  with  solid- 
body  rotation;  with  the  fins,  the  pressure  drop  can  be  reduced  to 
little  more  than  the  solid-body  value.  Using  de-swirl  nozzles,  it 
is  possible  to  make  Ceff  zero  (see  equation  (1.14))  thereby 
reducing  the  pressure  drop  downstream  of  the  nozzles  to 
vinually  zero.  However,  the  resistance  of  the  nozzles  themselves 
is  such  that  the  overall  pressure  drop  in  the  system  is  always 
greater  than  that  associated  with  solid-body  rotation.  Again,  the 
integral  equations  produced  acceptable  predictions  of  the 
pressure  drop  and  were  able  to  explain  some  of  the  previously 
inexplicable  phenomena  associated  with  the  use  of  de-swirl 
nozzles. 
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Fig.  4  Effect  of  disc-temperature  profiles  and 

Rep  on  radial  variation  of  Nu  forCw=  7000 
0  .  fiuxmeier  measurement  (ref.20  ) 

- .  integral  solutions  ( ref.  19) 

As  discovered  by  Farthing  cl  al  (26,27)  vortex  breakdown  and 
buoyancy-induced  flow  conspire  to  create  a  nonaxisymmetric 
flow  structure  inside  a  heated  rotating  cavity  with  an  axial 
ihroughflow  of  cooling  air.  The  Coriolis  forces,  associated  with 
ihe  simultaneous  radial  outflow  of  cold  air  and  inflow  of  hot  air, 
are  created  by  cyclonic  and  anti-cyclonic  circulations  inside  the 
cavity  :  Ihe  low  and  high  pressure  caused  by  these  circulations 
creates  a  circumferential  pressure  distribution.  The  Nusselt 
numbers  depend  on  Re,,  and  Gr,  (defined  in  equations  1.6  and 
1.8)  as  well  as  on  the  radial  distribution  of  the  surface 
temperature  of  the  discs.  Some  simple  correlations  were 
obtained  that  suggested  that  the  free  convection  inside  the  cavity 
was  laminar  (Nu  a  Gr,i/<)  rather  than  the  turbulent  (Nu  a 
Gr, iri)  for  Grashof  numbers  of  order  lOU.  The  free  convection 
is  relatively  weak,  and  radiation  from  the  hot  to  the  cold  disc  can 
be  of  a  similar  magnitude  to  that  of  the  convection. 

Long  and  Tucker  (28)  made  measurements  from  the  heated 
shroud  of  a  rotating  cavity  with  an  axial  ihroughflow  of  cooling 
air.  They  also  measured  the  air  temperature  inside  the  cavity,  and 
this  showed  cyclical  variations  with  a  period  consistent  with 
measurements  of  the  tangential  velocity  in  the  core  made  by 
Fanhine  et  at  (26).  The  average  Nusselt  numbers  for  the  shroud 
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were  similar  in  magnitude  to  those  for  laminar  free  convection 
from  a  horizontal  plate  (with  the  gravitational  acceleration 
replaced  by 

Although  elliptic  solvers  have  proved  effective  for  source-sink 
flows,  there  is  no  published  evidence,  at  the  time  of  writing,  of 
their  successful  use  in  computing  accurately  the  Nusselt 
numbers  for  the  axial-throughflow  case. 

3.2  Rotor-stator  systems 

Millward  and  Robinson  (29)  made  heat  transfer  and  windage 
measurements  for  an  air-cooled  disc,  with  and  without  boltheads 
attached  to  it,  for  rotational  Reynolds  numbers  up  to  Re«  =  1.7  x 
107.  The  boltheads  increased  both  the  windage  torque  and  the 
local  heat  transfer  rates  compared  with  a  plane  disc.  However, 
for  reasons  the  authors  could  not  explain,  the  use  of  a  bolt  cover 
could  actually  reduce  the  windage  torque  compared  with  a  plane 
disc.  Daniels  et  al  (30)  made  windage  measurements  up  to  Re*  = 
1.6  x  107  and  found,  like  Zimmermann  et  at  (31),  the  extra 
torque  depended  on  the  number,  location  and  shape  of  the 
boltheads  on  the  disc. 

Bunker  et  al  (32,33)  used  a  transient  thermochromic  liquid- 
crystal  technique  to  measure  Nusselt  numbers  on  an  air-cooled 
acrylic  disc  up  to  Re*  =  5  x  105.  Air  was  injected  by  a  nozzle 
located  either  at  the  centre  of  the  disc  or  at  one  of  three  other 
radial  locations;  for  large  values  of  the  gap  ratio,  G,  the  overall 
heat  transfer  was  maximized  by  injecting  the  air  at  the  centre;  for 
small  G,  it  was  maximized  by  injecting  at  one  of  the  other 
locations. 

Staub  (34)  used  a  steady-slate  liquid-crystal  technique  to 
measure  Nusselt  numbers,  in  a  model  of  a  turbine  wheel-space, 
for  Re*  up  to  9  X  10*.  As  well  as  supplying  coolant  (either 
Freon  or  air)  though  an  inner  sea),  fluid  was  also  injected 
through  pre-swirl  nozzles  in  the  stator.  He  found  that  there  is  a 
"rotation-dominated  regime",  where  Nu  increases  as  Re* 
increases,  and  a  "flow-dominated  regime",  where  Re*  has  little 
effect  on  the  heat  transfer.  The  transition  between  the  two 
regimes  occurs  when  C*  =  Cw.f*  (see  equation  (1.1 3)). 

The  "ingress-problem"  mentioned  in  Section  1  has  aroused 
considerable  interest  in  the  past  few  years  (refs.  35-45).  For  the 
case  where  there  is  an  external  axial  flow  of  fluid,  representing 
the  mainstream  flow  in  a  gas  turbine,  there  is  a  "rotation- 
donrtinated  regime"  and  an  "extemal-flow-dominated  regime".  In 
the  former  regime,  the  pressure  inside  the  wheel-space 
decreases,  and  ingress  correspondingly  increases,  with 
increasing  rotational  speed;  this  is  caused  by  the  rotating  core  of 
fluid,  between  the  boundary  layers  on  the  rotor  and  stator, 
creating  a  large  radial  pressure  gradient  in  the  wheel-space.  In 
the  latter  regime,  circumferenti^  pressure  variations  in  the 
external  flow  can  allow  the  external  flow  to  enter  the  wheel- 
space  through  the  peripheral  seals  in  regions  of  high  external 
pressure  and  leave  in  regions  of  low  pressure;  under  these 
conditions,  the  rotational  speed  has  little  effect  on  ingress. 

For  the  rotation-dominated  regime,  Phadke  and  Owen  (35) 
obtained  correlations  of  Cw.min  with  the  shroud-clearance  ratio, 
Gc,  and  the  rotational  Reynolds  number.  Re*  ,  for  a  number  of 
different  seal  geometries.  They  concluded  that  certain  types  of 
radial-clearance  seals  were  superior  to  axial-clearance  ones. 

Daniels  et  al  (39)  made  concentration  measurements  inside  the 
wheel-space  to  quantify  the  nondimensional  ingress,  Cwjn. 

Using  the  definitions  given  in  equations  1.7  and  1.12,  they 
showed  that  the  sealing  effectiveness,  0,  can  be  approximated 
by 

0  =  1-  e'“*'  (3.1) 

where  o  is  a  constant  that  depends  on  the  seal  geometry. 

Chew  (40)  used  the  integral  technique  to  estimate  Cwjnin,  or 
>-T.min.  and  proposed  that,  for  C«  <  Cw,miii. 


=  0.2  (C.,^  -  C.)  (3.2) 

from  which  it  follows  that 


<P  =  - ^ -  (3  3) 

0.8  A,  +  0.2  A,.^ 

For  axial-clearance  seals,  his  model  showed  reasonable 
agreement  with  the  measurements  of  Daniels  et  al  (39)  and  those 
of  Chew  era/ (41). 

For  the  extemal-flow-dominated  regime,  Phadke  and  Owen  (37) 
used  a  simple  one-dimensional  model  to  show  that 

(3.4) 

where  c  is  an  empirical  constant,  C*  the  discharge  coefficient  for 
the  seal,  and  G^,  Rez  and  Cp  are  defined  by  equations  (1.3), 
(1.6)  and  (1.10);  Cp,„ux  is  based  on  the  maximum 
circumferential  pressure  difference  in  the  external  flow. 

Hamabe  and  Ishida  (45)  extended  the  above  model  to  calculate 
the  sealing  effectiveness  for  the  extemal-flow-dominated  regime. 
Cw.min  was  calculated  from  equation  (3.4)  using  measured 
values  of  the  circumferential  pressure  distribution  in  the  external 
flow  and  integrating  this  distribution  to  evaluate  c.  The  values  of 
0  calculated  in  this  way  were  in  good  agreement  with 
concentration  measurements  made  in  the  wheel-space. 

There  is  no  published  evidence  that  elliptic  solvers  have  been 
used  successfully  to  tackle  the  ingress  problem.  Like  the  heated 
rotating  cavity  with  an  axial  throughflow,  the  problem  provides 
a  challenge  for  the  CFD  practitioner. 

4.  EXPERIMENTAL  APPARATUS  FOR  CONTRA¬ 
ROTATING-DISC  MEASUREMENTS 

4.1  Rotating-disc  rig 

Fig.  5  shows  a  schematic  diagram  of  the  roiaiing-disc  rig  used 
for  the  measurements  descried  below.  Each  disc,  which  is  762 
mm  diameter,  can  be  rotated  up  to  4000  rev/min  by  means  of  a 
variable-speed  electric  motor,  and  the  speed  was  measured  to  an 
accuracy  of +1  rev/min.  The  upstream  disc  and  shrouds  were 
made  from  transparent  polycarbonate,  which  limited  the  speed  to 
1500  rev/min.  Each  shroud  was  mounted  on  silicon-foam 
rubber,  of  12  mm  radial  thickness,  which  made  the  effective 
outer  radius  of  the  cavity  (measured  to  the  inner  surface  of  the 
shrouds)  b  =  391  mm.  The  axial  spacing  between  the  two  discs 
was  s  =  47  mm,  and  the  axial  clearance  between  the  stationary 
shrouds  was  Sc  =lmm;  the  latter  clearance  tended  to  increase 
with  increasing  rotational  speed,  and  the  estimated  value  for  the 
tests  described  below  is  around  4  mm. 

Downstream  disc 


Fig.  5  Schematic  diagram  of  contra  -  rotating  -  disc  rig 


The  upstream  disc,  which  could  be  rotated  in  either  direction, 
was  mounted  on  a  hollow  shaft  through  which  air  could  be 
supplied  to  the  system  by  means  of  a  centrifugal  compressor. 

The  air  entered  the  cavity,  at  a  radius  of  a  =  50  mm,  through  a 
rotating,  cylindrical,  porous  surface;  the  latter  was  made  from 
two  gauze  tubes,  each  attached  to  one  of  the  discs.  The 
downstream  disc,  which  was  made  from  steel,  was  instrumented 
with  fluxmeters  and  thermocouples,  the  signals  being  taken  out 
via  sliprings  to  a  computer-controlled  data-acquisirion  system. 
This  disc  could  be  heated  to  around  100°C  by  stationary  radiant 
electric  heaters. 

The  tests  described  below  were  conducted  under  isothermal 
conditions  with  no  superposed  flow  of  air. 

4.2  Optical  instrumentation 

Velocity  measurements  were  made  using  a  single-component 
laser  Doppler  anemometry  (LDA)  system.  The  system  comprised 
a  4W  Spectra  Physics  164A  argon-ion  laser,  TSI  transmitting 
optics,  frequency  shift  and  receiving  optics,  and  a  TSI  lFA-750 
signal  processor.  The  optics  were  mounted  on  an  x-y  traversing 
table  in  an  off-axis  back-scatter  configuration,  as  shown  in  Fig. 

5.  The  laser  was  connected  to  the  transmitting  optics  by  a  fibre- 
optic  cable,  and  the  wavelength  and  power  at  the  probe  volume 
were  514.5  nm  and  200  mW  respectively.  A  Bragg-cell  acousto¬ 
optic  modulator  provided  a  frequency  shift  of  40  MHz,  and  this 
was  "down-mixed"  to  produce  a  frequency  shift  in  the  range  2 
KHz  to  10  MHz.  The  beam  spacing  was  50  mm.  and  a 
converging  lens  of  1 20  mm  focal  length  produced  a  probe 
volume  of  0.34  mm  length,  34  (im  diameter  and  a  fringe  spacing 
of  1,39  pm. 

The  I  FA-750  processor  is  a  "burst  correlator""  capable  of 
measuring  Doppler  signals  up  to  90  MHz  with  signal-to-noise 
ratios  (SNR)  as  low  as  -5dB.  It  was  used  in  conjunction  with  a 
Viglen  U  PC  to  provide  a  computer-controlled  system  of 
measurement.  As  soon  as  the  Doppler  signal  had  been  validated 
by  the  processor,  the  PC  controlled  the  movement  of  the  x-y 
table,  positioning  the  optical  probe  volume  in  iK  next  location.  It 
was  possible  to  achieve  an  entire  axial  distribution  of  either  the 
radial  or  the  tangential  component  of  velocity  without  user 
control.  It  was  necessary,  however,  to  rotate  the  transmission 
optics  manually  through  90°  to  obtain  the  second  component. 

The  optical  axis  was  normal  to  the  polycarbonate  disc,  and  the 
probe  volume  could  be  located  with  an  axial  uncenainty  of  0. 1 3 
mm  by  using  a  ""target""  on  the  stationary  steel  disc.  It  should  be 
pointed  out,  however,  that  neither  disc  was  flat :  the  steel  disc 
h,ad  a  ""run-out"’  of  around  +0.25  mm  and  the  polycarbonate  disc 
+  1.1  mm.  Despite  this,  it  was  possible  to  obtain  velocity 
measurements  as  close  as  0.5  mm  from  the  polycarbonate  disc, 
but  flare  from  the  steel  disc  meant  that  under  some  conditions  it 
was  not  possible  to  get  closer  than  1 .5  mm.  The  spectral 
distribution  of  the  Doppler  frequency  produced  by  the  IFA-750 
processor  meant  that  the  presence  of  the  disc  could  be  readily 
detected  as  a  second  peak  in  the  distribution;  this  could  be 
filtered  out  to  remove  the  disc  contribution  from  the  signal,  and 
it  was  therefore  possible  to  obtain  measurements  close  to  the 
polycarbonate  disc  despite  the  large  run-out.  It  was  also  possible 
to  obtain  signals  when  the  probe  volume  was  actually  inside  the 
polycarbonate  disc  :  this  was  used  to  validate  the  measured 
tangential  component  of  velocity  which,  at  the  disc  surface,  was 
within  0.5%  of  the  independently-measured  angular  speed  of  the 
disc. 

For  the  tests  described  below,  the  air  inside  the  cavity  was 
’’seeded”  with  oil  particles,  of  around  1  pm  diameter,  produced 
from  a  Dantec  particle  generator.  The  particles  were  released  into 
the  air  surrounding  the  disc,  and  sufficient  numbers  were 
ingested  into  the  wheel-space,  through  the  clearance  between  the 
shrouds,  to  produce  satisfactory  Doppler  signals.  For  the  radial 
component  of  velocity,  however,  it  could  t^e  up  to  one  minute 
to  obtain  the  2000  samples  necessary  to  achieve  a  validated 
measurement. 


5.  FLOW  BETWEEN  CONTRA-ROTATING  DISCS 
5. 1  Numerical  solutions 

The  multigrid  elliptic  solver  described  by  Wilson  etal{\  3)  was 
used  for  the  computations  described  below,  and  the  basic 
equations  and  the  k-e  turbulence  model  are  listed  in  the 
Appendix.  The  turbulence  model  was  not  completely  integrated 
into  the  multigrid  scheme  :  the  k-e  equations  were  solved  only 
on  the  finest  grid,  and  restricted  values  and  defects  were  not 
updated  on  the  coarser  grids.  Only  one  i860  processor  of  the 
.Meiko  16-node  computing  surface  used  by  Wilson  etal  was 
employed  for  the  computations  described  here. 

Advantage  was  taken  of  the  geometrical  symmetry  about  the 
midplane,  z  =  l/2s.  Computations  were  carried  out  only  foro  < 
z  <  l/2s,  and  the  computed  velocities  were  '’reflected”  about  the 
midplane  to  enable  comparisons  with  experimental  data  for  0  S  z 
<  s.  A  65  X  113  (axial  x  radial)  nonuniform  grid  was  used  :  grid 
expansion  factors  were  employed  to  ensure  fine  grid  spacing 
near  the  di‘'c  and  shroud  (and,  for  laminar  flow,  near  the 
midplane).  For  turbulent  flow,  there  were  several  grid  nodes  in 
the  viscous  sublayer  on  the  disc.  Morse  (5)  suggests  that  a  value 
of  y+  <  0.5  for  the  first  node  near  the  wall  should  ensure 
.sensible  grid-independence  of  the  computed  moment 
coefficients:  this  condition  was  applied  to  the  computations 
di.scussed  below.  The  convergence  for  the  numerical  solution 
was  based  on  the  normalized  root-mean-square  (RMS)  change 
per  iteration  for  each  of  the  computed  variables:  a  normalized 
RMS  change  of  10  was  used  as  the  criterion.  For  turbulent 
flow,  using  a  3-level  multigrid,  the  typical  computing  time  on  a 
single  i86()  processor  was  around  one  hour. 

Fig.  6  shows  the  computed  velocity  profiles  for  laminar  flow  at 
Reo  =  2.3  X  105  and  G  =  0,12  This  reveals  the  flow  structure 
predicted  by  Batchelor  (46)  from  consideration  of  the  solutions 
for  laminar  flow  between  infinite  rotating  discs.  He  deduced  that 
there  should  be  radially  ouiwttrd  flow  in  thin  boundary  layers  on 
the  discs  and  radially  inward  flow  in  a  thin  shear  layer  in  the 
midplane:  contra-rottiting  cores  of  fluid  occur  between  the  shear 
layer  and  the  boundary  layers,  and  fluid  moves  axially  across  the 
core  from  the  shear  layer  to  be  enu-ained  by  the  boundary  layers. 
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Fig.  6  Computed  laminar  velocity  profiles  between 
contra-rotating  discs:  G  =0.12,  Re^  =  2.3  x  10 

Stew.vtson  (47)  came  to  different  conclusions  and  maintained 
that,  although  boundary  layers  would  form  on  the  discs,  there 
would  be  neither  a  shear  layer  nor  contra-rotating  cores. 

The  so-called  Batchelor-Stewartson  controversy  has  been  the 
subject  of  many  studies,  and  the  interested  reader  is  referred  to 
the  comprehensive  review  of  Zanbergen  and  Dijkstra  (48)  for 
further  details.  Suffice  it  to  say  here  that  there  are  multiple 
solutions  for  the  infinite-disc  oroblem.  of  which  Batchelor's  and 


Siewartson's  are  but  two  possibilities.  For  finite  geometries, 
however,  there  is  usually  only  one  solution  :  for  the 
computations  shown  in  Fig.  6,  Batchelor-type  flow  occurs. 

The  fact  that  a  flow  can  be  computed  does  not,  of  course,  mean 
that  it  can  e.xist  in  the  real  world.  Fig.  6  shows  that  there  are 
many  points  of  inflexion  in  the  velocity  profiles,  panicularly  in 
the  shear  layer,  and  these  are  associated  with  instability.  Not 
shown  in  Fig.  6  are  the  thin  boundary  layers  on  the  shrouds  in 
which  two  contra-rotating  flows  move  axially  towards  each 
other  to  meet  in  the  midplane.  Whilst  the  compulations  ensure 
that  this  flow  remains  laminar,  nature  does  not.  This  is 
discussed  below. 

5.2  Comparison  between  computed  and 
measured  results 

Figs.  7  and  8  show  the  computed  and  measured  velocities,  from 
X  =  0.6  to  0.85,  for  G  =  0.12  and  Re«  =  2.3  x  105  and  1.25  x 
10*  respectively.  Referring  to  Fig.  7,  the  following  observations 
can  be  made. 

(i)  Neither  the  measurements  nor  the  computed  turbulent 
velocities  show  the  Batchelor-type  flow  structure  displayed  by 
the  computed  laminar  results.  Instead  of  the  thin  shear  layer  and 
the  two  contra-rotating  cores,  radial  inflow  occurs  inside  a  large 
central  core  that  extends  between  the  boundary  layers  on  the 
discs  and  in  which  the  tangential  velocity  is  relatively  small. 

(ii)  For  X  =  0.6  and  0.7,  there  is  good  agreement  between  the 
computed  laminar  radial  velocities  and  the  measured  values  in 
the  boundary  layers  on  the  discs;  for  x  =  0.85,  there  is  good 
agreement  between  the  computed  turbulent  radial  and  tangential 
velocities  and  the  measured  values. 
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Fig  7  Comparison  between  computed  and  measured 
velocity  profiles  between  contra-rotating  discs: 
G  =  0.12.  Re (,=  2.3x105 
—  —  laminar  computations; 

-  turbulent  computations; 

O  experimental  measurements. 


Tliese  observations  lead  to  the  following  conclusions. 

(i)  There  is  no  evidence  of  laminar  flow  in  the  core  even  at 
local  rotational  Reynolds  numbers  as  low  as  x^Re*  =  8.28  x 
10*.  (Measurements  made  at  rotational  speeds  of  around  60 
rev/min  have  found  no  evidence  of  laminar  flow  in  the  core  at 
local  Reynolds  numbers  as  low  as  x^Re*  =  2.2  x  10*.)  This  is 
attributed  to  the  inherent  instability  of  Batchelor-type  flow. 

(ii)  The  boundary  layers  on  the  discs  remain  laminar  until  at 
least  x2Re(,  =  1.1  x  105.  Transition  starts  before  x2Re0  =  1.47 
X  105,  and  the  flow  becomes  fully  turbulent  before  1.66  x  105. 
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Fig  8.  Comparison  between  computed  and  measured 
velocity  profiles  between  contra-rotating  discs  : 
G  =  0.12,  Re«=  1.25x10®. 

-  turbulent  compulations; 

0  experimental  measurements. 

(For  the  free  disc,  see  ref.  1,  laminar  flow  usually  becomes 
unstable  around  x^Reo  =  2  x  105  and  transition  to  turbulence  is 
usually  complete  by  3  x  105.  A  highly  polished  disc  can  delay 
transition;  surface  roughness  or  atmospheric  disturbances  can 
adv,ance  it.)  For  the  contra-rotating  discs,  the  high  turbulence 
level  in  the  flow  entrained  by  the  discs  from  the  central  core  is 
presumed  to  be  responsible  for  the  early  transition.  The 
turbulence  model  exhibits  "premature  transition" :  computed 
transition  on  the  discs  starts  before  x^Re*  =  3.8  x  10*. 

Fig.  8  shows  that  for  Re*  =  1.25  x  10«  there  is  generally  good 
agreement  between  the  computed  turbulent  velocities  and  the 
measured  values.  Even  at  x  =  0.6,  where  x^Re^  =  4.5  x  105, 
the  flow  is  completely  turbulent. 

6.  CONCLUSIONS 

For  the  computation  of  axisymmetric  flow  and  heat  transfer  in 
roialing-disc  systems,  elliptic  solvers,  p.'irabolic  solvers  and 
integral  methods  all  have  a  pan  to  play.  For  boundary-layer- 
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dominated  flows,  all  three  techniques  can  be  used,  and  simple 
mixing-length  models  are  often  adequate  for  computing  turbulent 
flows.  Two  (nonaxisymmetric)  problems  of  practical  imponance 
that  have  yet  to  be  predicted  accurately  by  elliptic  solvers  (or  by 
other  methods)  are  the  heated  rotating  cavity  with  an  axial 
throughflow  and  the  ingress  problem  for  a  rotor-stator  system. 
With  increasing  use  of  multigrid  methods  and  parallel 
computers,  it  is  likely  that  both  these  and  other  nonaxisymmetric 
problems  will  be  solved  in  the  coming  years. 

A  multigrid  elliptic  solver,  using  a  low-Reynolds-number  k-e 
model  for  turbulent  flow,  and  LDA  measurements  have  been 
used  to  give  new  insight  into  the  axisymmetric  flow  between 
contra-rotating  discs.  The  laminar  computations  show  Batchelor- 
type  flow  with  radial  outflow  confined  to  thin  boundary  layers 
on  the  discs  and  inflow  in  a  thin  shear  layer  in  the  midplane; 
between  the  two  boundary  layers  and  the  shear  layers  arc  cores 
of  contra-rotating  fluid.  Although  there  is  experimental  evidence 
for  laminar  boundary-layer  flow  on  the  discs  (at  local  rotational 
Reynolds  numbers  up  to  at  least  x2Re,j  =  1.1  x  105),  no 
evidence  has  been  found  for  the  shear  layer  and  contra-rotating 
cores  (even  for  Reynolds  numbers  as  low  as  x^Re^  =  2.2  x 
1(H).  The  velocity  measurements,  and  the  turbulent 
computations,  show  that  radial  inflow  occurs  inside  a  single 
central  core  that  extends  between  the  two  boundary  layers  and  in 
which  the  tangential  velocity  is  relatively  small.  Although  the 
turbulence  model  predicts  premature  transition  from  laminar  to 
turbulent  flow  in  the  boundary  layers,  the  fully  turbulent 
computations  (for  xJRej,  >  4.5  x  105)  are  in  good  agreement 
with  the  measured  velocities. 

Future  work  on  contra-rotating  discs  will  include  the  effects  of 
superposed  flow  and  heat  transfer. 
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APPENDIX  A: 

CONSERVATION  EQUATIONS 

The  axisymmetric  equations  for  conservation  of  momentum, 
mass,  and  model  turbulence  quantities  k  and  t  can  be  written 
in  the  following  form  using  a  cylindrical-polar  co-ordinate 
system  (r,^,z)  with  velocity  components  (v,,u*,t;,): 

where  <)>  represents  the  transported  variables  t>,,  v„  k  or 
t,  and  the  continuity  equation  is  recovered  by  setting  ^  =  1. 
5^  contains  all  source  terms  including  the  pressure  gradient, 
r,  and  r,  are  the  effective  diffusivities  comprising  both  lami¬ 
nar  and  turbulent  components.  The  relevant  expressions  are 
given  in  Table  A.l. 

The  effective  viscosity  is  ;x,//  =  /i  -I-  P(,  where  fi,  is  deter¬ 
mined  from  the  computed  turbulence  quantities  k  and  t.  Far¬ 
ther  details  of  the  turbulence  closure  are  given  in  Appendix 
B. 


:5-io 


/^  =  (1  -  eip(-/l^«e,)P(l  + 
Ret  = 


Table  A.l 
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i(c„P  -c.ipe) 
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APPENDIX  B: 

LOW-REYNOLDS-NUMBER  k  -  t 
TURBULENCE  MODEL 

The  terms  given  in  Table  B.l  are  based  on  the  model  used 
by  Morse(refs  4-6),  in  which-  D,  E  and  F  are  extra  terms 
added  to  the  high-Reynolds-number  form  of  the  model,  to 
represent  ne2Lr-walI  behaviour.  The  production  rate  P  of 
turbulent  kinetic  energy  (k)  is  given  by; 

P=  +  + 

The  empirical  coefficients  appearing  in  the  model  are  given 
by: 

=  0.09;  C.i  =  1.44; 

C.J  =  1.92  -  0.43eip(-fle?/36); 

<7t=1.0;  ot=1.22 

The  turbulent  viscosity  includes  a  near-wall  damping  func¬ 
tion  /„  where 

11,  =  CJ„pk^lt 

The  version  of  /,  used  by  Morse  for  single-grid  codes  was 
found  by  the  present  authors  to  give  convergence'difficuities 
in  the  multigrid  code.  The  problem  was  overcome  by  using  a 
version  of  /„  employed  by  Lam  and  Bremhorst  fref.49)  where 


and 

Rcy  =  k'^^y/i/ 

For  the  computations  presented  in  this  paper, 

=  0.029 
A,  =  25 

and  /„  was  never  allowed  to  exceed  unity  (some  velocity 
profiles  were  computed  on  a  single-grid  code  using  Morse’s 
version  of  /„;  these  showed  little  difference  from  the  results 
presented  here). 

The  approximations  for  the  Reynolds  stresses  pv'jVj  appear¬ 
ing  in  the  time-averaged  Navier-Stokes  equations  for  axisym- 
metrie  flow  are  given  in  Table  B.2. 

Table  B.l 


Table  B.2 


pixy  =  Ipk  -  2p,^ 

pviv^=-p,ri;(^) 

pW^=\pk-2p,^f 

P^t  = -P,{^^  +  ^) 

p(^^  =  ipk-2p,^-it 

P^.  =  ~Pt^ 
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Discussion 


QUESTION  1: 

DISCUSSOR:  D.J.  Way,  Defense  Research  Agency,  Pyestock 

How  do  you  see  our  production  capabidUes  advancing  in  the  next  ten  years? 

AUTHOR’S  REPLY: 

If  the  use  of  CFD  methods  in  the  design  of  internal  air  systems  is  to  increase  over  the  next 
decade  then  it  will  be  necessary  to  provide  reliable  experimental  data  for  the  validation  of 
the  CFD  codes.  The  rotating-disc  research  at  the  University  of  Bath  is  contributing  to  this 
area  and,  as  long  as  funding  continues  from  industry  and  government  agencies,  the  next 
decade  should  see  a  significant  advance  in  this  area.  However,  one  of  the  many 
unfortunate  effects  of  the  present  recession  is  to  reduce  the  investment  in  research,  and 
without  a  crystal  ball  it  is  impossible  to  say  what  effect  this  will  have  on  future  progress. 

QUESTION  2: 

DISCUSSOR:  J.W.  Chew,  Rolls  Royce 

A  difficulty  in  deciding  which  low-Reynolds-number  k-e  model  to  use  across  a  range  of 
different  rotating  disc  flows  is  that  different  near-wall  damping  functions  are  used  in  the 
various  papers  on  this  subject.  Do  you  intend  to  repeat  earlier  comparisons  with  data 
using  your  recommended  treatment? 

AUTHOR’S  REPLY: 

We  have  used  variants  of  the  Morse  model  and  the  Launder-Sharma  model  for  rotating- 
disc  computations.  As  shown  in  this  paper,  the  Morse  model  works  well,  but  the  Launder- 
Sharma  model  is  easier  to  implement  in  multigrid  solvers  and  it  gives  better  results  for 
transition  flows  between  contra-rotating  discs.  Mr.  Kilic  is  currently  computing  the 
results  for  contra-rotating  discs  using  the  Launder-Sharma  model. 
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ABSTRACT 

A  new  experimental  and  numerical  research  program  was 
conducted  to  determine  the  effects  of  rotation  on  the  leak¬ 
age  loss  and  the  heat  transfer  coefficients  of  compressible 
flows  in  modern  high  performance  labyrinth  seals.  In  this 
study,  the  interest  is  focused  on  divergent  shaped  stepped 
labyrinth  seals.  That  type  of  labyrinth  seal  is  the  last  one 
within  a  row  of  different  labyrinth  seals,  investigated  at 
the  University  of  Karlsruhe;  straight-through,  staggered 
labyrinth  seals  and  convergent  shaped  stepped  labyrinth 
seals  have  been  the  other  geometries. 

For  heat  transfer  and  leakage  loss  measurements  our  high 
temperature  test  faciUty  was  used,  providing  realistic  con¬ 
ditions  of  gas  temperatures,  pressure  ratios  as  well  as  a 
wide  range  of  axial  and  peripheral  Reynolds  numbers  .  In 
addition,  numerical  codes  have  been  verified  by  experimen¬ 
tally  obtained  data.  Heat  transfer  coefficients  for  the  stator 
and  the  rotor  are  derived  utilizing  the  well-known  standard 
k-e  model  and  the  Stanton-analogy. 

The  following  report  will  discuss  first  some  new  rotational 
effects,  which  are  significant  for  the  divergent  shaped  seal. 
In  addition,  these  results  will  be  compared  with  those  ob¬ 
tained  from  our  other  seal  geometries  studied. 


NOMENCLATURE 


A 

flow  area,  A  =  2itr,fj» 

Cd 

- 

discharge  coefficent 

m 

§ 

mass  averaged  axial  velocity 

cp 

kJ 

specific  heat  capacity 

Cp 

constant  value 

k 

m* 

turbulent  kinetic  energy 

m 

mass  flow  rate 

n 

1 

$ 

rotational  speed 

Nu 

Nusselt  number,  Nu  =  2*1* 

9 

W 

specific  heat  flux 

P 

constant  value 

P 

pressure 

Pr 

Prandtl  number 

R 

specific  gas  constant 

r 

m 

radius 

Re., 

■ 

axial  Reynolds  number 

Re=  ■ 

rot.  Reynolds  number 

Re,  = 

He, 

t 

m 

gap-  width 

T 

K 

temperature 

u 

m 

circumferential  velocity 

u+ 

-* 

dimensionless  velocity 

a 

K 

A 

P 


w 


W 

mK 


heat  transfer  coefficent 
isentropic  coefficent 
thermal  conductivity 
dynamic  viscosity 
density 


Subscripts; 

max  maximum  value 

meas  measured  value 

num  numerical  value 

ref  reference  value 
s  refering  to  the  flow 

t  turbulent 

w  value  of  wall 

o  with  no  rotation 

0  settling  chamber 

00  behind  the  seal 


INTRODUCTION 

Despite  their  unavoidable  leakage,  labyrinth  seals  remun 
the  widely  used  sealing  elements  in  turbo  engines.  Es¬ 
pecially  in  modern  aero  engines,  which  are  operating  at 
extremely  high  gas  temperatures  and  rotational  speeds, 
labyrinth  seals  are  often  the  only  chance  to  provide  the 
required  reliability.  Of  course,  in  some  few  applications, 
labyrinth  seals  could  have  been  substituted  by  contact 
seals,  such  as  brush  seals  or  carbon  seals,  which  provide  a 
smaller  leakage  rate.  However,  that  substitution  was  lim¬ 
ited  to  more  moderate  conditions,  i.e.  related  to  bearing 
chambers  or  to  small  shaft  radii. 

To  restrict  the  undesired  leakage  to  a  minimum,  Iskbyrinth 
seals  have  to  work  at  very  small  running  clearances.  As 
a  consequence,  thermal  delatations  can  strongly  effect  the 
leakage  characteristic  of  the  seal.  The  thermal  load  of  the 
seal  as  well  as  of  important  engine  parts,  which  are  in  direct 
contact  to  the  seal,  is  another  designers  problem.  To  pro¬ 
vide  high  efficiency  and  sufficient  reliability  of  the  whole  en¬ 
gine,  therefore  detailed  informations  of  the  leakage  flow  and 
the  heat  transfer  from  the  hot  gas  to  the  lab)rrinth  compo¬ 
nents  are  an  utmost  premise.  Although  a  lot  of  experimen¬ 
tally  and  numerically  obtained  data  on  the  leakage  charac¬ 
teristic  and  the  heat  transfer  are  available  (Sheinin  (1961), 
Shvets  (1963),  Kapinos  and  Gura  (1970,  1973),  Meteger 
and  Bunker  (1985),  Wittig  et  al.  (1985,  87,  89)),  it  has  to 
be  recognised  that  most  studies  do  noi  consider  rotational 
effects.  Moreover,  the  majority  of  the  limited  number  of 
data  are  confined  on  the  leakage  problem.  Thus,  infor¬ 
mations  on  rotational  effects,  which  might  influence  both, 
heat  transfer  and  leakage  rate,  are  not  commonplace.  Of 
course,  in  many  previous  applications  of  labyrinth  seals  the 


Fig.  1:  Test  Section  for  Divergent  Stepped  Labyrinth  Seal 


shaft  speeds  were  small  compared  to  the  axial  flow  veloc¬ 
ity  and  thus  could  have  been  neglected,  tested  by  several 
authors  (i.e.  Yamada  (1962),  Stocker  (197&)).  But  this  is 
no  more  true  for  current  applications,  where  the  tip  of  the 
fins  often  reaches  supersonic  velocities  and  the  flow  rate 
could  have  been  decreased  by  smaller  clearences  and  im¬ 
proved  seal  design.  As  a  consequence,  in  many  cases  the 
peripheral  velocity  of  the  seal  exceeds  the  axial  velocity  of 
the  flow. 

At  the  University  of  Karlsruhe  a  research  program  has 
been  conducted,  focusing  onto  the  rotational  effects.  The 
present  report  is  an  extension  of  our  previous  puplica- 
tions  (see  Waschka  et  al.  (1989,  1991)),  dealing  with 
straight-through,  staggered  and  convergent  shaped  stepped 
labyrinth  seals.  In  this  study,  main  interest  is  directed  onto 
the  rotational  effects  on  the  heat  transfer  and  the  leak^e 
in  divergent  shaped  labyrinth  seals.  To  provide  a  general 
understanding  the  following  discussion  will  include  results 
of  the  other  geometries,  studied  in  our  test  rig,  as  well. 

EXPERIMENTAL  FACILITY  AND 
INSTRUMENTATION 

The  new  test  section  for  the  stepped  labyrinth  seal  (Fig. 
1)  is  similar  to  our  earlier  test  sections,  where  straight 
through  and  staggered  labyrinth  seals  have  been  studied 
(Waschka  et  al.,  1990,  1991),  therefore  only  short  descrip¬ 
tion  will  be  included  here.  It  consists  of  an  inner  rotating 
part  with  five  fins  and  a  stationary  outer  part.  Geometri¬ 
cal  quantities  are  given  in  Tab.  1.  To  avoid  a  buckling  of 
the  rotor,  which  would  be  very  critical  for  the  later  analy¬ 
sis  of  the  leakage  rates  and  the  heat  transfer,  the  two  seal 
supporters  are  kept  flexible.  The  rotor  is  driven  by  an  elec¬ 
trical  motor  (max.  3000  rpm)  in  connection  with  a  flat  belt 
drive  (transmission  1:7). 


(mm) 

gap-  width 

0.4  -  0.6 

fin  height 

9.5 

step  height 

3.7 

pitch 

28.0 

fin  radius 

125.0 

Tab.  1;  Geometrical  data 

A  conventional  rotor  support  was  chosen  to  avoid  eccentric¬ 
ities  of  the  heavy  rotor.  Profiled  struts,  which  support  the 
frontbearing,  provide  undisturbed  flow  conditions  at  the 
entrance  of  the  seal.  A  labyrinth  seal  between  the  bearing 
support  and  the  rotor  reduces  the  pre-  swirl,  induced  by 
the  rotating  front  disk  of  the  rotor.  This  is  necessary,  as 
the  amount  of  the  pre-  swirl  has  a  dominant  effect  on  the 
heat  transfer  at  the  entry  of  the  labyrinth  seal  (Wittig  et 
al.,  1990). 

For  the  determination  of  the  heat  transfer  coefficients,  a 
steady  state  method  has  been  chosen,  which  requires  a 
cooling  of  the  labyrinth  components.  Thus  real  engine  con¬ 
ditions  are  provided.  Whilst  cold  air  is  used  as  cooling  fluid 
for  the  rotor,  the  stator  is  water  cooled.  However,  smooth 
gas  temperature  profiles  across  the  gap  and  the  cavities 
are  ensured  by  keeping  the  rotor  and  stator  wall  temper¬ 
atures  at  equal  temperature  levels,  preheating  the  cooling 
water.  In  addition,  the  air  cooling  system  of  the  rotor  is 
combined  with  a  thrust  balance  to  minimise  the  axial  load 
of  the  bearings. 

Air  for  the  test  section  is  supplied  by  a  compressor  (Fig. 
2)  with  a  pressure  ratio  of  4.0  and  a  maximum  mass  flow 
of  0.5  kg/s.  The  mass  flow  rate  is  determined  by  one  of 
three  orifice  meters,  applicable  to  the  appropriate  measure¬ 
ment  range  and  connected  to  a  precision  water  pressure 
gauge.  Further  downstream,  a  150  kW  electrical  heater 
provides  maximum  gas  temperature  of  400  *C.  Before  en- 
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Fig.  2:  Test  Facility 


tering  the  test  section,  temperature  and  velocity  profiles 
are  smoothened  in  a  specially  designed  plenum  chamber. 

Instrumentation 

For  the  analysis  of  the  labyrinth  seal  losses,  a  dimensionless 
discharge  coefficient  is  used,  which  is  defined  as: 


Cd  = 


Trtfi 


(1) 


where  mia«l  is  determined  as  the  mass  flow  through  an 
ideal  nozzle,  with  identical  cross-sectional  flow  area  as  in 
the  gap  of  the  labyrinth  seal  and  overall  pressure  ratio. 
fhijeal  is  calculated  in  the  usual  way 


with 


‘  Po  '  ^ 


Vf, 


(2) 


Qidtal  ~ 


1 


2k 

R-(n-l) 


(3) 


for  subcritical  pressure  ratios.  For  supercritical  pressure 
ratios  the  value  of  Qidtai  is  equal  to  the  maximum  value  at 


(4) 


To  suppress  cooling  effects  while  calculating  discharge  co¬ 
efficients  for  flows  with  heat  transfer  (which  could  lead  to 
discharge  coefficients  bigger  than  1),  choice  of  correct  tem¬ 
perature  in  eq.  2  is  important  to  avoid  misunderstud- 
ing  results.  Instead  of  using  the  temperature  at  the  en¬ 
trance  of  the  labyrinth  a  mean  temperature  Tf  was  taken 
by  considering  temperature  distribution  along  the  com¬ 
plete  seal.  To  describe  substsmtial  properties  of  the  flow 
through  labyrinth  seals,  the  axial  ^ynolds  number  and 


a  rotational  Reynolds  number  were  found  to  be  the  char¬ 
acteristic  dimensionless  parameters.  These  dimensionless 
numbers  are  defined  as  follows: 


(5) 

•  •4r»/ 

Re.  = 

(6) 

"(r,) 

The  reference  cross-sectional  area  is  calculated  by  Art/  = 
2  •  ir  ■  which  is  based  on  the  radius  of  the  tUrd 

fin  (’’•.It/)-  For  an  accurate  analysis,  the  determination  of 
the  actual  gap-  width  is  one  of  the  most  critical  elements, 
as  centrifugal  growth  and  thermal  expansions  reach  under 
certain  conditions  50%  of  the  original  clearance.  Therefore, 
a  specially  designed  clearanceometer  was  used  as  described 
by  Waschka  et  al.  (1990).  Above  the  fins  one  of  the  ca¬ 
pacitive  clearance  gauges  is  mounted  in  the  stator.  Two 
additional  capacitive  clearanceometers  are  located  at  the 
first  and  the  last  fin  to  determine  the  eccentricity  of  the 
rotor.  To  reduce  the  rotor  eccentricity  and  displacement 
to  a  minimum  (e^5  ^m)  high  precision  spindle  bearings 
with  an  extremely  small  bearing  play  sire  used. 

The  local  heat  transfer  coefficient  is  derived  from 


a  = 


dQ 

dA-(T,-T„) 


(7) 


with  the  local  heat  flux  dQ  =  -A  •  V  •  determined 
from  the  two  dimensional  temperature  distribution  in  the 
stator  and  the  rotor.  For  the  calculation  of  the  tempera¬ 
ture  distribution  a  finite  element  program  has  been  used, 
which  requires  the  wall  temperatures  Tw  at  each  boundary 
knot  of  the  finite  element  mesh.  Therefore,  local  measured 
values  aie  interpolated  by  rational  spline  functions.  All 
surface  temperatures  and  gas  temperatures  Tg  were  mea¬ 
sured  by  NiCr-Ni  thermocouples.  In  Fig.  3,  the  principle 
instrumentation  in  one  cross-sectional  area  is  shown.  The 
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Pig.  3:  Instrumentation 


27  thermocouples  of  the  rotor  are  integrated  into  the  ro¬ 
tating  part  of  the  teiemetrical  system,  which  includes  time 

multiplexer,  amplifier,  temperature  compensation  and  fre¬ 
quency  modulation  of  the  signals.  Total  uncertainty  of 
the  calibrated  system  is  less  than  1  K.  Due  to  the  lim¬ 
ited  number  of  available  channels,  the  fins  are  not  instru¬ 
mented.  But  the  heat  fiux  is  determined  at  the  root  of 
the  fins.  Thus  the  calculated  heat  transfer  coefficients  for 
the  regions  of  the  fins  are  equivalent  with  fin  heat  transfer 
coefficients. 

To  provide  information  regarding  rotational  symetrically 
boundary  conditions,  the  stator  was  instrumented  with 
thermocouples,  pressure  tabs  and  capacitive  and  mechani¬ 
cal  clearanceometers  in  three  different  cross-sections.  The 
gas  temperatures  were  also  recorded  at  three  different 
cross-sectional  positions  in  the  plenum  chamber,  in  the  cen¬ 
ter  of  each  cavity  and  at  the  exit  of  the  seal. 

In  addition,  mean  heat  transfer  coefficients  were  calculated 
by  averaging  the  local  values.  To  describe  the  influence  of 
rotation  on  the  heat  transfer,  Nusselt  numbers  are  used  for 
the  rotor  as  well  as  for  the  stator; 

ATu  =  -  (8) 

\t,) 

Further  information  is  obtained  by  measuring  the  static 
pressures  in  the  plenum  chamber,  the  cavities  and  a  half 
pitch  downstream  the  last  fin.  All  pressure  tabs  are  linked 
via  a  scanivalve  with  pressure  gauge  (max.  5  bar).  In  addi¬ 
tion,  a  precision  water  pressure  gauge  was  used  in  the  case 
of  small  pressure  differences  across  the  seal.  All  pressure, 
temperature  and  capacitive  signals  as  well  as  the  rotational 
speed  are  recorded  by  a  data  acquisition  system. 

NUMERICAL  CODE 

Out  numerical  code  has  been  developed  during  the  past 
years  at  our  Institute  and  has  been  already  described  in  an 
earlier  report  (Waschka  et  al.,  1991,  Scherer  et  al.,1992). 
Based  on  a  quasi  three-dimensional  finite  volume  method. 


it  accounts  for  the  elliptic  character  of  the  flow.  All  three 
velocity  components  are  solved  as  well  as  the  energy  equa¬ 
tion.  In  order  to  calculate  the  pressure  distribution  of 
the  flow  field,  the  well-known  SIMPLEC  algorithm  (van 
Doormal  and  Raithby,  1984)  is  adopted  and  has  been  ex¬ 
tended  by  us  to  compute  various  fiow  problems  (Wittig, 
Bauer,  Noll,  1987).  Turbulence  is  considered  by  the  stan¬ 
dard  k  —  t—  model  and  heat  transfer  is  calculated  using  the 
wall  function,  which  is  given  by  Pun  and  Spalding  (1976). 


cO.JSfcO.I 


9  = 


Pr,(u+  P) 


cpp{Tg  -  T„) 


with 


(9) 

(10) 


For  the  solution  of  time-averaged  Navier  Stokes  equations 
and  the  energy  equation,  two  different  schemes  are  em¬ 
ployed:  First  predictions  have  been  made  with  a  semi 
implicit  procedure  (SIP,  Stone  1968).  That  method  has 
been  extended  by  a  conjugate  gradient  method  (CG)  re¬ 
cently,  which  has  reduced  the  required  CPU  time  to  about 
8  minutes  on  an  IBM  3090  computer.  For  the  calculation 
a  grid  of  140  •  95  lines  was  chosen.  Further  refinements 
were  tested.  However,  although  the  local  solution  of  the 
velocity  field  was  improved,  they  do  not  affect  either  the 
global  discharge  coefficients  nor  the  Nusselt  numbers. 
Several  differencing  schemes  has  been  tested  as  well.  How¬ 
ever,  calculations  of  the  flow  through  labyrinth  seals  are 
quite  difficult  to  perform,  because  of  the  relatively  high  ra¬ 
tios  of  fin  height  to  gap-  width.  Only  the  stable  upwind 
scheme  provides  a  stable  solution. 

To  verify  our  experiments  the  measured  wall  temperature 
distribution  at  the  cold  sides  of  the  seal  components  and 
the  inlet  gas  temperature  have  been  used. 


DISCUSSION 

The  present  study  is  an  extension  of  our  earlier  work  on 
non-rotating  scaled  up  (2:1)  labyrinth  seals.  Pressure  dis¬ 
tributions,  friction  factors  as  well  as  scaling  effects  are  dis- 
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cussed  elsewhere  by  Wittig  et  al.  (1982  and  1987a, b).  In 
this  report  focus  is  directed  especially  towards  the  influence 
of  rotational  speeds. 


Fig.  4:  Rotational  effects 

If  one  seal  element  is  rotating,  there  are  several  rota¬ 
tional  effects,  which  can  influence  the  leakage  rate  and  the 
heat  transfer,  summarized  in  the  diagrammatic  sketch  of  a 
straight-through  labyrinth  (Fig.  4).  One  effect  is  indicated 
by  mark  (1):  Due  to  centrifugal  forces  the  shearlayer  shifts 
radially  outward,  thus  reducing  the  effective  gap-  width. 
An  additional  decrease  of  the  effective  gap-  width  is  to  be 
expexted  in  the  near  region  of  the  tip  of  the  fins  (2),  as  the 
main  flow  there  is  partially  removed  by  an  centrifugal  force 
driven  outflow  from  the  chamber.  Moreover,  even  the  quasi 
two-dimensional  flow  field  in  the  co-axial  cross  sectional 
area  can  significantly  change.  So,  it  is  well-known,  that 
in  the  chamber  of  straight-through  labyrinth  seals  a  sec¬ 
ond  vortex  can  establish  (3),  whereas  in  divergent  shaped 
stepped  seals  the  main  flow  is  deflected  to  the  bottom  of 
the  cavity  (Fig.  Sb).  Another  effect,  which  is  due  to  an 
additional  peripheral  velocity  component,  is  a  drastical  in¬ 
crease  of  the  shear  stresses  (Fig.  4,  (4),(5)),  which  leads  to 
higher  rates  of  turbulent  kinetic  energy  respectively  their 
dissipation. 


Fig.  5a;  Circumferential  Velocity 


In  Fig.  6  the  predicted  distribution  of  the  turbulent  kinetic 
energy  k  for  15.000  rpm  is  compared  to  that  without  rota¬ 
tion.  High  differences  occur  along  the  wall  and  in  the  shear 
layers  between  the  recirculation  zones,  with  a  higher  pro¬ 
duction  rate  of  turbulence  at  maximum  rotational  speed. 
Therefore,  it  is  to  conclude,  that  the  flow  resistance  in¬ 
creases.  However,  that  augmentation  of  k  can  not  directly 
be  contributed  to  a  reduction  of  the  leakage  rate,  because 
some  portion  of  the  dissipated  power  is  replaced  by  energy 
transfer  from  the  rotating  wall  to  the  fluid.  Nevertheless, 
the  static  temperature  of  the  flow  can  drastically  increase 
in  downstream  direction  by  that  power  dissipation  as  has 
been  discussed  by  McGreehan  et  al.  (1989)  and  Waschka 
et  al.  (1991),  affecting  via  smaller  fluid  density  the  leakage 
rate  as  well.  The  amount  of  temperature  rise  is  depen¬ 
dent  on  the  pre-  swirl  at  the  entrance  of  the  seal,  the  beat 
transfer  from  the  gas  to  the  labyrinth  components  and  the 
geometry  of  the  seal  itself.  For  our  experiments,  the  static 
temperature  T,  was  little  affected,  with  an  maximal  rise 
of  the  static  temperature  across  the  seal  measured  to  be 
3.4  K,  at  highest  rotational  speeds  of  8000  rpm  and  overall 
labyrinth  pressure  ratio  of  1.8.  Despite  a  longer  residence 
time  of  the  flow  within  the  seal,  the  temperature  rise  was 
smaller  at  low  pressure  ratios  (w  =  1.01,  AT  =  1.6°C),  be- 


rpm  =  15.000 


Fig.  5b:  Velocity  Vectors  (Axial  and  Radial  Component) 
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cause  the  dissipated  power  was  reduced  by  the  beat  trans¬ 
fer  to  the  walls.  Since  the  temperature  rise  has  been  only 
very  small,  the  discharge  coefficients  were  calculated  by 
labyrinth-averaged  gas  temperature  f,  only,  as  introduced 
in  eq.2.  However,  for  many  technical  applications  the  pe¬ 
ripheral  velocity  of  the  seal  is  higher  than  tested  under 
prevailing  conditions  and  the  power  dissipation  is  of  con¬ 
siderable  relevance,  as  is  shown  in  a  seperate  report  by 
Scherer,  Waschka  and  Wittig  (1992). 

Especially  for  reidial  or  half-radial  seals,  such  as  stepped 
labyrinth  seals,  an  additional  pressure  drop  across  the  seal, 
originated  by  centrifugal  forces,  must  be  considered  by  the 
designer  too.  Dependent  on  the  main  flow  direction,  that 
effect  can  lead  either  to  an  significant  decrease  (convergent 
shape)  or  an  increase  (divergent  shape)  of  the  leakage  rate. 
Since  the  amount  of  that  effect  strongly  depends  on  the  seal 
geometry  either  (i.e  seal  radius  at  entrance  and  exit),  for 
general  comparability  of  different  seal  geometries  an  isola¬ 
tion  of  this  additional  pressure  drop  across  the  seal  App  is 
required.  Therefore,  ^Pp  was  calculated  by  an  integration 
of  the  determining  equation 

dp  =  w,* -p.-r.  -dr,  (11) 

with  the  index  s  refering  to  the  flow.  The  densities  were  de¬ 
termined  by  measuring  the  temperature  and  pressure  dis¬ 
tribution,  while  the  angular  velocity  of  the  flow  u,  is  based 
on  numerical  data.  However,  frequently  the  flow  field  is  not 
known  in  detail.  In  this  case,  good  results  for  the  pressure 
correction  will  be  achieved,  if  an  averaged  peripheral  ve¬ 
locity  of  the  flow  as  ii,  =  0.4  •  u„  is  assumed.  A  strong 
effect  was  evident  especially  for  the  small  overall  pressure 
ratio  of  1.01.  At  10.000  rpm  App  reaches  about  75%  of  the 
total  pressure  drop  across  the  seal,  whereas  at  the  total 


pressure  ratio  of  1.8  the  relative  effect  was  smaller  than 
1%.  Nevertheless,  for  general  application  of  the  discharge 
coefficients,  this  effect  has  been  taken  into  account,  uti¬ 
lizing  the  net  pressure  drop  Apnet  =  Aptst  -  App  for  the 
calculation  of  the  ideal  mass  flow  ratio  via  eq.2. 

Although  the  principle  of  these  effects  is  known,  only  very 
few  data  are  available  for  their  quantification,  especially  for 
the  beat  transfer  .  In  Fig.  7  the  net-discharge  coefficients 
are  plotted  as  a  function  of  the  axial  Reynolds  number  for 
different  rotational  speeds.  Especially  at  small  Reynolds 
numbers,  a  large  decrease  of  the  discharge  coefficients  with 
increasing  rotational  speeds  becomes  evident.  A  closer  ex¬ 
amination  of  the  effect  reveals  the  ratio  of  peripheral  to 
axial  Reynolds  number  as  dominant  parameter.  That  is 
illustrated  by  Fig.  8,  where  the  rotation  dependent  change 
of  the  same  ^scharge  coefficients  as  shown  in  Fig.  7  is  plot¬ 
ted  as  a  function  of  the  velocity  ratio  This  ratio 

can  be  seen  as  a  measure  of  the  ratio  of  circumferential  to 
axial  momentum  of  the  flow.  Obviously,  the  distribution 
of  the  data  as  well  as  the  onset  of  the  rotational  effect  is 
characterized  by  that  velocity  ratio.  Same  distribution  is 
found  for  both  gap-  witdh  of  0.4  mm  and  0.6  mm.  Tins  re¬ 
sult  agrees  very  well  with  our  previously  obtained  data  for 
convergent  shaped  seal,  with  extremely  small  differences  in 
the  amount  of  that  decrease  only. 

The  improving  of  our  numerical  program  and  the  verifica¬ 
tion  of  the  experiment  has  been  another  goal  of  our  study. 
For  comparisons,  both  experimentally  and  numerically  ob¬ 
tained  data,  indicated  by  the  line,  are  plotted  in  Fig.  8. 
An  excellent  agreement  confirms  that  even  the  turbulence 
of  labyrinth  seal  flow  is  non-isotropic,  the  k  —  t  model  pro¬ 
vides  extremely  reasonable  results. 


Fig.  7:  Discharge  Coefficients  —  Influence  of  Rotation 


Heat  transfer  measurements  were  performed  in  addition  to 
the  flow  mezisurements  discussed.  Gas  temperatures  at  seal 
inlet  of  350°C  have  been  provided  and  wall  temperatures 
were  kept  at  SS^C  for  the  cold  side  of  the  stator  and  60°C 
for  the  rotor  side.  In  Fig.  9  the  distribution  of  the  heat 
transfer  coefficients  for  the  stator  and  the  rotor  is  shown 
for  a  pressure  ratio  of  1.8  and  rotational  speeds,  varying 
from  0  to  8000  rpm.  Two  parallel  lines  indicate  the  posi¬ 
tion  of  the  steps,  whereas  single  lines  mark  the  positions  of 
the  fins.  It  has  to  be  mentioned,  that  the  fins  itself  are  not 
instrumented  with  thermoelement  couples,  which  is  due  to 


a  limitation  given  by  the  telemetric  system.  However,  heat 
input  to  the  rotor  via  the  fins  is  considered  by  locating 
thermo-couples  very  close  to  the  bottom  of  the  fins. 

Fig.  9  reveals  an  increase  of  the  local  heat  transfer  coef¬ 
ficients  towards  higher  rotational  speeds,  with  a  slightly 
higher  relative  augmentation  at  the  entrance,  and  a  nearly 
constant  amount  downstream  of  the  second  fin;  similar  for 
the  stator  and  for  the  rotor.  The  stronger  effect  at  the 
entrance  region  of  the  seal  is  due  to  the  very  high  accel¬ 
eration  of  the  flow  in  circumferential  direction.  Since  the 
acceleration  length  also  depends  on  the  pre-  swirl,  identical 
inlet  conditions  were  ensured,  using  profiled  struts  for  the 
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Fig.  8:  Discharge  Coefficients  —  Influence  of  Velocity  Ratio 
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Fig.  9;  Local  Heat  Transfer  Coefficients  —  Influence  of  Rotation 


reduction  of  the  pre-  swirl.  heat  transfer  rates,  in  convergent  shaped  seal  highest  heat 

It  has  been  already  mentioned,  that  although  the  geome-  transfer  rates  occur  at  the  forward  step  and  the  bottom  of 

try  of  divergent  and  convergent  shaped  stepped  labyrinth  the  cavity  (Waschka  et  al.,  1991),  whilst  in  the  divergent 

seals  are  in  principle  identical,  opposite  flow  directions  shaped  seal  a  maximum  is  revealed  at  the  flns. 

lead  to  completely  different  velocity  fields,  which  conse-  Another  difference  becomes  evident,  if  the  shaft  is  rotat- 

quently  does  affect  the  heat  transfer  from  the  hot  gas  to  ing.  Whilst  in  convergent  shaped  stepped  seals  rotation 

the  labyrinth  components  as  well.  Fig.  5b  presents  a  does  not  qualitatively  affect  the  two-ffimensional  co-axial 

plot  of  the  quasi  two-dimensional  flow  field  in  a  co-axial  velocity  field  and  only  leads  to  an  increekse  of  the  vortex 

cross-sectional  area  at  15.000  rpm.  Detailed  information  strenght  of  the  two  counterrotating  vortices,  for  divergent 

on  the  peripheral  velocity  component  within  the  cavity  is  shaped  seals  the  situation  is  considerable  different.  Here, 

given  in  Fig.  5a.  In  contrary  to  divergent  shaped  seal,  in  the  near  region  of  the  rotating  fins  the  fluid  is  radially 

where  the  main  flow  seperates  at  the  backward  step  and  driven  outward,  because  of  the  centrifugal  forces.  Thus,  to 

impinges  further  downstream  onto  the  fin,  in  convergent  satisfy  continuity,  the  main  flow,  which  originally  impinges 

shaped  stepped  seals  the  main  flow  direction  is  diverted  by  on  somewhere  close  to  the  midst  of  the  fin,  is  suet  to  the 

the  steps  of  the  stator  towards  the  bottom  of  the  cham-  bottom  of  chamber,  as  shown  in  Fig.  5b.  However,  a  com¬ 
ber.  Since  impingement  is  commonly  related  with  high  parison  of  the  influence  of  rotation  on  the  global  Nusselt 


Fig.  10:  Nusselt  Numbers  —  Influence  of  Rotation,  s  =  0.4  mm 


Fig.  11:  Nusselt  Numbers  — 

numbers  (Fig.  10;11)  reveals  only  slight  differences  be¬ 
tween  both  stepped  seals.  Correlations  of  Nusselt  numbers 
for  no  rotation  Nup  have  been  presented  by  (Wittig  et  al. 
(1987)): 

Nuc  =  0.747 .  fle.,®  *  •  (f/s)"®'®  (12) 

for  the  stator  and 

Nu.  =  1.673  •  He„®  ‘  •  (t/s)'®  "  (13) 

for  the  rotor.  The  correlation  is  valid  for  lO’  <  Re  < 
1.8  •  10«  and  15.6  <  (l/s)  <  117.  In  Fig.  10a  for  the  sta¬ 
tor  and  in  Fig.  10b  for  the  rotor  the  ratio  of  the  Nusselt 
number  at  a  certain  rotational  speed  to  the  basic  Nusselt 
number  Nu,  is  plotted  versus  the  velocity  ratio  n^lcpp- 
Similar  to  the  discharge  coefficients  discussed,  an  incipi¬ 
ence  of  rotational  effects  is  obvious  on  the  heat  transfer  as 
well,  ifthe  velocity  ratio  i»„/c.,  is  about  1.  Towards  higher 
rotational  speeds  the  Nusselt  numbers  increase.  However, 
a  comparison  of  the  data  for  the  rotor  to  those  of  the  sta¬ 
tor  reveals  a  stronger  effect  for  the  rotor.  For  a  maximum 
measured  momentum  ratio  of  10,  the  Nusselt  numbers  in¬ 
crease  by  a  factor  of  2  for  the  stator  and  by  a  factor  of  4  for 
the  rotor.  This  difference  can  be  explained  by  the  distri¬ 
bution  of  the  peripheral  velocity  in  the  near  region  of  the 
-.11.  Near  the  rotor,  predictions  showed  (Fig.  5b)  that 
the  gradient  of  the  peripheral  velocity  normal  to  the  wall 
is  more  than  2  times  higher  than  the  gradient  near  the  sta^ 
tor.  Within  most  parts  of  the  seal  chambers  the  peripheral 
velocity  is  about  u,  =  0.35  -  0.45  • As  a  consequence, 
local  momentum  ratio  seems  to  be  best  suited  to  describe 
rotational  effects  on  the  heat  transfer.  Influence  of  other 
parameters,  as  pressure  ratio  or  gap-  width  was  found  to 
be  comparatively  small. 

SUMMARY 

Heat  transfer  and  leakage  loss  measurements  and  predic¬ 
tions  were  performed  for  compressible  flows  in  divergent 
shaped  stepped  seals  with  high  rotational  speeds.  Results 
show  a  strong  influence  of  rotation  on  the  leakage  rate  as 
well  as  on  the  heat  transfer.  Especially  for  high  altitude 


Influence  of  Rotation,  s  =  0.6  mm 

flight  conditions,  where  small  Reynolds  numbers  occur,  ro¬ 
tation  esm  lead  to  a  significant  improvement  of  the  leakage 
behaviour  but  also  to  a  critical  augmentation  of  the  Nus¬ 
selt  numbers.  Excellent  agreement  between  experiments 
and  predictions  were  found. 

Future  work  is  directed  towards  a  detailled  study  regarding 
the  influence  of  pre-  swirl  on  leakage  rates,  heat  transfer 
and  power  dissipation  in  typical  labyrinth  seals. 
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Discussion 


QUESTION  1: 

DISCUSSOR:  C.  Hah,  NASA  Lewis  Research  Center 
What  is  the  Mach  number  range  of  the  flow? 

AUTHOR’S  REPLY: 

The  maximum  Mach  number  was  very  close  to  unity.  However,  at  these  high  Mach 
numbers  the  velocity  ratio  was  far  below  unity  so  no  effect  of  rotation  was  found  on  either 
the  leakage  or  heat  transfer.  It  is  no  problem,  however,  to  predict  the  flow  and  the  heat 
transfer  at  this  rotational  speed  as  shown  in  the  presentation. 

QUESTION  2: 

DISCUSSOR:  C.  Hah,  NASA  Lewis  Research  Center 

What  was  the  boundary  conditions  at  inflow  and  outflow  for  the  numerical  analysis? 
AUTHOR'S  REPLY: 

The  outflow  conditions  for  the  numerical  calculations  were  parabolic  outflow  conditions 
(von  Neumann  condition).  The  flow  inlet  conditions  were  preswirl  ratios  of  0.5 
(tangential  velocity  of  the  fin  divided  by  the  axial  velocity  of  the  flow  at  the  entrance  of  the 
seal).  In  general,  the  preswirl  ratio  has  a  strong  effect  on  the  heat  transfer  rates  at  the 
inlet  region  of  rotor  and  states.  For  comparison  reasons,  the  boundary  condition  was 
chosen  in  accordance  to  the  experimental  boundary  conditions.  In  addition,  I  think  that 
for  most  engine  applications  we  will  find  a  preswirl  ratio  of  0.5  as  well. 
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SUMMARY 

Experimental  and  numerical  investigations  of  turbulent 
flow  and  heat  transfer  have  been  performed  in  the 
entrance  region  of  a  concentric  annulus  between 
independently  rotating  tubes.  The  horizontally  mounted 
test  section  has  an  electrically  heated  outer  wall  and  an 
adiabatic  inner  wall.  The  mean  heat  transfer  rate  in  the 
hydrodynamic  and  thermal  entrance  region  as  well  as  the 
local  Nusselt  number  at  the  axial  position  zl\  ■=  60, 
which  is  the  end  of  the  rotating  annular  channel,  were 
determined  experimentally.  Hotwire-  and  thermocouple- 
probes  allowed  for  measurement  of  velocity  and 
temperature  distributions  at  the  end  of  the  annulus. 
Numerical  predictions,  applying  a  k-e  eddy  vi.scosiiy 
model  with  a  modification  by  ihc  flux  Richardson  number, 
are  compared  with  the  experimental  results.  I'he 
comparison  shows  that  general  effects  of  the  rotation  can 
be  predicted  quite  well  with  the  aid  of  a  simple  turbulence 
model.  Due  to  stabilizing  or  destabilizing  effects  of 
centrifugal  forces  in  the  fluid  and  due  to  the  additional 
shear  stress,  the  rotation  of  the  inner  and  the  outer  tube 
influences  remarkably  fluid  flow  and  heat  transfer  in  the 
annulus. 

LIST  OF  SYMBOLS 
Nomenclature 

Cp  specific  heat  at  const,  pressure 

d^  hydraulic  diameter  (dj,  =  2  r2(l-K)) 

k  turbulent  kinetic  energy  (k  =  l^vj^ ) 

L  length  of  rotating  test  section 

N,  rotation  rate  of  inner  tube  (N,  =  V^,  /  VJ 

Nj  rotation  rate  of  outer  tube  (Nj  =  V^j/  V,) 

Nu,  local  Nusselt  number 

Nu„  mean  Nusselt  number 

p  time  mean  static  pressure 

Pr  Prandtl  number 

q„  heat  flux  density  at  outer  wall 

Rej  flow-rate  Reynolds  number  (Re^  =  d,,/v) 

Re,,  rotational  Reynolds  number  at  inner  tube 

(Re„  =  V„  d,/v) 

Re,2  rotational  Reynolds  number  at  outer  tube 

(Re,2  =  V,2  dt  /v) 

Ri,  flux  Richardson  number  (eq.  15) 


r 

radial  coordinate 

r, 

radius  of  inner  tube 

>■2 

radius  of  outer  tube 

radius  of  annular  center  line  r„  =  /  2 

S 

gap  width  (s  =  r2  -  r,) 

t 

rms  temperature  fluctuation 

T 

time  mean  temperature 

Ta 

Taylor  number 

Vr.  V,,  V, 

rms  velocity  fluctuations  in  r,(p,z-direction 

turbulent  heat  flux 

kinematic  Reynolds  stress 

V..  V,,  V, 

lime  mean  velocity  in  r.ip.z-direction 

V. 

mean  axial  velocity  over  annular  cross  section 

/ 

axial  coordinuic 

Greek  Symols 

a. 

heat  transfer  coefficient 

e 

dissipation  rate  of  turbulent  energy 
(e  =  v  dVi/ebtj  ■  dv/dbtj  ) 

t 

modified  dissipation  rate  (eq.  14) 

e 

dimensionless  temperature  (eq.  4) 

K 

radius  ratio  (k  =  r,  /  rj) 

X 

thermal  eonductivity 

dynamie  viseosity 

V 

kinematic  viscosity 

p 

density 

T 

shear  stress 

<P 

tangential  coordinate 

Subscripts  and  Superscripts 

b 

bulk 

1 

inner  wall 

2 

outer  wall 

0 

at  z=0 

kr 

critical 

m 

mean 

1 

turbulent 

w 

wall 

- 

dimensionless 

1.  INTRODUCTION 

In  rotating  machinery,  e.g.  electrical  and  turbomachinery, 
chemical  mixing  and  separation  devices  etc.,  rotating  fluids 
are  of  importance.  Therefore,  fluid  flow  and  heat  transfer 


27-2 


in  rotating  channels  have  gained  increased  interest  since 
many  years. 

Taylor  (Ref.  1)  investigated  the  stability  of  the  flow 
between  two  concentric  rotating  cylinders.  He  found 
regular  toroidal  vortices  in  the  annular  gap  for  rotational 
speeds  of  the  inner  cylinder  above  a  critical  value.  These 
socatled  Taylor  vortices  develop  because  of  an  instability 
of  the  laminar  flow  due  to  a  strong  decrease  of  centrifugal 
forces  with  increasing  radius.  In  a  closed  annular  gap  with 
no  axial  throughflow  and  with  a  rotating  inner  tube, 
Taylor  vortices  will  arise  at  Taylor  numbers  ra^r  2  41.2. 


With  the  aid  of  a  bifurcation  analysis  for  Re^  -  0, 
Chandrasekhar  (Ref.  2)  found  a  stabilizing  effect  by  an 
imposed  axial  flow.  For  small  flow-rate  Reynolds  numbers 
Rej ,  the  critical  Taylor  number  increases  according  to 

Ta^CRc,)  =  Ta^,(Re^  =  0)  +  26.5  Rc^  (2) 

The  combined  axial  and  rotational  flow  in  an  annulus  with 
a  rotating  inner  cylinder  was  studied  experimentally  by 
Kaye  and  Elgar  (Ref.  3).  For  flow-rate  Reynolds  numbers 
RCj  <  2000,  four  flow  regimes  were  detected  in  the 
annular  gap 

laminar  flow 

laminar  flow  with  Taylor  vortices 

turbulent  flow 

turbulent  flow  with  Taylor  vortices. 

The  changes  in  the  structure  of  the  vortices  with 
increasing  axial  velocity  were  investigated  by  Gu  and 
Fahidy  (Ref.  4)  by  visualization.  At  small  axial  flows  the 
individual  Taylor  cells  get  inclined  and  partial  overlapping 
begins  to  appear.  With  further  increase  in  the  axial  flow 
rate,  the  ceil  structure  degenerates  progressively  to  a 
disorderly  pattern.  At  high  axial  flow  rates  the  Taylor  cells 
are  hardly  detectable  and  the  complete  degeneration  of 
Taylor  vortices  is  assumed. 

Kuzay  (Ref.  5)  experimentally  studied  the  turbulent  flow 
and  heat  transfer  in  a  concentric  annulus  between  a 
stationary  and  uniformly  heated  outer  tube  and  a  rotating 
adiabatic  inner  tube.  The  rotation  rate  N,  =  V,,  /  was 
varied  up  to  2.8  in  the  flow-rate  Reynolds  number  range 
1.5  10^  <  Re^  <  6.5  10^.  Imposing  a  rotation  to  the 
axial  flow,  he  found  that  the  wall  temperature  of  the 
outer  tube  diminished  and  the  radial  temperature  profiles 
at  the  end  of  the  heated  annular  gap,  with  a  length  of  36 
hydraulic  diameters,  appreciably  flattened.  With  increasing 
rotation,  the  inner  boundary  temperature  rises  while  the 
outer  wall  temperature  drops  sharply.  Therefore,  the 
Nnsselt  number  of  a  mixed-mode  flow  increases  with 
increasing  roiational  velocity  of  the  inner  tube. 

This  paper  describes  the  effect  of  indepcndcnily  rotating 
inner  and  outer  tube  of  a  concentric  annulus  on  the 
velocity  and  temperature  distribution  and  on  the  heat 


transfer  to  a  fluid  flowing  inside  the  annular  gap.  Fluid 
flow  and  heat  transfer  were  studied  experimentally  and 
numerically  in  the  hydrodynamic  and  thermal  entrance 
region.  The  effects  of  centrifugal  forces,  due  to  tube 
rotation,  are  visualized  by  velocity,  temperature  and 
Nusselt  number  distributions.  To  our  knowledge  these  are 
the  first  investigations  performed  in  an  annulus  between 
co-rotating  and  counter-rotating  tubes  with  turbulent  axial 
flow. 

2.  EXPERIMENTS 

A  schematic  outline  of  the  horizontally  mounted 
experimental  apparatus  is  shown  in  Fig.  1.  The  rotating 
and  heated  test  section  has  a  length  of  L/d,,  =  60.94  , 
with  a  radius  ratio  r,  / 12  =  0.8575  and  an  outer  tube  i.  d. 
of  D  =  180  mm.  The  outer  tube  is  heated  electrically  with 
a  thin  heating  foil  by  means  of  a  slip  ring  arrangement. 
The  inner  tube  is  made  of  synthetic,  low  conductivity 
material  to  obtain  adiabatic  conditions  and  is  coated  with 
a  very  thin  tin  foil  to  minimize  heat  radiation. 

In  order  to  measure  the  axial  development  of  the  wall 
temperatures,  both  tubes  are  instrumented  with 
thermocouples.  The  thermoelectric  voltages  were 
transmitted  from  the  inner  rotating  tube  to  the  stationary 
instrumentation  with  the  aid  of  slip  rings  and  from  the 
outer  rotating  tube  by  a  telemetric  device. 

At  the  end  of  the  heated  and  rotating  section  a  cylindrical 
three-hole  aerodynamic  probe  as  well  as  a  hotwire  probe 
could  be  inserted  into  the  annular  gap  through  small  holes 
and  traversed  in  radial  direction,  in  order  to  obtain  axial 
and  tangential  velocity  profiles.  Step  motors  rotate  the 
probe  automatically  against  the  main  flow  direction  of  the 
fluid.  Temperature  profiles  could  be  detected  by  a 
traversable  thermocouple  probe  on  the  other  side  of  the 
annular  gap  at  the  end  of  the  rotating  test  section. 

Air  is  supplied  by  a  centrifugal  blower  which  is  arranged 
at  the  end  of  the  test  rig  to  .avoid  heating  of  the  air 
outside  the  test  section.  The  inlet  consists  of  an  air  filter, 
honeycombs  and  two  wire  mesh  screens.  The  inlet  section 
has  a  non-rotating  length  of  six  hydraulic  diameters 
(d^  =  2(r2  -  ri))  with  the  same  radius  ratio  as  the  rotating 
test  section.  Behind  the  heated  test  section  a  mixing 
chamber  for  measuring  the  exit  bulk  temperature,  a 
downstream  nonrotating  pipe,  a  Venturi  nozzle  for 
measuring  the  flow  rate  and  the  centrifugal  blower  are 
arranged.  Rotation  of  both  tubes  was  accomplished  by 
means  of  two  variable  speed  d.c.  motors  and  pulley  drives. 
The  drive  mechanisms  provided  continuous  variation  of 
the  rotational  speed  from  SO  to  2000  r.p.m.  . 

The  flow-rate  Reynolds  number  Re^  was  varied  in  the 
range  3000  s  Re^  =  d^  /v  s  30000  up  to  rotational 
Reynolds  numbers  Re^,  =  V,,  d^  /v  s  20000  at  the 
inner  tube  and  Re^j  =  tin  ^  30000  at  the  outer 
tube.  Heat  transfer  coefficients  and  Nusselt  numbers  were 
determined  from  measurements  of  the  inlet  and  outlet  air 
temperatures,  the  wall  temperatures  of  the  outer  heated 
tube  and  the  mass  flow.  The  local  Nusselt  number  is 
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Fig.  1:  Experimental  apparatus 

based  on  the  local  difference  between  wall  temperature 
and  fluid  bulk  temperature.  With  a  uniform  outer  heat 
flux  density  q„ ,  the  local  Nusselt  number  can  be 
expressed  as: 

Nu,  =  .iijl - ^ -  (3) 

‘  A  (T.  -  T^)  X 

After  introducing  the  dimensionless  temperature 


of  the  mean  temperature  difference  determined  by 
numerical  integration  of  the  local  temperature  differences 
over  the  length  of  the  rotating  test  section. 

3.  EXPERIMENTAL  HEAT  TRANSFER  RESULTS 
In  the  experimental  investigations  of  heat  transfer  in  the 
hydrodynamic  and  thermal  entrance  region,  a  significant 
mnuence  of  rotation  on  heal  transfer  and  fluid  flow  was 
observed. 


the  local  Nusselt  number  Nu,  can  be  calculated  from  the 
local  difference  between  the  dimensionless  wall 
temperature  and  the  fluid  bulk  temperature. 


The  fluid  bulk  temperature  in  an  annulus  with  uniformly 
heated  outer  wall  and  adiabatic  inner  wall,  increases 
linearly  as  a  function  of  the  dimensionless  axial  coordinate 
2  =  z/d^  . 


Re,  Pr  (1+k) 


The  mean  Nusselt  number  Nu„  is  calculated  with  the  aid 


In  Figs.  2  -  -I  the  measured  mean  Nusselt  numbers,  Nu„, 
at  different  flow-rate  Reynolds  numbers  are  plotted  as 
functions  of  the  two  rotation  rates  N,  and  Nj.  In  this 
presentation  Nu„  has  been  divided  by  the  Nusselt  number 
Nu„o .  measured  for  the  non-rotating  annulus.  With 
stationary  outer  tube  (N2  =  0)  and  increasing  N, ,  a 
remarkable  rise  in  the  Nusselt  number  can  be  observed. 
An  additional  counter-rotating  outer  tube  (Nj  <  0)  again 
leads  to  a  small  increase  of  the  Nusselt  number.  On  the 
other  hand  the  heat  transfer  rates  decrease  down  to  their 
minimum,  in  the  case  of  co-rotating  tubes  (N2  >  0),  when 
the  tubes  have  nearly  the  same  number  of  revolutions.  In 
the  region  0.6  <  N,  /  N2  <  0.9  a  small  decrease  of  the 
Nusselt  number  can  be  detected.  A  sole  rotation  of  the 
outer  tube  has  only  an  unimportant  influence  on  the  heat 
transfer  rate  in  the  range  of  Reynolds  numbers  under 
consideration. 


Fig.  4:  Three-dimensional  representation  of  the  measured  mean  Nusselt  numbers  Nu„  as  a  function  of  N,  and  Nj  at 
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Fig.  5:  Three-dimensional  representation  of  the  measured  mean  Nusselt  numbers  Nu„  as  a  function  of  N,  and  N2  at 
Re,  =  20000  . 


At  high  flow-rate  Reynolds  numbers,  Re,  =  30000, 
measurements  could  be  made  only  for  rotation  rates 
N  <  1  .  In  this  case  no  significant  changes  in  heat  transfer 
were  determined. 

Co-rotating  or  counter-rotating  tubes  have  a  very  different 
influence  on  heat  transfer  in  an  annular  gap,  as  revealed 
above.  Heat  transfer  will  decrease  with  radially  growing 
tangential  velocity  and  small  differences  between  the 
rotational  speeds  of  the  two  tubes.  In  contrast  to  this,  the 
heat  transfer  rates  rise  with  radially  decreasing  tangential 
velocity  and  very  different  rotational  speeds  of  the  tubes. 
This  behavior  can  be  explained  by  the  different  effects  of 
a  stabilizing  or  destabilizing  distribution  of  centrifugal 
forces  in  the  fluid,  caused  by  the  radially  growing  or 
diminishing  tangential  velocity  on  the  one  hand  and  an 
increasing  shear  stress,  due  to  a  growing  difference 
between  both  rotational  speeds  on  the  other  hand,  in  the 
case  of  counter-rotating  tubes  both  turbulence  intensifying 
effects  of  a  radially  decreasing  tangential  velocity  near  the 
inner  wall  and  a  large  difference  in  rotational  speeds 
superimpose.  In  an  annulus  with  co-rotating  tubes  the 
turbulence  suppression  by  a  stabilizing  centrifugal  force 
distribution  and  small  differences  between  the  rotational 
speeds  causes  a  small  decrease  in  Nusselt  number. 
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Finally,  it  should  be  pointed  out  that  all  experimental 
results  have  been  gained  for  a  radius  ratio 
r,  /  rj  =  0.8575  . 

4.  THEORETICAL  ANALYSIS 
4.1  Conservation  Equations 

The  calculation  is  based  on  the  time-averaged  boundary 
layer  type  conservation  equations  of  mass,  momentum  and 
energy  in  an  axisymmetric  cylindrical  coordinate  system. 
Tlie  basic  equations  for  an  incompressible  fluid  with 
constant  fluid  properties  are: 

^(prV,)  *  ^(prV,)  =  0  (7) 

dz  dt 


The  correlations  of  velocity  fluctuations  in  eq.  (8)  and  (9) 
which  are  the  Reynolds  stresses  and  the  correlation  of 
velocity  fluctuation  and  temperature  fluctuation  in 
eq.  (11)  which  is  the  turbulent  heat  flux,  are  evaluated 
with  a  modified  k-e  eddy-viscosity  model. 

4.2  Turbulence  Model 

The  turbulence  model  applied  to  the  present  calculations 
is  the  k-e  two  equation  model  for  near-wall  flows  accor¬ 
ding  to  Launder  and  Sharma  (Ref.  7),  modified  by  the 
Richardson  number  as  proposed  by  Rodi  (Ref.  8).  The 
kinetic  energy  of  turbulence  k  and  its  dissipation  rate  c 
are  calculated  from  the  following  transport  equations: 


^(prV.k)  +  i.(prV,k)  =  ^ 
dzdl  dt 
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e  =  e  -  2v 


dt 
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the  modified  dissipation  rate  of  turbulent  kinetic  energy 
and 
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pr.l.'ii 

(  at  J  I  3t  ly  t 
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The  flux  Richardson  number,  defined  by  equation  (15). 
describes  the  effect  of  streamline  curvature  on  turbulence. 
The  streamline  curvature  will  diminish  turbulent  transport 
in  flows  in  which  the  angular  momentum  of  the  flow 
increases  with  radius  and  will  augment  it  in  the  opposite 
case,  fhe  turbulent  dynamic  viscosity  p,  is  determined 
from  the  relation  which  assumes  an  Isotropic  eddy 
viscosity. 


P.  =  C,  f,  p  ^ 


(16) 


The  wall  functions  and  fj ,  proposed  by  Launder  and 
Sharma  (Ref.  7),  are  defined  as  follows; 


=  exp 


3.4 


with 


30  j 

f,  =  1  -  0.3  exp  (-  Ref) 
k> 


Re. 


=  1.0,  Oj  =  1.3  . 

The  influence  of  the  flux  Richardson  number  on  the 
dissipation  rate  e  in  equation  (13)  is  adjusted  by  the 
constant  which  was  determined  according  to 

experiments  by  Pfitzer  (Ref.  6): 

Ri,  s  0  :  =  0.9 

R*(  ^  0  “  2.7 

The  Reynolds  shear  stress  terms  pv^^  and  p\^,  in  eqs. 
(8)  and  (9)  are  modelled  by  the  aid  of  the  turbulent 
viscosity  and  the  velocity  gradients  as 


-  P  V.  =  Pt 


dr 


(20) 
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The  turbulent  heat  flux  in  r-direction  can  be  expressed  as 

(22) 


—  Pt  aT 

-  o  v,  t  =  -  - 

Pr.  ar 


with  the  turbulent  Prandtl  number  Pr[ .  Kays  and 
Crawford  (Ref.  9)  proposed  the  following  distribution  for 
the  turbulent  Prandtl  number  in  a  wall-bounded  shear 
flow. 
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with  Pr  =  0.71,  Pr,.  =  0.65  and  C  =  0.1  used  in  this 
analysis. 

The  local  and  the  mean  Nusselt  number  are  calculated 
according  to  the  definition  in  section  2. 

4.3  Boundary  Conditions 

The  parabolic  nature  of  the  boundary-layer  equations 
requires  that  boundary  conditions  be  provided  on  three 
sides  of  the  solution  domain.  In  addition  to  initial 
conditions  for  the  momentum,  turbulence  and  energy 
equations,  the  heat  fluxes  at  the  surfaces  of  both  tubes 
are  prescribed  and  the  zero  slip  condition  holds. 


4. 
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r  =  r,  : 

V,  =  0  .  V,  =  .  V.  =  0  . 

k  =  0  ,  E  =  0 

iI=o 

dt 

(18) 

II 

V,  =  0  ,  V,  =  V,,  .  V,  =  0  . 

k  =  0  ,  E  =  0 

ax  _ 

dt  ’  ~ 

(19) 

z  =  0  : 

P  =  Po  .  V,  =  0  ,  V.  =  V.(r) 
k  =  k(r)  ,  e  =  £(r) 

,  T  =  1 

Most  empirical  constants  in  eqs.  ( 12),  (13)  and  (16)  arc  For  simplificaiion  the  inlet  profile  of  fhe  dependent 

those  which  are  normally  adopted  in  the  k-e  model  and  variables  V, ,  k  and  c  are  determined  refering  to  a  fully 

arc  listed  as  follows;  =  0.09,  C,,  =  1.44,  =  1.92,  developed  turbulent  flow  in  an  annulus  without  rotation. 


The  tangential  velocity  V,  at  the  inlet  section  is  set  to 
zero,  except  at  the  tube  walls. 

The  above-mentioned  differential  equations  are  solved 
numerically,  applying  a  finite-volume  method  with  150 
grid  points,  located  in  the  radial  direction  at  nonuniform 
intervals. 

S.  RESULTS  AND  DISCUSSION 
In  the  experimental  and  numerical  investigations  of  heat 
transfer  in  the  hydrodynamic  and  thermal  entrance  region, 
a  significant  influence  of  rotation  on  heat  transfer  and 
fluid  flow  was  observed.  The  radial  distribution  of  the 
fluid  velocity  and  the  temperature  were  measured  at  the 
end  of  the  test  section  (z/d|,  •>  60)  and  calculated  for  the 
same  position.  The  special  case,  the  inner  tube  rotating 
and  the  outer  tube  at  rest,  shall  be  presented  first. 

5.1  Rotation  of  the  Inner  Tube 
For  mere  inner  tube  rotation,  the  measured  velocity  and 
temperature  distributions  are  plotted  in  Figs.  6  -  8  .  They 
are  compared  with  numerical  results,  calculated  with  the 
aid  of  the  above-mentioned  theoretical  model. 

At  the  entry  of  the  annulus  an  additional  shear  stress 
occurs  in  order  to  accelerate  the  fluid  in  tangential 
direction,  due  to  the  rotating  inner  wall.  This  causes  an 
additional  production  of  turbulent  kinetic  energy, 
enhanced  by  the  radially  decreasing  angular  momentum 
which  destabilizes  the  flow. 

With  increasing  rotation  rate  Ni ,  the  velocity  profiles  in 
axial  and  tangential  direction  approach  a  more  turbulent 


Fig.  7;  Tangential  velocity  distribution  in  an  annulus 
with  a  rotating  inner  tube  and  a  stationary  outer 
tube. 


Fig.  6;  Axial  velocity  distribution  in  an  annulus  with  a  Fig.  8:  Temperature  distribution  in  an  annulus  with  a 
rotating  inner  tube  and  a  stationary  outer  tube.  rotating  inner  tube  and  a  stationary  outer  tube. 
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Fig.  9:  Development  of  the  local  Nusselt  number  in  an  annulus  with  a  rotating  inner  tube  and  a  stationary  outer  tube. 


Fig.  10:  Development  of  the  local  Nusselt  number  in  an  annulus  with  counter-rotating  tubes. 


shape  which  corresponds  to  increasing  turbulent 
fluctuations  in  the  fluid.  The  profiles  get  flattened  in  the 
core,  whereas,  an  increase  of  the  velocity  gradients  at 
both  walls  can  be  observed.  It  should  be  pointed  out  that 
the  tangential  velocity  profile  (Fig.  7)  has  not  attained  its 
fully  developed  shape  at  the  axial  position  z/d^  a  60  .  In 
this  case  the  tangential  velocity  at  the  centerline  of  the 
gap  would  be  half  the  rotational  speed  of  the  inner  tube, 
as  calculated  by  Pfitzer  (Ref.  6). 

The  radial  temperature  distributions,  with  the 
temperature  normalized  according  to  equation  (4),  change 
in  the  same  way  and  get  appreciably  flattened  by  rotation. 
The  outer  wall  temperature  drops  sharply  with  inner  tube 
rotation  and  the  profile  continues  towards  the  adiabatic 


inner  wall  with  a  slope  more  gentle  than  in  the  non- 
rotating  case. 

The  development  of  the  local  Nusselt  number  Nu^  in  axial 
direction  is  depicted  in  Fig.  9  .  With  uniform  heating  at 
the  outer  wall,  the  Nusselt  number  decreases  throughout 
the  length  of  the  first  ten  hydraulic  diameters,  because  of 
an  increasing  thermal  boundary-layer  thickness.  As  soon 
as  the  angular  momentum  reaches  the  outer  wall,  the  heat 
transfer  intensifies  and  especially  for  N]  =  2  ,  the  Nusselt 
number  increases  remarkably. 

5.2  Counter-rotating  Tubes 

For  counter-rotating  tubes,  the  effects  of  the  rotation  rates 
N,  and  Nj  on  the  axial  and  tangential  velocity  distribution 
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Fig.  11:  Axial  velocity  distribution  in  an  annulus  with 
counter-rotating  tubes. 


Fig.  12:  Tangential  velocity  distribution  in  an  annulus 
with  counter-rotating  tubes. 


Fig.  13:  Temperature  distribution  in  an  annulus  with 
counter-rotating  tubes. 


and  on  the  temperature  profile  are  depicted  in 
Figs.  11  -  13  . 

In  this  case  an  additional  shear  stress  t,,  is  induced  by 
the  rotation  of  the  inner  and  the  outer  tube,  enhancing 
the  turbulent  lluctuations  from  both  sides  of  the  gap. 
Besides  that,  the  developing  tangential  velocity  profile 
causes  a  stabilizing  distribution  of  centrifugal  forces 
(Ri,  >  0)  in  the  outer  half  of  the  gap,  and  a  destabilizing 
distribution  (Rif  <  0)  in  the  inner  half.  Both  phenomena 
are  superimposed,  whereby  the  turbulence  suppressing 
effect  of  the  positiv  Richardson  number  in  the  outer  half 
of  the  gap  is  of  less  influence  than  the  turbulence 
enhancing  shear  stress  . 

As  for  mere  inner  tube  rotation,  the  velocity  profiles  in 
axial  direction  (Fig.  11)  attain  a  more  turbulent  shape 
with  increasing  rotation  rates  N,  and  Nj  which 
corresponds  to  increasing  turbulent  fluctuations  in  the 
fluid.  In  Fig.  12  the  experimental  results  of  the  tangentia] 
velocity  are  in  close  agreement  with  the  theory.  The 
analysis  makes  also  evident  that  in  this  case  the  fluid  flow 
is  fully  developed  at  z/d,,  »  60  . 

Concerning  the  radial  temperature  distribution  in  Fig.  13, 
the  same  effects  as  for  a  sole  rotation  of  the  inner  tube 
can  be  observed  even  more  pronounced.  The  curves  are 
alinged  in  an  orderly  manner  in  passing  from  the  uniform 
heat  flux  outer  boundary  to  the  adiabatic  inner  boundary. 
At  the  outer  wall  a  large  temperature  decrease  can  be 
detected.  With  increasing  rotation  in  the  opposite 
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direction,  the  inner  boundary  temperature  increases  and 
the  temperature  at  the  outer  wall  decreases. 

The  development  of  the  local  Nusselt  number  NUj  for 
counter-rotating  tubes  is  plotted  in  Fig.  10  .  A  comparison 
with  Fig.  9  for  mere  inner  tube  rotation  reveals  that  the 
influence  of  turbulence  intensification  on  heat  transfer 
sets  in  closer  to  the  entry  with  an  additional  outer  tube 
rotation.  Furthermore,  a  larger  increase  of  the  local 
Nusselt  number  Nuj  can  be  observed  for  counter-rotating 
tubes. 

5.3.  Influence  of  radius  ratio 

All  experimental  and  theoretical  results  in  this  analysis 
have  been  gained  for  a  radius  ratio  rj  /  rj  =  0.8575  . 

Pfitzer  and  Beer  (Ref.  10)  studied  the  influence  of  the 
radius  ratio  on  heat  transfer  with  the  aid  of  a  theoretical 
model  for  fully  developed  flow.  Their  investigation  leads 
to  the  following  conclusion.  In  a  narrow  annulus  and  for 
specified  rotation  rates,  the  gradient  of  the  circumferential 
velocity  is  larger  than  in  a  wide  annulus.  The  larger  shear 
stress  in  the  fluid  leads  to  an  excitement  of 
turbulence  and,  therefore,  to  an  increase  in  heat  transfer. 
On  the  other  hand,  the  laminarizing  effect  of  the 
distribution  of  the  stabilizing  centrifugal  forces,  expressed 
by  the  Richardson  number,  gains  influence  in  a  wide 
annulus. 

6.  CONCLUSIONS 

In  turbulent  annular  flow,  inner  and  outer  tube  rotation 
produce  significant  effects  on  the  velocity  and 
temperature  fields  as  well  as  on  heat  transfer  rate.  These 
effects  were  studied  experimentally  and  numerically  in  the 
hydrodynamic  and  thermal  entrance  region  of  a  concentric 
annulus  between  independently  rotating  lubes.  In  the 
theoretical  study  a  modified  k-c  Turbulence  model  was 
applied,  taking  into  account  the  influenceiof  streamline 
curvature  on  turbulence. 

The  investigations  reveal  a  clear  enhancement  of  the 
Nusselt  number  with  increasing  rotation  of  the  inner  lube. 
An  additional  counter-rotating  outer  tube  leads  to  a 
further  small  increase  in  heat  transfer.  On  the  other  hand 
the  Nusselt  number  decreases  with  co-rotating  tubes  down 
to  its  minimum,  when  the  outer  tube  rotates  a  little  faster 
than  the  inner  tube.  The  mere  rotation  of  the  outer  tube, 
with  the  inner  tube  being  at  rest,  has  only  an  unimportant 
influence  on  heat  transfer  for  the  radius  ratio 
r,  /  r^  =  0.8575  . 

Finally,  it  has  to  be  pointed  out  that  Taylor  vortices  could 
not  be  detected  using  the  hotwire  probe  in  the  range  of 
parameters  under  consideration. 
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Discussion 


QUESTION  1: 

DISCUSSOR:  W.  Waschka,  BMW  Rolls  Royce 

What  were  the  tangential  to  axial  velocity  ratios  at  the  inlet  of  the  annulus?  That  ratio 
strongly  influences  the  heat  transfer  rates  and  the  laminar/turbulent  transition  at  the 
very  entrance  of  the  annulus. 

AUTHORS  REPLY: 

As  stated  in  the  paper,  the  tangential  velocity  for  all  cases  was  equal  to  zero  at  the  inlet  of 
the  test  section. 

QUESTION  2: 

DISCUSSOR:  D.T.  Vogel,  DLR 

For  which  Reynolds  number  does  transition  occur? 

AUTHOR'S  REPLY: 

Transition  from  laminar  to  turbulent  flow  depends  upon  flow  Reynolds  number  Rez  and 
rotation  rates  Ni  and  N2.  This  investigation  was  restricted  to  turbulent  flow.  For  the  case 
of  a  rotating  inner  tube,  the  transition  region  was  investigated  experimentally  by  Kaye 
and  Elgar  (Ref.  3). 

QUESTION  3: 

DISCUSSOR:  D.T.  Vogel,  DLR 

Which  inlet  boundary  conditions  did  you  use  for  k  and  e? 

AUTHORS  REPLY: 

As  stated  in  the  paper,  the  inlet  profiles  of  Vz,  k  and  e  were  determined  using  the  results 
for  a  fully  developed  turbulent  flow  in  a  non-rotating  annulus. 

QUESTION  4: 

DISCUSSOR:  J.W.  Chew,  Rolls  Royce 

Your  comparison  between  experimental  and  computational  results  shows  some  good 
agreement.  To  what  extent  is  this  dependent  on  the  choice  of  the  Richardson  number 
multiplying  factor  Ce3  in  the  turbulence  model? 

AUTHOR'S  REPLY: 

Assuming  Ce3  =  0  leads  to  a  maximum  deviation  of  about  three  percent  from  the 
calculations  shown  in  the  paper.  This  statement  is  restricted  to  the  radius  ratio  under 
consideration.  In  a  narrow  gap,  where  fluid  flow  is  dominated  by  shear  stresses  the 
influence  of  0^3  will  be  even  smaller,  whereas  in  wide  gap  the  radial  distribution  of 
centrifugal  forces  is  of  importance  and  therefore  the  value  of  Ce3  will  have  a  significant 
influence  on  calculated  results  in  this  case. 
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Tlie  Effect  of  Main  Stream  Flow  Angle  on  Flame  Tube  Film  Cooling 


H.  Klinger,  D.  K.  Hennecke 
Technical  University  Darmstadt 
Petersenstr.  30.  6100  Darmstadt,  Germany 


SUMMARY 

Generally  film  cooling  configurations  are  positioned  such 
that  they  are  oriented  perpendicular  to  the  main  stream 
flow  direction.  However  in  many  cases,  in  particular  com¬ 
bustor  applications,  different  flow  angles  may  occur.  Then, 
due  to  the  interaction  between  the  main  stream  and  the 
cooling  film,  a  complex  three-dimensional  flow  field  with  a 
vortex  is  formed.  An  experimental  study  was  done  to  study 
the  basic  effects.  The  cooling  configuration  was  a  vertical 
slot  which  could  be  turned  by  up  to  about  60  degrees  from 
the  position  perpendicular  to  the  main  stream.  Velocity 
distributions  were  measured  and  the  adiabatic  film  cooling 
effectiveness  was  determined  using  the  liquid  crystal  tech¬ 
nique.  The  results  show  that,  along  lines  parallel  to  the 
slot,  the  film  cooling  effectiveness  varies  strongly,  even  with 
small  slot  turning  angles.  This  would  lead  to  hot  and  cold 
spots  in  a  combustor  application.  A  simple  semi-empirical 
correlation  for  the  average  cooling  effectiveness  is  derivetl 
using  the  main  stream  velocity  component  perpendicular 
to  the  slot. 
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I  INTRODUCTION 

Today’s  advanced  gas  turbines  still  have  great  potentials  for 
improvement  by  a  further  increase  in  turbine  entry  tempe¬ 
ratures  along  with  higher  compressor  pressure  ratios.  The 
resulting  higher  temperature  level  in  the  combustor  mixing 
zone  requires  a  more  intensive  wall  cooling.  The  cooling 
task  is  further  complicated  because  of  the  higher  cooling 
air  temperature  owing  to  the  increased  pressure  ratio  and 
the  resulting  lower  cooling  potential.  The  necessary  impro¬ 
vement  of  the  cooling  effectiveness  of  pure  film  cooling  is 
hardly  achievable  in  light  of  today's  already  high  standard 
[1.  2].  However,  the  cooling  potential  of  the  coolant  can 
be  better  utilized  by  first  using  it  for  convective  cooling 
of  the  combustor  wall  and  then  ejecting  it  as  cooling  film 
(.1.  4|.  This  combined  cooling  concept  may  be  realized,  for 
instance,  using  square  or  triangular  metal  or  ceramic  sur¬ 
face  elements  that  are  impingement  cooled  on  their  back 
sides.  The  coolant  is  then  ducted  through  slots  between 
the  elements  and  ejected  into  the  combustor  such  that  it 
forms  cooling  films.  In  this  way,  intersecting  film  cooling 
slots  are  formed  that,  depending  on  combustor  geometry 
and  swirl,  are  oriented  towards  the  main  stream  flow  direc¬ 
tion  under  various  angles.  Thus,  the  usual  perpendicular 
orientation  of  the  film  cooling  slot  configuration  resulting 
in  a  two-dimensional  flow  field  does  not  occur.  Rather,  a 
three-dimensional  flow  field  with  swirls  transporting  hot  gas 
towards  the  wall  resulting  in  hot  regions  may  be  expected. 


The  present  basic  study  investigates  the  dependence  of  the 
adiabatic  film  cooling  effectiveness 


n  = 


(1) 


on  the  angle  o  of  a  single  slot  configuration  ( Fig.  1 )  and  on 
the  main  stream  to  coolant  maiss  flux  ratio  defined  by 


.M„  = 


P,V, 


(2) 


For  a  better  understanding  of  the  basic  phenomena,  expe¬ 
riments  were  done  on  a  simplified  enlarged  model  with  the 
main  stream  unheated.  In  all  cases  the  slot  was  perpendi¬ 
cular  to  the  surface,  i.  e.  0  =  90' . 
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2  EXPERIMENTAL  APPARATUS 

The  experiments  were  done  in  the  new  combustor  film¬ 
cooling  rig  (Fig.  2).  It  is  an  Eiffel  type  wind  tunnel  with  a 
measuring  section  with  height  H  =  .100  mm.  width  B  =  260 
mm  and  length  L  =  1.500  mm.  The  inlet  section  with  flow 
straighteners  and  contraction  was  designed  carefully  re.siil- 
ting  in  a  very  uniform  velocity  distribution  and  a  low  inr- 
bulence  level  of  Tu^  <0.2%.  The  main  flow  velocity  can 
be  varied  continuously  up  to  H,  =  100  m/s  corresponding 
to  Rerrt  =  2.2.5  ■  10“  based  on  the  hydraulic  diameter.  After 
passing  the  test  section,  the  main  stream  flows  through  a 
diffuser,  a  blower  and  then  into  the  ambient. 

The  film  cooling  slot  was  placed  in  a  disk  that  forms  part  of 
the  tunnel  floor  (Fig.  2).  The  disk  can  be  rotated,  thus  the 
angle  o  of  the  slot  relative  to  the  main  flow  direction  may 
be  changed  continuously  between  o  =  00  ’  and  20".  For 
experimental  ease,  the  main  stream  to  coolant  temperature 
ratio  Nvas  not  intended  to  be  simulated  and  the  (oolanl. 
rather  than  the  main  stream.  wa.s  heated,  typically  by  20 
to  100  ('.  The  "coolant"  flow.s  through  a  blower,  an  orili<'<' 
flow  meter,  through  a  settling  chamber  with  flow  siraigh- 
tellers  and  then  into  the  film  slot.  There  the  turbulence 
level  is  Tu,  <  0,6%  and  the  maximum  velocity  Kill  m/s 
{Re,  =  4.27-lOMata  =  90’  and  11.5m/s(/fe,  =2.|.110M 
at  a  =  20 '  .  The  slot  has  movable  sidewalls  that  can  be 
adjusted  such  that  for  every  angle  o  the  slot  extends  only 
from  one  tunnel  side  wall  to  the  other  and  the  film  flows 
perpendicnlarly  into  the  main  stream.  Covers  on  both  si<les 
of  the  tunnel  ensure  that  there  is  no  leakage  of  coolant.  I  lie 
side  walls  and  the  top  wall  of  the  test  section  were  made  of 
perspex  to  facilitate  flow  visualization  and  optical  measu¬ 
rements.  The  bottom  wall  including  the  disk  were  made  of 
20  mm  thick  Pertinax  with  heavy  insulation  on  the  outsiile 
to  ensure  near-adiabatic  conditions. 


I 


2  MEASUREMENT  TECHNIQUE.S 

Flow  velocities  were  measured  with  live-hole  probes  and  the 
turbulence  level  with  hot-wire  probes.  The  traversing  of  the 
probes  and  the  data  acquisition  was  done  by  computer  con¬ 
trol. 

The  surface  temperature  distribution  behind  the  slot  was 
iletermined  by  the  well-known  liipiid  crystal  method  [,5,  6. 
7j.  Ci'rtain  cholesterine  liquiil  crystals  have  a  temperature 
dependent  selective  reflection  of  light.  I  hus.  isotherms  on  a 
surfai  e  coaled  with  lirprid  crystals  appear  as  lines  of  equal 
color.  I'he  coating  of  I  he  encapsulated  crystals  used  is  thin 
enough  so  that  it  has  negligilrle  inllueuce  on  the  heat  trans¬ 
fer.  Thermocouples  mounted  flush  in  the  surface  provided 
additional  temperature  data  for  accuracy  control  and  ca¬ 
libration.  Uy  siflecting  li(|uid  crystals  with  a  color  range 
arljusted  to  the  test  conditions  and  varying  the  film  tem- 
pi'rature.  extremely  high  resolutions  of  surface  temperature 
■  lislribnlion  may  be  achieved. 

For  the  data  acrpiisition.  an  image  processing  .system  was 
u.sed  (fl. !)].  .A  video  camera  mounted  on  top  of  the  test  .sec¬ 
tion  views  onto  the  li(|uid  crystal  coated  surface.  Its  analog 
signal  is  then  fed  into  a  personal  computer  with  an  analog- 
digital  r'onverter,  ,\  real  time  iligitizer  (PC  N'ision  Plus/ 
Imaging  Technology)  with  CCIR-Slandard  with  a  scanning 
frequency  of  10  .\IHz  atid  a  pixel  grid  of  1024x512  with  S 
bits  each  was  used.  The  A/D-electronir-card  has  a  |)rores- 
sor  that  allows  elementary  memory  operations  in  real-time. 
Further  analyses,  e.  g.  the  processing  of  the  pixel  lielils,  are 
done  on  the  proces.sor  of  the  personal  computer.  With  the 
present  .system,  the  degree  of  discretization  of  a  (omplete 
picture  is  262,1  I  t  picture  points,  i.  e,  for  the  evaluation  of 
a  color  line  a  square  matrix  of  512  lines  and  512  columns 
with  2.56  steps  of  gray  are  readily  available  for  the  numerical 
analy.sis.  With  a  test  section  wiilth  of  .260  mm.  there  is  a 
resolution  of  about  1.5  picture  points/mm.  The  evaluation 
of  the  picture  quality  for  the  required  preproce.ssing  and 
adjustment  of  hardware  is  done  with  the  intensity  profile. 
Fig.  4  shows  a  section  through  a  typical  gray  level  distri¬ 
bution  of  a  black  and  white  picture.  In  this  example  the 
licptid  crystal  transition  shows  a  distinct  signal  peak  which 
differs  clearly  from  the  background  noise. 

For  the  identification  of  the  (  alibrated  e<lge  of  the  color  line, 
a  threshold  value  method  was  used.  Rec  au.se  there  are  pic¬ 
tures  of  different  rpiality,  it  is  necessary,  in  view  of  the  large 
number  of  experiments,  to  read  the  respective  intensities 
automatically.  For  this  purpose,  the  frequency  histogram  is 
smoothed  by  averaging  (Fig.  .5a).  The  second  peak  as  ta¬ 
ken  from  the  smoothed  histogram  represents  all  graylevels 
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of  the  transition  line.  Consec|uetitly  a  respective  value  its 
threshold  can  be  determined  by  the  signal  flank  according 
to  the  calibration.  The  high  gradient  of  the  peak  on  the 
downstream  side  leads  to  a  weak  minimum  in  the  graylevel 
frequency  directly  in  front  of  the  signal  maximum. 


a.s  well  as  the  noise  contribution  to  the  image  signal,  the 
resolution  may  be  in  error  by  up  to  6  pixels,  corresponding 
to  about  15  mm.  The  temperature  is  determined  with  an 
accuracy  of  about  ±0.4  K. 

4  RESULTS  AND  DISCUSSION 

Experiments  were  done  for  the  following  values  of  M  and  a: 


ft 

M 

:\f 

M 

M 

Xf 

A/ 

90.0" 

0.,30 

0.74 

0.85 

0.99 

1..50 

2.53 

S2.,3  “ 

1.01 

1.51 

2.49 

7.3.0" 

0.49 

0.75 

0.85 

0.98 

1.47 

2.49 

60.0" 

0..30 

0.74 

0.86 

1.00 

1.45 

2.49 

45.0" 

0.51 

0.74 

0.84 

1.03 

1.46 

2.48 

30.0  • 

0..30 

0.76 

0.86 

0.99 

1.49 

2.50 

Detailed  results  will  be  presented  only  for  a  few  test  points 
but  they  serve  as  examples  illustrating  the  tendencies  ob¬ 
served  in  all  tests  (10). 

.-\  physically  correct  interpretation  of  the  measured  film  coo¬ 
ling  elfectiveness  distributions  for  various  values  of  o  is  que¬ 
stionable  without  the  knowledge  of  the  flow  field.  Therefore, 
the  velocity  distributions  were  measured  first. 


.After  differentiating  according  to 


ttn  .  u,  - 

<fi  (  -  u  -  io)  ' 


2.'j5 


(d) 


the  threshold  value  .'i'  ran  be  determined  by  analysing  the 
above  mentioned  minimum  in  Fig.  .3b. 


Figure  .3:  a:  .Smoothed  histogram  and  b:  diff.  hi.stogram 
with  threshold  value 


The  influence  of  the  high-frequency  scatter  remaining  after 
smoothing  is  best  suppressed  when  i„  roughly  corresponds 
to  the  width  of  the  signal  peak.  Now.  all  pixels  of  the 
original  image  f{p.q)  are  set  to  intensity  fj  or  I2  depending 
whether  the  values  are  below  or  above  the  threshold  value 
■S',  thus  obtaining  a  new  image  g(p.q): 


9(p,q)  = 


h  .0  <  /(p,<7)  <  .S 
h  ,S  <  f(p,q)  < 


(4) 


where  p  and  q  represent  the  column  and  line  number,  re¬ 
spectively.  Then  ideally,  the  color  change  of  the  calibrated 
liquid  crystal  has  the  intensity  I2  and  the  background  the 
intensity  /|.  By  subsequently  evaluating  the  whole  contour, 
the  color  transition  line  and,  thus,  the  isotherm  is  determi¬ 
ned.  Due  to  positioning  and  focussing  errors  of  the  camera 


4.1  Fl(»v  Field 

The  flow  field  wa,s  determined  for  all  test  conditions  with 
M  >  1.0  using  a  live-hole  probe  [11]  traversed  in  the  three 
coordinate  directions  through  the  whole  test  section. 

o.i  T - - - , 


y/H  :  a: 


Figure  fi:  Flow  field  just  before  slot  a(top):  0=90". 
b(bottom):  o=:40  "  (x/s=-fi.4,  M='2. 3.  viewed  downstream) 


In  Fig.  It  the  velocity  components  in  the  y-z-plane  of  the 
flow  field  just  before  the  slot  is  depicted  for  o  =  90  ’  (top) 
and  for  00 "  (bottom).  For  the  perpendiodar  configuration 
(or  =  90" )  only  a  small  deviation  from  the  two-dimensional 
flow  is  observed  as  expected  (Fig.  6a).  However,  turning 
the  slot  by  60  "(f»  =  30’ ),  a  strong  effect  of  o  may  be 
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observed  (Fig.  6b).  Close  to  the  wall,  the  main  stream 
approaching  the  slot  with  a  =  30  °  is  deflected  into  the  slot 
direction.  Farther  away  from  the  wall,  this  deflection  is 
reduced  and.  finally,  reversed  forming  a  large  vortex.  Ta¬ 
king  the  area-averaged  flow  angle  for  the  two  cases,  a  net 
deviation  of  the  flow  by  0.34  “  and  0.83  ° ,  respectively,  was 
obtained  substantiating  the  two-  dimensionality  in  case  of 
f>  =  90 "  and  the  accuracy  of  the  measurements.  The  flow 
deviation  near  the  tunnel  floor  and  farther  away  compen¬ 
sate.  thus  satisfying  the  continuity  condition  in  an  incom¬ 
pressible  duct  flow. 


Due  to  the  relatively  strong  momentum  of  the  film  normal 
to  the  main  flow  direction,  flow  separation  and  recirculation 
occur.  This  results  in  a  more  intense  momentum  and  heat 
exchange,  reducing  more  rapidly  the  cooling  effectiveness 
than  in  case  of  a  tangential  ejection  of  cooling  air.  This 
flow  field  is  characterized  by  a  separation  line  at  the  down¬ 
stream  edge  of  the  slot  and  a  reattachment  line.  The  results 
show  that  for  smaller  mass  flux  ratios  M  this  reattachment 
line  is  parallel  to  the  slot  in  the  central  region,  even  for 
large  turning  of  the  slot.  The  relative  length  x„.,/.s  of  the 
recirculation  zone  is  a  function  of  mass  flux  ratio  .V/  and 
slot  angle  o,  with  .)/,  =  ,V//sini>  as  the  main  correlating 
parameter  as  shown  in  Fig.  7.  The  data  correlate  well  with 


15  ( 


sin  Q 


(5) 


A//  sin  a 


Figure  7:  Length  of  recirculation  zone 


The  following  flow  fields.  Fig.  8,  illustrate  the  situation 
in  the  plane  at  a  distance  i/s  =  74  parallel  to  the  slot. 
For  a  =  90  "(Fig.  8a)  the  flow  is  still  essentially  two- 
dimensional.  These  results  are  in  good  agreement  with 
tho.se  of  [12,  13].  However  for  o  =  30 ’(Fig.  fib),  strong 
vortices  may  be  observed  making  the  flow  very  three-dimen¬ 
sional.  It  should  be  noted  that  the  large  velocity  gradients 
in  the  vortex  cores  could  not  be  resolved  acctirately  with 
the  five-  hole-probes  used.  Characteristic  for  such  flows  is 
the  stable  structure  of  the  vortex  even  at  great  distance  be¬ 
hind  the  slot  [14,  1.5]. 


Fig. fib  displays  a  second  smaller  vortex  also  growing  down¬ 
stream  like  a  rone.  It  is  formed  by  the  streamlines  origina¬ 
ting  at  the  leading  edge  of  the  slot.  The  flow  field  and  the 
surface  streamlines  behind  an  oblique  slot  are  schematically 
depicted  in  Fig.  9.  It  shows  the  flow  separations  caused  by 


Figure  fi:  Flow  field  behind  slot  a(top):  o=90  ’ ,  b(bottom): 
(>=30"  (x/s=74.  .\l=2..').  viewed  downstream) 


strong  pressure  gradients.  Due  to  the  finite  width  of  the 
channel,  the  slot  has  a  finite  length.  The  vortex  starts  at 
the  forward  slot  end.  and  a  vortex  sheet  rolls  up  in  a  cone- 
shaped  manner.  The  vortex  is  three-dimensional,  which 
means  that  the  fluid  particles  move  on  spiral  paths  with  in¬ 
creasing  radius.  With  sufficiently  large  turning  of  the  slot 
and  high  blowing  rate,  the  vortex  is  stable  increasing  li¬ 
nearly  along  the  slot.  Therefore,  there  exists  a. similarity  of 
the  vortex  velocity  distributions. 


Figure  9:  Schematic  presentation  of  flow  field 


The  separation  line  is  again  the  slot  trailing  edge.  As  may 
be  seen  from  f  ig.  fib  the  flow  near  the  wall  separates  into 
two  opposite  directions,  forming  a  stagnation  line  which  is  a 
reattachment  line.  The  vortex  which  starts  at  the  upstream 
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end  the  slot  increases  in  the  slot  direction  like  a  cone,  thus 
the  reattachment  line  forms  an  angle  a  —  ^  with  the  slot. 
Fig.  10  shows  this  angle  a  —  as  a  function  of  the  slot 
angle  a  with  the  mass  flnx  ratio  as  parameter.  The  data 
points  may  be  correlated  by 

<^  =  a  -  [(a,  +  ajM  -(-  a3M^)(90  -  o)‘e'>“-“>]  (6) 

with 


a\  = 

-4.25 

6  =  0.9 

Oj  = 

11.5 

c  =  -0.06 

03  = 

-2.4  . 

50*r 


Figure  10:  Reattachment  angle  of  vortex  flow 

The  data  and  Eq.(6)  indicate  that  the  flow  field  reacts  al¬ 
ready  to  a  relatively  small  turning  of  the  slot  with  the  for¬ 
mation  of  a  vortex  having  a  steep  reattachment  angle. 

The  separation  bubble  has  a  recirculation  length  that  corre¬ 
sponds  to  the  blowing  rate.  Under  the  influence  of  the  main 
stream,  the  slot  inclination  results  in  cross  flow  that  trans¬ 
ports  the  mass  required  to  support  the  recirculation  zone. 
Then  the  parallel  and  the  inclined  reattachment  lines  inter¬ 
sect  tis  sketched  schematically  in  Fig.  1 1.  Apparently,  with 
low  blowing  rates  or  small  slot  angles  the  mass  flow  induced 
by  the  cross  velocity  components  is  not  sufficient  to  feed  a 
steadily  growing  vortex.  Then  the  reattachment  parallel  to 
the  slot  occnrs.  For  this  zone  the  symbol  2Da  is  chosen, 
becanse  relative  to  the  slot  the  flow  is  essentially  two-  di¬ 
mensional  but  turned  relative  to  the  main  flow  direction  by 


Figure  11:  Sketch  of  reattachment  lines 


the  angle  a  (Fig.  11b).  With  increasing  turning  of  the  slot 
or  with  higher  blowing  rates  this  2Da-zone  becomes  smaller 
and  the  intersection  point  moves  towards  the  downstream 
slot  end,  until  the  cone-shaped  three-dimensional  vortex  co¬ 
vers  the  whole  channel  width  (Fig.llc). 

4.2  Film  Cooling  Effectiveness 

At  first,  a  comprehensive  test  program  was  done  measuring 
the  film  cooling  effectiveness  for  the  a  =  90  °  c«ise,  i.  e.  the 
two-dimensional  situation,  in  order  to  establish  the  measu¬ 
ring  technique  and  to  permit  comparisons  with  literature. 
Such  a  comparison  with  data  from  [16]  to  [20]  was  made 
and  a  comparison  with  [17]  is  shown  in  Fig.  12.  Very  good 
agreement  may  be  observed,  proving  the  applicability  of  the- 
new  test  facility  and  the  measuring  technique. 


Figure  12:  Film  cooling  elfectiveness  for  normal  main 
stream  direction  -  Comparison  with  me2uiurements  from  Se- 
ban  et  al,  [17]  (n=90*.  M=0..')) 


in  Fig.  Ui  measured  i.sotherms  are  presented  for  a  mass 
flux  ratio  M  =  0.5  and  slot  angles  n  =  90  ' :  60  ’ ;  45  " :  and 
.'SO  ° .  These  plots  are  representative  for  the  whole  parameter 
variation.  While  Fig.  I.'la  shows  a  nearly  two-dimensional 
situation.  Fig.  13b  (slot  turned  by  30  '  )  displays  an  unsym- 
metric  distribution  of  the  i.sotherms  indicating  a  remarkable 
influence  of  slot  angle  already  at  relatively  small  slot  tur¬ 
ning,  Fig.  13c  and  13d.  It  can  also  be  seen  clearly  that  the 
isotherms  in  the  2D„-zone  run  parallel  to  the  slot,  especi¬ 
ally  in  the  region  close  to  the  slot.  The  intersection  of  the 
reattachment  line  known  from  the  measured  flow  field  (Eq. 
5)  and  the  vortex  recirculation  line  obtained  from  Eq.  6 
marks  off  the  2D„-zone  at  the  upstream  end  of  the  slot.  On 
the  right  hand  side,  there  is  another  characteristic  point 
on  the  reattachment  line  marking  the  .second  limit  of  the 
2D„-rerirrulation  zone,  thus  establishing  the  width  of  this 
zone  which  exists  even  at  the  large  slot  turning.  .So  the  film 
cooling  experiments  support  the  2D„-behavior  as  observed 
in  the  How  field  investigation. 

With  increctsing  distance  from  the  slot,  the  direction  of  the 
film  cooling  air  looses  its  influence  on  the  flow  field  and 
the  isolines  turn  towards  the  direction  normal  to  the  main 
flow.  Owing  to  the  change  of  flow  direction  that  the  main 
flow  forces  on  the  cooling  flow,  a  stronger  mixing  results 
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than  in  the  case  of  tangential  injection.  Closer  to  the  slot, 
the  flow  separation  with  recirculation,  leads  to  ingestion  of 
main  stream  flow  resulting  in  a  marked  reduction  of  cooling 
potential  with  increasing  blowing  rate. 

The  film  cooling  effectiveness  for  a  =  90 "  is  shown  in  Fig.  14 
as  function  of  x  along  with  an  empirical  correlation 


>?  =  2.02(^)-°“>,  x/s>20.  (7) 


Figure  14:  Film  cooling  effectiveness  -  Influence  of  mass 
flux  ratio  (q=90  ’ ,  z/B=Q) 


The  results  for  all  slot  angles  a  may  be  correlated  if  M  in 
Eq.7  is  replaced  by  =  A//sino,  Fig.16,  with  the  full 
line  according  to 


r,„  =  2.02(^^^)-"«'‘ ,  x/s>20.  (8) 


Figure  16:  Film  cooling  effectiveness  in  the  2Da-region 
(2/B=0) 


This  correlation  essentially  represents  the  efficiency  beha¬ 
vior  in  the  20a-region.  In  addition  to  that  the  results  indi¬ 
cate  that  the  increase  of  at  the  upstream  slot  end  and  the 
decrease  of  i)  at  the  downstream  slot  end  nearly  compensate. 


It  should  be  noted  that  the  correlation  could  be  achieved 
with  rather  than  M  that  is  usually  taken. 

Besides  the  2Do-recirculation  zones.  Fig.  13  shows  a  distinct 
zone  on  the  left  and  another  one  on  the  right  hand  surface 
region.  On  the  left  side  higher  values  of  effectiveness  occur 
because  cooling  air  is  transported  to  this  region  as  is  indi¬ 
cated  in  Fig.9.  In  contrast  the  right  side  is  characterized  by 
a  sharp  drop  in  effectiveness.  There,  film  cooling  flow  is  di¬ 
rected  away  from  the  wall  giving  the  main  stream  a  chance 
to  flow  towards  the  surface  resulting  in  a  low  effectiveness. 
This  is  further  shown  in  Fig.  15  for  o  =  45”  where  the  va¬ 
riation  of  t;  with  distance  x  from  the  slot  for  various  lateral 
positions  z  is  plotted.  The  low  t)  near  the  downstream  end 


Figure  15:  Film  cooling  effectiveness  in  characteristic  regi¬ 
ons  (o=45' .  M=0.5) 


It  may  be  speculated  that  the  end  effects  are  strongly  in¬ 
fluenced  by  the  windtunnel  side  wall  boundary  layers.  In 
order  to  investigate  this  effect,  a  configuration  was  built 
consisting  of  two  slots  meeting  at  90  *  as  shown  in  Fig.  17. 
This  represents  the  single  slot  configuration  with  o  =  45  ‘ 
with  the  left  side  wall  boundary  layer.  By  turning  this  con¬ 
figuration  by  180°,  the  situation  sketched  at  the  right  in 
Fig.  17  is  obtained  simulating  the  downstream  end  of  the 
single  slot,  again  the  tunnel  side  wall  replaced  by  a  sym¬ 
metry  plane.  A  remarkable  agreement  with  Fig.  13c  may 
be  observed  indicating  that  the  side  walls  act  essentially 
as  symmetry  planes  and  the  side  wall  boundary  layers  have 
only  a  minor  influence  on  the  flow  field  and  on  the  variation 
of  t]  resulting  from  the  turning  of  the  slot.  This  is  suppor¬ 
ted  by  a  comparison  between  the  measured  effectiveness 
and  that  computed  with  Eq.8  (Fig.l8). 

5  NUMERICAL  CALCULATIONS 

The  experiments  were  complimented  by  numerical  calcula¬ 
tions  using  the  finite  element  computer  code  FIDAP  [21]. 
Turbulence  was  described  by  the  standard  k-£-model.  The 
constants  are  taken  from  [22].  A  three-dimensional  grid 
with  52,117  unevenly  distributed  elements  was  set  up.  In 
order  to  reduce  the  relative  residuals  to  less  than  1/1000 
up  to  250  iterations  were  done  requiring  62.5  hours  of  CPU 
time  on  the  IBM  RS  6000-550  computer  and  using  60  Mbyte 
core  memory.  A  result  is  shown  in  the  center  of  Fig.l7.  The 
general  ^-distribution  observed  in  the  experiments  is  well  re¬ 
produced,  especially  the  formation  of  the  2Da-region.  Ho¬ 
wever,  the  effects  near  the  symmetry  planes  appear  to  be 
overestimated,  probably  due  to  limitations  of  the  turbu¬ 
lence  model  used,  considering  the  strong  vortices  in  these 
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Figure  17:  <-  and  >-slot  conitgurauon  10=45") 
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regions.  Tins  is  also  dpmonstratnd  in  Fig.  18  wliere  very 
good  agreenn-nt  between  the  numerical  ralnilation  and  Eq.8 
may  be  seen  for  :/B  =  ±0.25,  i.  e.  in  the  2D,-region.  while 
the  curves  for  :/B  =  0  display  a  larger  disagreement  with 
the  corresponding  curves  in  Fig.  18. 


configuration)  -  Measurements  and  numerical  results 

6  THEORETICAL  CONSIDERATIONS 
For  the  region  downstream  of  the  reattachment  line,  a  boun¬ 
dary  layer  flow  may  be  assumed.  Then,  with  further  simpli¬ 
fications,  the  energy  equation  for  the  case  of  a  perpendicular 
slot  (a  =  90 ' )  may  be  written  as 


with  d  =  7’  -  T„.  The  boundary  conditions  are  at  y  =  0  : 
f  =  V  =  0,  dO/dy  =  0  (adiabatic  wall)  and  at  j/  =  oo: 
I  =  f'm,  F  =  0,  d  =  0.  With  relatively  small  temperature 
differences  between  main  stream  and  film,  i),  =  T,  -  T,„, 
the  integral  form  of  the  energy  equation  is 

pf/d  dv  =  p,V',d.,s  .  (10) 

or,  divi<ling  by  p„r,„ 


L 


pt.l  d 

0  PfnBrn  dj 


dy  =  .1/  .s  . 


(11) 


Introducing  y/i'.  the  film  cooline  elfecliveness  can  be  obtai¬ 
ned  as 


.\ts/6 

r'  T-Tm 


(12) 


The  integral  in  this  equation  can  be  evaluated  using  the  ex¬ 
perimental  data.  It  is  nearly  constant  and  is  approximately 
0.5.  .So  for  the  following  basic  considerations  it  was  set 


pU  ,  T-Tr^  ^  ^y  I 
— ''I  =  5  • 

P^r\Um  » flU'  *  m  ^  ^ 

Then  the  boundary  layer  growth  i  as  a  function  of  blowing 
rate  is  evaluated.  It  turns  out  that  the  data  of  four  different 
blowing  rates  correlate  well  with 


.4/0  Ss ' 


(14) 


as  is  shown  in  Fig.  19. 


Introducing  Eq.l4  into  Eq.l2  yields 


ox  ay 


c^dy^  ’ 


(9) 


r,  =  2.0(— )  =  2.0(  — ) 


-o.» 


(15) 
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flow  which  results  in  a  strong  reduction  of  cooling 
effectiveness.  In  a  practical  application  hot  and  cold 
spots  would  result. 

•  Taking  the  average  along  lines  perpendicular  to  the 
main  stream  direction,  the  increased  and  decreased 
effectiveness  values  nearly  compensate.  The  average 
values  could  be  well  correlated,  using  the  main  stream 
velocity  component  perpendicular  to  the  slot. 

»  The  boundary  layers  on  the  side  walls  of  the  test  sec¬ 
tion  have  a  minor  influence.  Thus,  the  side  walls  have 
the  effect  of  symmetry  planes. 
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Figure  19;  Growth  of  boundary  layer  -  Influence  of  mass 
flux  ratio 

which  is  in  good  agreement  with  Eq.7  obtained  empirically. 


For  an  inclined  slot,  the  mainstream  velocity  component 
U„  sin  Q  perpendicular  to  the  slot  is  used  resulting  in 


:  2.0{ 


=  2.0{- 


•f/OS.s 


(Ki) 


corresponding  to  the  empirical  Eq.8. 


7  CONCLUSIONS 

This  investigation  has  shown  that  the  turning  of  a  film  coo¬ 
ling  slot  relative  to  the  main  stream  flow  direction  leads  to 
a  complex  vortex  flow  strongly  affecting  the  distribution  of 
film  cooling  effectiveness: 

•  Depending  on  the  slot  angle,  a  cone-shaped  vortex 
forms  at  the  upstream  end  of  the  slot  rolling  >ip  the 
stream  surface  originating  from  the  slot  trailing  edge. 
This  vortex  is  positioned  at  an  angle  relative  to  the 
slot  and  is  essentially  fed  by  the  slot  mass  flow.  It 
leads  to  an  intensified  film  cooling  effectiveness  in  that 
region. 

•  With  lower  blowing  rates,  but  always  with  small  tur¬ 
ning  angles,  the  mass  flow  added  continuously  in  the 
vortex  direction  can  support  the  growth  of  the  vortex 
at  its  initial  angle  only  to  a  certain  limit.  Then  the 
vortex  changes  into  a  two-dimensional  recirculation 
zone  parallel  to  the  slot  (2Do-region).  The  effective 
velocity  is  the  main  stream  velocity  component  nor¬ 
mal  to  the  slot.  Using  this  velocity  component  in  the 
mass  flux  ratio  it  is  possible  to  correlate  the  cooling 
effectiveness  by  empirical  and  semi-empirical  equati¬ 
ons. 

•  At  the  side  wall  at  the  upstream  end  of  the  slot,  the 
stream  surface  originating  at  the  leading  edge  of  the 
slot  rolls  up  under  the  influence  of  the  oblique  film 
slot  and  forms  a  second  vortex.  This  vortex  collects 
film  air  in  its  core  which  leads  to  a  marked  increase  in 
cooling  effectiveness  in  the  vortex  region.  However, 
at  the  opposite  side  wall  at  the  downstream  end  of 
the  slot,  the  velocity  is  directed  away  from  the  wall 
leading  to  an  ingestion  and  admixing  of  main  stream 
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Discussion 

QUESTION  1: 

DISCUSSOR:  G.  Andrews,  University  of  Leeds 

Is  the  geometry  you  have  looked  at  unique  to  the  ceramic  tile  wall  construction  you  have 
mentioned?  In  a  can  or  an  annular  combustor  the  cooling  film  slot  is  continuous  around 
the  combustor,  normally  at  90®  to  the  axis.  The  flow  may  be  at  an  angle  to  this  due  to  swirl, 
but  there  can  be  no  start  or  end  point  to  the  interaction  circulation  zone.  Also,  a  more 
severe  problem  is  where  the  angle  of  flow  is  not  parallel  to  the  wall,  but  is  inclined  toward 
the  wall.  This  often  occurs  in  combustors  and  can  completely  destroy  the  film  cooling. 

AUTHOR'S  REPLY: 

The  complexity  of  flame  tube  surfaces  requires  small,  triangular  metallic  or  ceramic  tile 
elements.  The  slots  therefore  are  no  longer  perpendicular  to  the  main  stream  direction. 
Such  a  situation  can  be  seen  in  the  figure  below.  Our  basic  studies  focus  only  on  a  single 
slot  geometry  inclined  with  different  angles  to  the  main  stream.  Therefore  a  start  and  an 
end  point  occur  at  the  side  walls.  The  results  with  the  <-  and  the  >-  configuration  have 
shown  further  that  there  is  no  measurable  effect  of  the  side  wall  boundary  layers.  In 
addition  to  these  configurations,  the  test  section  is  prepared  to  investigate  the  film  cooling 
effectiveness  and  the  flow  field  behind  an  intersection  point  of  two  or  more  meeting  slots. 
The  latter  configuration  will  be  close  to  the  one  produced  by  the  heat  shield  elements 
shown  in  the  figure. 


Ceramic  tile  technology  to  insulate  complex  combustor  surfaces 


QUESTION  2: 

DISCUSSOR:  J.  Chew,  Rolls  Royce 

Your  experiment  has  some  relevance  to  the  turbine  rim  sealing  problem  where  flow  is 
ejected  through  the  seal  into  the  mainstream  which  has  a  tangential  velocity  component. 
Are  you  able  to  deduce  discharge  coefficients  from  your  measurements? 
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AUTHOR'S  REPLY: 


It  is  possible  to  evaluate  an  average  discharge  coefficient  Cn  =  — ‘ - :  according  to  the 

I"  s, real 

static  pressure  taps  and  the  pitot  probes  along  the  slot  nozzle  in  combination  with  the  mass 
flow  we  obtained  for  each  test  point.  For  example  for  a  mass  flow  rate  of  M  =  2.5  we  have  a 

nearly  constant  value  of  CD  •’ 


a 

90“ 

75“ 

60“ 

46“ 

30“ 

Cd 

0.875 

0.900 

0.899 

0.909 

0.900 

with  mg, real  obtained  by  an  orifice  flow  meter  and  ihg  real  =  Ps^s^nozzle  .  vg 


V 


2 

^Pt-P). 
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IMPINGEMENT/EFFUSION  COOLING 

G.E.  Andrews,  A.M.  A1  Dabagh,  A. A.  Asere,  F.  Bazdidi-Tehrani,  M.C.  Mkpadi  and  A.  Nazari 

Department  of  Fuel  and  Energy 
The  University  of  Leeds 
LEEDS,  LS2  9JT,  UK 


ABSTRACT 

Impingement/effusion  cooling  offers  one  of  the  most  effective 
ways  of  cooling  gas  turbine  combustor  walls  and  turbine 
blades.  The  design  principles  are  reviewed  and  cooling 
effectiveness  data  presented  for  a  range  of  typical  geometries 
with  holes  at  90  degrees  to  the  surface.  The  main  variable 
studied  was  the  number  of  impingement/effusion  holes. 
Comparison  was  made  with  the  effusion  cooling  effectiveness. 
Optimum  configurations  were  demonstrated  with  a  0.7  overall 
cooling  effectiveness  at  a  mass  flow  per  unit  surface  area  of 
0.2  kg/sm^bar.  This  was  equivalent  to  10%  of  the  combustor 
air  flow  for  a  typical  gas  turbine  combustor.  Data  is  also 
presented  for  the  overall  wall  heat  transfer  coefficient.  The 
mechanism  of  the  enhanced  heat  transfer  within  the 
impingement/effusion  double  skin  wall  was  investigated  using 
a  CFD  code.  This  predicted  the  complex  aerodynamics  in  the 
impingement  gap  and  also  gave  good  agreement  with  the 
measured  overall  heat  transfer  data. 

NOMENCLATURE 

Ah  Total  hole  internal  surface  area,  m- 
Ax  Total  hole  approach  surface  area,  Eq.9,  m^. 

Cp  Specific  heat  of  the  wall  material. 

D  Hole  internal  diameter,  m. 

G  Coolant  mass  flow  per  unit  wall  area  Ax  at 

atmospheric  pressure,  kg/sm^ 

h  Convective  heat  transfer  coefficient,  W/m-K. 

hu  Impingement  and  effusion  hole  inlet  combined  heat 
transfer  coefficient,  W/m‘K. 

Hcf  Film  heat  transfer  coefficient,  W/m^K. 

k  Thermal  conductivity  of  the  coolant,  W/mK. 

L  Hole  length,  m. 

m  Mass  of  the  test  plate  heat  transfer  section,  kg. 

M  Blowing  rate  =  effusion  hole/hot  gas  cross  flow 

density  times  velocity  ratio 

N  Number  of  holes  per  unit  surface  area.  Ax,  m-^. 

Nu  Nusselt  number  based  on  h  and  the  hole  diameter  D, 
hD/k. 

Pr  Prandtl  number. 

Re  Hole  Reynolds  number  based  on  D  and  the  coolant 

velocity  in  the  hole. 

Tpl  Effusion  wall  temperature,  K. 

Tim  Impingement  wall  temperature,  K. 


Tz  Predicted  impingement  gap  temperature,  K 

Tw  Mean  wall  temperature,  K. 

X  Hole  Pitch,  m. 

1.  INTRODUCTION 

Full  coverage  discrete  hole  film  cooling,  which  is  usually 
referred  to  as  effusion  cooling,  offers  a  relatively  simple 
technique  for  the  efficient  cooling  of  gas  turbine  combustor 
and  turbine  blade  walls.  Many  gas  turbine  combustors  use 
effusion  cooling  for  the  cooling  of  local  hot  spots  on  the  wall, 
where  a  locally  high  coolant  flow  rate  for  the  hot  spot  area  is 
used.  The  present  work  is  concerned  with  the  cooling  of  the 
whole  combustor  surface  area  using  this  method  of  film 
cooling  with  a  much  lower  proportion  of  the  combustor  air 
flow  for  cooling  than  is  used  for  conventional  film  cooling 
techniques.  Large  reductions  in  the  proportion  of  film  cooling 
air  flow  are  required  for  future  lean  burning  low  NOx 
combustor  designs  (8).  These  low  NOx  combustor  designs 
require  the  maximum  possible  air  flow  in  the  primary  zone 
and  a  dilution  zone  will  still  be  required  for  pattern  factor 
optimisation,  consequently  it  is  the  film  cooling  air  flow  that 
has  to  be  drastically  reduced. 

Although  good  film  cooling  can  be  achieved  by  suitable  full 
coverage  effusion  cooling  designs  (1-4)  the  internal  wall  heat 
transfer  is  relatively  low.  The  addition  of  impingement 
cooling  through  a  double  skin  wall  construction,  as  shown  in 
Fig.l,  increases  the  internal  wall  cooling  whilst  maintaining 
the  good  film  cooling  characteristics  of  the  effusion  wall 
(5,6),  this  results  in  very  high  overall  cooling  effectiveness 
characteristics.  The  same  configuration  can  be  used  in  turbine 
blades  with  the  air  feed  to  arrays  of  discrete  film  cooling  jets 
coming  through  an  impingement  insert.  The  main  design 
difference  is  the  relative  pressure  loss  between  the 
impingement  and  effusion  surfaces  and  hence  the  relative  hole 
sizes.  For  combustor  applications  the  main  pressure  loss  can 
be  arranged  to  be  at  the  impingement  surface  for  maximum 
impingement  heat  transfer.  The  effusion  surface  than  has  a 
low  pressure  loss  which  gives  low  effusion  hole  blowing  rates 
and  hence  good  film  cooling  characteristics.  However,  for  the 
turbine  blade  application  there  is  the  complication  of  the  large 
static  pressure  gradients  around  the  blade  surface.  The 
pressure  difference  across  the  effusion  holes  is  then  significant 
and  a  large  pressure  loss  at  the  impingement  hole  may  not  be 
possible.  In  this  situation  equal  impingement  and  effusion 
flow  areas  may  be  necessary.  The  impingement/effusion 
aerodynamics  and  internal  heat  transfer  are  investigated  in  the 
present  work  for  a  situation  of  equal  impingement  and 
effusion  hole  sizes  and  number.  In  associated  work  the 
authors  have  investigated  the  influence  of  the  relative  number 
of  holes  between  the  impingement  and  effusion  surfaces. 
Impingement  and  effusion  holes  at  90  degrees  to  the  surface 
are  us^  throughout  this  work. 

Hollworth  et  al  (9,10)  for  an  X/D  of  10  and 
effusion/impingement  jet  area  ratio  of  3.07  found  an  increase 
of  30%  in  the  heat  transfer  due  to  the  addition  of  effusion 
holes  offset  from  the  impingement  holes.  Andrews  et  al  (5) 
found  similar  increases  with  values  of  30%  for  an  X/D  of  10 
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with  an  effusion/impingement  jet  area  ratio  of  5.6  and  45% 
for  an  area  ratio  of  2.4.  The  double  skin  construction  of 
impingement/effusion  cooling,  shown  in  Fig.l,  permits  the 
separate  optimisation  of  the  impingement  and  effusion  hole 
geornetiies.  The  authors  have  previously  shown  that  the 
maximum  effusion  cooling  effectiveness  in  combustor 
configurations  occurs  for  a  large  number  of  effusion  holes 
with  a  low  design  pressure  loss,  or  large  hole  size  (2-4). 
However,  impingement  heat  transfer  is  not  sensitive  to  the 
number  of  holes  used  (1 1)  but  increases  with  reduction  in  hole 
size  and  pressure  loss.  These  conflicting  optimisation  criteria 
can  be  accommodated  if  different  impingement  and  efftision 
hole  designs  are  used.  The  thermal  separation  of  the  two 
surfaces  also  minimises  the  wall  thermal  stresses,  which  is  a 
major  advantage  of  the  technique  over  alternative  efficient 
internal  wall  cooling  designs  such  as  Llamilloy  or  Transply 


Design  considerations  for  the  combustor  wall  applications  of 
effusion  and  impingement  cooling  have  been  presented  by  the 
authors  (1,12).  Transpiration  wall  cooling  offers  the  optimum 
wall  cooling  performance  with  the  minimum  air  requirements. 
Andrews  and  Asere  (13)  and  Andrews  et  al  (3)  have  shown 
for  a  transpiration  cool^  wall  that  at  low  coolant  flow  rates 
both  the  film  and  internal  wall  cooling  were  important,  but 
that  at  high  coolant  flow  rates  the  film  cooling  was  dominant. 
Thus,  the  optimum  design  of  effusion  cooling  at  low  coolant 
flow  rates  must  also  maximize  both  the  film  and  internal  wall 
cooling  components  of  the  overall  heat  transfer.  It  is  this 
region  of  low  coolant  flow  rate  that  was  of  interest  in  the 
present  work  and  the  maximisation  of  the  film  and  the 
impingement  heat  transfer  was  the  design  goal. 

The  bulk  of  the  literature  on  discrete  hole  film  cooling  has 
been  directed  at  obtaining  adiabatic  cooling  effectiveness  data 
and  the  many  variables  have  been  correlated  by  L'Ecuyer  and 
Soechting  (14).  Often  large  scale  test  systems  are  used  with 
rather  limit^  ranges  of  geometries  (15).  Much  less 
information  is  available  on  die  film  heat  transfer  coefficient 
and  it  is  often  assumed  that  simple  flat  plate  convective  heat 
transfer  coefficients  would  apply.  It  has  been  shown  by  Hey 
and  Lampart  (16)  that  this  is  not  valid  for  single  rows  of  holes 
and  by  the  authors  for  arrays  of  holes  (2,3). 

In  spite  of  this  large  research  effort  on  film  cooling,  there  has 
been  little  comparable  effort  on  the  convective  heat  transfer 
from  the  wall  to  the  film  cooling  air  as  it  passes  through  the 
wall  (17).  The  best  way  of  enhancing  this  heat  transfer  is 
considered  to  be  the  addition  of  impingement  cooling,  but 
there  have  been  few  investigations  of  combined 
impingement/effusion  cooling.  The  present  work  concentrates 
on  the  geometrical  design  aspects  and  is  part  of  a  large 
res^ch  programme  directed  at  the  identification  of  the 
optimum  impingement  and  effusion  geometries. 

The  effusion  cooling  is  strongly  influenced  by  the  number  of 
effusion  holes  (4)  and  by  the  hole  size  or  pressure  loss  for  a 
fixed  number  of  holes  (2,3).  In  the  present  work  data  is 
presented  for  low  pressure  loss  effusion  designs  on  the 
influence  of  the  number  of  holes,  using  equal  numbers  of 
impingement  and  effusion  holes.  The  aerodynamics  in  the 
impingement  gap  in  the  presence  of  effusion  holes  are 
complex  and  result  in  recirculation  between  the  jets  with 
heating  of  the  impingement  wall  (6,7).  These  aerodynamics 
are  investigated  using  3D  CFD  predictions. 


2.  IMPINGEMENT/EFFUSION  INTERNAL  WALL 
AERODYNAMICS  AND  HEAT  TRANSFER 

The  impingement/effusion  aerodynamics  in  the  gap  between 
the  two  surfaces  were  investigated  using  3D  CFD  using  the 
FLUENT  CFD  code.  The  impingement/effusion  hole 
configuration  with  the  area  of  CFD  computation  marked  is 
shown  in  Fig.  1 .  The  aerodynamics  were  identical  for  all  the 
other  elements  and  the  computational  element  was  chosen  so 
u  to  minimise  the  computation  time.  The  computational  grid 
is  shown  in  Fig.2  and  the  planes  for  which  data  is  presented 
in  detail  are  shown.  2(),0(X)  nodes  were  used  in  the 


computation,  which  started  upstream  of  the  impingement 
holes  so  as  to  model  the  flow  contraction  on  entry  to  the 
impingement  holes. 

The  predictions  were  carried  out  for  an  impingement  and 
effusion  X/D  of  5  and  a  Z/D  of  unity  and  the  results  are 
shown  in  Figs.3-7.  Figs.  3  and  4  show  the  3D  aerodynamics 
in  the  impingement  gap.  There  was  a  strong  recirculation  in 
the  gap  with  a  reverse  jet  flow  on  the  centreline  of  the 
impingement  jet  arrays  offset  from  the  effusion  holes.  This 
reverse  flow  is  shown  in  Fig. 3  to  extend  from  the  vertical 
plane  8  to  lb  and  was  only  absent  just  in  line  with  the 
effusion  hole.  Previous  2D  predictions  of  the  aerodynamics 
had  a  reverse  flow  jet  opposite  the  effusion  jet  (6).  There  was 
a  further  reverse  flow  jet  midway  between  the  effusion  holes 
and  the  impingement  holes,  as  shown  at  plane  4  in  Fig. 3.  The 
impingement  gap  was  thus  filled  with  two  triangular  shaped 
recirculation  zones  of  complex  aerodynamics. 

The  flow  very  close  to  the  effusion  surface  is  shown  in  Fig.4 
together  with  several  horizontal  planes  in  the  impingement 
gap.  The  central  region  of  the  gap  was  predominantly  a  dead 
zone  in  the  centre  of  the  large  recirculation  zones.  The  highest 
velocities  were  on  the  effusion  surface  around  the 
impingement  point  and  around  the  entrance  to  the  effusion 
hole.  There  was  also  a  flow  in  the  opposite  direction  on  the 
impingement  wall  surface,  this  is  also  shown  in  Fig. 3.  These 
high  velocity  flows  on  the  two  surfaces  give  rise  to  high  heat 
transfer  coefficients.  The  gap  recirculation  also  gives  rise  to 
convective  heating  of  the  impingement  wall  surface  so  that 
this  wall  will  adopt  a  temperature  higher  than  the  coolant 
temperature  but  lower  than  the  effusion  wall.  This  heating  of 
the  impingement  wall  has  been  reported  previously  by  the 
authors  (6,7),  it  is  also  a  feature  of  impingement  heat  transfer. 
For  geometries  with  smaller  impingement  holes  than  effusion 
holes,  as  in  the  geometries  discussed  later,  this  gap 
recirculation  is  stronger  and  the  heat  transfer  to  both  surfaces 
is  enhanced. 

The  predicted  effusion  surface  heat  transfer  coefficient 
distribution  is  shown  in  Fig. 5.  The  highest  heat  transfer  was 
in  line  with  the  impingement  jet,  as  expected.  The  enhanced 
heat  transfer  due  to  the  flow  acceleration  into  the  effusion 
hole  is  also  demonstrated  in  Fig. 5,  although  it  occupies  only  a 
relatively  small  proportion  of  the  surface  area.  The  peak 
effusion  hole  enhanced  heat  transfer  was  approximately  60% 
of  the  f>eak  impingement  heat  transfer.  For  the  opposite 
surface  the  heat  transfer  predictions  are  shown  in  Fig. 6.  The 
is  dominated  by  two  pe^s  in  the  heat  transfer  due  to  the 
reverse  flow  jets  discussed  above.  The  peak  heat  transfer 
coefficient  on  this  surface  was  approximately  50%  of  that  on 
the  impingement  surface.  The  influence  of  the  two  triangular 
recirculation  zones  is  clearly  shown  with  a  low  heat  transfer  at 
the  null  point  between  the  two  zones.  Heat  transfer 
measurements  on  this  surface  have  confirmed  the  high 
convective  heat  transfer  coefficients. 

The  variation  of  the  heat  transfer  coefficient  along  the 
impingement  surface  on  the  effusion  wall  is  shown  in  Fig.7. 
This  also  shows  a  comparison  with  the  local  heat  transfer 
coefficient  measurements  of  Hollworth  et  al  (9, 10)  and  good 
agreement  is  shown  along  the  centreline  through  the 
impingement  jet,  between  the  two  effusion  jets.  Some  local 
heat  transfer  coefficient  measurements  were  also  made  using 
the  experimental  arrangement  outlined  below.  These 
measurement  are  in  good  agreement  with  those  of  Hollworth 
et  al  (9,10)  and  with  the  present  CFD  predictions. 

3.  DETERMINATION  OF  THE  IMPINGEMENT  AND 
EFFUSION  SURFACE  HEAT  TRANSFER. 

3.1  Experimental  Equipment 

A  large  scale  test  rig  was  used  which  had  a  hollow  effusion 
wall  through  which  heated  air  flowed.  Above  and  below  this 
effusion  wall  was  mounted  impingement  jet  plates.  The 
hollow  effusion  wall  was  instrumented  with  thermocouples 
and  a  transient  cooling  technique  was  used  to  determine  the 
heat  transfer  coefficient.  The  hollow  effusion  wall  consists  of 
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a  pin-fin  array,  with  the  pins  made  of  the  effusion  hole  tubes. 
This  same  test  rig  has  been  used  to  determine  the  pin-fin  heat 
transfer  coefficients  (18)  and  the  same  techniques  were  used 
in  the  present  work. 

The  thin  walled  effusion  surface  and  high  heat  transfer 
coefficients  allowed  low  Biot  number  transient  cooling 
techniques  to  be  used.  The  thermocouples  on  the  impingement 
jet  approach  surface,  the  effusion  Jet  tube  wall  surface 
and  the  discharge  surface  allowed  these  three  surface  heat 
transfer  coefficients  to  be  determined.  The  outlet  surface  in 
the  presence  of  a  discharge  impingement  wall  creates  the  same 
reverse  flow  aerodynamics  as  for  the  impingement  jets.  Thus 
for  geometries  with  the  same  impingement  and  effusion  holes 
these  effusion  outlet  surface  heat  transfer  measurements  are 
the  same  as  the  reverse  flow  surface  heat  transfer  coefficients. 

3.2  Results. 

The  results  were  in  the  form  of  several  local  heat  transfer 
coefficient  measurements,  some  of  which  are  shown  in  Fig. 7. 
These  were  surface  area  averaged  and  these  average  results 
are  shown  in  Fig. 8  for  the  impingement  surface  or  effusion  jet 
inlet  surface.  These  measurements  are  the  combined  influence 
of  the  impingement  heat  transfer  and  of  the  effusion  hole 
approach  heat  transfer.  The  only  previous  measurements  for 
this  situation  are  those  of  Hollworth  et  al  (9,10)  and  Fig.7 
shows  good  agreement  with  the  present  results.  Fig. 8  shows 
that  the  impingement  heat  transfer  had  only  a  small  influence 
of  the  impingement  jet  open  area  ratio,  Af,  for  Af  from  5.5- 
8.6%.  For  higher  Af  there  was  a  reduction  in  the  heat 
transfer. 

Fig. 9  compares  the  impingement  surface,  internal  effusion 
hole  and  reverse  flow  surface  heat  transfer  coefficients.  The 
internal  hole  heat  transfer  is  significant  due  to  the  turbulence 
created  by  the  flow  separation  at  the  inlet,  shown  in  Fig,3. 
The  authors  have  previously  extensively  investigated  the 
effusion  hole  heat  transfer  (19)  using  a  solid  wall  test 
geometry  that  resulted  in  the  measurement  of  the  combined 
influence  of  the  approach  flow  and  internal  wall  heat  transfer. 
The  present  measurements  allow  the  separate  determination  of 
the  short  hole  internal  heat  transfer  coefficient.  The  reverse 
flow  heat  transfer,  with  a  surface  distribution  shown  in  Fig. 
6,  is  strongly  influenced  by  Z/D  as  the  surface  velocities  are 
increased  at  low  Z/D.  For  a  low  Z/D  Fig.  10  shows  that  the 
reverse  flow  surface  heat  transfer  was  as  high  as  the 
impingement  heat  transfer.  However,  at  Z/D  greater  than 
unity  the  reverse  flow  heat  transfer  was  reduced  by  40-50% 
below  that  of  the  impingement  surface,  as  shown  in  Fig. 9. 

4.  OVERALL  IMPINGEMENT/EFFUSION  WALL  HEAT 
TRANSFER 

The  authors  have  previously  developed  a  transient  cooling 
technique  that  determined  the  combined  influence  of  the 
impingement  jet,  effusion  hole  inlet  and  internal  heat  transfer 
on  the  effusion  wall  heat  transfer  coefficient  (5,6).  The 
experimental  technique  has  been  described  previously  (5,6) 
and  consisted  of  electrically  heating  the  solid  metal  test 
geometries  and  then  removing  the  heat  and  determining  the 
rate  of  temperature  fall  due  to  the  impingement/effusion  heat 
transfer.  From  the  cooling  time  constant  the  surface  averaged 
heat  transfer  coefficient  was  determined.  This  technique  has 
been  applied  to  the  three  impingement/effusion  geometries, 
shown  in  Table  1,  for  which  cooling  effectiveness  data  is 
presented  below.  This  wall  heat  transfer  data  is  used  in  a  heat 
balance  programme  (2)  to  compute  the  film  heat  transfer 
coefficient  from  the  measured  cooling  effectiveness  and  the 
results  of  these  film  heat  transfer  computations  are  described 
later. 

All  the  impingement  effusion  geometries  in  the  present  work 
had  equal  numbers  of  impingement  and  effusion  holes  in 
square  arrays  offset  half  a  pitch  from  each  other,  as  shown  in 
Fig.l.  Thus  the  walls  in  Table  1  were  combined  with  the 
impingement  and  effusion  surfaces  of  the  same  number  of 
holes.  The  impingement  gap,  Z,  was  varied,  in  the  film 
cooling  studies,  to  keep  the  Z/D  constant  so  that  a  variation  in 


Table  1  Impingement/Effusion  Geometries 
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EFFUSION 

1  26910 

1.31 

6.1 

4.7 

6.35 
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15.2 

4.7 
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z 

mm 
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1  26910 

0.64 

6.1 

9.6 

6.35 

3.2 

5.0 

U  9688 

1.00 

10.2 

10.2 

3.32 

4.5 

4.5 

4  4306 

1.41 

15..2 

10.8 

6.35 

6.4 

4.S 

Z/D  was  not  influencing  the  results.  However,  impingement 
heat  transfer  is  not  sensitive  to  this  gap,  if  2  <  Z/D  <6  for 
impingement/effusion  geometries  (11)  and  in  the  internal  wall 
heat  transfer  work  this  gap  was  constant  at  10mm.  This  was 
used  because  in  associated  work  the  variation  of  the  number 
of  impingement  holes  was  studied  and  the  hole  sizes  were 
larger  than  in  the  present  work  and  this  gap  was  required  to 
keep  all  the  geometries  within  the  above  range  of  Z/D.  Also  a 
10mm  gap  is  typical  of  combustor  wall  cooling  practical 
geometries.  For  gas  turbine  blade  cooling  applications  a  3mm 
gap  has  been  us^,  as  generally  larger  values  of  N  and  hence 
smaller  impingement  hole  sizes  are  used. 

The  influence  of  the  number  of  impingement  and  effusion 
holes  on  the  internal  wall  heat  transfer  is  shown  in  Fig.  11  as 
heat  transfer  coefficient  as  a  function  of  G.  The  equivalent 
Nusselt/Reynolds  number  correlation  is.  shown  in  Fig.  12. 
There  was  very  little  influence  of  the  number  of  holes  on  the 
internal  wall  heat  transfer,  as  found  for  the  impingement  heat 
transfer  alone  (11).  For  the  effusion  cooling  surface  alone 
there  was  an  influence  of  the  number  of  holes  (20)  due  to  the 
greater  number  of  hole  inlet  surfaces  with  enhanced  heat 
transfer.  However,  for  IMPINGEMENT/EFFUSION 
configurations  the  dominance  of  the  impingement  heat  transfer 
eliminates  any  influence  of  the  number  of  holes.  The 
consequence  of  this  is  that  the  number  of  holes  can  be 
determined  from  the  optimum  film  cooling  geometry,  as 
investigated  below.  Also,  it  is  likely  that  a  reduc«l  number  of 
impingement  holes  could  be  used  relative  to  the  effusion  holes 
and  this  has  been  examined  by  the  authors.  A  reduced  number 
of  impingement  holes  reduced  the  manufacturing  costs  as 
these  holes  are  relatively  small  compared  with  the  effusion 
holes  if  the  same  number  of  holes  is  used. 

5.  COOLING  EFFECTIVENESS 

5.1  Experimental  Techniques 

The  cooling  effectiveness  was  determined  by  placing  the 
152mm  square  test  walls  with  its  plenum  chamber  air  feed 
into  the  wall  of  a  152mm  by  76mm  duct  through  which 
propane/air  combustion  product  gases  at  75()K  flowed  at  25 
m/s.  Cold  300K  film  cooling  air  was  used  giving  a  practical 
coolant  to  crossflow  density  ratio  of  2.5.  This  test  facility  has 
been  described  in  detail  in  the  authors  previous  papers  (1-4). 
The  duct  wall  was  air  externally  air  cooled  and  the  duct  wall 
temperature  was  set  ^ual  to  that  of  the  centre  of  the  test 
section  so  as  to  minimise  radiation  interchange  with  the  walls. 
A  heat  balance  correction  to  the  wail  temperatures  was  used  to 
account  for  surface  emissivity  differences  and  test  wall 
temperature  differences  away  from  the  centreline.  For  the 
750K  test  temperature  these  corrections  were  small  (<5%), 
except  at  very  low  coolant  flow  rates. 

The  test  wall  were  all  instrumented  with  at  least  S 
thermocouples  on  the  centreline  in  the  direction  of  the 
crossflow.  These  were  mounted  on  the  centreline  between  the 
rows  of  effusion  holes  and  thus  measured  the  hot^  wall 
temperature  at  the  furthest  position  from  the  e^sion  hole 
outlets.  They  were  spaced  at  25mm  intervals  in  the  axial 
crossflow  direction  and  enabled  the  axial  development  in  the 
cooling  effectiveness  to  be  determined.  By  using  the  sam 
thermocouple  positions  on  all  the  test  walls  the  cooling 
effectiveness  at  the  same  axial  positions  could  be  determined. 
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In  the  present  work  with  different  numbers  of  holes,  the 
number  of  upstream  holes  would  be  different  at  each  axial 
position.  The  cooling  effectiveness  was  defined  as  the  gas  to 
wall  temperature  difference  divided  by  the  gas  to  coolant 
temperature  difference. 

Boundary  layer  temperature  profiles  were  also  determined  at 
the  37,  76  and  1 13mm  axial  positions.  The  film  temperature 
immediately  below  the  wall  was  determined  in  these  traverses 
and  this  was  used  as  equivalent  to  the  adiabatic  wall 
temperature  and  used  to  determine  the  adiabatic  or  film 
cooling  effectiveness.  This  temperature  was  also  determined 
on  the  centre  of  the  effusion  holes  and  was  a  worst  case 
position  rather  than  a  locally  averaged  measurement. 
Comparison  of  these  adiabatic  and  overall  cooling 
effectiveness  measurement  gave  an  indication  of  the  relative 
importance  of  the  internal  wall  and  film  cooling -in  the  overall 
wall  cooling  process. 

5.2  Effusion  Cooling 

The  overall  and  adiabatic  film  cooling  effectiveness  for  the 
effusion  walls  alone  at  the  127mm  axial  position  are  shown  as 
a  function  of  the  blowing  rate,  M,  and  the  coolant  mass  flow 
rate  per  surface  area  in  Figs.  13  and  14  respectively.  The 
change  in  the  number  of  holes  was  at  constant  X/D  and  this 
resulted  in  no  change  in  the  blowing  rate  for  the  same  mass 
flow  rate.  The  adiabatic  cooling  effectiveness  results  show 
two  regions,  one  at  low  blowing  rates  and  low  G  where  the 
number  of  holes  does  not  influence  the  cooling  effectiveness 
and  one  at  higher  blowing  rates  and  G  where  increasing  the 
number  of  holes  improves  the  adiabatic  cooling  effectiveness 
significantly.  The  change  between  these  two  region  was  at  a 
blowing  rate  of  approximately  0.5  and  a  G  of  0.2  kg/sm-. 

These  two  regions  correspond  to  attached  and  detached  film 
cooling  jets.  If  the  effusion  jets  are  turned  by  the  crossflow 
and  remain  attached  to  the  surface  then  optimum  film  cooling 
occurs.  However,  for  90  degree  holes  the  jets  are  easily 
detached  as  the  coolant  flow  increases  and  set  up  a  stirred  film 
boundary  layer  (1-4).  However,  the  extra  film  cooling  mass 
flow  still  produces  an  increase  in  the  adiabatic  film  cooling 
effectiveness.  The  reason  for  the  increase  in  the  adiabatic 
cooling  effectiveness  with  increasing  number  of  effusion  holes 
is  that  the  holes  are  smaller  and  the  jet  penetration  is  lower 
and  hence  the  boundary  layer  is  less  stirred  by  the  jets.  These 
has  also  been  shown  for  effusion  holes  with  a  higher  X/D  (4), 
designed  for  single  skin  wall  cooling  applications.  The  jet 
stirring  increases  as  the  number  of  holes  is  reduced  and  the 
4306  m-2  design  has  very  little  improvement  in  the  adiabatic 
cooling  effectiveness  with  G  once  jet  separation  has  occurred. 

Comparison  of  the  overall  and  adiabatic  cooling  effectiveness 
results  in  Figs.  13  and  14  shows  that  the  overall  cooling 
effectiveness  has  the  greatest  difference  from  the  adiabatic  at 
low  M  and  G.  In  this  region,  which  is  the  design  goal  of  the 
present  work  the  internal  wall  heat  transfer  is  very  important, 
accounting  for  approximately  50%  of  the  overall  cooling 
effectiveness.  At  higher  coolant  mass  flow  rates  the  film 
cooling  dominates  the  overall  cooling.  The  importance  of  the 
internal  wall  cooling  at  low  G  means  that  the  addition  of 
impingement  cooling  may  have  its  greatest  impact  in  this 
region.  Fig.  14  shows  that  for  the  largest  number  of  holes  a 
cooling  effectiveness  of  0.7  was  achieved  at  a  G  of  0.2 
kg/sm^,  which  was  the  design  goal  in  this  work.  However, 
effusion  wails  with  an  X/0  of  4.7  have  much  too  low  a 
pressure  loss  to  be  used  on  their  own  in  combustor  walls  and 
need  an  upstream  restrictor  to  control  the  coolant  flow  total 
pressure  loss.  It  is  sensible  to  use  an  impingement  wall  for 
this  purpose  and  also  to  further  enhance  the  cooling 
effectiveness. 

The  above  results  were  for  the  127mm  axial  position.  The 
axial  variation  in  the  adiabatic  and  overall  cooling 
effectiveness  is  shown  for  all  three  test  geometries  in  Fig.  15 
for  a  G  of  0.17  kg/sm^.  The  axial  variation  in  cooling 
effectiveness  was  similar  for  the  overall  and  adiabatic  cooling 
effectiveness.  There  is  no  reason  for  there  to  be  an  axial 
variation  in  the  wall  heat  transfer,  provided  the  w^l  pressure 


loss  is  sufficient  to  ensure  a  uniform  coolant  distribution 
between  the  effusion  holes,  as  it  was  in  this  work.  Thus  the 
axial  variation  in  the  overall  cooling  effectiveness  was  due  to 
the  development  of  the  film  cooling  effectiveness.  The  coolant 
film  grows  with  axial  distance  and  provides  increasing  cool 
flow  insulation  from  the  mainstream  gases  with  distance,  this 
has  been  shown  by  the  boundary  layer  temperature  traverses 
(1-4). 

The  measured  wall  overall  heat  transfer  coefficients  (19,20) 
have  been  used  in  a  heat  balance  computer  programme  to 
calculate  the  film  heat  transfer  coefficient  from  the  overall 
cooing  effectiveness  data.  The  results  as  a  function  of  G  are 
shown  in  Fig.  16  for  the  three  test  geometries.  For  a  plane 
wall  the  wall  heat  transfer  coefficient  has  been  determined  as 
100  W/m^K  at  the  present  hot  gas  test  flow  conditions.  The 
results  show  a  very  strong  influence  of  the  number  of  effusion 
holes  on  the  film  heat  transfer  coefficient.  A  large  number  of 
effusion  holes  for  the  same  X/D  caused  a  reduction  in  the  film 
heat  transfer  coefficient,  this  was  also  related  to  the  increase 
in  the  adiabatic  cooling  effectiveness  discussed  above.  The 
decreased  hole  size  as  the  number  of  holes  is  increased  for  the 
same  total  hole  area  or  X/D  reduces  the  coolant  jet 
penetration  into  the  crossflow  as  this  is  a  linear  function  of  die 
hole  diameter  (2-4).  Thus  the  coolant  flow  will  be  closer  to 
the  wall  and  there  will  be  reduced  mixing  with  the  hot 
crossflow  gases. 

Fig.  16  shows  that  for  the  9688  and  26910  m--  effusion  walls 
the  film  heat  transfer  coefficient  decreased  as  G  was 
increased.  This  is  a  characteristic  of  porous  or  transpiration 
cooled  walls  (3)  and  indicates  that  near  ideal  film  cooling  has 
been  achieved.  The  strong  increase  of  the  film  heat  transfer 
coefficient  with  G  for  the  4306  m-2  design  is  due  to  the  strong 
stirring  of  the  film  by  the  large  diameter  coolant  jets.  At  low 
values  of  G  this  design  has  attached  jets  and  a  similar  film 
heat  transfer  coefficient  to  the  other  designs.  This  is  also 
shown  in  Fig.  17  where  the  axial  variation  of  the  film  cooling 
effectiveness  is  shown  for  a  G  of  0.17  kg/sm^.  This  ^so 
shows  the  axial  reduction  in  the  film  heat  transfer  coefficient 
from  the  plane  wall  value  as  the  film  cooling  boundary  layer 
develops. 

5.3  Combined  Impingement/Effusion  Cooling 

The  combined  impingement/effusion  walls  investigated  are 
shown  in  Table  1.  They  all  had  an  impingement  X/D  of  lO-1 1 
and  an  effusion  X/D  of  4.7.  The  same  number  of  holes  and 
hole  pitch  was  used  for  the  two  surfaces  so  that  the  main 
design  difference  was  the  hole  diameter.  The  differences  in 
hole  diameter  and  in  X/D  causes  a  major  difference  in  the 
pressure  loss  across  the  two  surfaces.  It  may  be  shown  (12) 
that  the  pressure  loss  is  propwrtional  to  X/D  to  the  power  4  at 
a  constant  mass  flow.  Thus  the  present  X/D  ratio  between  the 
two  surfaces  of  2.2  gave  a  pressure  loss  ratio  of 
approximately  25.  Thus  if  the  impingement  wall  was  operated 
at  a  combustor  wall  pressure  loss  of  3%  then  the  effusion  wall 
would  only  have  a  pressure  loss  of  0.12%.  It  is  these  very 
low  effusion  wall  pressure  losses  than  give  the  enhanced 
cooling  effectiveness  relative  to  our  previous  work  with 
effusion  walls  of  X/D  of  approximately  10.5  (4). 

The  adiabatic  cooling  effectiveness  are  not  influence  by  the 
presence  of  the  impingement  wall  and  hence  only  the  overall 
cooling  effectiveness  are  presented  for  the 
impingement/effusion  double  skin  walls.  The  axial  variation 
of  the  overall  cooling  effectiveness  for  the  three  geometries 
investigated  at  a  G  of  0.37  kg/sm^  are  shown  in  Fig.  18.  Also 
the  effusion  results  alone  for  N=9688  m-^  are  shown  for 
compwson.  All  three  geometries  had  a  high  cooling 
effectiveness  with  0.7  achieved  at  the  leading  edge  and  over 
0.8  at  the  127mm  position.  The  increase  relative  to  the 
effusion  alone  results  was  of  the  order  of  0.1  cooling 
effectiveness  due  to  the  addition  of  the  impingement  heat 
transfer.  The  impingement  cooling  had  a  relatively  greater 
influence  at  the  leading  edge,  where  the  film  cooling  was  not 
fully  developed. 
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The  overall  cooling  effectiveness  as  a  function  of  G  at  the 
127mm  axial  position  for  the  three  impingement/effusion 
geometries  are  shown  in  Fig.  19.  The  results  for  the  9688  m  - 
effusion  wall  alone  results  are  also  shown  for  comparison. 
Very  high  cooling  effectiveness  at  low  G  values  are  shown  in 
Fig.  19.  For  a  G  of  0.2  kg/sm-,  which  will  give  full  coverage 
combustor  wall  cooling  using  approximately  10%  of  the 
combustor  total  air  flow,  a  cooling  effectiveness  above  0.7  for 
all  three  designs  has  been  demonstrated  with  0.7S  achieved 
for  the  highest  number  of  holes.  For  practical  combustor 
primary  zone  operating  conditions  a  0.1  change  in  overall 
cooling  effectiveness  represents  approximately  150C  in  metal 
temperature.  Hence  the  near  0.1  improvement  in  cooling 
effectiveness  due  to  the  addition  of  impingement  cooling  is 
very  significant. 

At  low  coolant  flow  rates  the  influence  of  the  number  of  holes 
is  small.  The  difference  between  9688  and  26910  holes/m-  is 
small  for  G  from  0.1  -  0.6.  Hence,  the  practical  optimum 
number  of  holes  is  9688/m2  as  further  increases  do  not 
provide  any  significant  benefit  and  the  additional 
manufacturing  cost  are  large.  The  improvement  in  cooling 
effectiveness  relative  to  the  effusion  results  is  greater  the 
lower  the  number  of  effusion  holes  used.  Comparison  of  Figs. 
14  and  19  shows  at  all  G  a  much  smaller  influence  of  the 
number  of  holes  for  the  impingement/effusion  designs  than 
for  the  effusion  wall  alone.  Part  of  the  reason  for  this  is  that 
the  internal  gap  aerodynamics  discussed  above  act  to  make  the 
surface  heat  transfer  more  uniform.  Thus  for  the  same  surface 
area  increasing  the  number  of  the  impingement  jets  does  not 
create  a  major  improvement  in  the  proportion  of  the  surface  at 
the  highest  heat  transfer  rates  and  so  there  is  little 
improvement  in  the  impingement  heat  transfer  with  the 
number  of  holes.  However,  the  effusion  cooling  effectiveness 
is  influence  by  the  number  of  holes  and  hence  as  the  number 
of  holes  is  reduced  the  wall  increases  in  temperature  for  the 
same  coolant  mass  flow.  The  greater  coolant  to  wall 
temperature  difference  than  increases  the  heat  removed  by  the 
impingement  cooling.  Hence  the  wall  temperature  change  due 
to  impingement  cooling  becomes  greater  for  low  numbers  of 
holes.  For  full  coverage  combustor  cooling  the  minimisation 
of  the  number  of  holes  is  a  major  design  factor  that  affects  the 
cost.  Fig.  19  shows  that  adequate  impingement/effusion 
The  aerodynamics  of  the  impingement  gap  shown  in  Figs.  3 
and  4  result  in  the  heating  of  the  impingement  jet  wall  by  the 
recirculating  flow.  This  has  been  investigated  for  the 
IMPINGEMENT/EFFUSION  tests  by  separate  temperature 
measurement  on  the  impingement  jet  wall.  A  dimensionless 
parameter  Tz'  has  been  used  to  quantify  this  heating. 

Tz'  =  Tz  -  Tim 


Tpl  -  Tim 

The  impingement  gap  temperature.  Tz,  was  temperature  of 
the  recirculated  jet  after  impingement  surface  heat  transfer.  It 
was  computed  from  the  measured  impingement  heat  transfer 
coefficient  and  the  computed  impingement  jet  outlet 
temperature.  It  was  this  reverse  flow  at  Tz  that  was 
responsible  for  heating  the  impingement  jet  wall.  This  heating 
caused  the  impingement  jet  to  be  heat^  above  the  coolant 
inlet  temperature,  thus  reducing  its  cooling  effectiveness. 
Thus  any  model  of  impingement/effusion  cooling  has  to  take 
into  account  this  convective  heating  of  the  impingement  jet 
wall,  otherwise  it  will  overpredict  the  cooling  due  to  the 
impingement  jets. 

Fig, 20  shows  the  values  of  Tz'  as  a  function  of  G  for  the 
present  three  impingement/effusion  geometries.  The 
impingement  gap  aerodynamics  are  influenced  by  the  gap 
width  and  Z/D.  The  present  work  was  carried  out  at  constant 
Z/D  and  it  is  not  surprising  that  the  impingement  jet  wall 
heating  is  relatively  independent  of  N,  as  shown  in  Fig. 20.  At 
low  coolant  flow  rates  the  impingement  jet  wall  heating  was 
very  significant.  Values  of  Tz’  greater  than  unity  are  possible 
at  low  G.  The  higher  wall  temperatures  and  low  coolant  flow 
rates  produce  high  recirculation  jet  temperatures  which  can  be 
higher  than  the  impingement  jet  wall  temperature,  as  this  is 
cooled  by  the  coolant. 


6.  CONCLUSIONS 

6.1  Impingement/effusion  cooling  with  offset  impingement 
and  effusion  holes  produces  complex  aerodynamics  in  the 
impingement  gap  with  two  opposed  triangular  shaped 
recirculation  zones  between  the  impingement  and  effusion 
holes.  The  CFD  work  predicted  the  general  features  of  this 
flow  well  and  gave  good  agreement  with  the  measured 
impingement  heat  transfer  coefficient. 

6.2  The  recirculation  in  the  impingement  gap  heats  the 
impingement  jet  wall  and  this  process  must  be  taken  into 
account  if  the  coolant  temperature  changes  and  the  internal 
wall  overall  heat  transfer  are  to  be  correctly  predicted. 

6.3  There  was  no  significant  influence  of  the  number  of 
impingement/effusion  jets  on  the  overall  internal  wall  heat 
transfer, 

6.4  There  was  a  very  significant  influence  of  the  number  of 
effusion  jets  on  the  film  cooling  and  the  film  heat  transfer 
coefficient.  This  was  due  to  the  increase  in  hole  diameter  as 
the  number  of  jets  was  reduced  and  the  associated  increase  in 
the  jet  penetration  into  the  hot  crossflow.  Near  ideal 
transpiration  film  cooling  was  achieved  for  the  highest 
num^r  of  effusion  holes  investigated. 

6.5  The  addition  of  impingement  cooling  to  the  effusion 
cooling  with  X/D  of  10.5/4.7  gave  on  average  a  0.1 
improvement  in  the  overall  cooling  effectiveness.  All  three 
designs  met  the  design  criteria  of  a  0.7  cooling  effectiveness 
at  a  G  of  0.2  kg/m-.  This  is  equivalent  to  cooling  the  whole 
surface  area  of  a  combustor  using  only  10%  of  the  total  air 
flow.  For  the  largest  number  of  holes  investigated  a  0.7 
cooling  effectiveness  was  achieved  with  half  of  this  coolant 
flow. 

6.6  The  number  of  impingement/effusion  holes  had  a  lower 
influence  on  the  overall  cooling  effectiveness  than  was  the 
case  for  the  effusion  wall  alone.  The  impingement  cooling  had 
its  greatest  effect  for  the  worst  effusion  design  with  the  lowest 
number  of  holes. 
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SUMMARY 

Four  flux-type  models  for  radiative  heat  transfer  in  cylindrical 
configurations  were  applied  to  the  prediction  of  radiative  flux 
density  and  source  term  of  a  cylindrical  enclosure  problem 
based  on  data  reported  previously  on  a  pilot-scale 
experimental  combustor  with  steep  temperature  gradients. 
The  models,  which  are  Sch'  'ster-Hamaker  type  four-flux 
model  derived  by  Lockwood  and  Spalding,  two  Schuster- 
Schwarzschlld  type  four-flux  models  derived  by  SIddall  and 
Selpuk  and  Richter  and  Quack  and  spherical  harmonics 
approximation,  were  evaluated  from  the  viewpoint  of 
predictive  accuracy  by  comparing  their  predictions  with  exact 
solutions  produced  previously.  The  comparisons  showed 
that  spherical  harmonics  approximation  produces  more 
accurate  results  than  the  other  models  with  respect  to  the 
radiative  energy  source  term  and  that  the  four-flux  models  of 
Lockwood  and  Spalding  and  Siddalll  and  Selpuk  for  isotropic 
radiation  field  are  more  accurate  with  respect  to  the  prediction 
of  radiative  flux  density  to  the  side  wall. 

LIST  OF  SYMBOLS 

Kg  volumetric  absorption  coefficient  of  the 

medium  [rn'l] 

q  component  of  radiative  flux  density  vector 

[Wm-2] 

Q  source  term  for  radiative  energy  [Wm‘3] 

R,r,Z  coordinate  directions 

Superscripts 

dimensionless 

1.  INTRODUCTION 

In  a  previous  paper  [1],  the  accuracy  of  several  flux-type 
models  for  three-dimensional  radiative  heat  transfer  have 
been  assessed  by  applying  these  radiation  models  to  the 
prediction  of  distributions  of  radiative  flux  density  and 
radiative  energy  source  term  of  a  rectangular  enclosure 
problem  and  by  comparing  their  predictions  with  exact 
solutions  produced  earlier  by  the  same  author  [2].  The 
problem  was  based  on  data  taken  from  a  large-scale 
experimental  furnace  with  steep  temperature  gradients 
typical  of  operating  furnaces. 

A  significant  number  of  industrial  furnaces  and  combustors 
are  cylindrical  in  shape.  Therefore,  It  Is  considered  necessary 
to  evaluate  tfie  flux-t^e  models  produced  earlier  for 
cylindrical  furnaces  (3-6]  by  applying  them  to  the  prediction 
of  radiative  flux  density  and  source  term  distributions  of  a 
cylindrical  enclosure  problem  based  on  data  reported 
previously  on  a  pilot-scale  experimental  furnace  [7]  and  by 
comparing  their  predictions  with  exact  values  reported 
previously  [8], 

The  first  radiation  model  is  a  Schuster-Hamaker  type  four- 
flux  model  for  axi-symmetrical  radiation  field  derived  by 
Lockwood  and  Spalding  [3].  The  model  is  an  extension  of 
Schuster-Hamaker  formulation  to  an  axl-symmetrical  radiation 


field.  It  utilizes  the  simplest  and  least  accurate  representation 
of  the  angular  variation  of  Intensity,  that  is,  either  plane 
parallel  radiation  in  each  spacial  coordinate  direction  or  an 
isotropic  radiation  field  [3,9] .  Two  differential  equations  are 
then  produced  from  first  principles  for  each  coordinate 
direction  separately  by  carrying  out  radiative  energy 
balances  for  the  fonward  and  backward  directions,  ignoring 
variations  in  the  other  coordinate  directions.  That  is,  in 
deriving  each  pair  of  equations.  It  is  implicitly  assumed  that 
the  situation  under  consideration  is  that  of  one  dimensional 
variation  in  the  coordinate  directbn  considered,  rather  than  the 
true  multi-dimensional  variation  which  the  approximate 
equations  are  intended  to  model.  Lockwood  and  Spalding 
also  suggest  that  the  multiplying  coefficient  appearing  in  their 
radiative  energy  balances  should  take  values  of  Kg  and  2Kg 
corresponding  to  the  cases  of  parallel  and  isotropic  emitted 
radiation  respectively. 

The  second  radiation  model  is  a  Schuster-Schwarzschild 
type  four-flux  model  derived  by  Siddall  and  Selguk  [4].  The 
model  is  derived  by  consideration  of  the  axi-symmetrical 
radiation  field  in  a  grey  non-scattering  medium  in  which 
significant  radiative  transfer  occurs  in  either  the  radial  or  axial 
direction.  Assuming  that  the  transfer  in  the  radial  direction  is 
negligible,  a  two-flux  representation  of  the  radiation  is 
obtained  by  integrating  the  equation  of  radiative  transfer  at  a 
point  over  two  hemispheres  whose  diametric  plane  is 
normal  to  the  axis  of  symmetry,  utilizing  the  assumption  that 
the  intensity  of  radiation  is  uniform  but  different  over  each 
hemisphere.  A  similar  Schuster-Schwarzschild  [10]  type 
treatment  of  the  corresponding  axl-symmetrical  field  in  which 
transfer  in  the  axial  direction  may  be  neglected  produces 
another  pair  of  two-flux  equations,  when  the  intensity  of 
radiation  in  the  diametric  plane  is  assumed  to  be  the 
arithmetic  mean  of  the  uniform  but  different  intensities  in  the 
two  hemispheres.  These  two  pairs  of  two-flux  equations 
represent  an  axl-symmetrical  radiative  field  with  significant 
transfer  in  both  the  radial  and  axial  directions.  Multiplying 
coefficient  appearing  in  the  radiative  energy  balances  take 
the  values  of  Kg  and  2Kg  for  the  cases  of  parallel  and 
isotropic  emitted  radiation  respectively. 

The  third  radiation  model  is  a  Schuster-Schwarszchlld  type 
four-flux  model  produced  by  Richter  and  Quack  [5],  In  this 
model,  the  total  solid  angle  surrounding  a  point  is  divided 
Into  four  smaller  solid  angles-two  of  which  are  cones  of  halt 
angle,  45<’.  in  the  forward  and  backward  axial  directions  arxf 
the  remaining  two  for  all  other  forward  and  backward  radial 
directons-in  each  of  which  intensity  is  assumed  to  be  uniform. 
Integration  the  equation  a  radiant  energy  transfer  tor  each 
smaller  solid  angle.  In  turn,  produces  four  differential 
equations  in  the  unknown  intensities. 

The  final  radiation  model  is  the  spherical  harmonics 
approximation  derived  for  an  axisymmetrical  radiation  field 
[6],  In  this  model  the  angular  variation  of  intensity  at  a  point  is 
expressed  by  a  series  of  spherical  harmonics.  By  using  the 
approximation  (in  which  the  series  Is  truncated  after  the 
first  four  terms)  and  the  equation  of  radiative  transfer,  the 
axisymmetrical  radiation  field  within  a  grey,  non-scattering 
medium  is  represented  by  three  partial  differential  equations 
in  the  total  incident  flux  density  and  the  net  radiant  flux 
densities  in  the  positive  coordinate  directions. 
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All  these  models  had  previously  been  employed  as  part  of 
complete  prediction  procedures  and  predicted  temperature 
and  radiative  heat  flux  distributions  have  been  compared 
with  experimentally  determined  data  [3-6,9,11,12]. 
However,  it  has  been  found  impossible  to  decide  whether 
discrepancies  between  the  predictions  and  measurements 
are  attributable  directly  to  the  flux  model  employed  or  to 
inaccuracies  in  the  submodels  used  for  the  prediction  of  flow, 
reaction  etc. 

The  use  of  exact  solutions  for  testing  purposes  provides  a 
means  for  assessing  the  accuracy  of  predictions  of  these 
radiation  models  in  isolation  from  the  models  of  flow  and 
reaction.  Therefore,  the  accuracy  of  each  of  these  radiations 
models  had  been  tested  by  applying  them  to  the  prediction 
of  distnbutions  of  radiative  flux  density  arxl  radiative  energy 
source  term  of  a  cylindrical  enclosure  problem  and  by 
comparing  its  predictions  with  exact  solutions  reported 
previously  (13,14). 

In  this  paper,  evaluations  of  these  models  for  radiative 
transfer  in  cylirxlrical  enclosures  are  reviewed  from  the  points 
of  view  of  both  accuracy  and  computational  economy. 

2.  THE  TEST  PROBLEM 

The  flux-type  models  considered  have  been  tested  by 
making  predictions  for  a  black-walled  enclosure  problem  for 
which  exact  solutions  have  been  produced  previously  (8). 
The  enclosure  problem  is  based  on  data  reported  by  Wu 
and  Fricker  [7]  on  a  pilot-scale  experimental  furnace  with 
steep  temperature  gradients  typically  encountered  In 
industrial  furnaces. 

The  experimental  furnace  under  consideration  is  a  vertical 
cylinder  fired  from  the  bottom  end  wall  with  natural  gas  and 
operates  under  atmospheric  pressure  The  side  walls  are 
water  cooled  A  detailed  description  of  the  data  obtained 
from  the  experimental  furnace  and  used  as  input  data  for 
flux-type  models  can  be  found  elsewhere  [8]. 

3.  NUMERICAL  SOLUTION  PROCEDURE 

The  partial  differential  equations  representing  the  radiation 
models  under  consideration  have  been  re-cast  into  finite 
difference  forms  by  using  the  control  volume  approach.  As 
the  variation  of  gas  and  wall  temperatures  is  axi-symmetrtcal, 
the  enclosure  has  been  subdivided  into  2x20  control 
volumes  in  the  r-and  z-directions,  respectively.  A  medium 
grid  point  lies  at  the  geometrical  centre  of  each  control 
volume  and  a  surface  grid  point  lies  in  the  centre  of  each 
control  volume  face  in  contact  with  the  walls  of  the  enclosure. 
Hence  the  total  number  of  medium  and  surface  grid  points 
are  2x20  and  (2x2+20),  respectively.  The  resulting  sets  of 
simultaneous  algebraic  equations  nave  then  been  solved 
by  the  iterative  procedure  developed  by  Peaceman  and 
Rachford  [15]  for  numerical  solution  of  the  algebraic 
equations  with  a  coefficient  matrix  of  the  tridiagonal  ty^.  This 
procedure  can  be  described  as  forward  elimination  followed 
by  backward  substitution' 

4.  EVALUATION  OF  THE  FLUX  MODEL 
PREDICTIONS 

Point  values  of  the  dimensionless  radiative  energy  source 
term  and  flux  density  for  2x20  medium  grid  points  have 
been  produced  using: 

(a)  Lookwood  and  Spalding's  four-flux  model  for  plane 
parallel  radiation-Model  1 ; 

(b)  Lokwood  and  Spalding's  four  flux  model  for  Isotropic 
radiaton-Model  2; 

(c)  Siddall  and  Selguk's  four-flux  model  for  plane  parallel 
radiation-Model  3; 

(d)  Siddall  and  Selguk's  four-flux  model  for  isotropic 
radiation-Model  4; 


(e)  Richter  and  Quack's  four-flux  model-Model  5; 

(f)  Selcuk  and  Siddall's  spherical  harmonics  model- 
Model  o. 

The  predictions  of  these  models  have  been  compared  with 
the  exact  solutions  reported  previously  in  the  literature  [8]. 

In  the  discussion  that  follows,  all  physical  quantities  are 
expressed  in  dimensionless  forms  which  are  obtained  by 
dividing  them  by  the  shortest  dimension  of  the  enclosure  or 
by  the  maximum  emissive  power  of  the  gas,  depending  on 
the  quantity. 

4.1.  Source  Term  Distributions 

Figure  1  shows  the  comparison  between  flux  model 
predictions  of  the  dimensionless  source  term  and  the  exact 
values  for  points  (R  =  o  25,  r  =  o,  z).  These  grid  points 
represent  the  points  at  the  centre  of  the  row  of  control 
volumes  nearest  to  the  furnace  axis.  It  can  be  seen  that  the 
exact  source  term  distribution  follows  the  physically 
expected  trend,  rising  steeply  from  the  burner  wall  onwards, 
going  through  a  maximum  and  decreasing  continuously 
towards  the  exit.  The  maximum  of  the  source  term 
distribution  occurs  at  the  same  location  as  the  maximum  of 
the  temperature  distribution.  It  can  also  be  noted  that  the 
trend  of  the  distributions  predicted  by  the  flux  models  is  the 
same  as  that  of  the  exact  distribution  and  that  the 
distributions  are  over  predicted  by  Models  2,4,  and  6  and 
underpredicted  by  Models  1 ,3  and  5. 

Figure  2  illustrates  the  comparison  between  the  exact  values 
of  the  dimensionless  source  term  and  the  distributions 
predicted  by  the  flux  models  for  grid  points  (  r  =  o  75.  r  =  o. 
z).  These  grid  points  represent  the  medium  points  nearer  to 
the  side  wall.  It  can  be  seen  that  good  agreement  is 
obtained  and  that  the  source  term  distributions  for  these  grid 
points  show  smaller  variation  along  the  length  of  the  furnace 
than  those  for  other  medium  grid  points  This  is  consistent 
with  the  uniform  temperature  distribution  in  the  medium  near 
the  wall  of  the  enclosure. 

A  condensed  comparison  of  the  flux  model  predictions  of 
the  dimensmionless  source  term  values  is  contained  In  Table 
1 .  Two  values  are  given  for  each  model;  the  maximum  point 
percentage  error  and  the  average  absolute  percentage  error 
both  of  which  give  measures  of  the  accuracy  of  predicted 
source  terms. 

As  can  be  seen  from  Table  1,  Model  6  produces  more 
accurate  results  than  the  other  models 


Table  1 .  Comparison  of  flux  model  predictions  of 
dimensionless  source  terms 


Flux  model 

Maximum 
percentage  error 

Average  absolute 
percentage  error 

Model  1 

44,98 

23.38 

Model  2 

-52.40 

24.16 

Model  3 

48.84 

22.67 

Model  4 

-79.54 

28.34 

Model  5 

74.44 

18.68 

Model  6 

-11.33 

9.04 

4.2.  Flux  Density  Distributions 

Figure  3  illustrates  the  comparison  between  the  point  values 
of  the  dimensloneiss  flux  density  to  the  side  wall  in  the 
positive  r-direction  predicted  by  the  flux  models  and  exact 
solutions  for  surface  grid  points.  It  can  be  seen  that  Models  2 
and  4  produce  fairly  good  agreement  and  that  Models  1 ,3,  5 
and  6  underestimate  the  flux  densities  to  the  wall  over  the 
whole  length  of  the  enclosure. 
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Figure  3.  Comparison  between  the  exact  values  and  flux  model  predictions  of  dimensionless  flux  densities 
to  the  side  walls. 


A  condensed  comparison  of  the  flux  model  predictions  of 
the  dimensioneiss  flux  densities  Is  contained  In  Table  2.  As 
can  be  seen  from  Table  2.  the  level  of  agreement 
decreases  in  the  following  order:  Model  2,  Model  4,  Model 
6,  Model  5,  Model  3,  and  Model  1 . 


Table  2.  Comparison  of  flux  model  predictions  of 

dimensionless  flux  densities  to  the  side  wall 


Flux  model 

Maximum 
percentage  error 

Average  absolute 
percentage  error 

Model  1 

69.20 

44  24 

Model  2 

43  97 

5.34 

Model  3 

70.11 

43.54 

Model  4 

46.86 

7.63 

Model  5 

59.37 

27,07 

Model  6 

28.10 

24.15 

To  provide  a  global  check  on  the  accuracy  of  the  flux  model 
predictions,  the  total  rate  of  removal  of  radiative  energy 
through  the  wall  and  the  total  rate  of  generation  of  radiative 
energy  within  the  enclosed  medium  were  calculated  and 
compved  with  the  exact  values.  Table  3  shows  the  errors  in 
generated  and  removed  radiative  energy  produced  by  the 
flux  model  predictions.  It  can  be  seen  that  the  percentage 
errors  in  generated  and  removed  radiative  energy  are 


almost  equal  for  each  model,  implying  that  each  model 
produces  consistent  results,  although  different  from  the  exact 
values. 


Table  3.  Comparison  of  flux  model  predictions  of  the 
percentage  errors  in  generated  ana  removed 
radiative  energy 


Flux  model 

Percentage  error  in 
generation 

Percentage  error  in 
removal 

Model  1 

21.46 

21.46 

Model  2 

-25.27 

-25.27 

Model  3 

21.17 

21.17 

Model  4 

-26.18 

-26.18 

Model  5 

15.97 

15.97 

Model  6 

-10.06 

-10.06 

5.  CONCLUSIONS 

Four  flux-type  models  for  cylindrical  enclosures  filled  with  an 
absorbing-emitting  medium  of  constant  properties  have 
been  applied  to  the  prediction  of  distributions  of  the 
racHative  flux  density  and  the  energy  source  term  of  a  black- 
walled  enclosure  problem.  The  problem  is  based  on  data 
repotted  previously  and  a  pilot-scale  expeiimenlal  furnace 
with  steep  temperature  gradients  typically  encountered  in 
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Industrial  furnaces.  The  accuracy  of  the  models  have  been 
tested  by  comparing  their  predictions  with  exact  solutions 
reported  earlier  in  the  literature.  On  the  basis  of  comparisons 
the  following  coixiusions  have  been  reached 

(1)  The  spherical  harmonic  model  of  Selpuk  and  Siddall 
proves  to  be  a  satisfactory  method,  providing  a  better 
agreement  in  radiative  energy  source  term  distributions  than 
in  the  flux  density  distnbutions. 

(2)  The  four-fiux  model  of  Richter  and  Quack  is  a  reasonably 
satisfactory  method  of  predicting  both  the  radiative  energy 
source  term  and  flux  density  distributions 

(3)  The  four-flux  models  of  Lockwood  and  Spalding  and 
Siddali  and  Selpuk  for  an  isotropic  radiation  field  provide  a 
useful  method  for  predicting  the  flux  density  distributions  at 
the  walis  of  the  enclosure.  However,  with  regard  to  the 
distribution  of  the  radiative  energy  source  term,  a  relatively 
poor  agreement  is  obtained. 

(4)  The  four-flux  methods  of  Lockwood  and  Spalding  and 
Siddall  and  Selpuk  for  plane  parallel  radiation  are  not  found 
satisfactory. 

(5)  Predictive  ability  of  each  model  relative  to  the  exact 
solutions  are  expected  to  remain  the  same  for  non-black 
walled  enclosures  although  the  order  of  magnitude  of  the 
accuracies  might  change. 
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Discussion 


QUESTION  1: 

DISCUSSOR:  G.  Andrews,  University  of  Leeds 

Which  is  the  most  efficient  radiation  model  to  incorporate  in  CFD  codes  for  gas  turbine 
combustion  applications,  where  there  is  no  net  heat  loss  due  to  radiation?  Radiation  heats 
the  combustor  walls  which,  in  turn,  transfer  heat  to  the  coolant  which,  in  turn,  is  injected 
back  into  the  combustion  gas.  Thus  radiation  can  change  combustion  temperature 
profiles  and  hence  NOx,  but  how  accurate  does  it  need  to  be  for  adequate  predictions?  I 
understand  that  some  of  the  more  accurate  radiation  models  cause  large  increases  in 
CFD  computation  time. 

AUTHOR'S  REPLY: 

As  I  have  mentioned  in  my  presentation,  flux-type  radiation  models  are  the  most 
economic  methods  as  far  as  the  computation  time  is  concerned.  Among  the  flux  models 
that  I  have  tested,  Pi-spherical-harmonic  models  produce  the  best  agreement  with  exact 
solution  relative  to  the  radiative  energy  source  term.  For  gas  turbine  combustors  where 
temperature  distribution  prediction  is  important,  I  would  recommend  the  use  of  the  Pi- 
approximation  in  CFD,  as  temperature  distribution  is  proportional  to  the  source  term 
distribution.  Its  advantages  are  computational  economy  and  good  accuracy  with  respect 
to  the  source  term. 

QUESTION  2: 

DISCUSSOR;  Y.A.  Gogus,  Havacilik  Muh  Bol 
Would  you  please  tell  me  the  relative  position 
AUTHOR'S  REPLY: 

For  calculation  purposes,  the  origin  was  taken 
symmetry. 

QUESTION  3: 

DISCUSSOR;  D.T.  Vogel,  DLR 

What  does  the  test  furnace  look  like? 

AUTHOR'S  REPLY: 

The  furnace  is  a  cylindrical  combustion  chamber  0.9m  in  diameter,  5m  in  height.  It  is  a 
vertical  chamber  fired  with  natural  gas  from  the  bottom  end  wall.  The  sidewalls  are 
water-cooled.  For  these  calculations,  the  swirl  number  was  zero. 

QUESTION  4 

DISCUSSOR;  H.  Weyer,  ABB 

Your  paper  deals  with  gas-solid  wall  interaction.  What  assumption  did  you  make  about 
the  gas  phase,  i.e.,  gas  composition,  emissivity  and  absorption  of  gas  components  and 
soot? 

AUTHOR'S  REPLY: 

Because  the  radiation  has  been  treated  in  isolation  from  the  flow  and  reaction,  we  only 
need  a  radiative  boundary  condition,  and  this  stems  from  the  assumption  that  the  inner 
wall  is  black.  As  far  as  the  gas  composition  is  concerned  it  is  typical  and  has  CO2  and 
H2O  vapour  in  it.  The  absorbing-emitting  characteristics  are  calculated  accordingly. 


for  the  origin  of  the  z  axis. 

to  be  the  midpoint  of  the  the  axis  of 
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SOMMAIRE 

Cet  article  ddcrit  les  progr&s  que  nous  avons 
accomplis  recemment  dans  la  modelisation  de  la 
combustion  turbulente  pour  les  applications  a  la  propulsion. 
Nous  rappelons  brievement  les  equations  moyermdes  des 
dcoulements  turbulents  reactifs,  puis  prdsentons  le  module 
Probabiliste  EUlerien  Lagrangien  PEUL  destind  au  calcul 
des  termes  sources  moyens  des  especes  et  de  I’enthalpie.  La 
possibilite  de  prise  en  compte  par  ce  modele  de 
mecanismes  reactionnels  a  plusieurs  espdces  est  appliquee 
a  la  prediction  des  polluants  et  en  particulier  au  calcul  du 
NO  thermique.  En  vue  d’obtenir  la  meilleure  prediction 
possible  de  la  composition  chimique  et  de  la  temperature, 
trois  mdcanismes  globaux  d’oxydation  du  methane  sont 
successivement  couples  au  moddle  PEUL  et  leurs  resultats 
compares.  Deux  applications  sont  ensuite  etudiees. 

La  premiere  application  concerne  une  flamme 
premelangee  stabilisde  par  un  dcoulement  de  gaz  chauds. 
Les  rdsultats  de  calcul  sont  compares  aux  resultats 
expdrimentaux  obtenus  a  I’ONERA  et  prdsentent  un  accord 
convenable,  en  particulier  en  ce  qui  concerne  les  profils  de 
NO  thermique.  La  seconde  concerne  une  portion  de 
chambre  aeronautique  annulaire.  La  comparaison  des  taux 
de  production  moyens  obtenus  avec  un  modele  de 
combustion  turbulente  ^  chimie  rapide  et  avec  le  modele 
PEUL  met  en  evidence,  dans  ce  cas,  I’interet  de  ne  pas 
faire  I’hypothdse  de  chimie  rapide. 

LISTE  DES  SYMBOLES 

9-  ;  richesse 

P  :  pression 

T :  temperature 

p  :  densitd 

h  :  enthalpie 

:  moyenne  de  Favre  de  la  variable  <t> 

(t>’  :  fluctuations  de  la  variable  4> ,  <t>  >  .).  <I>” 

$  :  moyenne  statistique  classique  de  la  variable  4> 

u  ;  composante  du  vecteur  vitesse 

fu  ;  viscositd  turbulente 

y,  :  fraction  massique  de  I’espice  i 


to,  :  taux  de  production  moyen  de  I’espece  i 

d),  :  taux  de  production  moyen  de  I’entbalpie 

6^  :  symbolc  de  Kronecker 

;  tenseur  moyen  des  contraintes  visqueuses 

2'  :  vitesse  moyenne  de  diffusion  laminaire  de  I’espdce  i 

/*  :  vitesse  moyenne  de  diffusion  laminaire  de  la 

chaleur 

/:  energie  cinetique  de  la  turbulence 

c  taux  de  dissipation  de  k 

Tt  :  temps  caracteristique  de  I’^chelle  moyenne  de 

turbulence  rt  -  k/c 

ev  :  taux  de  dissipation  des  fluctuations  d’espfeces 

TV  :  temps  caracteristique  turbulent  relatif  aux  ^changes 

des  especes 

rex  :  temps  caracteristique  d’echange  du  modele  lEM 

D  :  coefficient  de  diffusion  laminaire 

QJ  ;  chaleur  de  formation  de  I'espece  i 

INTRODUCTION 

Nous  presentons,  dans  cet  article,  une  version  du 
module  de  combustion  turbulente  PEUL  (Probabiliste 
Eulerien  Lagrangien)  sur  laquelle  plusieurs  mdcanismes 
simplifies  d’oxydation  du  methane  a  1,  2  et  4  etapes  ont  dte 
implantes  et  compares.  Le  mecanisme  de  production  des 
oxydes  d’azote  dans  les  gaz  brill6s  dit  "mecanisme  du  NO 
thermique"  a  lui  aussi  ete  pris  en  compte  et  I’influence  des 
schemas  d'oxydation  du  methane  sur  la  vitesse  de 
production  de  NO  a  ete  etudiee. 

Les  calculs  ainsi  realises  ont  ete  compares  aux 
mesures  effecmees  dans  un  canal  rectangulaire 
bidimensionnel  oil  une  flamme  air-methane  est  stabilisee 
par  un  jet  de  gaz  chauds. 

A  partir  du  meme  modele  de  combustion  turbulente, 
des  calculs  ont  ete  menes  dans  une  chambre  de  combustion 
aeronautique  tridimensionnelle. 
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MODELISATION  DE  LA  COMBUSTION 
TURBULENTE 

La  turbulence  est  caract6ris6e  par  des  fluctuations  de 
vitesse  et  des  variables  d’dtat  (P,  p,  T,  h).  Les  Equations 
classiques  de  Navier-Stokes  pour  les  grandeurs 
instantan^es  (quantity  de  mouvement,  density,  enthalpie) 
ne  n6cessitent  aucune  hypothfese  supplementaire  pour 
ddcrire  un  ^coulement  turbulent.  Toutefois,k grand  nombre 
de  Reynolds,  le  calcul  des  structures  turbulentes,  necessite 
des  pas  en  temps  et  en  espace  extrSmement  petits,  et  ne 
peut  done  6tre  effectu^  que  pour  des  configurations 
simples,  compte  tenu  de  la  puissance  actuelle  des 
ordinateurs. 

Afin  d  6viter  cette  limitation,  nous  avons  utilisd 
I’approche  classique  qui  consiste  4  r^soudre  les  equations 
de  bilan  de  la  moyenne  des  grandeurs  etudi^es.  Chaque 
grandeur  0  peut  alors  etre  d£compos£e  en  une  composante 
moyenne  0  (il  s’agit  id  de  la  moyenne  de  Favre)  et  une 
composante  fluctuante  aleatoire  0 

Les  equations  moyennees  que  nous  cherchons  a 
resoudre  sont  les  suivantes  : 


turbulente  [1]. 


_  k- 

avec  ft,  “  pCu  — 

E 


ou  ft,  est  la  viscosity  turbulente. 

k  est  I’dnergie  cinetique  de  la  turbulence  et  e  son  taux 
de  dissipation.  Tous  deux  sont  calcules  4  I’aide  d’une 
equation  de  bilan. 

La  resolution  des  equations  de  bilan  euieriennes 
moyennees  est  effectuee  par  le  code  3D  DIAMANT, 
developpe  4  rONERA  [2], 

La  technique  de  discretisation  utilisee  est  de  type 
volumes  finis.  L’integration  des  equations  est  effectuee  par 
une  methode  implicite  4  directions  altemees. 

Cette  technique  consiste  4  integrer  successivement  les 
equations  dans  les  3  directions  de  I’espace.  Elle  a  pour 
principal  avantage  de  reduire  considerablement  le  temps  de 
calcul  et  le  stockage  memoire  necessaire  par  rapport  4  une 
methode  oil  I’integration  implicite  serait  effectuee  dans  les 
3  directions  simultanement. 

Les  termes  de  production  moyens  d’especes  et 
d’enthalpie  to,  et  sont  donnes  par  le  modeie  de 

combustion  turbulente  PEUL  proprement  dit. 


+  ■—{pu.Ug  +  +  P6„,  +  pu,-u, ')  -  0 


f  est  le  tenseur  moyen  des  contraintes  visqueuses. 
a^^est  le  symbole  de  fconecker  ( =  1  sia=/3,  =0sia?:i3) 


oil  yj  est  la  vitesse  moyenne  de  diffusion  laminaire  et 
u),  le  taux  de  production  chimique  moyen  de 
I’espfece  i. 


oil  Jt  est  la  vitesse  moyenne  laminaire  de  diffusion  de 
la  chaleur. 

5  termes  inconnus  apparaissent  ; 


PRINCIPE  DU  MODELE  PEUL 


Le  module  PEUL  dit  "espace  physique",  consiste  4 
suivre  dans  I’espace  (U,  Y^,  h,  ?.  t),  un  grand  nombre  de 
particules  fluides  dont  la  situation  evolue  sous  contrainte  de 
2  types  d’equations  : 


oil  fJp  est  la  vitesse  instantanee  de  la  particule  fluide,  qui 
est  dacompos^e  en  une  partie  moyenne  donn6e  par  le 
calcul  eulerien  moyen,  et  une  partie  fluctuante  aliatoire, 
tir6e  au  sort  suivant  une  procedure  ductile  par 
ORMANCEY  dans  [3). 


M 


La  modfelisation  du  lerme  d’6change  aux  petites 
echelles  entre  la  particule  et  son  environnement,  de  type 
$  -  ^  est  due  4  AUBRY  et  VILLERMAUX  [4J. 

Cette  mod6lisation  remplace  le  terme  de  diffusion  de 
r^quation  lagrangienne  d’^volution  de  Y,  dans  la  particule  : 


-  les  flux  turbulents  u„’u^"  u„'Y'  u„'h' 

■  les  termes  de  production  moyens  d’espices  et  d'enthalpie 

0), ,  tos¬ 
hes  flux  turbulents  sont  donn£s  par  le  module 
classique  de  turbulence  k-c  4  concept  de  viscosity 


o4  D  est  le  coefficient  de  diffusion  moliculaire  de  I’espice 
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On  montre  facilement  [5]  que  ,  le  temps 
caract6ristique,  peut  s'ecrire  sous  la  forme  : 


ou  e,  est  le  taux  de  dissipation  des  fluctuations  d’especes. 

Le  temps  caracteristique  d’^change  r,  ou  le  taux  de 
dissipation  des  fluctuations  d’espfeces  f,  apparaissent, 
comme  le  souligne  BORGHI  [6],  dans  de  nombreux 
modules  de  combustion  turbulente,  qu’il  s'agisse  des 
modules  4  concept  de  flammelette,  a  transport  de  PDF  ou 
i  PDF  pr6sum6e.  Sa  modelisation  precise  constitue  un 
point  delicat  de  la  moddlisation  de  la  combustion 
turbulente. 

Une  hypothfese  classique  consiste  a  supposer  que  fi 
est  directement  proportionnel  a  rr « kjt  ,  le  temps 
caracteristique  de  I’echelle  moyenne  de  la  turbulence. 

BEGUIER,  DEKEYSER  et  LAUNDER  [7]  ont  fait 
une  etude  bibliographique  des  experiences  permettant 
d’estimer  le  rapport  et  ont  conclu  que  R 

etait  compris  entre  1,04  et  1,22. 


seul  le  terme  moyen  prenant  en  compte  I’influence  de  la 
turbulence  necessite  une  modelisation),  I'influence  de  la 
turbulence  sur  la  combustion  etant  prise  en  compte  d’une 
part  au  niveau  du  temps  caracteristique  d’echange  , 
d'autre  part,  par  la  composante  fluctuante  stochastique  de 
la  Vitesse  des  particules. 


Cest  cette  hypothese  que  nous  avons  faite  en  prenant 
rex  =  0.25k/ e 

Les  termes  sources  que  nous  souhaitons  calculer  sont 
ensuite  simplement  d^finis  dans  une  maille  I.J.K  donnee. 
comme  la  moyenne  statistique  ponderee  par  le  temps  de 
.sejour  dans  la  maille,  des  contributions  de  chaque  particule 
la  traversant  : 


Formation  du  monoxvde  d’azole  NO 

Le  NO  produit  dans  les  chambres  de  combustion 
provient  soit  de  I’azote  de  Pair,  soil  de  I'azote  present  dans 
les  combustibles  impurs. 

.Nous  allons  ici  nous  interesser  aux  deux  principaux 
mecanismes  de  formation  du  NO  a  partir  du  Nj  de  Pair  : 


(O' I.J.K 


,v  r' 


-  le  mecanisme  du  NO  thermique. 

-  le  mecanisme  du  Prompt  NO. 

Mecanisme  du  NO  thermique 


oj  N  est  le  nombre  de  particules  ayant  traverse  la  maille 
I.J.K  et  P‘  est  le  nombre  de  pas  de  temps  mis  par  la 
particule  1  pour  traverser  la  maille  I.J.K. 

Les  termes  sources  moyens  ainsi  calcules  sont  ensuite 
"injectes"  dans  les  equations  euleriennes  au  niveau  de 
chaque  maille,  puis  de  nouvelles  particules  .sont  lancees,  de 
nouveaux  taux  moyens  calcules,  et  ainsi  de  suite  jusqu'it 
convergence  du  calcul. 


11  consiste  en  une  oxydation  lente  de  Nj  par  les 
radicaux  O  et  OH  presents  dans  les  gaz  brul6s. 
ZELDOVICH  [10)  propose  le  schema  cinetique  suivant  : 

O  +  Nj  NO  +  N 

N  +  O,  NO  +  O 

et  (N  +  OH;=f,NO  +  H) 

La  troisi^me  reaction  ne  joue  un  role  significatif  que 
pour  les  richesses  proches  de  1. 


La  procedure  employee  est  resumee  sur  la  figure  1 . 

Le  premier  champ  eulerien  doit  etre  calcule  a  Paide 
d’un  module  de  combustion  turbulente  simple  (Eddy  Break 
Up  [8],  CRAMER  [9])  afin  d’initiali.ser  la  procedure 
iterative. 

PRISE  EN  COMPTE  DE  LA  CINETIQUE  CHIMIQUE 

La  prise  en  compte  de  cinetiques  chimiques 
relativement  complexes  ne  pose  pas  d’autre  problSme  que 
celui  du  temps  de  calcul,  puisque  la  vitesse  de  reaction 
intervient  sous  forme  instantan^e  dans  Pequation  de  bilan 
lagrangienne  (les  vitesses  instantanees  sont  bien  connues. 


Les  radicaux  O  sont  donnes  en  supposant  la  reaction 
O,  ^  ^  20  a  P6quilibre. 

Ce  mecanisme  ne  joue  un  role  important  que  si  les 
radicaux  O  sont  presents  en  quantite  suffisante  dans  les  gaz 
bruits,  c’est-^-dire  si  la  temperature  est  eiev^e 
(T  >  18(X)  K)  et  si  les  produits  bruies  contiennent  de 
Poxygene,  done  si  le  melange  est  pauvre,  ou  trds  peu  riche 
(OH  joue  alors  un  role).  En  pratique,  au  del4  de  richesse 
1.10,  le  mecanisme  du  NO  thermique  n'intervient  plus. 

Dans  ces  conditions,  le  mecanisme  du  NO  thermique 
joue  un  role  preponderant  si,  compte  tenu  de  la  lenteur  de 
son  mecanisme  de  formation,  le  temps  de  sejour  des  gaz 
brilies  dans  la  chambre  est  important. 
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L’importance  respective  des  2  mecanismes  est  mise  en 
evidence  sur  la  figure  2,  presentant  les  mesures  de 
FENIMORE  [11]  sur  un  bruleur  a  flamme  plate  ; 


4-  Un  mecanisme  conduisant  NO  a  partir  de  NjO,  dont 
le  role  est  mineur  a  basse  pression  (0,1 — >  1  atm)  et 
dont  I’importance  croit  si  P  augmente. 


[NO]  ppm 


Nous  retiendrons  finalement  que  pour  un  regime  de 
combustion  pauvre,  si  le  temps  de  sejour  des  gaz  bruits 
dans  la  chambre  n’est  pas  trop  court,  le  mdcanisme  du  NO 
thermique  contribue  majoritairement  a  la  quantity  totale  de 
NO  forme.  Par  contre,  au  del4  de  la  richesse  1,1,  il  ne  joue 
plus  aucun  role  et  tout  le  NO  produit  Test  par  le 
mecanisme  du  Prompt  NO. 

Compte  tenu  du  regime  de  combustion  pauvre  des  2 
configurations  que  nous  avons  etudiees  dans  cet  article, 
nous  nous  sommes  exclusivement  int6resses  au  mecanisme 
du  NO  thermique.  Toutefois,  une  extension  au  calcul  partiel 
du  Prompt  NO  avec  le  mecanisme  de  ZELDOVICH 
associe  ^  I’hypothese  de  superequilibre  peut  etre  envisag6e 
a  court  terme,  alors  que  la  prise  en  compte  des  mecanismes 
de  FENIMORE  ou  du  mecanisme  no  4  (NjO),  faisant  tous 
deux  intervenir  des  radicaux  necessitant  une  cin^tique 
detainee  d'oxydation  du  combustible,  n’est  pas  envisageable 
pour  une  raison  evidente  de  temps  de  calcul. 


Figure  2 

L'ordonnee  a  I’origine  des  courbes  de  mesure 
correspond  au  mecanisme  du  Prompt  NO  forme 
brusquement  dans  la  flamme.  Au  del^  il  s’agit  du  NO 
thermique. 

La  Vitesse  de  formation  du  NO  thermique  croit 
sensiblement  avec  la  richesse  pour  atteindre  un  maximum 
k  richesse  1,05,  puis  d^croit  et  s’annule  finalement  a 
richesse  1,10, 

Mtomsme  du  PROMPT  NO 

Le  NO  forme  rapidement  dans  la  flamme  peut  etre 
attribue  i  plusieurs  mecanismes  qui  contribuent  tou.s,  dans 
des  proportions  variables,  au  niveau  total  de  NO  forme 
dans  la  flamme.  DRAKE  et  BLINT  [12],  qui  etudient  la 
formation  du  NO  dans  les  flammes  laminaires 
pr6m61angees  air-methane  d  I’aide  d’un  schema  cinetique 
detail!^  a  212  reactions,  recensent  4  principaux  mecanismes 
conduisant  4  la  formation  de  NO  dans  le  front  de  flamme  : 

1-  Le  mecanisme  de  ZELDOVICH  associ6  k  I’equilibre 

Oj  ^  20  qui  conduit  principalement  a  la  formation 

du  NO  thermique  dans  les  gaz  bruits. 

2-  Le  mecanisme  de  ZELDOVICH  associi  (pour  le  calcul 
de  O  et  OH)  au  "superequilibre  de  O"  qui  consiste  a 
supposer  que  les  4  reactions  suivantes  sont  k  I’^quilibre  : 

H  +  Oj  OH  +  O 

O  +  Hj  OH  +  H 

Hj  +  OH  ^  HjO  +  H 
CO  +  OH  COj  +  H 

3-  Le  mecanisme  de  FENIMORE  [11]  : 

CH,  +  N,  ' - "  HCN  +  NH 

CH  +  Nj  ^ ^  HCN  +  N 

puis  HCN  +  O  ; - ^  HCO  +  N 

CN  +  O  : - ^  CO  +  N 

N  4  Oj  ^ “  NO  +  O 


Le  mecanisme  de  ZELDOVICH  de  production  du 
NO  a  ete  associe  a  plusieurs  mecanismes  simplifies 
d'oxydation  du  methane,  afin  de  tester  I’influence  de 
differents  parametres. 

On  .sail  que  le  mecanisme  de  ZELDOVICH  est 
essentiellement  controle  par  sa  premiere  reaction,  dont  la 
vitesse  depend  beaucoup  de  la  concentration  de  radicaux  O, 
or  cette  dernidre  depend  elle-rndme  fortement  de  la 
temperature.  On  peut  done  s’attendre  a  ce  que  le 
mecanisme  de  ZELDOVICH  soit  sensible  4  celle-ci. 
Sachant  que  la  temperature  est  comroiee  par  le  mecanisme 
d'oxydation  du  combustible,  et  en  particulier  par  la  prise  en 
compte  d'equilibres  tels  que  CO  ^COj,  Hj  ^  HjO,  il  est 
interessant  de  comparer  differents  mecanismes  prenant  en 
compte  ou  non  ces  differents  equilibres. 

Mecanismes  d’oxydation  du  combustible 

1-  Schema  a  1  etape  : 

CH4  +  20j  - ^  CO,  +  2H,0 

propose  par  CATHONNET  et  al  [13],  WESTBROOK  et 
DRYER  ]14],  ne  prenant  en  compte  ni  requilibre  entre  CO 
et  CO„  ni  requilibre  entre  H,  et  H^O. 

2-  Schema  k  2  etapes  : 

CH.  +  3/2  Oj  - >  CO  +  2HjO 

CO  +  1/2  Oj  ^  CO, 

propose  par  WESTBROOK  et  DRYER  [14]  et  prenant  en 
compte  requilibre  entre  CO  et  CO,. 

3-  Schema  4  4  etapes  : 

CH.  +  2H  +  H,0  CO  -i-  4  H, 

CO  +  H,0  ^  CO,  +  H, 

H  +  H  +  M  H,  +  M 

O,  +  3  H,  2  H,0  -t-  2H 

propose  par  PETERS  [15]  et  prenant  en  compte  les 
equilibres  entre  CO  et  CO,,  et  entre  H,  et  H,0,  ainsi  que 
les  radicaux  H. 
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En  raison  de  la  prise  en  compte  des  radicaux  H  dont 
les  temps  caract6risttques  de  formation  sont  tr^s  courts,  ce 
schema  n6cessite  un  nombre  d’it^rations  beaucoup  plus 
important  que  les  deux  pr^c^dents  (de  SO  ^  100  fois  plus), 
ce  qui  s’avire  p£nalisant  au  niveau  du  temps  de  caicul. 


Intep-ation  des  Equations  lagrangiennes 

Rappelons  que  les  equations  iagrangiennes  que  nous 
devons  int£grer  sont  de  la  forme  : 

JY  7  -  Y 

Pour  les  espices  :  — t  -  — i - 1  +  ju 

' 

1  €<  CH4,02,C02,C0,H2,H,N0  > 

En  fait  3  des  n  espdces  sont  calculdes  k  partir  des  bilans 
d’atomes  C,  H  et  O. 


Pour  I’enthaipie  totale  :  ~  ^  ^  ^ 


M,  h,  -  h, 

Les  equations  Iagrangiennes  pour  les  especes  s’averent 
particuli^rement  d^licates  a  integrer  en  raison  du 
comportement  trds  raide  des  termes  sources  m,  .  line 
technique  d'int£gration  implicite  s’impose.  Cependant,  la 
technique  classique  qui  consiste  4  lin6ariser  les 

termes  sources  vi]"  =  T ■'  -  L') 

s’est  av6r6e  incapable  d’empdcher  I’annulation  de  la 
fraction  massique  des  especes  qui  tendent  vers  0  (comme 
CH4  ou  O2)  et  les  instabilit^s  num^riques  qui  en  decoulent. 

La  technique  d’int^gration  implicite  utilisde  a  €xt 
choi'ie  afin  d’dviter  cet  inconvenient  majeur.  Son  principe 


consiste  4  rendre  implicites  uniquement  les  termes 
consommant  I’espece  i  : 

On  decompose  (o .  en  :  production 

et  '  (jj-  :  consommation 

puis  on  ecrit :  +  — 


yN 


On  obtient  finalement ; 


V!'  y, 


-T^+— ^  + 

'  At  T  ' 


YN*1  _ 

'  1  1 

A/'^t  yf 

qui  assure  que  demeure  positif  et  different  de  O. 
Comparaison  des  schemas  cinetiques  a  reouilibre  chimique 

Les  3  schemas  cinetiques  d’oxydation  du  methane 
presentes  plus  haut  ont  ete  implantes  dans  les  equations 
iagrangiennes  decrites  au  paragraphe  precedent  et  integres 
pendant  un  temps  suffisamment  grand  pour  que  I’equilibre 
chimique  soil  atteint.  Les  compositions  chimiques  obtenues 
et  les  temperatures  associees  sont  presentees  dans  le 
tableau  1.  Ils  sont  compares  aux  resultats  obtenus  avec  un 
code  de  caicul  spedfique  des  equilibres  chimiques  prenant 
en  compte  plusieurs  centaines  d’especes.  Ces  resultats  nous 
donnent  une  indication  sur  la  precision  du  caicul  du  NO 
forme  que  Ton  va  obtenir,  puisque  ce  dernier  se  cree 
lorsque  ies  reactions  chimiques  d’oxydation  du  combustible 
sont  a  requilibre. 

On  constate  que  le  schema  4  1  etape  provoque  une 
surestimation  de  T  de  I’ordre  de  40  K  4  richesse  0,8  et  de 
pres  de  180  K  4  richesse  1.  faute  de  prise  en  compte  de  CO 
et  dans  une  moindre  mesure  de  et  H. 

La  prediction  de  T  est  bien  meilleure  avec  les 
schemas  a  2  et  4  etapes  4  richesse  0,8  (moins  de  10  K), 


Tableau  1  :  Comparaison  des  compositions  chimiques  obtenues  4  requilibre  avec  les  3 
cinetiques  globales  d’oxydation  du  methane  4  1,  2  et  4  etapes,  ainsi  qu’avec 
un  logiciel  specifique  de  caicul  d’equilibres. 


RICHESSE  :  O.S 
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mais  se  degrade  ^  richesse  1  :  respectivement  110  K 
d’erreur  et  80  K  d’erreur. 

On  voit  done  que  les  schemas  i  2  et  4  Stapes  sont 
appropries  au  calcul  du  NO  thermique,  sachant  par  ailleurs 
que  le  premier  presente  une  bien  plus  grande  simplicite 
d’integration. 

CALCUL  D’UNE  FLAMME  PREMELANGEE  AIR- 
METHANE  STABILISEE  PAR  FLAMME  PILOTE 


ph6nomenes  n’ont  et6  pris  en  compte  dans  la  simulation 
numerique. 

Les  profits  de  methane  (figure  6)  calculus  et  mesurds 
sont  tr6s  proches.  Par  contre,  on  constate  figure  7,  que  les 
profits  moyens  de  CO  calcules  ne  sont  que  qualitativement 
repr^sentatifs  des  profits  mesures.  Ce  calcul  relaiivement 
grossier  de  CO  suffit  cependant  k  donner  une  meilleure 
indication  de  la  temperature,  ce  qui  est  favorable  au  calcul 
des  oxydes  d'azote. 


Le  module  est  teste  dans  le  cas  d’une  flamme 
bidimensionnelle  prem^langee  turbulente  a  grande  vitesse, 
stabilisee  par  une  flamme  pilote.  Le  dispositif  experimental 
est  represent^  sur  la  figure  3.  II  a  etd  developpe  par 
MOREAU  [16]  k  I’ONERA  en  1977.  Sa  section  est  carree 
de  100  mm  sur  100  nun.  La  flamme  pilote  est  obtenue  par 
la  combustion  d’un  pr6m61ange  stoechiometrique  air- 
methane.  La  vitesse  et  la  temperature  sont  respectivement 
55  m/s  et  600  K  pour  les  gaz  frais  et  110  m/s  et  2200  K 
dans  les  gaz  brul6s.  L’intensit6  de  turbulence  est  environ  de 
10  %  et  peut  etre  modifi6e  en  introduisant  diffdrents  types 
de  grilles  dans  le  courant  amont. 

Les  calculs  ont  ete  effectues  a  richesse  0,8  pour 
laquelle  la  majorite  des  r6sultats  experimentaux  sont 
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Les  vitesses  calculees  sont  comparees  aux  profils 
exp6rimentaux  obtenus  par  velocimetrie  Doppler  Laser  par 
MOREAU  et  al  [18].  Les  profils  de  CH^,  CO,  NO  sont 
obtenus  par  prelfevement  par  sonde  et  chromatographic 
pour  les  deux  premiers  et  chimiluminescence  pour  le 
dernier  (Moreau  [16]).  Les  profils  de  temperature  sont 
obtenus  par  Diffusion  Raman  Anti-Stokes  Coherente 
(DRASC)  [17]. 

On  compare  figure  4,  les  profils  de  vitesse  moyenne 
calculus  p' '■  le  code  DIAMANT  et  les  mesures  de 
MOREAU  [18].  On  constate  un  relativement  bon  accord 
entre  simulation  et  experience.  L’erreur  la  plus  importante 
est  d’environ  10  m/s  pour  x  -  122  mm. 

Figures  5,  6  et  7  on  compare  des  resultats  lagrangiens 
moyens^calcul  similaire  au  calcul  du  taux  de  reaction 
moyen  (o,  )  aux  valeurs  mesurees,  respectivement  pour  la 
temperature,  le  rapport  de  la  concentration  de  CH,  sur 
celle  de  Nj  et  le  rapport  de  la  concentration  de  CO  sur 
celle  de  N^. 

En  ce  qui  conceme  la  temperature,  on  constate  que 
la  valeur  maximale  talculde  est  environ  sup6rieure  de 
150  K  la  valeur  mesur6e.  Une  bonne  partie  de  cet  6cart 
doit  etre  due,  d'une  part  aux  pertes  au  niveau  des  parois 
non  adiabatiques  du  montage  experimental,  d’autre  part  aux 
pertes  par  rayonnement.  Ni  I’un  ni  I’autre  de  ces 


Figure  8,  on  compare  le  niveau  de  NO  thermique 
calcuie  au  niveau  total  mesure  par  MOREAU  [16],  On 
constate  que  le  NO  thermique  calcuie  est  bien  forme  en 
aval  de  la  zone  moyenne  de  reaction  oil  la  temperamre  est 
eievee  et  les  molecules  de  O,  fortement  dissociees  en 
radicaux  O. 

Le  niveau  maximal  de  NO  calcuie  est  de  I’ordre  de  65 
parties  par  million  (ppm),  alors  que  les  mesures  donnent 
50  ppm.  On  constate  un  relativement  bon  accord  tant 
qualitatif  que  quantitatif  entre  mesures  et  calculs. 

CALCULS  DANS  UNE  CHAMBRE  AERONAUTIQUE 
ANNULAIRE 

La  seconde  chambre  de  combustion  etudiee  est  une 
partie  d’une  chambre  annulaire.  Une  section  de  cette 
chambre  est  representee  sur  la  figure  9.  Le  maillage 
comporte  58  x  22  x  29  mailles  respectivement  dans  les 
directions  I.  J  et  K. 

Nous  avons  considere  une  injection  air-methane  et 
non  air-kerosene  comme  dans  la  realite,  essemiellement  en 
raison  de  la  plus  large  gamme  et  de  la  meilleure 
connnaissance  de  cinetiques  pour  le  methane.  Ce 
premelange  air-methane  riche  (<F  =  1,93)  k  770  K  et  15  bar 
entre  par  un  injecteur  tourbillonnaire  dans  le  "bol" 
represem6  sur  la  figure  9  6  environ  140  m/s.  A  I’entree  de 
la  chambre  proprement  dite.  la  vitesse  est  de  I’ordre  de 
40  m/s. 

De  Fair  a  770  K  et  15  bar  est  injecte  sous  forme  de  9 
films  paralldlement  aux  paroi.s,  afin  de  refroidir  ces 
dernidres.  Ces  films  sont  representes  FI  i  F9  sur  la  figure 
g. 


Enfin,  une  s6rie  de  trous  primaires  et  de  trous  de 
dilution  permettent  I’injection  d’air  k  770  K  et  15  bar.  L’air 
de  dilution  est  destine  k  refroidir  les  gaz  brul6s  afin  de 
permettre  I'arrivee  k  basse  temperature  (1400,1600  K)  sur 
les  aubes  de  turbine  en  aval  de  la  chambre  et  a  reduire 
remission  des  oxydes  d’azote. 

La  simulation  numerique  a  ete  realisde  avec  le  code 
DIAMANT  associe  au  modeie  de  combustion  turbulente 
CRAMER  [9]  pour  le  calcul  du  champ  de  vitesse.  de 
concentration  et  de  temperature  initial.  30  000  particules 
fluides  ont  ete  injectees  dans  les  diverses  entrees  de  la 
chambre,  ce  qui  a  permis  le  calcul  du  taux  de  reaction 
lagrangien  moyen,  ainsi  que  celui  du  champ  moyen  de  NO. 

Le  champ  de  vitesse  calcuie  est  represente  figure  10 
suivant  les  plans  1  =6  et  J  =  12.  On  observe  nettement 
dans  le  plan  I  =  6  le  mouvement  du  fluide  dO  &  I’injecteur 
tourbillormaire.  Dans  le  plan  J  =  12,  on  constate  la 
formation  de  zones  de  recirculations  en  fond  de  chambre, 
ainsi  que  I’injection  par  les  trous  primaires  superieurs  et 
inferieurs. 
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On  compare  figure  1 1  le  taux  de  reaction  moyen  wi 
obtenu  avec  le  modele  CRAMER  et  avec  le  modele  PEUL. 
Le  modele  CRAMER  est  un  modele  de  combustion 
turbulente  qui,  au  meme  titre  que  le  modele  Eddy  Break  Up 
fait  I’hypothese  que  la  chimie  est  tres  rapide  et  que  la 
reaction  est  controlee  par  le  melange,  done  par  la 
turbulence.  Ceci  se  traduit  par  le  fait  que  la  combustion 
commence  inunediatement  a  1’ injection  dans  le  bol  avec  le 
modele  CRAMER  alors  qu'avec  le  modele  PEUL.  on 
constate  que  la  reaction  demane  un  peu  plus  loin,  a  la  sortie 
du  bol.  respectant  ainsi  un  certain  delai  d'allumage 
caracteristique  de  la  reaction  chimique  consideree. 

Les  deux  modeles  representent  par  ailleurs 
correctement  une  zone  de  combustion  secondaire  ou  le 
combustible  imbrCle  dans  le  bol  reagit  avec  Pair  injecte  par 
les  trous  de  dilution. 

La  figure  12  presente  le  champ  de  temperature  moyen 
obtenu  avec  le  modele  PEUL.  La  temperature  maximale 
(2220  K)  est  obtenue  dans  les  gaz  brfiles  issus  de  la 
combustion  principale  riche.  La  combustion  secondaire  du 
methane  imbrCle  et  de  Pair  de  dilution  provoque  aussi  un 
degagement  de  chaleur.  sans  augmentation  de  temperature 
compte  tenu  du  debit  important  d'air  "froid"  (770K)  injecte. 
La  temperature  moyeruie  de  sortie  des  gaz  est  de  1470  K. 

On  presente  figure  13.  le  champ  moyen  de  NO 
obtenu.  On  sait  que  le  NO  thermique  se  forme  dans  les 
regions  a  haute  temperature  (au  dessu  de  1800  K)  riches  en 
oxygene  02.  afin  que  la  dissociation  02^z:^  20  cree 
suffisamment  de  radicaux  O  pour  declancher  le  mecanisme 
de  ZELDOVICH.  II  se  cree  ici  un  maximum  de  30  ppm  de 
NO  thermique,  la  moyenne  dans  la  section  de  sortie  se 
situant  a  6  ppm. 

Compte  tenu  du  regime  de  fonctionnement  de  la 
chambre  (combustion  primaire  riche,  pression  elevee  de  15 
bar),  il  est  fort  probable  qu'une  quantite  de  NO  bien  plus 
importante  se  forme  par  le  mecanisme  du  prompt  NO  et  par 
celui  passant  par  N20.  qui  n'ont  pas  ete  pris  en  compte 
danscette  etude. 

CONCLUSION. 

Plusieurs  mecanismes  globaux  d'oxydation  du 
methane  ainsi  que  le  mecanisme  de  formation  du  NO 
thermique  ont  ete  couples  au  modele  de  combustion 
turbulente  PEUL  associe  au  code  DIAMANT.  Les  resultats 
obtenus  dans  le  cas  de  la  chambre  double  flux  montrent  que 
le  niveau  de  NO  calcule  est  proche  du  niveau  mesure. 
pourvu  que  I'on  adopte  un  mecanisme  d'oxydation  du 
combustible  permettant  une  bonne  estimation  de  la 
temperature  ,  done  prenant  au  moins  en  compte  I'equilibre 
entre  CO  et  C02. 

On  sait  par  contre  que  dans  le  cas  de  la  chambre 
aeronautique.  le  regime  de  combustion  riche  a  haute 
pression  fait  que  le  mecanisme  du  NO  thermique  est 
minoritaire  par  rapport  au  mecanisme  du  PROMPT  NO  et  a 
celui  passant  par  N2O.  si  bien  que  notre  niveau  calcule  est 
tres  certainement  inferieur  au  niveau  reel. 

On  constate  par  ailleurs  sur  la  forme  des  taux  de 
reactions  obtenus  dans  la  chambre  aeronautique.  I’interet 
que  presente  le  modele  PEUL  de  ne  pas  faire  d'hypotheses 
particulieres  sur  le  rapport  des  temps  caracteristiques  de  la 
chimie  et  de  la  turbulence. 


-  Le  code  DIAMANT  dont  les  resultats  ont  et6  presentds 
dans  cet  article  a  ete  developpe  dans  le  cadre  de 
I’operation  A3C  [19]. 

-  Nous  remercions  la  Direction  de  la  Recherche  de 
RENAULT  d’avoir  particip^  au  financement  de  cette 
etude. 
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Mesures 


Figure  8  :  Comparaison  entre  les  isolignes  de  NO  calculees  et  mesurees 
(MOREAU  [16]) 


Trous  de  dilution 
Air  -  770  K  -  15  bars 


Figure  9  :  Section  de  la  chambre  aeronautique  -  Representation  des  differentes 
injections  et  conditions  d’entree 


Figure  10  ;  Vecteurs  vitesse  calculus  par  simulation  num^rique  avec  DIAMANT 


Modele  CRAMER 


Modeie  PEUL 


Figure  1 1  :  Taux  de  reaciion  moyen  lu 


Figure  13  ;  Niveau  de  NO  thermique  moyen  fonii6  en  panics  par  million 
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Discussion 


QUESTION  1: 

DISCUSSOR:  N.  Selpuk,  Middle  Eastern  Technical  University 

I  have  not  seen  any  temperature  profiles  for  the  two  problems  you  have  calculated.  NOx 
formation  is  strongly  dependent  on  temperature  and  the  temperature  distribution  is 
strongly  affected  by  thermal  radiation  at  the  high  temperatures  that  you  are  considering. 
Don't  you  think  your  NOx  estimation  would  be  better  if  you  incorporated  thermal 
radiation  with  your  predictions? 

AUTHORS  REPLY: 

In  parallel  to  the  work  presented  here  we  have  made  some  calculation  of  radiative 
transfer  within  the  combustor  and  we  have  checked  that  the  divergence  of  the  radiative 
flux  is  negligible  compared  to  heat  release  of  the  reaction.  Therefore  the  temperature  field 
should  not  be  significantly  influenced  by  the  radiative  transfer  especially  in  the  reaction 
zone  where  the  prompt  NO  is  supposed  to  be  produced.  These  calculations  did  not  take  soot 
into  account.  The  soot  level  is  considered  to  be  very  low. 
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AERO-THERMAL  DESIGN  OF  A  COOLED  TRANSONIC  NGV 
AND  COMPARISON  WITH  EXPERIMENTAL  RESULTS 


S.Colantuooi,  A.  Colella,  L.  Di  Nola,  D.  Carbone,  D.  Maiotta 
ALFA  ROMEO  AVIO  Sodeta’  Aeromotoiisdca  per  Azioni 
Research  &  Development 
80038  Pomigliano  d’Arco  (NAPOLI)  -  ITALY 


SUMMARY 

The  aerothennal  design  process  applied  to  a 
Nozzle  Guide  Vane  of  a  gas-generator  axial-flow 
turbine  for  a  compact  advanced  technology  core 
engine  is  described. 

The  principal  characteiistics  of  the  NGV  are: 


Overall  Tip  Radius,  mm  108.8 

Blade  hei^t ,  mm  19.7 

Blade  aspect  ratio  0.53 

Solidity  1.37 

Mean  Exit  isentropic  Mach  Number,  0.95 

Inlet  Temperature,  K  1450 


The  NGV  is  cooled  by  a  combination  of  different 
solutions,  like  impingement  cooling  and  Slm-cooUng 
on  the  front  side,  and  forced  convection  on  the  rear 
side,  followed  by  a  cooling  ejection  at  pressure  side 
near  the  trailing  edge. 

Representative  results  of  the  computational 
fluid-dynamics  and  of  the  thermal  analysis  of  the 
NGV  blade,  together  with  some  experimental  data 
obtained  from  component  test  rig  and  engine 
demonstrator  are  presented  and  discussed. 

LIST  OF  SYMBOLS 

C  blade  chord 

Cp  specific  beat  at  constant  pressure  for  air 

D  internal  leading  edge  diameter 

d  coolant  hole  diameter 

FEM  Fmite  Element  Method 

F/C  film  cooling 

g  pitch 

H  blade  height 

h  convective  heat  transfer  coeff.  q/(To-Tw) 

HTC  heat  transfer  coefficient 

k  thermal  conductivity 

L  coolant  duct  length 

1  flat  plate  length 

LE  leading  edge 

M  Mach  number 

m  local  blowing  rate  pcUc/po<>U<>o 


NGV  Nozzle  Guide  Vane 

Nu  Nusselt  number 

o  throat 

OTDF  overall  temperature  distribution  factor 

P  pressure 

Pr  Prandtl  number  pCp/k 

PS  pressure  side 

Re  Reynolds  number  pUooC/p 

RTDF  Radial  temperature  distribution  factor 

GET  Combustor  exit  temperature 

S  impingement  holes  spacing 

s  curvilinear  coordinate  from  stagnation  point 

SS  suction  side 

St  Stanton  number 

T  temperature 

TE  trailing  edge 

TTT  tuibine  ulet  temperamre 

Tu  freestream  turbulence 

U  velocity 

W  mass  flow  rate 

X  coordinate  along  axial  chord 

xc  coordinate  along  blade  chord 

y  coordinate  in  tangential  direction 

Z  impingement  boles  to  cooled  wall  distance 

a  film  cooling  hole  axis  angle 

P  flow  angle  in  blade-to-blade  plane 

AH  change  in  stagnation  enthalpy 

Y  specific  heat  ratio 

p  density 

^  Kinetic  Loss  Coefficient 

Subscripts 

c  coolant  flow  condition 

O  total  condition 

1  upstream  condition 

2  downstream  condition 

ax  along  the  axial  chord 

<«>  freestream  flow  condition 
g  gas 

0  without  coolant  injection 

is  isentropic  condition 

r  recovery 

w  condition  at  the  wall 
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1  INTRODUCTION 

A  technological  research  program  has  been 
planned  in  1987  at  ARA-R&D  to  implement  design 
methodology  in  the  critical  field  of  aerothermo- 
mechanics  of  HP  turbine  stages  having  high  working 
temperature  (14S0  -r  1800  K).  The  future  advanced 
technology  is  characterized  by  a  compact  geometry 
with  severe  design  constraints  and  targets,  like  blade 
life  goals  and  high  aerodynamic  performances 
achieved  in  the  transonic  range.  Complex  cooling 
system  is  required  despite  continuous  improvemeras 
in  materials  properties.  An  increasing  difficulty  is  due 
to  cooling  e^ctiveness  that  must  be  achieved  with 
vanes  of  small  dimension. 

The  first  phase  of  this  research  project  was  to 
design  and  develop  a  gas  generator  turbine  stage  with 
the  maximum  possible  inlet  temperature  without  rotor 
blade  cooling. 

The  cooled  NGV  aerodynamic  design  of  a  turbine 
working  at  high  temperature  required  a  system  of 
computational  tools  in  order  to  define  the  correct 
geometry  of  the  blade.  On  the  other  hand  an 
important  task  was  the  experimental  validation  of  the 
design  methodology,  so  that  recently  developed 
experimental  techniques  have  been  applied  to  verify 
the  flow  modeling  and  the  computational  approach 
used  (see  fig  1). 


Fig  1  -  Flow-chart  of  design  validation 

An  experimental  program  on  the  different  aspects 
of  the  aerotheimal  design  has  been  planned. 


Aerodynamic  tests  on  blade  mid  section  have  been 
performed  on  solid  vane  at  design  point  as  well  as 
off-design  conditions  in  terms  of  Mach  number, 
Reynolds  number  and  inlet  turbulence  level. 

On  the  other  hand  the  performances  of  the  film 
cooling  have  been  measured  at  different  blowing  rates 
and  temperature  ratios.  In  order  to  provide  the  thermal 
design  validation  on  the  engine  demonstrator,  it  was 
required  to  have  a  comprehensive  knowledge  of  blade 
metal  temperatures.  The  thermal  indicator  pairtts  (TIP) 
method,  that  can  provide  pictorial  evidence  of  peak 
temperatures  and  isotherm^  distributions  on  the  NGV 
blades,  has  been  chosen. 

The  design  is  described  along  with  discussion  of 
the  results. 

2  AERODYNAMIC  DESIGN 

2.1  Turbine  design  conditions 

The  project  goal  is  to  design  a  new  single  stage 
HP  unshrouded  turbine  with  uprating  requirements  of 
TIT  (from  actual  1250  to  1450  K)  that  fits  in  to 
existing  engine  hardware.  Although  the  rotor  blade 
can  be  uncooled  (single  crystal  alloy)  the  NGV  must 
be  adequately  cooled. 

The  turbine  design  conditions  are  based  on 
driving  a  single  stage  centrifugal  compressor  at  given 
speed  : 

inlet  total  pressure  681  Kpa 

inlet  total  temperature  1450  K 

inlet  mass  flow  2.82  kg/s 

rotational  speed  38100  RPM 

power  825  kW 

In  order  to  meet  target  performatKes  and  life 
requirements,  with  geometrical  and  manufacturing 
constraints,  including  cost  considerations,  an  iterative 
and  interactive  procedure  has  been  adopted,  to  design 
the  basic  blade  profiles.  Then  flow  analysis  has  been 
performed  on  the  final  blade  atmular  cascade  by  3D 
Euler  and  Navier-Stokes  solvers. 

2.2  Mean  line  and  through-now  analysis 

The  mean  line  design  required  a  parametric  study 
fixing  some  geometry  parameters  due  to  mechanical 
constrains  (hub  radius),  varying  tip  radius  arxl  NGV 
TE  angle,  in  order  to  qttimize  the  performances. 

Analysis  study  has  been  carried  out  to  select  blade 
velocity  triangles.  The  through-flow  calculation  gives 
the  following  performances  of  turbine  stage: 


total-to-total  pressure  ratio  2.45 

total  efficiency  86.30  % 

specific  work  ,  Ah  290.8  kJ/kg 

flow  factor  ,  Ca/U  0.605 

mean  loading  factor  ,  Ah/U^  1.865 

work  capacity  ,  Ah/T  0.201  kJ/kgK 
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To  get  a  better  woik  distribution  along  the  blade  span 
the  forced  vortex  design  has  been  selected,  imposing 
a  constant  meridional  velocity  gradient. 

The  flowpath  of  the  turbine  stage  is  presented  in  fig.2. 
The  NGV  exit  Mach  numbers  are  slightly  supersonic 
(1.08  at  the  hub  ,  0.9S  at  the  mid  and  0.90  at  the  tip) 
and  flow  deviation  is  almost  constant. 


Fig  2  -  Meridional  view  of  turbine  flow-path 
2J  Detailed  blade  profile  design 

The  blade  profiles  (hub,  mid,  tip)  have  been 
designed  with  an  interactive  code, based  on  an  indirect 
method,  a  procedure  is  described  in  the  flow-chart  of 
fig  3. 


The  blade  coordinates  are  computed  starting  fiom 
a  prescribed  velocity  distriburion,  that  must  satisfy 
aerodynamic  requirement  as  well  as  mechanical  and 
manufacturing  constrains  for  cooled  blade,  than  the 
flow  have  been  analyzed  by  2D  Euler  solver  and  the 
2D  bourxlary  layer  was  also  evaluated.  In  the  final 
step  3D  flow  field  analysis  has  been  perftnmed.  For 
the  aerodynamic  design  of  the  blatte  profiles,  the 
following  criteria  has  been  used:  an  unifoim  loading 
distribution  along  the  chord,  with  the  maximum  mote 
near  the  TE,  avoiding  velocity  peaks  on  the  SS  and 
reducing  as  far  as  possible  the  diffusion  on  the  SS 
after  the  shock.  The  geometry  of  three  blade  sections 
have  been  defined  (hub,  mid  and  tip)  (fig.  4).  The 
mid  section  cascade  (fig.  S)  has  the  following 
geometrical  characteristics: 


radius  99.44  mm 

pitch  ,  g  27.29  mm 

axial  chord  length  ,  Cax  23.18  mm 

chord  length  ,  C  37. IS  mm 

throat  width  ,  o  8.06  mm 

pitch/chord  ratio  ,  g/o  0.73 

TE  thickness/throat,  te/o  8.06  % 

TE  thickness,  te  0.65  mm 

TE  thickness/chord  ,  te/C  1.75  % 

Stagger  angle  50.03  deg 

Gauging  angle,  arcos(o/g)  72.8  deg 


The  exit  design  flow  conditions  are  : 

exit  flow  angle,  71.0  deg 

isentropic  exit  Mach  number.Mj  ^,  0.95 

exit  Reynolds  number  (chord).  Re,  ,.  S.SxlO* 

The  NGV  blade  number  is  23  and  the  aspect  ratio 
H/C=0.53  based  on  mean  true  chord. 


Fig  3  -  Flow-chart  of  design  procedure 


Fig  4  -  NGV  Blade  sections 


The  cascade  flowfields  have  been  analyzed  with  a 
2D  time  marching  Euler  code  based  on  finite  area 
s^iproach  [1]. 

The  type  H  computational  mesh  size  is  69x15.  The 
convergence  is  checked  on  the  evaluation  of  the  exit 
flow  angle.  It  is  satisfactory  to  have  maximum 
fluctuation  less  than  0.1  deg.  The  isentropic  Mach 
number  distribution  vs  the  axial  coordinate  is  showed 
in  fig.  6.  There  is  a  gradual  acceleration  at  SS  up  to 
max  value  of  1.1  at  72  %  of  the  axial  choid,  followed 
by  a  weak  oblique  shock  with  AMach=0.05,  than  an 
oblique  shock  decelerate  the  flow  to  0.98.  Regular 
acceleration  at  PS  is  detected.  The  computed  exit  flow 
angle  is  71.5. 


0.0  0.2  0.4  0.6  0.6  1.0 

X/CAX 


The  blade-to-blade  iso-Mach  lines  at  the  mid 
section  is  presented  in  fig.  7. 


Fig  7  -  2D  Euler  analysis  :  iso-Mach  lines  at  the  mid 
section  .  AM=0.05  Range=(0.05,l-2). 


2.4  Euler  3D  analysis 

The  final  3D  geometry  of  the  blade  was  obtained 
by  stacking  the  blade  sections  such  that  the  TE  was 
straight  (no  tilt)  and  radial  (no  lean)  in  the  meridional 
and  axial  views,  respectively. 

The  analysis  has  been  perfoimed  on  the  solid 
blade  with  a  code  based  on  time  marching  technique 
and  finite  volume  discretization  procedure  [2].  The 
computational  domain  (H-mesh)  used  had  a  size  of 
71x21x21  with  constant  inlet  boondaty  condifions. 
The  pressure  ratio  at  the  hub  exit  was  chosen  to 
obtain  a  mid  span  outlet  Mj^  -  0.95  . 

The  M, distributions  results  relative  to  hub,  mid 
and  tip  section  are  presented  in  fig.  8.  There  is  at  mid 
section  more  evident  deceleration  behind  the  shock 
with  respect  to  the  2D  calculation  (fig.  6). 

Let’s  note  also  that  the  maximum  SS  surface 
Mach  number  at  the  hub  does  not  exceed  1.3. 

The  computed  flow  angle  and  Mach  number  at 
mid  section  ate  respectively  equal  to  70.9  and  0.9S. 


Fig  6  -  Blade  isentropic  Mach  Number  (Euler  2D) 
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Fig  8  -  Blade  macb  number  distribution  (Euler  3D) 

In  the  fig.9  there  are  the  3D  Euler  analysis  results 
in  terms  of  average  flow  deviations  and  Isentropic 
Mach  number  distribution  at  the  NGV  exit  along  the 
blade  span  at  about  x/Cax=0.26  behind  the  TE. 


Fig  9  -  Flow  parameters  at  exit  of  blade  (Euler  3D) 


2^  3D  viscous  analysis 

At  the  time  of  the  NGV  aerodesign  the  viscous 
solver  was  not  available,  therefore  this  analysis  has 
been  done  later,  when  the  manufacturing  process  was 
in  progress. 


In  the  following  some  results  of  a  steady  state  3D 
viscous  analysis  are  reported.  The  analysis  solves  the 
Navier-Stokes  equations  written  in  a  Cartesian  (x,y,z) 
coordinate  system.  The  multistage  Runge-Kutta 
scheme  is  used  to  advance  the  flow  equations  in  time 
from  an  initial  guess  to  a  steady  state.  The  turbulent 
viscosity  is  computed  using  an  adaptation  of  the 
Baldwin-Lomax  turbulence  model  to  three- 
dimensional  flows.  The  local  time-stepping,  residual 
smoothing  and  multigrid  are  used  to  accelerate 
convergence  . 

The  three-dimensional  grid  was  obtained  by  means 
of  two-dimensional  C-shaped  grids  (fig.  10) 
interpolated  linearly  from  bub  to  the  tip  of  the  blade. 


Fig  10  -  Viscous  analysis  :  computational  mesh  view 

The  calculation  has  been  performed  using  176 
points  around  the  blade,  32  blade-to-blade  and  48  in 
radial  direction  .  The  initial  grid  spa::ing  is  about 
0.03  %  of  the  chord  at  the  blade  and  0.06  %  of  the 
blade  height  either  at  the  hub  and  tip. 

The  analysis  has  been  performed  at  the  design 
conditions  with  the  inlet  total  temperature  distribution 
of  the  fig.l  1.  A  convergent  solution  with  a  total  grid 
point  of  270000  needs  about  4(X)  cycles  of  multigrid. 

Computational  results  relative  to  blade-to-blade 
iso-Mach  at  mid  section  the  fig.  12. 
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profile 


Fig  12  -  3D  viscous  analysis  :  isomach  lines  at  the 
mid  section.  AMsO.OS  ;  Range  =  (0.03,1.2) 


3  THERMAL  DESIGN 
3.1  Design  Requirements 

Current  materials  cannot  be  exposed  to 
temperatures  above  1250  K  without  a  dramatic 
decrease  in  life.  Blades  must  be  cooled  if  significantly 
higher  turbine  inlet  temperature  ate  desired.  As  the 
cooling  scheme  becomes  mote  complex,  a  better 
understanding  of  the  internal  pressure  and  beat 
transfer  coefficient  distributions  is  necessary  to  be 
able  to  predict  the  hot  section  metal  temperature 
accurately.  In  our  case  the  fieestream  temperature  is 
above  this  limit  so  the  nozzle  must  be  cooled. 

The  design  target  gas  temperature  distribution  at  the 
NGV  inlet  has  a  RTDFs^.lO  artd  an  OTDFs0.21, 
with  an  average  117=1450  K.  The  average  profile 
(fig.  11)  has  a  peak  temperature  of  1549  K  and  a 
"worst"  profile  has  a  peak  of  1645  K. 

The  design  requirement  of  the  cooling  system  is 
based  on  blade  max  metal  temperature  of  1050  °C 
with  minimum  cooling  flow. 

The  cooling  system  definition  for  the  NGV 
thermal  design  followed  an  integrated  rqrproach 
between  the  coolant  flow  path  definition  inside  the 
blade,  the  evaluation  of  external  atxl  internal 
heat-transfer  coefficients,  the  impact  of  the  coolant 
flow  on  the  aerodynamic  performance  of  the  blade 
row,  and  the  2D  thermal  analysis.  As  final  result  the 
metal  temperatures  distribution  by  a  Finite  Element 
Method  (FEM)  model  has  been  estimated. 


3.2  Internal  coolant  passage  design 

The  design  of  the  cooling  passages  is  constrained  by 
the  following  considerations: 

-  Stator  blade  internal  beat  transfer, 

-  Cooling  flow  pressure  losses: 

-  Compatibility  with  fabrication  methods. 

The  last  one  is  the  most  restrictive  of  the  three 
constraints  and  is  so  limiting  that  the  design  process, 
to  a  high  degree,  revolves  around  the  limits  placed  on 
cooling  passage  geometry. 

Fabrication  constraints  that  limit  the  allowaUe  core 
passage  geometries  ate,  generally,  based  on  previous 
casting  experience.  These  constraints  are: 

-  minimum  core  cross-sectional  area  ; 

-  minimum  length  of  unsupported  core  section 
(dependent  on  thickness  of  section): 

-  minimum  core  aixl  wall  metal  thicknesses  ; 


Of  course  beat  transfer  consideratioos  call  for  a 
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complete  coverage  of  the  stator  blade  surface  by 
adequate  internal  convective  coefficients  obtained  via 
appropriate  combinations  of  flow  velocity,  passage 
width,  and  wall  surface  roughness  treatment  From 
this  point  of  view  it  is  necessary  to  take  into  account 
that  coolant  flow  pressure  loss  is  limited  by  available 
cooling  air  pressure  from  compressor  bleed  and  the 
position  along  the  stator  blade  surface,  at  which  the 
cooling  air  is  discharged.  Mutual  satisfaction  of  these 
considerations  results  in  a  successfitl  design. 

The  design  process  consisted  of  selecting  cooling 
cotKepts,  compatibly  with  the  established  constraints, 
examining  the  ability  of  each  to  perform  the  required 
cooling  and  choosing  the  final  conceptual  scheme. 
Figure  13  shows  the  resulting  concept  used  for  the 
detailed  design  effort. 


Fig  13  -  NGV  blade  cooling  flow  scheme 

The  cooling  air  goes  into  the  stator  blade  at  the  tip 
section  and  flows  within  the  blade  through  two 
parallel  cooling  ducts. 

In  the  forward  duct  the  cooling  air  flows  from  the 
tip  to  hub  blade  direction,  cooling  the  internal  surface 
of  the  stator  blade  by  impingement  and  the  external 
surface  by  film  cooling.  The  impingement  cooling  is 
realized  by  a  perforated  sheet  insetted  into  the  cavity 
(fig.  14).  Afrer  the  impingement  cooling  the  air 
discharges  in  the  freestream  at  leading  edge,  pressure 
and  suction  regions  from  six  rows  of  boles.  When  the 
cooling  air  flows  from  holes  forms,  on  the  stator 
blade  surface,  a  protective  cooling  film  that  reduce 
the  surface  beat  flux. 

In  the  rearward  duct  the  surface  of  the  stator  blade 
is  cooled  with  combined  mechanism  of  convective 
and  film  cooling  at  trailing  edge.  In  fact  the  air  that 
flows  in  the  duct  cooling  the  internal  surface  by 


convection,  is  discharged  in  the  freestream  from  four 
slots  on  the  pressure  side  near  the  trailing  edge,  thus 
film  cooling  this  edge. 

Design  of  the  detailed  area  distribution  and 
branching  coolant  flow  circuitry  has  been 
accomplished  using  an  internal  coolant  flow  model. 
The  method  utilizes  flow  modeling  within  the  stator 
blade  passages  via  discreet  elements  that  include 
fiictiotial  and  bend  losses,  branching  losses,  restriction 
and  expansion  losses.  The  coolant  passage  wall 
temperature  distribution  and  coolartt  inlet  condition 
ate  a  required  input.  Thus  an  interactive  process 
between  this  code  and  the  beat  conduction  code  must 
be  used  since  the  wall  temperature  distribution  is  not 
known  a  priori.  Fig.  14  shows  the  internal  coolant 
flow  distribution  (the  1.8%  of  the  inlet  mass  flow 
turbine  in  the  forward  duct  and  the  2.5%  in  the 
rearward  duct  for  full  NGV  blade). 


3  J  FiIm>cooling  design 

Film  cooling  has  been  selected  as  the  best  method 
to  cool  the  critical  leading  edge  (LE)  region  (in  the 
stagnation  point,  in  fact,  the  hot  gas  heat  transfer 
coefficient  is  very  high  up  to  about  3000  W/in^/K). 
This  method,  combined  with  impingement  cooling  on 
the  internal  surface,  permits  a  good  cooling  of  the  LE. 
The  cooling  air,  after  the  impingement  cooling,  is 
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discharged  in  the  hot  gas  boundaiy  layer  by  three 
rows  of  holes  (also  a  convection  cooling  through  the 
holes  is  obtained  in  this  way).  The  amount  of  the 
coolant  and  the  geometrical  characteristics  of  the  rows 
(hole  diameter,  pitch  to  diameter  ratio,  number  of 
holes  for  row  and  number  of  rows)  have  been  defined 
to  get  a  blowing  ratio  close  to  "1",  in  order  to  obtain 
a  good  cooling  effectiveness  without  excessive  usage 
of  cooling  air.  As  shows  fig.  14,  the  film  cooling  has 
also  been  used  on  the  suction  side  (two  rows  of  holes) 
and  pressure  side  (one  row).  Sizing  film  cooling 
holes  requires  the  knowledge  of  the  discharge 
coefficient  that  has  been  initially  estimated  and  then 
updated,  based  on  experimental  tests.  In  the  Table  I 
geometrical  characteristics  of  the  film  cooling  holes 
are  reported. 


Table  I 


Row 

N 

d 

(mm) 

S/d 

(-) 

0 

(deg) 

23 

0.25 

3. 

50 

LE 

m 

0.25 

3. 

24 

0.25 

3. 

77 

•• 

68 

SS 

23  1 

68 

PS  1 

24  1 

" 

" 

155 

The  geometry  of  the  thin  trailing  edge  region 
precludes  adequate  cooling  by  internal  convection 
alone,  so  the  film  cooling  method,  from  four  slots 
near  this  region,  is  used.  The  main  characteristics  of 
slots  are  ; 

Number  of  slots  4 

Radial  Length  (mm)  3 

Width  (mm)  0.68 

Distance  from  TE  (%  chord)  26.5 


3.4  Nastran  finite  element  method,  element  models 
and  geometry  related  assumptions 

The  Nastran  thermal  analyzer  code  approximates 
the  integrations  of  the  3D  conduction  equation  for  the 
finite  element  by  a  matrix  form  equation  which 
relates,  in  stead> -state  condition,  the  temperature  T 
at  any  point  in  the  finite  model  of  the  structure, 
thermal  conductivity,  and  heat  flow  due  to  the 
convection  fi-om  the  surfaces  and  the  conduction 
within  the  structure.  For  the  steady-state  runs,  the 
code  verifies  convergence  of  the  solution  after  each 
iteration  by  comparing  the  maximum  temperature 


change  at  every  node  against  a  preselected  criteria. 

In  order  to  define  both  Mid-section  2D  and  3D 
NGV  geometrical  models,  was  used  PATRAN-2  as 
preprocessor  code. 

For  the  Mid  section  2D  finite  elements  model, 
QUAD4  conduction  surface  elements  have  been  used. 
On  the  line  of  the  QUAD4  elements,  exposed  to  the 
hot  gas  or  cooling  air,  HBDY  elements  (LINE  type) 
have  been  used,  for  the  convective  heat  exchange. 
The  model  is  shown  in  fig  IS. 


Fig  15  -  2D  FEM  model 


The  NGV  solid  model  that  includes  the  hollow  blade 
with  the  hub  and  tip  platforms,  is  shown  in  fig.  16. 


Fig  16  •  3D  Solid  Model 
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For  the  3D  finite  elements  model,  HEXA  and 
PENTA  conduction  solid  element  have  been  applied. 
On  the  surfaces  of  the  HEXA  elements  where 
convective  beat  transfer  (with  hot  gas  or  air  cooling) 
are  present,  HBDY  elements  (AREA4  and  AREAS 
types)  have  been  overlaid.  To  simulate  the 
geometrical  presence  of  film  cooling  boles  and  the 
convective  beat  transfer  through  the  holes,  FTUBE 
elements  have  been  used.  The  solid  model  is 
composed  by: 


Grid  Point  5003 

Solid  Element  (HEXA)  2996 

Solid  Element  (PENTA)  6 

HBDY  Boundary  element  (AREA4)  3503 
HBDY  BouiKlary  element  (AREAS)  8 
HBDY  Boundary  element  (FTUBE):  66 


3.5  Mid  Section  blade  thermal  analysis 

The  model  under  consideration  is  the  mid  section 
of  the  stator  blade.  The  equation  governing  steady 
state  conduction  is  of  the  elliptic  forni.  Therefore, 
heat  transfer  coefficients  (HTQ)  and  relative  total 
temperature  boundary  conditions  are  required  on  the 
external  and  internal  surfaces  cooling  air  passages. 

Boundary  conditions  were  specified  according  to 
different  regions  of  heat  transfer  on  the  internal  and 
external  surfaces. 

-  Convection  forced  on  leading  edge,  suction  and 
pressure  hot  gas  sides:  HTCs  on  this  surfaces  in 
presence  of  film  cooling  have  been  initially  estimated, 
than  updated  based  on  experimental  tests  performed 
at  Von  Karman  Institute  [3].  The  measurement  were 
perfoimed  in  the  short  duration  isentropic  light  piston 
compression  tube  fedlity  with  the  platinum  thin- film 
gauge  technique.  Fig.  17  show  the  heat  transfer 
coefficients  distributions  for  a  nominal  test  condition 
(Mj=0.98,  Rei=5.5xl0*,  Toc/To<>»=0.4),  The  total 
temperature  boundary  condition  is  the  hot  gas  total 
temperature  To»=1450K. 

-  Film  cooling  on  trailing  edge:  The  experimental 
configuration  of  the  blade  model  tested  did  not  have 
film  cooling  at  trailing  edge,  therefore  a  theoretical 
approach  has  been  used  in  tins  case.  The  HTC  has 
bera  calculated  by  a  modified  version  of  two- 
dimensional  finite  difference  boundary  layer  code 
STAN5  [4],  without  film  cooling,  aixl  the  total 
temperature  boundary  condition  is  the  wall  adiabatic 
temperature  calculated  fiom  the  "film  effectiveness 
Tl"-. 

Taw  =  To®*  -  T)  (To®®-Toc) 
where  the  film  effectiveness  is  calculated  by  the 


Goldtsein  [5]  relationship  for  tangential  injection  from 
slot  (Appendix  A). 
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Fig  17  -  Heat  transfer  coefficients 

-  Impingement  cooling  in  the  forward  duct:  The  HTC 
has  been  calculated  by  the  Kercber-Tabakoff  [6] 
relationship  for  impingement  realized  through  a 
square  array  of  circular  boles: 

Nud  =  tp,  (Red)‘(Pr)''’  (Z/d)"”' 

where  the  coefficients  are  presented  in  Appendix  A. 

-  Impingement  cooling  on  the  internal  LE  surface: 
The  HTC  on  the  internal  l.e.  surface  has  been 
calculated  by  the  Cbupp  [7]  relationships  for 
impingement  realized  through  a  row  of  circular  boles 
on  a  concave  semicilinder  surface: 

Nud(O)  =  0.493  (Red)®  ’(Pr)'«(d/S)'’* 
expl-0.85  (d/S)  (d/D)®-‘(Z/d)) 

for  the  Nusselt  number  in  the  stagnation  point,  and: 

Nud  =  0.706  (Red)'^’(Pr)''*(d/S)®^(d/D)®* 
expl-1.27  (dyS)®^«l/D)'^(Z/d)) 

for  the  average  Nusselt  number. 

-  Ctmvection  cooling  in  the  rearward  duct,  holes  and 
slots:  In  this  passages  the  HTC  is  calculated  by  a 
turbulent  flow  in  a  short  tube  correlation  [8]: 
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Nud  =  0.023  (Red)®‘(Pr)'^{  l-Kd/L)®’) 

The  pieliminaiy  value  of  the  cooling  air  total 
temperature  Tco  was  575  K. 

The  analysis  is  non-linear  steady-state  type,  that 
means  the  thermal  conductivity  is  temperature 
function.  The  final  results  for  the  Mid  section  stator 
blade  analysis  are  presented  in  fig.  18. 


Fig  18  -  Results  of  2D  thermal  analysis 

The  aT  between  the  iso-temperature  is  25°C.  The 
maximum  temperature  ( •  879°C)  occurs  at  the  trailing 
edge,  where  the  protection  by  film  cooling,  on  the 
pressure  side,  is  opposed  from  high  heat  flux  on  the 
suction  side  (here,  in  faa,  the  boundary  layer  is 
turbulent  so  the  HTC  are  greater  than  laminar  and 
transitional  b.l.  ones)  and  the  protective  film  cooling 
on  the  suction  side  itself,  reali^  from  rows  SSI  and 
SS2,  is,  by  this  time,  vanished.  In  the  forward  part  of 
the  stator  blade,  the  combined  mechanism  of 
impingement,  film  cooling  and  convection  cooling 
(through  film  cooling  holes)  results  very  efficient,  in 
fact  the  maximum  temperature,  occurs  in  the 
stagnation  point,  is  about  7S0°C. 


3.6  NGV  3D  model  thermal  analysis 

The  model  under  consideration  is  the  3D  model  of 
the  stator  blade  (fig.  16).  As  before  the  heat  transfer 
coefficients  (HTCs)  and  relative  total  temperature 
boundary  conditions  are  required  on  the  external  and 
inteinal  surfaces  of  the  cooling  air  passages. 

The  KTCs  on  internal  coolant  passages  and 
external  surfaces  were  calculated  as  before,  taking 
into  account  cooling  air  temperature  increase,  due  to 
the  heat  transfer  between  the  hot  stator  surfaces  and 
the  cooling  air,  that  flows  from  tip  to  hub  direction. 
Gas  side  HTCs  have  been  considered  constant  along 
the  blade  span.  Some  other  parts  on  which  the 
boundary  conditions  were  imposed  are: 

-  Stator  blade  to  blade  inner  and  outer  platfotms.  hot 
eas  surfaces  :  The  heat  transfer  coefficients  are  taken 
to  be  the  mean  of  the  suction  and  pressure  surface 
values  at  the  Hub  and  Tip  sections. 

-  Inner  and  outer  platforms  hot  eas  surfaces  upstream 
and  downstream  of  the  NGV  :  On  hot  surfaces,  the 
use  of  twice  HTC  calculated  by  the  correlation  for  a 
turbulent  flow  in  a  pipe,  produce  a  realistic  value.  The 
hot  gas  total  temperature  has  been  assumed  unifoim. 

-  Inner  and  outer  platforms  cold  surfaces:  Over  the 
outer  shroud  cold  surface,  for  HTC  calculation  were 
used  the  e^qtressioo  for  average  value  of  a  turbulent 
boundary  layer  on  a  flat  plate: 

Nul  =  0.036  (Rel)®  *(Pr)’'’ 

Over  the  inner  shroud  cold  surface  the  HTC  for 
annular  duct  forced  convection  correlation  has  been 
used.  The  cooling  air  temperatures  have  been 
estimated  for  the  forward  vane  625  K,  the  rearward 
vane  605  K,  across  the  cooling  boles  800  K. 

Two  calculations  have  been  performed,  one 
relative  to  the  "average"  vane  (Tgas,ave=  1460  K, 
Tpeak=  1549  K)  and  one  for  the  "hottest"  vane 
(Tgas,ave=  1542  K,  Tpeak=  1645  K). 

The  thermal  maps  of  the  blade  are  presented  in 
figg.  19,  20.  From  the  isothermal  lines  it  is  evident 
that  the  blade  has  a  PS  hotter  than  SS  aixl  the  hottest 
regions  are  at  TE  and  LE  .  Max  metal  temperatures 
are  at  TE  976  °C  and  at  LE  955  °C  in  the  case  of 
average  vane.  More  critical,  but  in  any  case  below 
target  limits,  are  the  max  values  for  the  hotter  vane, 
where  at  TE  the  temperature  is  1033  ®C  and  1012  ®C 
at  the  LE. 

In  correspondence  to  the  SS  rows  there  are  lowest 
temperatures  around  700  "C,  due  to  convection 
cooling  through  the  boles. 
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4  AERODYNAMIC  NGV  TEST  VERIFICATION 
ON  CASCADE  RIG 

4.1  The  facility,  the  model  and  the  meararement 
techniques 

The  expeiimemal  investigatioa  was  earned  out  in 
the  Von  Karnian  Institute  light  piston  compression 
tube  facility  [3].  The  freestream  gas  conditions  can  be 
varied  between  300  and  600  K  and  0.S  and  7  bar.  The 
typical  test  duration  is  about  4O0...SOO  ms. 

The  measurements  presented  were  performed 
along  a  film  cooled  NGV  mid  secrion,  mounted  in 
linear  cascade  configuratioa  The  model  was  scaled 
by  an  factor  of  2.  This  cascade  consisted  of  5  blades 
(fig.21)  with  the  central  one  instrumented  either  for 
static  pressure  measurements  (blade  velocity 
distribution)  or  for  heat  flux  measurements  (blade 
convective  heat  transfer  distribution). 

The  heat  transfer  measurements  are  obtained  via  a 
transient  technique  using  thin  film  gauges  installed  on 
a  glass  ceramic  blade. 


Fig  21  -  Cascade  Model 

The  coolant  flow  was  supplied  by  a  regenerative 
type  cryogenic  beat  exchanger  allowing  the  simularion 
of  different  coolant  to  freestream  temperature  ratios. 

It  is  important  to  mention  that  only  the  blade  used 
for  beat  flux  measurements  was  film  cooled.  The 
velocity  distributioos  were  obtained  along  a  smooth, 
uncooled  profile. 

The  uncertainty  on  pressure  measurements  was  of 
the  order  of  ±  0.3  %,  on  temperature  measuremettts  of 
the  order  of  ±  1.5  K,  on  the  beat  transfer  coefficient 
of  the  order  of  ±  5%,  on  the  integrated  loss 
coefficient  of  the  order  of  ±  0.2  points  and  on  the  exit 


flow  angle  ±  O.S  deg. 

4.2  Test  conditions 

The  test  program  was  built  up  by  varying  the 
freestream  conditions  according  to  the  foUowing 
values  :  Mach  0.8  7  1.2,  Reytx>lds  0.4x10’ -r  1.0x10^ 
Tuibulence  1  %  -r  6  %. 

The  freestream  temperature  was  selected  to  be 
362K  for  the  Reynolds  tests  (S.SxlO’).  For  this  test 
condition  3  values  of  the  coolant  to  freestream 
temperature  ratio  were  considered  as  well  as  S  to  7 
values  of  the  blowing  rate.  All  these  tests  were 
perfoimed  independently  for  the  leading  edge  suction 
side  and  pressure  side  cooling  configurations. 

4J  Blade  velocity  distribution 

Blade  iseniropic  Mach  number  distributions  were 
obtained  from  local  static  pressure  measurements, 
referred  to  the  upstream  total  pressure.  The  blade  used 
for  this  purpose  is  equipped  with  27  static  pressure 
tappings. 

The  blade  velocity  distributions  were  performed 
with  the  downstream  dump  tank  open  to  atmosphere, 
in  this  way,  the  value  of  the  downstream  Reynolds 
number  was  not  ctmtroUed.  Anyway,  the  influence  of 
this  parameter  on  the  velocity  distribution  presented 
under  the  form  of  a  Mach  number  evolution  is  know 
to  be  small. 

In  the  fig.22  the  Isentrc^ic  Mach  number  in  function 
of  a  coordinate  (Xc)  measured  along  the  chord  of 
profile  for  the  condition  M,  ^,=0.95  is  presented.  The 
irregularities  along  the  suction  side  are  due  to  the 
local  variation  of  the  curvature  of  the  profile. 
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Fig  22  -  Experimental  isentroiric  Mach  Number 


33-13 


4.4  Blade  heat  transfer  distribution 

The  blade  used  for  heat  flux  measurements  was 
made  of  Macor  glass  ceTamic  and  instmmented  by 
means  of  45  platinum  thin  film  gauges. 

In  order  to  identify  the  effects  of  Mach  number 
and  Reynolds  number  as  well  as  of  fieestream 
turbulence  intensity  on  the  convective  heat  transfer 
distribution  along  the  profile,  a  first  series  of  heat  flux 
measurements  were  performed  without  any  film 
cooling. 

In  the  fig.23  the  heat  transfer  coefficient 
distributions  forM2j.=1.0  are  presented.  The  effects  of 
turbulence  level  (1%  and  6%)  and  Reynolds  number 
(0.55x10*  and  l.OxIO*)  are  clearly  evident.  At  Re  of 
0.55x10*  the  effect  of  turbulence  increases  HTC  but 
not  the  boundary  layer  state.  At  Tu  of  6%  the 
increase  of  Re  appears  that  the  boundary  layer 
remains  in  a  laminar  state  up  to  the  rear  pan  of  the 
suction  side  and  that  transition  occurs  more  or  less  at 
location  of  the  suction  side  velocity  peak.  Along  the 
pressure  side,  the  boundary  layer  is  in  a  transitional 
state.  We  can  observe  the  small  distuifos  on  the 


Fig  23  -  Heat  transfer  coefficients  for  the  uncooled 
blade 


boundary  layer  status  due  to  the  film  cooling  holes 
presence  to  low  Reynolds  numbers.  With  additional 
test  performed  for  downstream  Reynolds  number 
value  of  1.0x10*  was  observed  that  film  cooling 
boles  is  sufficient  to  trigger  the  transition  of  the 
boundary  layer. 

The  beat  transfer  coeffident  distributions  film 
coding  were  conducted  independently  for  the  three 
distent  cooling  configurations :  leading  edge,  suction 


side  and  pressure  side. 

For  each  case  the  beat  transfer  coeffident  "b"  is 
compared  to  the  heat  transfer  coeffident  "ho" 
obtained  without  any  film  cooling.  The  results  are 
obtained  at  three  different  coolant  to  fieestream 
temperature  ratios  varying  the  coolant  mass  flow 
(blowing  ratio).  The  fig.24  shows  the  h/ho  ratio 
relative  to  the  nominal  condition.  The  film  cooling  on 
the  LE  and  PS  seems  to  be  effective,  while  the 
benefit  on  the  SS  is  limited  to  the  region  immediately 
downstream  the  boles;  fiutber  downstream  the  laminar 
to  turbulent  B.L.  transition  causes  an  HTC  increase. 


Fig  24  •  Heat  transfer  coefficients  with  film  cooling 


In  fig.25  the  discharge  coefficient  evolution  vs  to 
coolant  static  to  fieestream  total  pressure  ratio  is 
given. 


Fig  25  -  Discharge  coeffident  through  the  film 
cooling  holes 
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4.5  Cascade  performances 

This  testing  was  earned  out  using  S  aluminium 
profiles  none  of  the  blade  were  equipped  with  film 
cooling  boles. 

Wall  static  pressure  tappings  were  installed 
downstream  of  the  cascade,  in  a  plane  parallel  to  the 
trailing  edge  plane  and  located  at  ^Cax  =1.415 
downstream.  They  covered  a  distance  a  litde  more 
than  2  pitches  to  verify  the  downstream  periodicity  of 
the  flow  and  to  determine  the  exit  Mach  number  to 
the  cascade.  The  downstream  loss  coefficient 
evolution  as  well  as  the  exit  flow  angle  were  obtained 
by  means  of  a  fast  traversing  mechanism,  transporting 
a  Pitot  probe  over  2  pitches  [9]. 

The  test  was  built  up  by  varying  the  following 
fieestream  conditions  :  To  =  400  K,  Mj  ^,  =  0.7  to 
1.12,  Reij=  5x10^  to  lxl0‘,  Tu  =  0.8  %. 

At  the  design  point  (Mj  j,  =  0.95)  the  measured 
flow  deviation  is  71.0  deg  and  kinetic  loss  coefficient 
i;j=0.026. 

4.6  Comparison  with  numerical  predictions 


The  predicted  Isentropic  Mach  number  distribution 
around  the  solid  blade  at  design  point  has  been 
compared  with  the  experimental  one  in  fig.26. 
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Fig  26  •  Experimental  blade  isentropic  Mach  number 
distribution  compared  with  2D  NS  calculation  (Solid 
Blade).  M2is=0.95,  Reis=5.5xl0’ 

The  theoretical  values  have  been  obtained  by  2D 
Navier  Stokes  code.  The  method  uses  a  conservative 
formulation  of  the  Reynolds-averaged  2D 
compressible  Navier-Stokes  equations.  The  Baldwin- 
Lomax  turbulence  model  is  adopted.  The  system  of 


governing  equations  is  solved  by  an  explicit  finite 
volume  approach  with  the  time  integration  performed 
by  a  three  stage  Runge-Kutta  algorithm  [10]. 

It  can  be  seen  that  close  agreement  is  obtained  on 
the  pressure  side  and  suction  side. 

In  fig.27  is  reported  the  comparison  between  the 
experimental  HTCs  and  that  ones  calculated  by  a 
modified  version  of  the  STAN5  code  [4],  at  the 
condition  M2=0.98,  Re2=5.5xl0’,  Tu=6%. 


Fig  27  -  Blade  SS  beat  transfer  coefficient. 
Experimental-theoretical  comparison. 


In  the  Fig.  28  is  shown  the  comparison  from 
NS  code  and  measurements  in  terms  of  flow  deviation 
and  kinetic  loss  coefficient. 


Fig  28  -  Flow  deviation  aixl  kinetic  loss  coefficient. 
Comparison  from  NS  code  calculations  and 
measurements.  (Solid  Blade) 
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A  good  agreement  is  observed  on  the  general 
trends.  The  increase  of  exit  flow  angle  up  to  design 
Mjj.  =  0.9S  is  followed  by  a  decrease  more  marked 
for  Mjj.  S  1.05.  The  value  are  overprediaed  (in 
paiticular  at  lower  Mj^,.  Losses  trend  is  correctly 
predicted  with  the  increase  above  design  A 
satisfactory  correspondence  between  experimental 
numerical  values  is  observed  although  calculations  are 
based  on  fully  turbulent  flow  over  the  blade  surface. 

5  THERMAL  NGV  TEST  VERIFICATION  ON 
ENGINE  DEMONSTRATOR 

An  extensive  experimental  program  actually  is  in 
progress  on  an  engine  demonstrator  to  verify  the 
aerothermal  and  mechanical  behavior  of  the  hiU  HP 
turbine  stage.  In  paiticular,  focusing  on  the  NGV 
aerothermal  design  validation  phase,  the  main  results, 
up  now  available,  are  described. 

5.1  Engine  demonstrator 

The  demonstrator  has  been  derived  from  an 
existing  single-shaft  turboprop  engine  of  600  SHP  (SL 
ISA  condition). 

The  lay-out  of  the  engine  demonstrator  is  presented 
in  fig.29.  The  power  section  has  a  high-technology, 
single-stage  centrifugal  compressor  dimensionated 
with  a  single-stage  axial  flow  turbine  to  minimize  the 
overall  diameter  of  the  power  section.  The  combustor 
design  is  of  the  reverse  annular  flow  type  and  fits 
compactly  around  the  exhaust  duct 

An  exhaust  cone  has  been  dimensionated  to  set 
adequate  value  of  the  backpressure  at  the  turbine 
stage  exit 

The  combustor  has  been  derived  from  the  existing 
one  designed  for  1250  K  TET,  which  main  fuel 
injector  system  has  9  T-shape  vsqiorizets.  There  is 
also  the  fuel  pilot  system  of  3  sprayers  (torches)  to 
start-up  the  engine. 

Since  the  design  test  conditions  for  the  HP  turbine 
is  1450  K  TET,  more  fuel  flow  must  be  burned  into 
the  existing  combustor  and  consequently  the  thermal 
loading  is  higher  on  the  liner. 

The  optimization  of  the  combustor  system  it  was 
necessary  to  achieve  good  performances  in  terms  of 
pressure  losses,  combustion  efficiency,  liner  life  and 
OTDF/RTDF  requirements,  and  so  the  redesign  that 
satisfy  the  geometrical  restrains  and  mechanical 
interfaces  of  the  original  engine  has  been  dime. 
However,  in  the  initial  phase  of  the  experimental 
program  a  preliminary  version  of  the  combustor  has 
been  used,  simply  derived  from  the  original 
configuration  by  an  application  of  a  thermal  barrier 
coating  (Bound  coat  NiCoCrAlYo  and  top  coat 


Zt02-t-Y-i-Cc  rqrplied  with  plasma  spray),  in  order  to 
avoid  excessive  liner  metal  temperature.  Moreover, 
the  fuel  system  uses  the  original  9  T-vsqrorizets  and 
the  3  sprayers  at  same  time,  by  which  it  is  possible  to 
inject  the  required  value  of  the  fuel  at  design 
conditioa 

5.2  NGV  demonstrator  hardware 

The  mechanical  design  of  the  NGV  is  showed  in 
fig.30.  The  aimular  cascade  is  an  integral  casting  ring 
(INCO  713  LC)  that  is  connected  on  the  hub  platform 
by  bolls  to  the  compressor  diffuser  plate.  The  shroud 
platform  is  brazed  to  a  ting  shared  to  get  the  convex 
wall  of  the  180  degree  bend  of  the  combustor.  The 
shroud  platform  has  two  row  of  holes  by  which  the 
cooling  air  fill  the  front  and  rear  cavity  of  the  blade. 

The  rows  of  film  cooling  holes  on  the  blades  have 
been  realized  by  EDM  technique.  The  hardware  tested 
has  same  difletences  respect  to  the  design  values,  the 
axial  position  of  the  hole  rows  on  the  SS  surfaces  for 
machining  reasons  have  been  realized  2  mm  far  away 
the  design  value,  atxl  the  film  cooling  row  holes  at  PS 
covers  only  70%  of  blade  height  starting  from  the 
upper  platform. 

The  manufacturing  process  of  the  sheet  metal 
insert  to  provide  impingement  cooling  reveals  some 
difficulties  so  that  the  first  prototype  hardware  had 
discrepancies  respect  to  the  design  intent  in  terms  of 
hole  diameter,  number  of  boles  and  spatial  position. 

S3  Measurement  techniques 

The  engine  has  been  instrumented  with 
thermocouples  and  total/static  pressure  devices  at  the 
compressor  inlet/exit  planes,  to  evaluate  temperature 
and  pressure  ratio,  and  at  the  turbine  exit  plane  to 
measure  exit  gas  temperature  (n°  18  shielded 
thermocouples)  and  total  pressure  (3  rakes,  each  with 
3  probes).  The  engine  inlet  mass  flow  has  been 
derived  from  static  pressure  measurements  at  the 
air-intake  inlet  plane  by  using  a  calibration  curve. 

The  accuracy  of  the  measurements  is  ±  2°C  for  the 
temperature,  ±0.5  g/s  for  fuel  flow,  ±  1  kW  for  the 
Power  and  ±  1%  for  the  mass  flow. 

A  survey  on  the  NGV  metal  temperature  has  been 
obtained  applying  thermal  indicator  paints  (TIP).  By 
this  technique  in  a  simple  aixl  effective  way  it  is 
possible  to  obtain  permanent  visual  records  of  peak 
temperature  variation  over  the  surfaces  of  the 
component 

The  type  developed  by  ROLLS-ROYCE,  adopted 
by  ARA  ^petimental  Center  since  many  years  have 
high  degree  of  accuracy  and  reliability  (•«■/-  15  °C)  at 
1150  °C.  They  have  the  ability  to  survive  in  very 
hostile  environments  aixl  work  up  to  1150  °C  [11]. 
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Fig  29  -  Engine  Demonstrator  Layout 


Fig  30  -  Turbine  Stage 


The  type  applied  on  the  NGV  blade  and  platforms 
is  the  multichange  type  RR-TP6.  This  is  a  bound 
mixture  of  pigments  which  are  chosen  to  exhibit 
distinct  and  irreversible  color  changes  on  exposure  to 
elevated  temperatures  over  the  range  from  S20*’C  to 
IISO^C.  The  paint  temperature  change  with 
temperature  is  given  in  table  n  for  a  5  minute 
calibratioa  Each  color  barxl  has  been  allocated  a  code 
letter  to  represent  the  results. 


TABLED 


j  COLOR 

FROM 

TO 

LETTER  CODE 

BLUE 

<520 

- 

PALS  BLUE  <3»AY 

520 

780 

N 

DARK  BLUB  GRBT 

780 

960 

T 

BLUB 

960 

1040 

P 

MIDNIGHT  BLUB 

1040 

1100 

G 

MATT  BLACK 

1100 

1120 

M 

BLACK  GLAZE 

1120 

1150 

Y 

DARK  BLUE  GLAZE 

>1150 

R 

5.4  Engine  test  procedure 

The  demonstrator  engine  has  been  tested  at  ARA 
Eiqterimental  center  using  test  cell  n‘  2.  Engine 
power  was  absorbed  in  a  water  brake  dynamometer. 
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Engine  testing  was  earned  out  in  two  steps.  Tbe 
aim  of  tbe  first  one  was  to  check  the  peifonnanoes  of 
the  demonstrator,  reaching  the  design  conditions  in 
terms  of  corrected  speed  (38100  rpm  at  ISA  SL 
conditions),  and  fuel  flow  in  order  up  to  get  TET 
design  point  target  (1450  deg  K).  Since  a  direct 
measurement  of  turbine  inlet  temperature  was  not 
possible,  tbe  measured  data  have  been  processed 
using  tbe  "Power"  method,  i.e.  from  tte  power 
balance  given  by  turbine,  the  one  absorbed  by  the 
compressor  and  the  one  measured  at  the  dynamometer 
(taking  into  account  tbe  mechanical  losses  due  to  the 
gear-box). 

Tbe  following  thermodynamic  test  conditions  have 
been  evaluated  near  tbe  design  point  : 


Corrected  Engine  inlet  mass  flow  2.62  kg/s 

Corrected  shaft  power  225  HP 

Compressor  pressure  ratio  (T-S)  6.67 

Exhaust  gas  temperature  1 1 18  K 

Turbine  inlet  gas  temperature  1448  K 


Taking  into  account  uncertainty  of  the 
measurements,  the  average  value  of  the  TIT  has  been 
estimated  with  a  precision  of  -f/-  10  K. 

The  second  test  has  been  performed  with  same 
hardware.  The  TIP  has  been  applied  to  the  surfaces  of 
the  NGV  by  spray  gun. 

The  following  procedure  has  been  adopted  ; 

a)  engiiK  start-up,  acceleration  from  idle-speed  to 
100%  design  speed,  progressive  loading  by 
increasing  fuel-flow  at  constant  speed  to  reach 
required  ill,  to  set  thermodynamic  engine 
condition  at  tbe  design  point; 

b)  Five  minutes  of  stable  conditions  at  design 
point  (TIT  =  1450  K); 

c)  Rapid  shut-down  of  tbe  engine. 


5,5  Thermal  Indicator  Paint  Results 

An  overview  of  the  results  relative  to  a  NGV  sector 
of  120°  is  presented  in  tbe  photographs  of  the  fig.3l 
(looking  from  NGV  inlet)  a^  in  fig.32  (looking  from 
NGV  outlet).  It  is  evident  the  hot  spot  gerrerated  by 
the  fuel  sprayer. 

Looking  into  details  to  tbe  metal  temperature 
distribution  on  each  blade,  two  different  situations  can 
be  distinguished  ;  the  blade  situated  on  tbe  main 
average  gas  temperature  (fig.33)  and  tbe  blade  in 
correspondence  to  tbe  gas  hot  spot  (fig.34).  On  the 
LE  in  the  first  case  several  isolines  are  detected  and 
the  OIK  at  maximum  temperature  is  1100  °C  .  Since 
the  greater  is  not  visible,  tbe  peak  metal  temperature 
is  between  1 100  °C  and  1 120°C  on  tbe  average  vaiK. 

Regarding  tbe  thermal  situation  at  TE,  tbe  max 


temperature  region  is  in  tbe  middle  height  of  tbe 
blade,  where  in  the  case  of  average  vaiK  tbe 
temperature  is  between  960  °C  and  1040  °C. 

It  is  clearly  evident  that  on  both  blades  tbe  PS 
surface  is  hotter  than  SS  .  Him  cooling  seems  to  be 
effective  on  the  suction  side,  where  the  isothermal 
litres  corresponding  to  temperature  780  ”€  are 
observed  in  the  midspan  zone  on  tbe  blade.  On  tbe 
pressure  side  the  film  cooling  is  less  effective  in  tbe 
front  part  of  the  blade. 

5.6  Discussion  on  the  results  and  comparison  with 
predictions 

A  comparison  between  experimental  results  (figg. 
3334)  and  theoretical  ones  has  been  done.  First  of  adl 
a  direct  comparison  with  tbe  thermal  behavior 
predicted  for  tbe  original  NGV  design  it  is  possible 
(see  figg.35,36).  It  must  be  remarked  that  these 
predictions  are  based  on  tbe  target  radial  inlet  gas 
temperature,  and  thermal  gas  loading  around  tbe  blade 
is  a  replication  of  radial  profile  at  NGV  inlet. 

Metal  temperatures  on  the  experimental  NGV 
hardware  are  generally  greater  respect  to  tbe 
predictitms  at  LE,  arxl  at  front  part  of  the  blade.  A 
quite  strong  radial  temperature  variatioo  is  observed 
on  the  experimental  hardware  respect  to  tbe  predicted 
results. 

A  main  responsible  for  that  behavior  is  due  to  tbe 
combustor  performance.  In  fact  tbe  combustor 
configuration  used  in  tbe  first  test  of  the  engine 
demonstrator  is  non-optimized  to  satisfy  tbe  target 
RTDF  and  OTDF.  The  prediction  of  the  CET 
distribution,  recently  obtaiired  from  tbe  solution  of  tbe 
3D  combustor  reactive  flow  on  a  120°  combustor 
sector  iiKluding  3  vaporizers  an  1  fuel  sprayer, 
reveals  highly  distorted  gas  temperature  in 
correspondence  to  tbe  NGV  inlet  plane  as  it  is 
showed  in  fig.37.  The  predicted  OTDF  is  0.31 
respect  to  tbe  target  value  of  0.21  for  which  the  NGV 
cooling  system  has  been  desigtred.  So  that  tbe  NGV 
has  been  exposed  in  tbe  first  demonstrator  test  to 
thermal  conations  more  severe  than  the  ones  for 
which  has  been  desigtred,  as  is  showed  in  fig.38. 
Consequently  two  more  NGV  thermal  simulations 
have  been  developed,  using  radial  temperature  profiles 
obtained  from*combustor  calculations  relative  to  tbe 
so  called  "tested  hardware".  Also  in  this  case  drere  is 
tbe  assumption  that  gas  temperature  radial  profile 
arouixl  tbe  blade  is  constant  from  LE  to  TE  The 
results  are  showed  in  figg.  39,40. 

From  the  comparison  between  figg.  3334  vs  fig 
39,40  it  is  still  evident  that  thermal  behavior  of  NGV 
experimental  hardware  is  difrerent  respect  to 
predictions.  Such  differences  are  mainly  due  to  3 


factois: 

■  tested  haidwaie  differences  between  original 
design  and  manufacturing  vanes; 

■  gas  temperature  loading  around  the  blade  due 
to  secondary  flows; 

'  heat  transfer  coefficients  distribution  on  the 
hot  side  and  as  well  as  on  the  cold  air  side. 

To  have  an  idea  on  the  importance  of  the  NGV 
hardware  differences  between  the  original  design  and 
the  real  prototype  tested  on  the  demonstrator  a  final 
simulation  has  been  performed  taking  into  account 
some  of  the  aspects  mentioned  before. 

Difficulties  arose  during  the  fabrication  of  the 
sheet  metal  insert  to  realize  the  impingement  cooling 
for  the  first  NGV  prototype,  force  into  a  direction  to 
a  less  efficient  cooling  system.  By  an  estimaticm 
done  a-posteriori  the  penalty  of  the  HTC  values  on 
the  internal  side  is  -30  %  around  the  PS  and  SS  aixl 
-50%  atLE. 

On  the  other  hand  based  on  the  inspection  reports, 
the  film  cooling  rows  has  been  realized  with  holes 
diameter  less  than  the  design  values.  Due  to  others 
manufacturing  difficulties  to  realize  F/C  rows  on  the 
PS  as  well  as  on  the  SS,  the  number  of  the  holes  has 
been  reduced  by  IS  %.  In  conclusion  for  this  first 
NGV  prototype  tested  on  the  demonstrator,  less 
cooling  air  was  available  through  the  front  part  of  the 
blade  and  the  cooling  system  was  less  efficient 
respect  to  the  design  intent. 

The  simulation  of  the  NGV  experimental  hardware 
can  be  done  taking  into  account  more  sophisticated 
flow  modeling  around  the  blade.  In  fact  the  predicted 
hot  gas  flow  condition,  got  from  combustor  CFD 
solution,  can  by  used  as  an  input  for  the  NS  solver  of 
the  3D  flow  in  the  NGV  annular  cascade.  In  this 
case  the  solver  doesn't  take  into  accouiu  the  cooling 
flow,  nevertheless  the  simulation  can  predict  the  flow 
behavior,  i.e.  the  redistribution  of  the  gas  temperature 
through  the  cascade  due  to  secondary  flows  (see 
fig.41). 

The  new  thermal  loading  has  been  relied  on  the 
same  NGV’s  FEM  model,  to  get  a  more  appropriate 
thermal  prediction.  Results  of  thermal  numerical 
simulation  are  showed  in  fig.42  for  the  average  vaite. 

It  is  cleariy  evident  the  effect  of  impingement 
cooling  reduced  performance  on  tte  metal 
temperaturet  around  the  blade  LE,  comparing  fig  42 
respect  to  fig  39  for  the  same  inlet  gas  thermal 
loading  LE  region  is  honer  and  peak  temperature 
increase  from  974  "C  to  1 105  ®C. 

It  is  interesting  to  observe  the  satisfactory  level  of 
simulation  of  the  NGV  experimental  thermal 
behavior,  comparing  fig  42  respect  to  fig  33. 

Isothermal  lines  B,  C,  D  are  present  in  the 
simulation  like  in  the  experiment^  results.  LE 
predicted  temperature  is  1 105  °C,  where  experimental 


value  is  between  1100  and  1120  °C.  A  quite  good 
prediction  is  found  on  the  SS.  At  PS  the  temperatures 
are  underestimated  close  to  the  FC  and  overestimated 
far  away  form  FC  in  the  mid  span  of  the  blade.  In  the 
TE  region  thermal  level  is  correctly  simulated. 

It  must  be  remaiked  that  the  correlations  applied 
to  evaluate  HTC  for  the  impingement  cooling  system 
have  been  used  at  their  limit  of  validity  range,  and 
this  can  explain  thermal  differences  in  the  front  part 
of  the  vane. 

In  the  rear  part  of  the  blade  the  velocity 
distributions  around  the  blade  between  hub,  mid  and 
tip,  and  the  secondary  flow  effect  on  the  HTC,  are 
mainly  responsible  for  the  difference  in  the  thermal 
behavior  founded  in  the  SS  hub  and  tip  region. 

Conclusion  Remarks 

The  aerotheimal  design  of  a  low-aspect-ratio 
transonic,  cooled  nozzle  guide  vane  for  an  advanced 
compact  high  temperature  gas  generator  turbine  stage 
is  described. 

The  cooling  system  include  impingement,  forced 
convection  and  film  cooling  devices. 

Aerodynamic  cascade  test  on  the  scaled  model 
(2:1)  of  mid  span  blade  section  have  been  performed 
to  verify  overall  performances  in  terms  of  blade 
velocity  distributions,  flow  deviation  and  pressure 
loss. 

Heat  transfer  coefficients  have  been  measured  in 
absence  and  presence  of  film  cooling  on  LE,  SS  and 
PS  at  different  Reynolds,  Mach  number  and 
turbulence  level.  These  results  contribute  to  update 
the  predictions  of  the  thermal  behavior  of  the  NGV 
blade  in  the  engine  conditions.  On  the  other  band  the 
validation  of  (2FD  tools  for  aerodynamic  design  has 
been  performed. 

Thermal  test  results  on  the  engirre  demonstrator, 
obtained  on  NGV  hardware,  have  been  obtained  by 
TIP  technique. 

The  first  NGV  prototype  experienced  metal 
temperature  at  LE  greater  than  predicted  (1150  °C), 
because  of  manufacturing  inconsistency  respect  to  the 
design  and  thermal  loatling  heavier  than  design  target. 

The  lesson  learned  from  this  experience  regards 
two  critical  aspects  of  the  thermal  design; 

-  design  sensitivity  to  the  manufacturing 
tolerances  on  small  vane  dimensions; 

-  accuracy  of  HTC  predictions  for  impingement 
cooling. 

Work  is  in  progress  to  extende  of  the  validity 
range  of  the  correlations  and  to  simulate  the  3D 
viscous  flows  through  the  annulus  cascade  in  order  to 
evaluate  HTC  distribution. 


Fig  32  -  TIP  results  looking  from  NGV  outlet 


Fig  34  •  Eogiiie  Demonstrator  TIP  test :  results  of  Hottest  vane 


Fig  35-  Results  of  3D  tbennal  analysis-Design  target  Average  Vane 


Fig  37  -  Engine  Demonstrator  Tested  Hardware  :  CET  predictions.  AT=100,  Range=(1100Tl700  K) 


T/Taverage 


Fig  38  -  CET  radial  profiles  comparison 
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Fig  42  -  Results  of  3D  thermal  analysis  -  NGV  Prototype  Average  Vane 
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-  Relatioashio  to  calculation  of  effectiveness  n  for 
tanppnrial  injection  fiom  slot 

B  =  ()ic/|io»  Reb)^  _x_ 
m  b 

T)  =1  if  B<1 

^  =  1.9  Pr^  if  1<B<4 

1  +  0.525  B  Cpoo 
Cpc 

T\  -  1.9  Pr^  if  B>4 

1  +  0.329  B  “•  Cd«o 
Cpc 


Kercber-Tabakoff  fSI  Coefficients  of  the  relationship 
for  impingement  realized  through  a  square  array  of 
circular  holes. 

For  300<Red<3000 

k  =  -0.00145  (S/d)^+0.04284(S/d)+0.51655 

<p,=exp{.0126{S/d)^-0.5106(S/d)-0.2057} 

({>,=(  l.-f0.374(Wc  Zf  ^V' 

Wjd 

if  3000<Red<30000 

k  =  -0.00252  (S/d)'+0.06849(S/d>+0.50699 

9,=exp(  .0260{S/d)'-0.8259(S/d)-0.3985 } 

q>j=[  l.-h0.4696rWc  ' 

Wj  d 
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Summary: 

Air  ejection  for  film-cooling  affects  the  aerodynamic  behav¬ 
ior  of  the  blading  by  the  mixing  of  the  coolant  with  the 
mainstream  as  well  as  by  the  interaction  between  the  jet 
and  the  boundary  layer. 

The  main  objective  of  this  investigation  is  to  receive  more 
information  on  the  flow  field  in  the  leading  edge  region. 
The  focus  is  the  aerodynamic  behavior  of  ejeaion  in  the 
stagnation  region. 

A  Navier-Stokes  code  was  used  to  evaluate  the  flow  field 
considering  the  ejection.The  calculated  results  are  com¬ 
pared  with  experimental  investigations.  Cold  gas  experi¬ 
ments  were  conducted  in  a  cascade  wind  tunnel  on  three 
large  scaled  turbine  blades  with  slotted  leading  edges.  The 
mass  flux  ratio  was  varied  from  0.0  to  2.5  to  simulate  film¬ 
cooling  effects.  A  high  resolution  of  the  flow  field,  especially 
close  to  the  wall  (nearest  distance:  50  microns)  was 
achieved  by  Laser-2-Focus  measurements.  The  pressure  dis¬ 
tributions  on  the  blade  surface  and  in  the  wake  were  meas¬ 
ured  in  order  to  determine  the  overall  behavior  of  the 
blades  quantitatively  while  oil  flow  patterns  and  Schlieren 
pictures  provide  qualitative  results. 

The  experimental  results  show,  that  the  strong  pressure 
gradient  near  the  stagnation  point  affecTs  the  velocity  distri¬ 
bution  of  the  jets.  This  non-uniformity  produces  additional 
aerodynamic  losses.  To  take  these  effects  into  account  for 
:he  Navier-Stokes  calculation  a  multi-block  grid  was  used  to 
model  the  flowfield  in  the  ejection  holes  and  in  the  main¬ 
stream.  Thus  the  experimental  and  numerical  results  show  a 
good  agreement. 

List  of  symbols 

b  slot  width 

Cjjj  distance  for  wake  traverse  measurements 

h  blade  height  =  span 

I  chord  length 

m  mass  flow 

M  blowing  ratio  =  (pcWc)/(piwi) 

Ma  Mach  number 

p  pressure 

P  power 

Re  Reynolds  number 

s  surface  coordinate 


t  pitch  of  blade  row 

T  temperature 

Tu  turbulence  intensity 

u  circumferential  coordinate 

w  velocity 

x,y,z  profile  coordinates,  bitangential 
ft  flow  angle 

y  slot  angle 

r  circulation 

A  difference 

J  loss  coefficient 

K  ratio  of  specific  heats 

p  density 

Indices: 

1  cascade  inlet 

2  cascade  outlet 

c  cooling  air 

DS  pressure  side 

is  isentropic 

k  tank 

kin  kinetic 

s  stagger 

SS  suction  side 

t  total 

th  theoretic 


1.  Introduction 

The  best  way  to  minimize  pollution  is  to  minimize  the  spe¬ 
cific  fuel  consumption  of  a  gas  turbine.  This  leads  to  a  de¬ 
mand  for  a  rise  of  the  thermal  efficiency.  It  can  be  achieved 
by  increasing  the  turbine  entry  temperature  (TET).  The 
maximum  TET  is  limited  by  the  capability  of  materials  to 
withstand  high  gas  temperatures.  Currently  filmcooling  is 
widely  used  to  maintain  blade  and  vane  temperatures  at  ac¬ 
ceptable  temperatures.  However,  the  filmcooling  influences 
the  aerodynamic  loss  behaviour  of  the  turbine  stage  and  this 
in  turn  affects  the  thermal  efficiency  of  the  gas  turbine. 
Especially  in  the  stagnation  region,  where  the  cooling  air 
has  a  velocity  component  against  the  mainstream,  because 
of  the  relatively  high  momentum,  additional  aerodynamic 
losses  occur. 

Only  a  few  studies  on  the  effect  of  coolant  ejection  in  the 
vicinity  of  the  leading  edge  (L.E.)  on  the  aerodynamic 
losses  of  film  cooled  turbine  blades  are  available  in  the  lit- 
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erature.  This  study  shows  a  very  detailed  investigation  of  the 
increased  losses  due  to  coolant  ejection  in  the  L.E.  region, 
which  is  described  in  more  detail  in  Beeck  (1992)  [1] 

Ihe  purpose  of  this  study  is  to  get  a  closer  look  in  the  aero¬ 
dynamic  behaviour  of  the  flowfield  around  a  film  cooled 
turbine  blade  especially  in  the  stagnation  region  and  in  the 
vicinity  of  the  jet  location. 

The  experimental  results  of  this  cold  air  study  of  a  2D-Cas- 
cade  are  compared  to  numerical  results  of  a  2D-Navier- 
Stokes  calculation. 


2.  Experimental  Setup 

The  high  pressure  turbine  cascade  was  designed  for  two  di¬ 
mensional  turning  of  104.7“  for  an  isentropic  Mach  number 
of  Ma^lj  =  0.95.  The  Reynolds  number  was  Re2th  = 
6.9510a.  The  cascade  consists  of  three  large  scaled  turbine 
blades  (Fie.  11. 


Table  1  gives  the  aerodynamic  and  geometric  data. 


Ma| 

= 

0.37 

1 

= 

250  mm 

Ma2 

= 

0.95 

tri 

= 

0.714 

Rej 

= 

3.71CP 

t>s 

S= 

73“ 

Re2 

= 

6.95105 

s/lSS 

= 

0.02 

/5l 

= 

133“ 

sdDS 

0.03 

= 

28.3“ 

0.01018 

= 

104.7“ 

vss 

5.5” 

•/DS 

= 

70” 

h 

.300  nim 

fable  1  Design  Data  of  the  Turbine  ( 'iiscadc 


To  achieve  a  constant  inlet  area  pressure  distribution,  ad¬ 
justable  guide  vanes  are  mounted  at  the  cascade  end.  Thus 
an  equal  flow  field  coud  be  assumed  for  all  three  blades 
(Fie.  2).  The  centre  blade  was  equipped  with  tappings  in  the 
midspan  region  of  the  blade.  It  also  had  a  removable  lead¬ 
ing  edge  for  a  study  of  different  nose  geometries  and  cool¬ 
ing  configurations,  which  will  not  be  discussed  here. 


rotationallv  adjustable 
platform 

;nannel  icser 

Height  39  1  rr.m  _  _  window 

Fig.  2  Test  .section 

Glass  windows  were  installed  in  the  front  part  of  the  side 
walls  of  the  cascade  for  Schlieren  observations  and  laser 
anemometry.  The  ctxtling  air  supply  was  fitted  in  the  rear- 
part  of  the  side  walls.  The  leading  edge  region  was  fitted 
with  slots  in  spanwise  direction  clo.se  to  the  stagnation  line 
as  a  2D  model  of  ejection  holes. 

Ihc  experiments  were  carried  out  in  the  high  speed  cttscade 
wind  tunnel  of  the  University  of  the  Armed  Forces  Munich 
(Fig.  31.  This  facility  operates  continuously  and  allows  the 
independent  variation  of  Mach  number  and  Reynolds  num¬ 
ber  by  changing  the  pre.s.sure  level  of  the  surrounding  tank 
(.Schob  et  al.  (1959),  .Sturm  et  al.  (1985),  [2,3])  A  turbu¬ 
lence  grid  was  installed  upstream  of  the  cttscade  in  order  to 
produce  a  design  turbulence  level  of  about  S%  (Kiock  et  al. 
(1985)  [4]). 

The  main.stream  air  has  a  total  temperature  of  313  K.  while 
the  cooling  air  temperature  was  about  30  K  lower.  The  cool¬ 
ing  air  is  delivered  from  a  .separate  .screw  compressor.  The 
mass  flow  rate  was  measured  by  an  orifice  plate  (DIN).  The 
uniform  cooling  air  distribution  over  the  three  blades  was 
controlled  by  adjustable  resistance  in  the  cooling  air  entry 
of  each  blade  via  total  pressure  tappings  within  the  hollow 
blades. 

The  loss  coefficients  of  the  cooling  air  slots  were  deter¬ 
mined  by  measuring  the  velocity  profile  at  the  slot  outlet 
with  laser  anemometry  and  the  comparison  with  the  theo¬ 
retical  average  velcx-ity. 

For  wake  traverse  mea.surcments,  a  wedge  probe  was  used 
(Scholz  (1956),  Romer  et  al.  (1988),  |5,6])  at  32^r  of  the 
chord  axially  downstream  of  the  trailing  edge  plane,  l-'rom 
the  surface  pressure  di.stribution,  the  surface  Mach  number 
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Fig.  3  High  speed  cascade  wind  tunnel 


distribuiton  was  evaluated  with  the  assumption  of  con.stant 
total  pressure. 

The  flow  field  around  the  leading  edge  region  was 
measured  in  detail  by  use  of  an  Laser  Transit  Velocimeter 
(Schodl  (1974),  [7]).  This  measuring  technique  is  non 
intrusive  and  allows  measurements  very  close  to  the  wall 
(about  50  microns)  as  well  as  in  regions  with  large  velocity 
gradients  i.e.  in  the  jet  boundary,  near  the  stagnation  point 
or  in  the  region  between  reverse  flow  and  main  stream. 

Due  to  the  small  probe  volume  (0.17x0.2x0.008  mm^)  a 
very  high  resolution  of  the  flow  field  within  the  jets,  the 
stagnation  area,  the  boundary  layer,  and  even  in  recircula¬ 
tion  regions  could  be  achieved. 

.Schlieren  observations  helped  to  determine  the  path  of  the 
cooling  air  with  different  blowing  ratios.  The  number  of 
LTV  measuring  points  could  thus  be  concentrated  at  inter¬ 
esting  parts  of  the  flow  field. 

The  surface  flow  on  the  blade  and  the  endwalls  was  ob¬ 
served  by  means  of  oil  flow  patterns.  The  mentioned  meas¬ 
uring  techniques  together  gave  a  good  overview  on  the  ae¬ 
rodynamic  behaviour  of  the  film  cooled  turbine  cascade 
(Beeck  (1992),  [1]). 

3.  Test  Program 

'Phe  LTV,  Schlieren  (S)  and  oil  flow  (OF)  experiments  were 
carried  out  at  three  different  blowing  ratios  and  without 
blowing  as  reference.  The  cascade  inlet  values  instead  of  the 
outlet  values  were  fixed  at  the  design  point,  because  the 
L.E.  was  the  investigated  region.  Pressure  distribution  (PD) 
and  wake  traverse  (WT)  measurements  were  conducted  at 
higher  Mach  numbers  as  well.  Table  2  gives  the  combina¬ 
tion  of  the  experimental  data. 


4.  Experimental  Results 

I'he  aerodynamic  bchavour  of  the  cascade  with  simulated 
leading  edge  film  cooling  is  discussed  on  the  basis  of  LTV 
vector  field  and  flow  line  plots  and  surface  Mach  number 
distributions. 


Fie,  4  Flow  fiel  in  the  leading  edge  region  at  M  *0.47 
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Fig.  5  Zoomed  view  of  the  flow  field  at  M  =0.47 
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Table  2  Test  Program 


Fig.  6  Flow  field  in  the  leading  edge  region  at  M  =  1.14 


LTV  Results  with  the  small  blowing  ratio  M  =  0.47  are 
shown  in  Fig.  4.  The  frame  represents  the  glass  window  for 
laser  measurements.  The  vectors  are  starting  at  the  small 
dots.  Pay  attention  to  the  boundary  layer  profiles  with  a 
nearest  wall  distance  of  about  50  microns.  Even  the  small 
blowinig  ratio  leads  to  diversion  towards  the  mainstream,  so 
a  small  stationary  recirculation  area  (dottet  region)  could  be 
measured  behind  the  pressure  side  slot.  An  important  result 
of  this  high  resolution  field  measurement  are  the  deformed 
velocity  profiles  of  the  jets.  This  is  due  to  the  very  strong 
pressure  gradient  in  the  vicinity  of  the  stagnation  point.  The 
inboard  jet  boundary  feels  a  higher  back  pressure  than  the 
outboard  jet  boundary,  because  the  mainstream  is  deflected 
at  the  stagnation  point  and  then  decelerates  again  as  it 
meets  the  jet.  So  the  static  pressure  is  increased  compared 
without  blowing.  On  the  other  hand,  the  static  pressure  de¬ 
creases  in  the  recirculation  area  in  dependance  of  its  exten¬ 
sion  and  thus  the  outboard  jet  boundary  is  exposed  to  a 
lower  back  pressure.  The  jet  orifice  with  blowing  feels  a 
higher  pressure  gradient  than  without.  A  closer  look  to  this 
phenomena  is  given  in  Fig.  5. 

The  higher  blowing  ratio  M  =  1.14  ( Fig.  61  leads  to  a  bigger 
recirculation  flow  field  behind  the  pressure  side  slot  (dottet 
area).  The  reason  is  the  stronger  jet  penetration  due  to  the 
augmented  jet  momentum.  The  detailed  LTV  measure¬ 
ments  within  the  jets  show  a  similar  behaviour  concerning 
the  deformed  velocity  distributions  right  at  the  slot  outlets. 
Behind  the  suction  side  slot  also  a  small  recirculation  ap¬ 
pears.  This  is  shown  enlarged  in  Fig.  7.  The  aerodynamic 
losses  increase  by  the  recirculation  areas  as  clearly  can  be 
seen  in  flow  line  pictures  IFig.  81.  These  loss  producing 
fields  appear  in  the  surface  Mach  number  distribution  as 
well,  bemuse  of  the  diminished  blade  load  which  is  propor¬ 
tional  to  the  area  between  the  pressure  side  Mach  number 
distribution  and  the  suction  side  Mach  number  distribution 
at  same  x/1  location.  This  is  represented  in  Fie.  9  as  an  in¬ 
crease  of  local  surface  Mach  number  between  s/1  =  -0.07 
and  s/I  =  -0.6  with  higher  blowing  ratios. 

The  loss  coefficients  are  determined  with  inclusion  of  the 
coolant  energy  in  the  inlet  plane  (Kiock  et  al.  (1985),  [8]). 
Here  is  assumed,  that  the  total  temperature  of  mainstream, 
coolant  and  mixed  out  flow  are  approximately  equal.  The 
kinetic  energy  loss  coefficient  is  defined; 


Bloiivfno  raUo 

Fie.  10  Loss  coefGcient  vs.  blowing  ratio 


The  total  pressure  of  the  jets  is  evaluated  by  means  of 
the  velocity  distribution  of  the  jets  at  the  outlets,  the  static 
pressure  evaluated  from  the  pressure  distribution  for  the  jet 
location  and  the  total  temperature  which  is  measured  within 
the  blade  plenum.  The  average  value  of  the  LTV  measured 
velocity  vectors  is  mass  weighted.  Thus  losses  within  the 
plenum  and  within  the  slots  are  not  includet  in  the  kinetic 
energy  loss  coefficient.  Fia.  10  shows  the  loss  coefficient  vs. 
blowing  ratio.  The  aerodynamic  losses  increase  with  the 
blowing  ratio  because  of  the  increase  of  the  jet  momentum 
component  against  the  mainstram  direction.  Additional 


losses  occmr  because  of  the  deformed  jet  velocity  distribu¬ 
tion  which  introduces  additive  rotational  flow.  The  acceler¬ 
ated  flow  in  the  turbine  augments  the  stresses  in  this  shear 
layer  and  the  shear  layers  of  the  jet  boundaries.  These  re¬ 
sults  clearly  show,  that  blowing  with  high  momentum  or 
with  a  strong  velocity  component  against  the  incoming  flow 
is  to  be  avoided.  Even  in  modem  turbine  cooling  design 
often  a  high  cooling  jet  momentum  is  provided  to  ensure  a 
proper  convective  heat  transfer  within  the  blowing  holes. 
The  cooling  holes  are  often  angled  in  spanwise  direaion  to 
minimize  the  counter  flow  component  of  the  jets.  However 
the  above  mentioned  high  momentum  and  the  strong  pres¬ 
sure  gradient  in  the  L.E.  region  raises  the  aerodynamic 
losses.  The  principal  mechanism  which  happens  to  the  jet  in 
such  a  configuration  is  shown  in  fie.  11.  Keep  in  mind,  that 
all  occuring  velocity  gradients  introduce  loss  producing  rota¬ 
tional  flow. 


5.  Numerical  Method 

The  numerical  method  used  here  is  described  in  detail  in 
Benz  et  al.  (1992),  Noll  (1992),  Noll  et  al.  (1992),  [8,9,10], 
here  only  a  brief  overview  is  given. 

The  numerical  code  can  be  used  to  solve  the  two-  and  three- 
dimensional  Navier-Stokes- 
transport  equations  in  a  bo¬ 
dy-fitted  curvilinear  coordi¬ 
nate  system.  For  turbulent 
flow  calculations  the  Rey¬ 
nolds-averaged  equations  are 
solved.  The  turbulence  model 
used  here  is  the  well  known 
k-e-model  in  the  standard 
form  with  the  wall-function 
approach. 

By  the  finite  volume  discreti¬ 
zation  method  the  differen¬ 
tial  equation  is  transformed 
into  an  algebraic  equation. 
The  convective  terms  are  dis¬ 
cretized  by  the  Monotonized- 
Linear-Upwind-scheme 


Fig.  1 1  Mechanism  of  jet  rotation  in  a  region  with  large  pressure  gradient 
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Fig  12  0-grid  with  two  H-grids 
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(MLU)  (Noll  (1992),  [10]).  For  ihe  solution  of  the  system 
of  the  finite  difference  equations  the  generalized  conjugate 
gradient  (CG)  iterative  procedure,  decribed  in  detail  by 
Noll  et  al.  (1992)  [11],  was  employed.  Various  SIMPLE- 
like  velocity-pressure  coupling  methods  are  available.  In  the 
present  study  the  one  step  corrector-predirtor  SIMPLEC- 
algorithra  (Doormal  et  al.  (1984),  Dermal  et  al.  (1987), 
[12,13])  for  compressible  flows  is  used.  To  prevent  decoup¬ 
ling  of  the  velocity  and  pressure  field  on  co-located  grids  a 
flux-correction  method  similar  to  the  method  proposed  by 
Rhie  and  Chow  (1983)  [14]  is  incorporated. 

In  the  code  a  multiblock  technique  is  applied  which  allows 
one  to  subdivide  a  complex  computational  domain  into 
simple  blocks.  This  domain-decomposition  or  grid-attaching 
method,  which  can  be  incorporated  relativly  simple  in  every 
CFD-code,  is  discussed  in  detail  by  Benz  et  al.  (1992)  [9]. 
For  the  present  study  the  computational  domain  includes 
the  film  cooling  slots.  The  reason  is  that  for  low-mass-flux- 
r.itios  the  velocity  profile  at  the  slot  exit  is  not  known  a  pri¬ 
ori.  Inside  the  slot  a  realistic  guess  of  the  boundary  condi¬ 
tion  for  the  prediction  is  relatively  simple. 

I'herefore  a  single  O-grid  around  the  blade  with  two  at¬ 
tached  H-grids  for  the  discretization  of  the  film  cooling  slots 
is  used  (Fig.  12).  The  O-grid  is  generated  by  solving  the 
Poisson-equations,  while  the  generation  of  the  two  H-grids 
is  done  by  a  simple  algebraic  method.  The  three  grids  com¬ 
prise  approximatly  KXXX)  points,  while  the  number  of  the 
gridpoints  of  the  O-grids  is  211x42.  In  Fig.  12  the  fine  dis¬ 
cretization  of  the  leading  edge  is  seen. 

5.1  Boundary  conditions 

At  the  turbine  blade  inlet  a  constant  velocity  of  130  m/s  was 
.specified.  The  static  pressure  was  set  to  186,50  Pa.  In  the 
predictions  the  inlet  Mach-number  was  0.37  for  all  calcula¬ 
tion  in  contrast  to  the  experiments  were  the  inlet  Mach- 
nuraber  differs  for  the  different  mass-flux-ratios.  In  the  slots 
a  uniform  velocity  profile  according  to  the  mass-flux-ratio 
M=1.I4  and  M=0.47  was  specified.  The  turbulence  inten¬ 
sity  was  assumed  to  be  5  %  at  the  turbine  inlet  and  at  the 
inlet  of  the  slots. 

6.  Comparison  of  Experimental  and  Numerical  Data 

Flowline  patterns  at  the  small  blowing  ratio  show  less  dis¬ 
turbance  of  the  L.E.  flow  field  in  the  calculated  case  (fig. 
J3).  This  is  due  to  the  difference  of  the  two  dimensional  cal¬ 
culation  and  three  dimensional  effects,  which  occure  even 
in  a  two  dimensional  cascade  (see  fig.  8  top).  The  slots  do 
not  extend  the  entire  span  to  the  sidewalls.  Therefore  a 


Fie.  13  Flow  line  pattern  at  M=0.47  (calculated) 


Fie.  14  Flow  line  pattern  at  M=1.14  (calculated) 


small  region  exists  near  the  wall,  where  the  mainstream  by¬ 
passes  the  cooling  film  and  mixes  into  the  recirculation 
zone.  The  thickness  of  the  recirculation  regions  normal  to 
surface  are  larger  in  the  measurement  due  to  3D  effects  as 
well.  The  agreement  is  better  at  the  high  blowing  ratio  of 
M=1.14  (fig.  14.  fig.  8,  bottom).  The  calculated  flowlines 
show  recirculation  regions  at  the  pressure  side  slot  as  well  as 
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Fig.  15  Vector  plot  at  M=0.47  calculated  (top)  and 
measured  (bottom) 
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Fig  16  Isolines  of  the  velocity  field  at  M=0.47  calculated  (top)  and  measured  (bottom) 


at  the  suaion  side  slot.  The  extension  of  these  regions  in 
llowline  direction  is  quite  well  calculated.  The  LTV  meas¬ 
urements  (fig.  15.  bottom)  show  a  very  interesting  result.  At 
the  small  blowing  ratio  a  significant  deflection  of  the  jets  at 
the  inner  rim  of  the  blowing  holes  occurs.  A  .small  recir¬ 
culation  zone  within  the  holes,  influenced  by  the  pres,sure 
distribution  at  the  blade  surface  is  a.s.sumed  to  be  the  ctiuse 
for  the  jet  deflection.  Fhis  leads  to  the  demand  to  cttlcuhilc 
the  flow  within  the  holes  to  take  the  occuring  effects  into 
account.  The  comparison  of  the  vector  plots  (fig.  15)  tis  well 
;ts  isolines  of  the  velocity  (fig.  16)  show  the  good  agreement 
between  calculation  and  measurement.  This  shows  the 
necessity  of  a  calculation  within  the  slots  with  help  of  the 
mentioned  multi  block  technique.  Note  the  velocity  profiles 
within  the  slots,  especially  in  the  vicinity  of  the  pressure  side 
slot,  which  results  in  a  realistic  (i.e.  measured)  flow  pat 

tern.  Benz  et  al.  (1992)  [9]  showed  that  a  small  recirculation 
zone  exists  in  the  hole  on  the  upstream  side.  This  can  also 
be  seen  with  oil  flow  visualisation,  as  a  small  oil 
concentration  occured  at  the  same  region,  (see  fig.  15, 
bottom). 


7.  Conclusions 

Very  detailed  measurements  of  the  flow  field  in  the  leading 
edge  region  of  a  high  pre.ssure  turbine  cascade  with  simula¬ 
tion  of  film  cooling  ejection  in  the  vicinity  of  the  stagnation 
area  show  a  strong  interaction  of  the  cooling  jets  with  the 
main.stream.  This  interaction  raises  the  aerodynamic  losses. 
It  is  found,  that  the  strong  pre.ssure  gradient  in  the  stagna¬ 
tion  region  and  a  jet  component  against  the  mainstream  are 
responsible  for  the  mentioned  effects.  Navier-Stokes 


calculations  show  that  for  a  good  agreement  between  nu¬ 
merical  and  measured  results  it  is  necessary  to  take  the 
flowfield  within  the  blowing  holes  into  account.  It  is  simply 
achieved  by  the  multi  block  method.  I'his  is  due  to  the  in¬ 
fluence  of  the  pressure  gradient  in  the  leading  edge  region, 
which  affects  the  outcoming  How  deep  inside  the  holes. 

The  following  conclusions  are  drawn  from  these  results. 
First,  the  blowing  against  the  mainstream  and  in  the  region 
of  very  large  pressure  gradients  (i.e.  near  the  leading  edge) 
is  to  be  avoided.  Second,  numerical  calculations  need  in  the 
leading  edge  region  to  consider  the  inner  part  of  the  blow¬ 
ing  hole,s. 
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Discussion 


QUESTION  1: 

DISCUSSOR:  Y.  Gogus,  Havacilik  Muh  Bol 

The  large  body  forces  caused  by  high  revolutions  and  large  tenrperature  differences  will 
cause  the  injected  cooling  air  to  move  towards  the  tip.  Have  you  checked  order  of 
magnitude  of  this  effect? 

AUTHORS  REPLY: 

No.  We  used  a  two-dimensional  cascade  for  the  tests  and  the  calculations,  so  no 
influence  of  rotation  can  be  evaluated. 

QUESTION  2: 

DISCUSSOR;  P.  Harasgama,  ABB 

Can  the  Navier-Stokes  code  also  be  used  for  the  three-dimensional  flow? 

AUTHOR'S  REPLY: 

Yes.  It  is  a  three-dimensional  code,  but  our  experience  indicates  that  it  is  necessary  to  use 
half  a  million  points  to  predict  the  flow  from  holes.  This  takes  about  10  hours  on  a  vector 
computer. 
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SUMMARY 

The  aim  of  this  work  is  to  experimentally  investigate  dif¬ 
ferent  aerodynamic  aspects  of  the  flow  field  generated  when 
a  single  jet  or  a  row  of  Jets  are  ejected  into  a  mainstream. 
The  similarity  parameters  are  taken  such  as  to  match  those 
of  the  three-dimensional  film  cooling.  The  objective  of  the 
investigation  is  to  deepen  the  understanding  of  the  complex 
phenomena  associated  with  these  flows,  and  to  provide  a 
comprehensible  and  detailed  data  base  for  validation  of 
numerical  codes.  To  be  able  to  obtain  high  resolution 
measurements,  the  study  is  made  on  large  scale  models. 
The  scale  enlargement  obliges  to  use  moderate  velocities, 
so  that  the  Reynolds  number  can  be  kept  within  realistic 
limits  arxl  the  similarity  preserved.  The  use  of  low  air 
speeds  prevents  the  analysis  of  compressibility  effects  in 
this  study.  This  restriction  is  not  as  severe  as  one  can  think 
because,  according  to  the  related  bibliography,  these  effects 
start  to  be  noticeable  at  Mach  numbers  higher  than  0.8, 
while  the  designers  avoid  to  inject  the  coolant  in  the  vicinity 
of  shock  waves  to  avoid  boundary  layer  separation. 

The  study  is  made  on  three  different  models  installed  in  a 
low  speed  wind  tunnel.  A  first  model  consists  of  a  flat 
plate  with  a  single  inclined  circular  hole.  The  isolated 
jet/mainstream  interaction  is  investigated  by  means  of  this 
first  lest  plate.  The  other  two  models  present  the  same 
configuration  as  the  first  but  having  now  a  row  of  holes 
with  different  pitch  to  diameter  ratios  in  each  case.  These 
models  are  useful  to  understand  the  interaction  between 
jets  and  to  analyze  the  formation  and  development  of  the 
coolant  layer. 

LIST  OF  SYMBOLS 
C  Constant 

D  Injection  hole  diameter 

I  Momentum  flux  ratio  (pjvj^/p.v.^) 

M  Mass  flux  ratio  (piVi/p„v.) 

p  Pilch  (of  a  row  of  holes) 

R  Density  ratio  (Pi/p>) 

V  Velocity  ratio  (vjvj) 

Subscripts. 

i  At  the  injection 

<»  At  the  freestream 

1  BYTRODUCnON 

The  flow  generated  by  a  jet  emerging  into  a  stream  of  a 
fluid  of  similar  density  is  important  in  a  wide  range  of 
cases  of  technological  interest,  such  as  VSTOL  aircraft 
aerodynamics  during  take-off  or  landing,  the  mixing  process 
taking  place  in  combustors,  the  dispersal  of  pollutants  in 
the  environment,  or  the  film  cooling  of  gas  turbine  blades 
and  combustion  chambers.  These  applications  among  some 
others  made  this  type  of  flows  the  subject  of  many  ex¬ 


perimental.  computational  and  theoretical  studies.  Despite 
the  similarities  between  the  flow  fields  in  all  mentioned 
cases,  the  variation  of  some  parameters  may  drastically 
change  the  character  of  this  type  of  flows.  This  is,  for 
instance,  the  case  of  the  injection  through  an  orifice  in  a 
wall  versus  the  injection  through  a  long  pipe.  In  the  former 
case  the  presence  of  the  wall  and  the  interaction  between 
the  injected  flow  and  the  incoming  boundary  layer  strongly 
characterize  the  flow  while  in  the  latter  case  both  influences 
simply  do  not  exist.  The  existence  or  not  of  strong  com¬ 
pressibility  effects  or  even  shock  waves  may  also  change 
the  flow  configuration.  Therefore,  the  geometry  and  the 
flow  parameters  of  any  experimental  study  concerning  this 
type  of  flow  must  be  chosen  in  agreement  with  the  case 
under  investigation.  Since  this  experimental  work  is  con¬ 
ceived  as  a  film  cooling  study,  only  this  type  of  flow 
configuration  will  be  considered  here. 

Thermodynamic  considerations  about  the  Joule/Brayion 
cycle  clearly  show  how  gas  turbine  efficiency  and  specific 
power  increase  for  higher  flow  temperatures  after  combus¬ 
tion.  Any  increase  in  efficiency  is  directly  translated  into 
a  reduction  on  fuel  consumption.  Increasing  the  specific 
power,  or  the  thrust,  allows  the  reduction  of  the  machine 
size  and  weight,  which  are  very  important  factors  in  aero¬ 
space  applications.  Improvements  on  blade  cooling  and 
high  temperature  materials  are  therefore  the  two  major  tools 
given  to  the  designer  to  improve  the  performances  of  gas 
turbines.  Thermal  barrier  coatings,  single  crystals  and  ce¬ 
ramics  are  some  of  the  improvements  on  materials  tech¬ 
nology  recently  applied  to  turbine  blades.  For  a  given 
material,  the  working  temperature  of  a  blade  is  usually 
limited  by  life  time  considerations.  Once  this  limiting  par¬ 
ameter  has  been  fixed,  the  mainstream  temperature  can  be 
augmented  only  by  improving  the  blade  cooling  procedure. 

The  idea  of  film  cooling  was  initially  developed  in  the 
early  forties  as  a  anti-icing  system  for  airplane  wings  by 
ejecting  hot  air  through  slots.  Very  quickly,  research  was 
focused  on  turbine  blade  cooling;  it  is  in  this  field  that  the 
largest  efforts  have  been  made.  Studies  on  blade  cooling 
and  particularly  on  film  cooling  are  widespread  in  the 
literature.  Unfortunately,  most  of  these  investigations  are 
only  devoted  to  the  analysis  of  heat  transfer  phenomena. 

The  very  first  approach  to  blade  film  cooling  was  to  eject 
the  fresh  air  out  of  the  blade  through  slots.  This  provides 
a  two  dimensional  cold  layer  giving  a  very  high  protection. 
T wo  serious  drawbacks  limit  however  the  use  of  this  method 
in  blade  cooling.  Firstly,  he  use  of  longitudinal  slots  along 
the  blade  strongly  reduces  its  mechanical  strength.  Second¬ 
ly,  the  high  thermal  efficiency  of  this  method  produces  a 
large  temperature  difference  between  the  two  sides  of  the 
slot,  leading  to  an  intense  thermal  stress,  just  where  the 
mechanical  weakness  is  located.  These  constraints  impose 
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rather  severe  limitations  to  the  practical  application  of  such 
a  system  in  blade  cooling.  It  is  most  usually  restricted  to 
the  trailing  edge  area.  This  method  is  also  commonly  used 
in  combustion  chambers,  afterburners,  and  for  end  wall 
film  cooling.  In  all  three  cases  the  structural  material  is 
not  strained  as  much  as  in  the  blades. 

The  solution  commonly  adopted  to  overcome  the  above 
mentioned  drawbacks  has  been  to  replace  the  slots  by  rows 
of  discrete  holes.  The  flow  field  generated  under  these 
circumstances  is  not  any  more  two  dimensional  but  three 
dimensional  until  far  away  from  the  holes.  The  mainstream 
flow  bends  each  jet;  this  produces  a  pair  of  counter  rotating 
vortices  which,  when  the  jet  separates  from  the  wall, 
modifies  its  cross  sectional  shape  in  a  kidney-like  form. 
Each  jet  interacts  with  the  wall,  with  the  neighbouring  jets, 
and  with  the  main  stream  and  its  boundary  layer.  The  flow 
topology  corresponding  to  an  inclined  jet  as  well  as  the 
cold  layer  formation  is  shown  in  Figure  1.  In  any  case,  the 
flowfield  becomes  much  more  complex  than  it  is  for  a  two 
dimensional  configuration.  The  aerodynamic  properties  of 
the  flow  now  depend  upon  many  different  parameters,  some 
of  which  are  listed  in  Table  I.  Aerodynamic  aspects  related 
to  the  jet-mainstream  interaction  and  the  coolant  layer 
formation  are  not  yet  completely  understood.  In  particular, 
the  influence  of  the  jet-mainstream  density  ratio  on  these 
phenomena  has  not  been  deeply  studied  yet. 

As  indicated  in  Table  1,  there  are  a  number  of  parameters 
affecting  film  cooling  aerodynamics.  It  is  unfortunately  not 
possible  to  analyze  all  of  them.  The  mainstream  Reynolds 
number  and  the  thickness  of  the  upstream  boundary  layer 
are  selected  according  to  actual  turbine  blade  operating 
conditions,  and  are  kept  constant.  The  incoming  boundary 
layer  is  laminar.  In  a  real  turbine  blade  it  can  be  both, 
laminar  or  turbulent,  but  the  incoming  laminar  boundary 
layer  case  has  been  less  studied  than  the  turbulent  one. 
The  jet  is  kept  turbulent,  this  being  the  usual  case  in  a 
turbine  blade.  Coolant  mass  flux  and  density  ratios  are 
varied  and  ,  therefore,  considered  as  parameters.  It  is  par¬ 
ticularly  desired  to  analyze  in  the  present  study  the  effects 
of  density  difference  between  coolant  and  mainstream.  To 
obtain  density  ratios  similar  to  those  existing  in  a  real  case, 
mixtures  of  air  with  a  heavy  gas  have  been  considered. 
The  use  of  hot  wire  anemometers  is  prevented  when  gas 
mixtures  are  in  use.  Therefore,  a  two  dimensional  Laser 
Doppler  Velocimeter  is  used. 

The  test  conditions  employed  in  the  present  investigation 
are  sumarized  in  Table  2.  The  set  of  selected  parameters 
is  large  enough  to  provide  a  better  understanding  of  the 
jet/mainstream  interaction.  The  measurements  are  arranged 
in  a  set  of  graphs  providing  a  data  base  which  can  be  used 
to  look  into  the  particulars  of  the  flow  field  or  for  validation 
of  numerical  codes.  At  design,  the  temperature  of  the  blade 
material  must  be  estimated.  The  accurate  prediction  of  the 
metal  temperature  depends  on  a  correct  estimation  of  the 
external  and  the  internal  heat  transfer  coefficients.  This 
estimation  relies  on  '’'imerical  codes  solving  the  flowfield 
upon  the  surface.  Thi.  codes  require  detailed  experimental 
measurements  to  be  v.iiidated  and  also  to  verify  the  cor¬ 
rectness  of  the  used  turbulence  models. 

2  LFTERATURE  SURVEY 

11  General  description  of  the  phenomenon. 

Early  investigations  on  film  cooling,  e.g.  Kiippers  |1),  and 
Ante  &  Esgard  (2),  were  mostly  devoted  to  the  two-dimen¬ 
sional  film  cooling,  produced  by  ejection  through  slots.  A 
very  good  literature  survey  on  this  topic  was  presented  by 


Goldstein  [3].  This  type  of  film  cooling  is,  by  far,  more 
efficient  than  the  discrete  hole  coolant  ejection  (three 
dimensional  in  nature)  and  also  much  easier  to  analyze  and 
to  describe.  However,  with  the  possible  exertion  of  the 
trailing  edge  region,  slots  are  rarely  used  on  turbine  blades 
due  to  the  mechanical  and  thermal  stress  limitations  already 
mentioned  in  the  introduction.  On  the  blade  surface,  these 
slots  are  replaced  by  rows  of  discrete  holes.  The  generated 
flow  field  then  definitely  three  dimensional  until  far  away 
from  the  holes.  Studies  of  a  jet  ejected  normal  to  the  wall 
were  made  by  Bergeles,  et  al  [4]  and  Andreopoulos  and 
Rodi  [5].  The  last  authors  give  a  very  good  description  of 
turbulence  characteristics  and  flow  topology.  Two  different 
mass  flux  regimes  are  shown.  At  low  injection  rates,  the 
momentum  of  the  injected  flow  is  not  important  enough 
to  break  into  the  main  stream,  and  the  inject^  flow  remains 
attached  to  the  wall.  If  the  injection  rate  is  increased,  a  jet 
penetrating  into  the  mainstream  forms.  When  the  jet  sep¬ 
arates  from  the  wall,  its  trajectory  is  bent  by  the  interaction 
with  the  mainstream.  This  bending  produces  a  pair  of 
contra-  rotating  vortices  inside  the  jet  which  modify  the 
jet  cross  sectional  shape  to  a  kidney-like  form. 

Some  other  investigations  (e.g.  Bergeles,  et  al.  [6])  deal 
with  single  inclined  jets.  They  show  that,  like  normal  jets, 
the  jet  remains  attached  to  the  wall  at  small  mass  flux  ratio 
values.  Above  a  given  value  of  the  mass  flux  ratio,  the  jet 
detaches  from  the  wall  locally  and  re-attaches  further  down- 
sneam.  In  contrast  with  the  normal  jet  considered  in  Ref. 
14),  this  type  of  ejection  produces  almost  no  changes  in 
the  flow-field  upstream  of  the  ejection  hole.  A  sketch  of 
the  flow  topology  for  a  single  inclined  jet  was  given  by 
Kruse  17).  The  latter  also  describes  how  the  interaction 
between  different  jets  coming  from  a  row  of  holes  decreases 
their  penetration  into  the  free-stream,  and  how  the  generated 
vortices  develop  into  a  layer  of  contra-rotating  parallel 
vortices  into  the  film  generated  downsu’eam  of  the  emission 
holes  (fig.  1).  This  layer  of  vortices  is  also  described  by 
Liess  1 8). 

2.2  Theoretical  studies. 

Some  semi-analytical  models  have  been  developed  to  ana¬ 
lyze  the  vortex  pair  suucture  and  its  behaviour  and  to 
predict  the  jet  trajectory.  Earlier  models,  e.g.  Durando  (9), 
are  inviscid  and  two  dimensional;  they  are  therefore  ap¬ 
plicable  only  in  the  far  field.  The  model  of  Fearn  and 
Weston  [  10)  assumes  the  vortices  to  be  locally  two  dimen¬ 
sional  and  to  have  a  Gaussian  distribution  of  vorticity;  it 
uses  empirical  information  to  obtain  the  jet  trajectory.  Le 
Grives  1 1 1 )  uses  this  model  in  combination  with  a  jet 
penetration  model  that  reduces  the  amount  of  empirical 
data  required.  However,  a  pressure-drag  empirical  coeffi¬ 
cient  is  used  to  evaluate  the  jet  U'ajectory.  The  rate  of 
entrainment  is  also  predicted  in  this  model. 

The  goal  of  most  of  the  existing  models  is  to  predict,  as 
accurately  as  possible,  the  jet  trajectory  and  the  entrainment 
rate.  The  use  of  tuneable  empirical  coefficients  is  the  in¬ 
strument  generally  used  to  reach  this  goal.  As  a  result, 
frequently,  the  achievement  of  better  predictions  Joes  not 
necessarily  come  from  the  improvement  in  the  under¬ 
standing  of  the  phenomena.  On  the  contrary,  few  works 
seek  to  deepen  this  understanding.  Needham,  et  al  (12,  13] 
and  Coelho  &  Hunt  ( 14]  come  back  to  the  analysis  of  the 
inviscid  flows,  in  an  attempt  to  determine  if  an  inviscid 
mechanism  exists  for  the  deflection  of  a  jet  in  cross  flow. 
In  the  study  of  Needham,  the  jet  is  considered  to  emerge 
from  a  pipe  inclined  to  the  main  flow  while  in  the  case  of 
Coelho  &  Hunt  the  jet  is  considered  to  emerge  normally 
to  a  plane  wall.  A  small  disturbances  treatment  of  an 
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inviscid  three  dimensional  vortex  sheet  model  is  applied. 
An  inviscid  mechanism  for  the  deflection  of  the  jet  is  found 
in  this  way.  Such  a  mechanism  exists  only  when  the  cross 
flow  has  a  velocity  component  in  the  jet  direction.  There¬ 
fore,  in  the  case  of  a  jet  normal  to  the  cross  flow,  there 
is  no  inviscid  mechanism  for  the  jet  deflection.  These  works 
also  show  that  the  jet<rossflow  interaction  already  begins 
in  the  interior  of  the  injection  pipe.  The  correct  shape  and 
the  entrainment  of  the  jet  cannot  possibly  be  predicted  by 
inviscid  models.  In  the  model  of  Coelho  &  Hunt  [  14]  these 
jet  features  are  restored  at  the  expense  of  the  model  sim¬ 
plicity  by  introducing  an  entraining  vortex  sheet. 

Higuera  &  Martinez  Sanchez  [  IS]  model  the  initial  bending 
of  turbulent  or  laminar  jets  into  cross  flows  without  the 
use  of  any  empirical  parameter.  They  use  Landau's  self¬ 
similar  solution  for  a  point  source  of  momentum  (Batchelor 
[  16])  and,  after  expanding  the  solution  in  series,  they  in¬ 
troduce  the  effect  of  the  cross  flow  as  a  perturbation.  The 
turbulent  viscosity  is  assumed  to  be  constant  in  this  model. 

All  of  the  above  mentioned  models  are  valid  only  for  jets 
which  are  much  stronger  than  the  cross  flow.  In  the  opposite 
case,  weak  injection  into  a  strong  cross  flow,  it  is  possible 
to  use  the  boundary  layer  equations  and  introduce  the 
injection  as  a  perturbation.  This  approach  does  not  consider 
the  strong  crossflow-injection  interaction  taking  place  in¬ 
side  the  injection  pipe  in  such  cases.  In  the  case  of  film 
cooling  and  in  any  other  case  where  the  jet-to-mainstream 
velocity  ratio  is  of  order  unity,  no  simplification  can  be 
applied.  In  such  cases  the  full  three-dimensional  form  of 
the  Navier  Stokes  equations  must  be  solved,  at  least  in  the 
vicinity  of  the  injection  site.  Such  a  procedure  should  rely 
on  numerical  calculations  involving  strong  computer  re¬ 
quirements. 

2J  Experimental  Studies. 

Most  of  the  experimental  studies  related  with  film  cooling 
are  related  to  the  heat  uansfer  analysis.  Aerodynamic  in¬ 
vestigations  directly  related  with  the  film  cooling  process 
rarely  appear  in  the  technical  literature.  Only  flow  visuali¬ 
zations  and  partial  aerodynamic  measurements  are  often 
used  as  illustrations  for  experimental  studies  on  heat  trans¬ 
fer. 

The  published  experimental  works  on  the  aerodynamics  of 
jets  emerging  from  a  wall  into  a  cross  flow  are,  so  far, 
mainly  devoted  to  the  case  of  injection  normal  to  the  cross 
flow.  An  early  example  is  the  article  by  Keffer  and  Baines 
[17],  where  the  presence  of  the  pair  of  contra-rotating 
vortices  is  already  reported.  Kamotani  and  Greber  [  18]  not 
only  conftrm  the  existence  of  the  vortex  pair,  but  also 
report  that  these  vortices  can  dominate  the  flow -field  far 
downstream.  Andreopoulos  and  Rodi  [S]  made  a  detailed 
turbulence  study  and  an  aerodynamic  description  of  a  jet 
normal  to  a  wall.  They  used  a  triple  hot-wire  probe  to 
collect  their  data.  Andreopoulos  [19]  studied  the  structure 
and  mixing  of  normal  jets  by  means  of  spectral  analysis, 
flow  visualization  and  conditional-sampling  techniques. 
Crab,  et  al  [20]  also  conducted  an  aerodynamic  research 
programme  with  a  normal  jet. 

Aerodynamic  studies  on  inclined  jets  appear  less  often  than 
those  on  normal  jets,  and  few  of  them  attempt  to  measure 
turbulent  characteristics.  Yoshida  and  Goldstein  [21],  as 
well  as  Kadotani  and  Goldstein  [22],  measured  the  mean 
and  RMS  longitudinal  and  transverse  velocity  components 
at  one  streamwise  position.  Jubran  and  Brown  [23]  also 
performed  some  measurements  of  turbulence  intensity  with¬ 
in  this  type  of  jet.  Pietrzyk,  et  al  [24]  recently  conducted 
a  detail^  aerodynamic  measurement  program  on  inclined 


jets.  This  study  was  made  on  a  flat  plate  with  a  single  row 
of  holes  inclined  at  3S  degrees.  A  Laser  Doppler  Veloc- 
imeter  system  was  used  to  measure  two  components  of  the 
velocity. 

3  EXPERIMENTAL  APPARATUS. 

3.1  The  PacOMy. 

The  VKI  Low  Turbulence  Wind  Tunnel  (LTl)  has  been 
selected  to  perform  the  present  experimental  investigation. 
A  schematic  view  of  the  facility  is  presented  in  Figure  2. 
It  is  an  aspirating  open  type  wind  tunnel  made  of  wood. 
A  10: 1  two  dimensional  contraction  is  followed  by  the  test 
section,  a  2D  diffuser,  two  settling  chambers,  and  a  cen¬ 
trifugal  blower  driven  by  a  20  KW  variable  speed  IX^ 
motor.  The  0.35  m  X  0.8  m  test  section  has  transparent 
walls,  and  is  2  m  long.  A  flat  plate  model,  described  in 
the  next  section,  is  mounted  5  cm  above  the  bottom  wall, 
leaving  a  useful  section  of  about  0.28  m  X  0.8  m.  The 
upper  wall  is  adjustable,  allowing  the  regulation  of  the 
pressure  gradients  along  the  test  section.  This  wall  is 
equiped  with  several  slits  allowing  to  introduce  probes  for 
temperature,  pressure,  and  hot  wire  measurements.  The 
maximum  air  velocity  is  approximately  20  m/s  with  a 
turbulence  intensity  of  the  order  of  0.4%  in  the  mainstream. 

3.2  The  model 

A  test  plate  has  been  designed,  built,  instrumented  and 
installed  in  the  facility.  It  consists  of  four  parts  assembled 
between  two  T-shaped  aluminium  beams.  The  lead  part  of 
the  test  plate  presents  the  cross  sectional  shape  of  a  Clark-V 
profile.  This  profile  is  of  a  laminar  type  with  very  smooth 
pressure  gradients  along  both  the  pressure  and  suction  sides. 
Its  pressure  side  is  put  on  the  upper  (measurement)  side 
of  the  model  because  it  has  a  flat  part  allowing  a  continuous 
connection  with  the  main  test  plate.  This  system  guarantees 
the  growth  of  a  laminar  boundary  layer  if  the  stagnation 
point  IS  well  positioned  at  the  front  of  the  profile  nose.  To 
check  the  stagnation  point  position,  the  leading  edge  is 
insnumented  with  static  pressure  tappings  around  its  mid 
section  perimeter. 

The  jets  are  produced  by  injecting  the  secondary  flow 
through  holes  made  in  an  insert  placed  in  the  central  part 
of  the  model.  Three  different  inserts  are  available.  All  of 
them  have  the  same  external  dimensions  and  sectional 
shape.  One  is  equipped  with  a  single  inclined  injection 
hole  whereas  the  two  others  have  a  row  of  seven  injection 
holes  with  two  different  pitch  to  diameter  ratios.  The  first 
piece  is  used  to  perform  a  series  of  experiments  dealing 
with  a  single  inclined  air  jet  blowing  into  the  freestream. 
These  tests  provide  information  about  the  near  field  char¬ 
acter  of  a  cooling  jet.  The  two  other  pieces  are  used  to 
investigate  the  phenomena  associated  with  the  recovery 
region  and  the  interaction  between  jets  coming  from  a  row 
of  holes.  The  use  of  two  different  pitch  to  diameter  ratios 
allows  to  examine  the  influence  of  this  parameter  upon  the 
coolant  film  behaviour. 

33  The  secondary  flow  supply. 

To  reproduce  the  jet  to  mainstream  density  ratios  taking 
place  in  real  turbine  blades,  not  only  jets  of  air  are  used, 
but  also  mixtures  of  air  with  a  heavier  gas.  The  gas  selected 
for  this  purpose  is  SFs.  This  is  a  non  toxic,  non  flammable, 
and  non  corrosive  gas  commonly  use  as  dielectric  in  high 
voltage  transformers,  it  does  not  smell,  and  its  price  is 
about  twice  the  price  of  Freon.  Freon  was  reject^  as  a 
working  gas  for  environmental  reasons. 
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A  schematic  of  the  secondaxy  flow  supply  is  shown  in 
Figure  3.  Two  valves  are  used  to  regulate  the  air  and  the 
heavy  gas  supplies.  Each  valve  is  mounted  in  series  with 
a  heat  exchanger  and  a  flowmeter.  The  heat  exchangers 
were  introduced  in  the  circuit  to  damp  the  drop  in  tem¬ 
perature  caused  by  the  expansion  of  the  air  or  the  SFs- 
Downstream  of  the  flowmeters,  the  air  and  foreign  gas  are 
mixed  in  a  single  pipe  connected  to  an  ejection  box  just 
below  the  model.  For  each  tested  geometry  a  different 
ejection  box  is  used.  When  Laser  Doppler  Velocimetry  is 
used,  seeding  is  added  just  upstream  of  the  ejection  box. 

3.4  The  Laser  Doppler  Anemometer. 

A  two-component  fiber  optic  Laser  Doppler  Anemometer 
system,  provided  by  DANTEC  has  been  used.  The  first 
element  of  the  optical  measurement  chain  is  a  4  W  Ar-I 
Laser  operated  in  multi-mode  colour  and  mounted  on  an 
optical  bench.  The  Laser  beam  is  sent  to  a  Transmitter 
Unit  mounted  on  the  same  optical  bench.  The  Transmitter 
includes  a  40  MHz  frequency  shifter  and  four  fiber  man¬ 
ipulators.  Then,  the  light  is  sent  to  a  two-component  emit- 
ing-receiving  probe.  Two  photomultipliers  with  a  colour 
separator  receive  the  signal  from  the  probe  through  a  single 
fibre  cable.  To  be  able  to  measure  a  3D  flow  field  with  a 
2  component  probe,  ail  points  are  measured  twice:  once 
from  one  side  of  the  test  section,  and  once  again  placing 
the  optical  probe  downstream  of  the  measured  point.  There¬ 
fore,  two  different  sets  of  traversing  mechanism  are  used. 
This  solution  prohibits  the  measurement  of  one  of  the  shear 
Reynolds  stresses. 

The  Doppler  signals  are  processed  by  two  DANTEC  Burst 
Spectrum  Analyzers  (BSA).  These  BSA  processors  do  not 
work  directly  on  the  Doppler  signal  but  on  its  power 
spectrum  after  performing  a  Fast  Fourier  Transform  of  the 
signal.  Both  BSA's  are  computer  controlled  via  an  IEEE- 
488  interface.  A  DANTEC  software  package  is  used  for 
data  acquisition,  and  to  control  and  set-up  the  system. 

Two  different  seeding  systems  are  in  use  simultaneously, 
one  for  the  mainstream  and  the  other  for  the  injection.  The 
mainstream  is  seeded  by  using  condensation  of  propylene 
glycol.  The  jets  are  seeded  by  using  an  incense  burner 
constructed  as  a  cyclone.  Both  seeding  systems  produce  a 
similar  particle  size  distribution,  with  95%  of  the  particles 
having  diameters  of  less  than  one  micron. 

4  DISCUSSION  OF  RESULTS 

4.1  The  jet  characteristics. 

LDV  measurements  have  been  performed  in  series  of  ver¬ 
tical  traverses  contained  in  planes  perpendicular  to  the 
freestream  direction.  These  planes  are  located  in  the  posi¬ 
tions  downstream  of  the  injection  position  indicated  in 
Table  3.  The  test  conditions  specified  in  Table  4  have  been 
used  for  the  case  of  a  single  jet.  When  injecting  through 
a  row  of  holes,  only  the  first  six  conditions  in  this  table 
have  been  used.  Hence,  the  test  cases  in  which  a  large 
amount  of  SFs  would  be  exhausted  in  the  laboratory  have 
been  advoided.  The  combination  of  the  cases  in  Table  3 
with  the  conditions  in  Table  4  results  in  82  test  planes 
where  measurements  were  performed.  All  these  measure¬ 
ments  have  been  summarized  in  a  graphical  data  base  where 
one  page  is  used  for  each  measurement  plane.  Each  one 
of  these  pages  displays  nine  graphs  with  isolines  corre¬ 
sponding  to:  the  three  velocity  components,  the  three  nor¬ 
mal  Reynolds  stresses,  the  turbulence  level,  and  two  shear 
Reynolds  stresses.  The  used  reference  coordinate  system 
is  represented  in  Figure  4.  An  example  of  the  data  base 
sheets  is  presented  in  Figure  5.  It  shows  the  cross  section 


of  a  single  jet  of  air  of  mass  flux  ratio  equal  to  2  at  5 
diameters  downstream  of  the  injection  site.  Only  the  half 
jet  where  measurements  have  been  performed  is  repre¬ 
sented.  The  first  graph  in  the  figure  ^splays  the  isolines 
corresponding  to  the  velocity  component  in  the  mainstream 
direction.  These  velocity  isolines  present  the  kidney  shape 
characteristic  of  this  type  of  flows.  The  next  two  grafts 
represent  the  velocity  components  normal  to  the  main¬ 
stream.  The  vortical  motion  of  the  flow  can  be  appreciated 
in  these  two  graphs.  The  three  components  of  the  normal 
shear  stresses  are  represented  next.  All  three  ranged  around 
the  same  values,  but  their  actual  distribution  changes  from 
one  to  another.  They  have  been  combined  to  obtain  the 
turbulence  level  distribution  represented  in  the  next  graph. 
The  remaining  graphs  represent  two  of  the  three  shear 
Reynolds  stress.  The  error  on  velocities  and  normal  Rey¬ 
nolds  stresses  is  estimated  to  be  less  than  5%,  while  the 
error  on  the  shear  Reynolds  stresses  can  go  up  to  20%. 
All  the  information  used  for  the  discussion  in  the  next 
sections  has  been  extracted  from  the  aforementioned  data¬ 
base.  Additionally,  cross  planes  taken  at  different  locations 
for  the  same  flow  conditions  have  been  grouped  together 
to  obtain  3D  representations  of  the  overall  flowfield.  This 
is  the  case  of  Figure  6  which  represents  the  velocity  dis¬ 
tribution  generated  by  a  single  jet  of  air  with  mass  flux 
ratio  (M)  equal  to  2.  It  shows  an  overall  view  of  the  jet 
features,  such  as  the  evolution  to  its  characteristic  kidney 
shape,  and  the  migration  of  the  maximum  of  velocity  from 
the  meridional  plane  to  the  vortex  core.  The  streamlines 
of  the  averaged  flow  are  plotted  in  Figure  7.  These  stream¬ 
lines  provide  a  good  view  of  the  behaviour  of  the  mean 
flow,  but  the  reader  must  be  aware  that  they  may  not 
correspond  to  any  instantaneous  picture  of  the  real  flow 
field. 

4.2  The  jet  trajectory. 

There  is  not  a  unique  way  to  define  the  jet  trajectory.  In 
general,  the  jet  trajectory  can  be  described  as  the  line  in 
space  defined  by  the  position  taken  by  a  given  point  char¬ 
acterizing  each  jet  cross  section.  As  there  is  more  than  one 
characteristic  point  in  a  given  cross  section,  it  is  possible 
to  define  more  than  one  jet  trajectory.  In  the  present  work 
four  points  are  used  to  characterize  each  jet  cross  section: 
the  point  of  zero  transverse  velocity,  and  the  three  points 
corresponding  to  the  maximum  normal  Reynolds  stresses 
in  each  direction.  The  point  of  maximum  velocity  is  not 
used  because  it  would  not  make  sense  in  all  cases  having 
velocity  ratios  less  than  unity. 

Figure  8  shows,  for  the  cases  under  study,  the  jet  trajectory 
based  on  the  point  having  zero  transverse  velocity.  Each 
graph  in  this  figure  displays,  in  its  upper  part,  the  projection 
of  the  trajectory  on  the  vertical  meridional  plane  and,  in 
its  lower  part,  the  projection  of  the  trajectory  on  the  hori¬ 
zontal  plane.  The  trajectories  represented  in  this  figure 
approximately  correspond  with  the  core  of  one  of  the  vor¬ 
tices  generated  in  the  jet.  In  fact,  the  vortex  core  corresponds 
to  a  point  in  the  plane  normal  to  the  jet  trajectory  having 
zero  transverse  velocity.  In  general  the  angle  between  this 
later  plane  and  the  y-z  plane  is  small.  However,  this  corre¬ 
spondence  weakens  close  to  the  injection  site  because, 
there,  the  y-z  plane  is  far  from  being  normal  to  the  jet 
trajectory.  This  fact  partially  explains  the  trend  of  the  contra 
rotating  vortex  pair  to  get  closer  together  at  the  initial 
stages  of  the  trajectories  displayed  in  this  figure.  Never¬ 
theless,  a  second  reason  exists  for  this  initial  trend  of  the 
jet  trajectory:  the  ground  effecL  This  can  be  easily  explained 
by  looking  at  the  simplified  scheme  of  the  vortex  pair 
displayed  in  Figure  7.  In  this  scheme  the  ground  has  been 
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replaced  by  a  mirror  image  of  the  vortex  pair.  For  each 
vortex,  its  mirror  image  pushes  it  towards  its  partner,  while 
each  one  pushes  the  other  up.  Further  downstream  the 
distance  between  the  vortices  becomes  small  in  comparison 
to  the  distance  to  their  mirror  images.  Thus,  the  mirror 
images  almost  compensate  each  other  effect  and  the  flow 
Field  becomes  dominated  by  the  interaction  between  the 
two  vortices.  As  it  was  observed  by  Durando  [9]  and 
analytically  proven  by  Broadwell  and  Breidenthal  [2S],  the 
distance  between  two  contra-rotating  vortices  moving  in  a 
freestream  grows  as: 

d  a  C  * 

were,  for  given  flow  conditions,  C  is  constant. 

By  looking  at  the  case  of  a  row  of  jets  represented  in 
Figure  8,  it  can  be  seen  that  the  trend  towards  separation 
disappears  after  a  while  and  the  vortices  begin  to  move 
parallel  to  each  other,  although  they  conserve  a  vertical 
motion.  The  trajectories  in  the  vertical  plane  show  to  be 
lower  than  in  the  case  of  a  single  jet.  This  effect  is  produced 
by  the  interaction  between  the  jets  in  the  row.  In  fact,  for 
a  given  vortex,  its  partner  pushes  it  up  while  the  closest 
vortex  of  the  next  jet  pushes  it  down.  Tlierefore,  the  lifting 
effect  induced  in  the  vortex  pair  is  diminished. 

Figures  10.  1 1,  and  12  represents  the  trajectory  in  a  vertical 
plane  of  the  point  having  maximum  normal  Reynolds 
stresses  in  x.  y,  and  z  directions  respectively.  With  the 
exception  of  the  low  injection  rate  cases,  the  maximum 
Reynolds  stress  in  the  y  direction  is  reached  closer  to  the 
wall  than  the  maximum  in  the  other  two  directions.  This 
means  that  the  flow  close  to  the  wall  is  dominated  by 
lateral  oscillations,  while  in  the  jet  itself  the  oscillations 
are  mainly  up-down  and  back-forth. 

4J  The  momentum  flux  ratio  effect. 

A  striking  feature,  observed  in  the  generated  graphical  data 
base,  is  the  correlation  between  the  lateral  spreading  of 
turbulence  and  the  momentum  flux  ratio  (I).  This  can  be 
seen  in  Figure  13  which  shows  isolines  of  the  turbulence 
intensity  in  a  single  jet  at  ten  diameters  downstream  of 
the  injection  site.  Seven  cases  are  displayed.  3  of  them 
with  density  ratio  equal  to  1,  2  with  density  ratio  equal  to 
1.3,  and  the  last  2  cases  with  density  ratio  equal  to  2.  The 
used  mass  flux  ratio  (M),  as  well  as  the  corresponding 
momentum  flux  ratio,  are  displayed  in  each  graph.  All 
cases  having  a  momentum  flux  ratio  less  than  unity  present 
a  turbulent  spot  growing  beside  the  jet  itself.  This  lateral 
spreading  of  turbulence  disappears  for  momentum  flux 
ratios  greater  than  unity.  This  is  an  indication  that  the  high 
momentum  jets  break  through  the  boundary  layer  and  pro¬ 
duce  a  large  interaction  with  the  freestream,  while  low 
momentum  jets  get  confined  in  the  low  levels  producing 
a  wide  interaction  with  the  boundary  layer. 

The  growth  of  a  lateral  turbulent  spot  has  also  been  observed 
for  the  case  of  a  row  of  jets.  Figure  14  represents  the 
turbulence  level  in  a  plane  at  the  same  position  as  the  one 
of  Figure  13,  but  in  this  case  two  rows  of  holes  of  pitch 
to  diameter  ratios  of  3  and  5  are  considered.  For  simplicity, 
only  the  case  of  air  injection  is  analyzed,  and  only  one 
low  mass  flow  injection  case,  and  one  high  mass  flow 
injection  case  are  considered  for  each  row.  The  row  with 
pitch  to  diameter  ratio  equal  to  S  does  not  present  major 
differences  with  the  single  jet  case  already  presented  in 
Figure  II.  Therefore,  it  must  be  correct  to  assume  that  the 
interaction  between  the  jets  eventually  appears  downstream 
of  the  considered  position.  On  the  contrary,  the  two  cases 
of  the  row  of  pitch  to  diameter  ratio  equal  to  3  appear  to 
be  different  than  the  equivalent  single  jet  cases.  The  First 


difference  is  that  the  turbulence  intensity  inside  the  jet 
appears  to  have  lower  values,  and  does  not  extend  as  high 
as  the  single  jet  case.  Additionally,  the  lateral  turbulent 
spot  characteristic  of  the  low  momentum  case  has  a  higher 
turbulence  level,  and  appears  to  be  shared  by  two  conse¬ 
cutive  jets. 

5  CONCLUSIONS 

The  flowfield  generated  when  an  inclined  turbulent  jet  is 
injected  into  a  laminar  cross-flow  has  been  experimentally 
investigated  by  means  of  an  LDV  system.  A  single  jet  and 
two  different  rows  of  jets  have  been  separately  studied. 
Air  and  a  mixture  of  gases  producing  density  ratios  of  1.3 
and  2  have  been  used  for  injection.  All  the  data  have  been 
processed  and  arranged  into  a  graphical  data  base.  From 
this  data  base  information  is  taken  about  some  general 
features  of  the  jet,  as  the  velocity  evolution  or  the  jet 
trajectory.  The  vortex  pair  generated  within  a  single  jet 
appears  to  have  a  trend  towards  separation  some  diameters 
after  the  injection  location.  The  interaction  between  the 
jets  in  a  row  with  pitch  to  diameter  ratio  equal  to  3  is 
found  to  start  between  3  and  10  diameters  downstream  of 
the  injection  site,  and  further  downstream  when  a  row  of 
pitch  to  diameter  ratio  equal  to  3  is  studied.  This  interaction 
between  jets  lowers  the  height  of  the  jet  penetration,  and 
makes  the  vortex  core  trajectory  parallel  to  the  meridional 
plane.  The  momentum  flux  ratio  is  found  to  characterize 
the  interaction  between  the  jet  and  the  incoming  boundary 
layer.  When  the  momentum  flux  ratio  is  lower  than  1  the 
jet  penetration  is  small,  and  the  jet  is  essentially  conFined 
within  the  boundary  layer.  The  interaction  generated  in 
such  conditions,  produces  a  spreading  of  turbulence  in  the 
boundary  layer,  and  a  turbulent  spot  is  generated  beside 
the  jet  itself.  By  increasing  the  mass  flux  ratio,  the  lateral 
spreading  of  turbulence  disappears  when  the  momentum 
flux  ratio  gets  larger  than  1.  When  injecting  through  a  row 
of  holes,  the  turbulent  spot  is  shared  by  two  consecutive 
jets  further  downstream  of  the  injection  holes. 
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Freestream  Velocity  (VJ 

5  m/s 

Injection  Angie  (tj 

35» 

Injection  Hole  Diameter  (D) 

12  mm 

Incoming  Boundary  Layer  Thickness  (&}  8  mm 

Pitch  to  Diameter  Ratio  (p/D) 

3.5. 

Mass  Flux  Ratio  (M) 

0.5 ...  2.4 

Density  Ratio  (R) 

1.0, 1.5, 2.0 

Table  2  Present  test  conditions 
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Table  3  Distribution  of  measurement  planes  Table  4  Test  cases  matrix 
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Fig.  10 

Jet  trajectory  based 
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Fig.  11 

Jet  trajectory  based  uo’* 
on  the  point  having  k, 
maximum  normal 
Reynolds  stress  in  '  ‘ 
y  direction. 
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Fig.  12 

Jet  trajectory  based  i,o’ 
on  the  point  having  » 
maximum  normal 
Reynolds  stress  in  ” 
z  direction. 
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Fig.  14  Turbulence  intensity  for  jets  of  air  in  a  row  at  x/D=10. 
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Discussion 


QUESTION  1: 

DISCUSSOR:  N.  Hay,  University  of  Nottingham 

There  must  be  a  good  reason  why  you  used  a  length-to-diameter  ratio  for  the  hole  of  about 
one.  A  larger  ratio  would  have  been  a  lot  better  for  two  reasons:  firstly,  the  flow  in  the  hole 
would  have  been  fully  developed,  and  secondly,  from  the  point  of  view  of  modelling  this 
would  have  decoupled  the  region  upstream  of  the  hole  from  that  downstream.  As  the  rig  is 
designed,  one  would  have  to  model  the  plenum  chamber,  the  hole  and  the  jet  and  crossflow 
to  get  a  true  representation. 

AUTHOR’S  REPLY: 

I  agree  with  the  comment  The  choice  of  this  model  was,  among  other  factors,  dictated  by 
the  availability  of  existing  hardware.  On  the  other  hand,  the  plenum  could  be  considered 
as  boundary  condition  for  the  jet  flow. 


39-1 


MODELISATION  D'UN  ECOULEMENT  TURBULENT  EN  PRESENCE  DE  JETS 
PARIETAUX  DISCRETS  DE  REFROIDISSEMENT 


J.M.  Maurice,  F.  Lebocuf,  P.  Kulisa 
Laboratoirc  dc  Mccanique  dcs  Fluidcs  et  d'Acoustique 
URA  CNRS  263 
Ecoic  Ceniralc  de  Lyon 
36  avenue  Guy  de  Collongue, 

BP  163, 

69131  EcullyCcdex,  France. 


1.  RESUME 

Les  lempdraiures  de  plus  en  plus  dlcvces  aiieinies  dans 
les  premiers  dtages  de  turbine  nccessiicni  un 
refioidissement  efficace  dcs  aubages.  Le  rcl'roidissemcni 
par  film  d'air  a  prouvd  sa  capacitc  a  proicgcr  la  p;uoi  dc 
i’Scoulement  amont  chaud.  Toutefois,  il  perturbe 
fortement  les  caraci6ristiques  aerodynamiqucs  dc 
I'dcoulement.  En  consequence,  I'objectif  dcs 
constructeurs  est  de  rdaliser  le  meillcur  compromis 
entre  les  penes  aerodynamiqucs  ct  les  conirainics 
thermiques. 

Une  moddlisaiion  bidimensionncllc  acroihcrmiquc  dc 
recoulement  visqueux  refroidi  par  jets  discrcis  ci  bascc 
sur  le  concept  de  couche  limiie,  a  etc  devcioppcc  a 
I'Ecole  Cenu-ale  de  Lyon.  Dans  un  premier  temps,  un 
module  de  fermeture  turbuicnte  utilisant  une  longueur 
de  melange  a  ete  implanie.  Un  moddle  k-e  a  bas 
nombre  de  Reynolds  est  ici  presente.  Une  technique  dc 
moyenne  en  espace  dans  la  direction  transvcrsalc  a 
recoulemeni  principal  permci  dc  conserver  un  caractcre 
bidimensionnel  au  problfeme.  Par  suite,  les  equations 
de  transport  des  grandeurs  turbulcntcs  contiennent  dcs 
termes-source  qui  traduisent  la  presence  dcs  jets. 

Des  comparaisons  avec  des  rdsultais  cxperimenuiux 
sont  presentes  dans  le  cas  d'une  rangde  de  jets 
introduits  dans  une  couche  limite  turbuicnte  sc 
developpant  sur  une  plaque  plane,  a  proximitc  dc 
I'orifice  d'injection. 

SUMMARY 

The  high  temperature  level  reached  in  the  first  turbine 
stages  requires  efficient  blade  cooling.  Film  cooling 
has  prov^  its  ability  to  protect  the  wall  from  the  hot 
upstream  flow.  However,  the  jets  strongly  disturb  the 
aerodynamic  flow  characteristics.  As  a  con.sequcncc, 
the  main  objective  of  the  designers  is  to  get  the  best 
compromise  between  thermal  suains  and  aerodynamic 
losses. 

A  two-dimensional  viscous  flow  model,  with  discrete 
jets  and  based  on  a  boundary  layer  concept,  was 
developed  at  Ecole  Centrale  de  Lyon.  The  turbulence 
closure  was  first  performed  by  a  mixing  length  model. 
A  low  Reynolds  number  version  of  a  k-e  model  is 
presented  here.  We  use  a  space  averaging  method  in  the 
transverse  direction;  thereby  the  two-dimensional 
character  of  the  computation  is  preserved,  while  the 


specific  effects  of  the  discrete  jets  are  taking  into 
account  in  the  model. 

Comparisons  with  experimental  results  are  given  in 
the  case  of  a  row  of  jets,  as  injected  through  a 
turbulent  boundary  layer  on  a  flat  plate,  near  the 
injection  orifice. 

2.  INTRODUCTION 

Le  relroidissement  par  film  des  aubes  dc  turbine  est  un 
mccanisme  ucs  employe  pour  augmenter  les 
(lerlormances  dcs  turbines  a  gaz,  afin  de  preserver  les 
parois  du  lluide  chaud  issu  dc  la  chambre  de 
combusuon.  Du  lluide  "froid "  peut  cue  ainsi  pr61ev6 
dans  le  compresscur  pour  cue  rdinuoduit  dans  la 
turbine.  Dans  ce  uavail,  nous  considdrons  uniquement 
le  refroidissement  ^  I’aide  dc  jets  discrets,  qui  sont 
inuoduits  dans  I'dcoulement  principal  enue  les 
aubages.  La  prioritd  affichde  par  les  constructeurs  est 
en  general  d'assurcr  une  durde  de  vie  suffisante  des 
turbines,  cc  qui  implique  une  bonne  protection 
therm  ique  dcs  parois.  Cependant,  la  complexitd  des 
phdnomcncs  physiques  observds  i  proximitd  des  zones 
d'injection,  ainsi  que  I'cmploi  de  mdthodes  de 
prediction  thermique  imparfaites,  conduit  en  gdndral  h 
un  sur-dimensionnement  dcs  ddbits  d'injection.  U  en 
rcsultc  une  penalisation  du  compresseur,  qui  foumit  du 
lluide  a  haute  pression  non  valorise  dans  la  chambre  de 
combustion;  par  ailleurs,  la  maluise  de  I'aspect 
cindmatique  des  phenomdnes  d'injection  est  encore 
imparfaitc,  cc  qui  agit  sur  le  rendement  des  turbines. 

La  physique  dcs  phdnomdnes  est  u6s  complexe. 
Fortement  acedidrd  et  ddvid  par  les  aubes,  la  structure 
dc  I'dcoulement  entre  les  aubes  de  turbine  est  fortement 
tridimcnsionnelle,  suite  au  ddveloppcment  de 
nombreux  tourbillons  (Escande,  1991).  La  transition 
enue  les  regimes  laminaire  et  turbulent  est  tits  dtalde 
sur  la  paroi  des  aubes;  elle  est  influenede  t  la  fois  par 
dcs  mdcanismes  lids  t  la  paroi  (ondes  de  Tollmien- 
Schlichting,  tourbillons  dc  Gditler,  forts  gradients  de 
icmpdraiurc,  ddcollcmeni  local), ct  par  I'dcoulement 
cxtcricur  a  la  couche  visqueuse  paridtale  (sillages  issus 
dcs  aubes  5  I'amont,  turbulence  dc  I'dcoulement 
cxtdricur).  Inuoduit  dans  I'dcoulement  principal  entre 
les  aubes,  le  jet  a  un  comportement  trts  complexe, 
domind  par  dc  nombreuscs  s^uctures  tourbillonnaires. 


Pour  la  zone  silu6e  loin  de  I'orificc  d'injcction,  il 
cxisie  deux  tourbillons  conira-roiaiifs,  nommcs  ici 
iil ,  ei  qui  conftrent  au  jei  une  forme  classique  en 
"haricot".  Ces  deux  tourbillons  apparaissent  en 
particulier  pour  des  jets  issus  d'un  tube  dcbouchant 
dans  un  ecoulement  transversal,  ^  meme  temperature  et 
masse  volumique  (Feam  et  Weston,! 974);  leur  originc 
est  lide  aux  couches  visqueuses  se  ddveloppant  sur  Ics 
parois  interieures  du  tube,  dont  la  vorticiie  est 
rcorientee  lors  de  la  deflexion  du  jet  par  l  ecoulcmcnt 
transversal .  Ces  tourbillons  apparaissent  dans  le  lube 
d’injection  lui-meme,  car  I'ecoulement  y  est  deja  ddvie 
par  rdcoulement  transversal  se  developpant  au  niveau 
de  I'orifice  (Sykes,  Lewellen  et  Parker,  1986,  Pinho 
Brasil,  1992).  Pour  des  nombres  de  Reynolds  assez 
faibles,  la  peripheric  du  jet  est  influencec  par  des 
cnroulcmenls  toriques  ^2.  rencontres  egalcmcni  dans 
le  cas  de  jets  libres,  mais  ici  dcform6s  par  recoulcmcni 
transversal  (Figure  2,  Bousgarbics,  Brizzi,  Foucault, 
1991).  Un  jet  ddbouchant  au  niveau  d'une  paroi  sur 
laquellc  se  developpe  un  ecoulement  visqueux  du  type 
d'une  couche  limiie,  est  influence  par  des  structures 
tourbillonnaires  suppiemcntaires.  Une  description 
assez  precise  de  la  topologie  a  la  paroi  de  recoulemcnt 
a  ete  proposee  par  Charbonnier,  (1992).  Unc  paire  de 
tourbillons  en  fer  a  cheval  i23,  induit  par  le 
raleniisscment  de  la  couche  limitc  transvcrsale  .sous 
I'influcncc  du  jet,  .s'cnroulc  autour  de  cclui-ci:  le  jot  a 
done  ici  un  role  de  blocagc  de  I'ecoulement  transversal, 
dans  lequel  il  se  comporte,  au  moins  pour  sa  face 
amont,  comme  un  corps  solidc  souplc  (Mou.s,sa, 
Trischka  et  Eskinazi,1977).  Ces  deux  tourbillons  ii3 
toument  en  sens  opposes  par  rapport  a  ceux  lies 
aux  couches  visqucu.ses  crccs  dans  le  tube  d'injcction. 
Pour  de  faibles  valeurs  du  nombre  de  Reynolds,  les 
deux  branches  du  tourbillon  en  for  a  cheval  £23, 
pourront  sc  rejoindre  a  I'aval  du  jet  (Bousgarbics. 
Brizzi,  Foucault,  1991).  Enfin,  la  face  aval  du  jct  est  le 
siege  d'enroulemcnts  tourbillonnaires  fla  qui  sont  lies 
a  I'existcnce  de  zones  d'accumulation  de  tluidc  entre  les 
deux  points  scllcs  SI  et  S2:  alimentcs  en  grande  partic 
par  la  couche  visqueuse  transvcrsale.  ils  sont  aspires 
par  le  jet  lui-meme  et  toument  dans  le  meme  sens  que 
i2i  (Andreopoulos  et  Rodi,1984;  Andrcopoulos.  1985; 
Fric  et  Roshko,  1989;  Charbonnier  el  Leblanc,  1990; 
Pinho  Brasil,  1992);  il  est  done  ires  possible  que  les 
mouvements  tourbillonnaires  i2i  et  iM  .soient 
conjointement  responsables  de  la  mccanique  du  jet  a 
une  certaines  distance  a  I'aval  de  rorificc  d'injcction. 
Tous  ces  mccanismes  supposent  un  ecoulement  dans 
lequel  la  masse  volumique  varic  pcu.  Dans  une  turbine 
rcfroidic,  fcxistcncc  de  foris  gradienus  de  temperature 
entre  les  jets,  la  paroi  et  I'dcoulcmcnt  cxicricur,  ainsi 
que  de  fortes  variations  de  pression  statique  liccs  aux 
courbures  locales  des  uajccioircs  lluidcs,  voni  etre 
responsables  de  variations  importantes  de  la  inas.se 
volumique.  11  doit  en  rcsulter  des  sources  de 
tourbillons  t25  lids  aux  interactions  entre  Ics  gradients 
de  pression  et  de  mas.se  volumique,  alors  que  tous  les 
mdcanismes  Hi  i  124  nc  sont  que  des  reorientations 
de  la  vorticitc  cxistantc  dans  Ic  jet  ou  la  couche  liiniie 
amont. 


Des  mcsurcs  de  quaniitds  turbulentcs  dans  le  jet 
uidimcnsionnel  ont  die  rdalisdes  par  Moussa,  Trischka 
et  Eskinazi  (1977),  Crab,  Durao  et  Whiielaw  (1981), 
Andrcopoulos  et  Rodi,(1984),  Charbonnier  (1992) 
pour  un  jet  isold;  de  fortes  valeurs  des  contraintes  ont 
die  mesurces  sur  la  face  aval  du  jet,  et  ^  proximiid 
immediate  de  la  paroi.  Dans  le  cas  de  rangdes  de  jets, 
Yavuzkuri,  Moff^at  et  Kays  (1981),  Pietrzyk,  Bogard, 
et  Crawford  (1989),  Vuillcrme  et  alii,(1992)  ont 
monird  la  forte  influence  du  jet  sur  les  grandeurs 
turbulentcs  dans  la  couche  limiie  de  paroi. 

Les  contraintes  imposces  sur  un  calcul  du 
refroidissement  par  film  dans  des  aubes  de  turbines 
sont  ires  fortes.  Afin  d'assurer  une  protection 
thermique  suffisante,  le  constructeur  doit  employer 
souvent  plusieurs  rangees  de  jets  discrcis  par  canal;  un 
nombre  d'orifiecs  pereds  sur  les  aubes,  de  I'ordre  de  la 
ccniainc  est  done  courant;  ils  sont  rdpartis  ^  la  fois  sur 
les  aubes  ou  Ics  plate-formes  (Bry,  1989).  La 
detcmiination  des  Ilux  de  chalcur  aux  parois  ndcessiie 
une  grande  precision  de  la  part  du  calcul  du  champ 
cinematique.  Etant  donne  la  laillc  des  structures 
tourbillonnaires  en  presence,  I'emploi  de  maillage  trds 
fin  est  ncccssairc  ((Talatano,  Chang,  Mathis,  1989); 
ptir  aillcurs,  il  n'est  pas  evident  que  I'utilisation  de 
lois  dc  parois  soil  possible  dans  les  zones  d'injeclions, 
diant  donnccs  Ics  recirculations  locales  dc  fluides  qui 
pcriurbcni  I'cquilibrc  local  des  iransfcrts  turbulents 
(White,  1980).  Pour  ces  rai.sons,  I'usage  de  codes 
rcsolvani  Ics  equations  dc  Navier-Stokes  sous  une 
forme  iridimcnsionnclle  est  encore  resireinte  au 
traiicmcni  simulianc  d'un  nombre  limite  de  jets.  Les 
conclusions  apportdes  par  ces  calculs  montrent  que  la 
prediction  dc  I'ecoulement  dans  la  zone  aval  du  jet  est 
foricmeni  amcliorcc  par  rulili.saiion  dc  conditions  aux 
limiics  appropriccs  au  niveau  dc  I'orifice  (Khan,  Me 
Guirk,  Whiielaw,  1982).  La  plupart  des  auteurs 
omploicni  des  modeles  dc  turbulence  avec  equations  de 
uanspori  dc  I'cnergic  cinctique  turbulcnte  k  et  du  taux 
do  di.ssipaiion  lurbulcnic  e;  noions  que  Ince  el 
Lc.schzincr  ( 1990),  et  Demuren  (1990)  ont  employe  des 
equations  dc  transport  dc  tension  dc  Reynolds,  sur  des 
niaillages  cependant  irop  grossiers  pour  capter  touie  la 
physique  des  phcnomcncs. 

Entre  ces  calculs  u-idimcnsionncls  et  I'utilisation  de 
relations  analyiiqucs  pcrmcilant  dc  prddirc  Ic  flux  dc 
chalcur  en  presence  d'injeclions  multiples,  il  existe  des 
iiKKlclcs  bidimcnsionncls  adapics  au  uaiicmcnt  dc 
rangees  dc  jets  cl  ba.si5s,  plus  ou  moins  cxplicitcment, 
sur  unc  hypolhese  dc  moyenne  spaiialc  scion  la 
direction  dc  la  rangee  dc  jcu>  (Herring,  1975).  Ces 
modeles  difl'brcnl  d'une  part  par  le  traiicmcnt  de 
recoulcmcni  transversal,  en  gcndral  basd  sur  un  module 
dc  couche  limite,  et  sur  la  prise  en  compie  dcs 
informations  lidcs  aux  jets.  Herring  (1975),  Kutisa, 
Lebocuf  et  Perrin,  (1991)  ont  uiilisd  unc  mdthode 
inidgralc  dc  calcul  du  jet.  Miller  cl  Crawford 
( l984),Yavuzkurt,  Moffat  et  Kays  (1980)  ont  utilise 
un  modclc  d'injcction  qui  rcspcctc  csscnticllcmcnt  la 
conservation  dc  la  ma.ssc,  ct  utilise  unc  version  dc  la 
longueur  dc  mdlangc,  corrjgdc  dcs  cffcis  du  jet. 
Schdnung  cl  Rodi  (1987)  ont  utilisd  un  module 
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d’injeciion-dispersion  qui  relie,  a  I’aide  d'une  equation 
de  transport,  le  flux  de  chaleur  et  la  quantile  de 
mouvemeni.  L'dialonnage  de  cetie  mcihode  a  cie  rcalisd 
^  I'aide  d'un  grand  nombre  de  calculs  tridimensionncls 
de  jets  (Demuren,  1983);  les  rcsultais  soni  assez 
approchds  ^  proximitd  immediate  de  I'orifice 
d'injection.  Des  modules  de  turbulence  du  type  k-e  oni 
employes  par  SchOnung  et  Rodi  (1987),  Tafti  et 
Yavuzkurt  (1989)  avec  des  rdsultats  amdliorcs  par 
rapport  ^  I'utilisation  d'une  longueur  de  melange. 

Nous  ne  discuterons  pas  ici  de  la  validiie  du  inodclc  a 
deux  ^uations  de  transport  de  k  et  e  dans  Ic  cadre  d'un 
dcouletnenl  g6n6ral  en  turbine,  dans  la  mesurc  ou 
seules  les  applications  sur  des  plaques  planes  scront 
considdrdes  ici.  II  convient  cepend^t  de  rappcler  que  ce 
modble  predil  difficilement  les  6coulemcnis  prcsentani 
de  fortes  contraintes  normales,  lels  les  effets  de 
courbure;  de  meme,  il  doit  etre  au  moins  adaptc  pour 
un  traitement  de  la  transition  entre  les  regimes 
laminaire  et  turbulent.  L'objectif  essentiel  de  cette 
6tude  est  la  prediction  des  flux  dc  chaleur  aux  parois; 
compie  tenu  de  la  forte  influence  dc  I'aspcci 
cinematique  du  probleme  sur  I'aspcct  thcrmiquc,  il 
semble  essentiel  d'optcr  pour  un  modcle  a  bas  nombre 
de  Reyr  )lds,  qui  evite  I'utilisation  de  lois  dc  parois 
irop  approximatives  dans  le  cadre  d'injections  fortes. 

En  effel  d'aprfes  Launder,  (1988),  il  n'csi  pas  aisc  dc 
definir  la  frontierc  entre  la  sous-couche  visqucu.se  et  la 
zone  exterieure  dans  les  dcoulemcnt  complexes;  en 
outre,  la  zone  logarithmique  n'cxistc  pas  dans  les  zones 
ddcoll6es.  Un  module  ^  bas  nombre  dc  Reynolds  doit 
respecter  le  comporiemeni  de  chacun  des  termes  des 
equations  de  transport  des  grandeurs  turbulenics  a 
proximity  de  la  paroi,  grace  a  dcs  fonctions 
d'amortissement  adaptdes;  de  tcls  modclcs  ont  etc 
ddveloppcs  pour  dcs  parois  cianches  par  Nagano  et 
Tagawa,  (1990),  Shih  et  Mansour,  (1990).  11  c.si 
egdement  essentiel  que  la  condition  a  la  limiic 
paridtale  sur  e  traduise  I'equilibrc  entre  le  taux  dc 
dissipation  de  k  et  sa  diffusion  par  effet  visqueux  a  la 
paroi  (Lam  et  Bremhorst,  1981).  11  importe  enfin  dc 
pouvoir  calculcr  des  zones  dccollccs  sans  probicmes 
numdriques;  il  semble  que  le  moddlc  dc  Michclassi  et 
Shih  (1991)  facilite  ce  traitement  car  la  distance  a  la 
paroi  est  exprimee  directement  en  fonction  dc  I  dchcllc 
de  longueur  turbulente,  plutot  qu'en  terme  dc  la  vitesse 
de  frottement  a  la  paroi  U^.  Ces  artifices  paridtaux  nc 
sont  pas  cependant  suffisants  pour  garantir  une  validitd 
compldte  des  modeles  k-e  dans  le  cas  d'injections 
paridtales.  Il  est  bien  connu  en  effel  que  rhypoihcsc  dc 
Boussinesq  est  ddjS  mise  en  ddfaut  dans  Ic  cas  d'un  jet 
libre;  en  outre,  une  forte  ddformation  cst  mal  iraduite 
par  ce  moddle. 

L'approche  choisie  dans  cette  dtude  suppose  I'cmploi 
d'un  maiilage  trds  fin  dans  la  direction  normalc  a  la 
paroi,  avec  comme  objectif  uliimc  la  prddiciion  prdcisc 
dcs  flux  de  chaleur.  Par  contre,  nous  acceptons  une 
certaine  imprdcision  sur  la  prdvision  de  la  distribution 
paridtale  du  flux,  en  particulicr  dans  la  direction  dc  la 
rangde  de  jets.  Enfin,  le  calcul  doit  ctre  utilisd  dans  Ic 
cadre  de  dessin  de  machine,  ce  qui  impose  des  temps  dc 
calculs  raisonnables.  Le  respect  dc  ces  contraintes  nous 


a  conduit,  pour  le  calcul  de  I'dcoulement  transversal  au 
jet,  a  optcr  pour  un  modcle  de  couche  limite;  la 
stabilitd  de  ce  calcul  est  assurde  grace  4  un  couplage 
fort  avec  I'dcoulement  non  visqueux  extdrieur  k  la 
zone  paridtale  (Kulisa,  LeboeuL  Klinger  et  Bernard, 
1992).  Le  calcul  de  jet  tridimensionnel  est  basd  sur  une 
forme  inidgrale  des  ^nations  de  Navier-Stokes 
parabolisde  selon  la  trajectoire  du  jet  La  fermeture  du 
modele  cst  assurde  grace  ^  I'emploi  de  lois  analytiques, 
et  au  calcul  des  composantes  de  vitesse  induites  par  des 
singularitds  tourbillonnaires  emportdes  par  le  jet 
(Leboeuf,  Huang,  Kulisa,  Perrin,  1991).  Une  moyenne 
dc  I'dcoulement  est  alors  rdalisde  selon  la  direction 
paralldlc  a  la  rangde  de  jets  (Kulisa,  Leboeuf,  Perrin, 
1991).  Dans  le  cadre  de  ce  travail,  nous  prdsentons 
I'utilisation  d'un  modcle  de  turbulence  k  bas  nombre  de 
Reynolds  avec  deux  dquations  de  transport  de  k  et  e; 
les  modclcs  de  Nagano  et  Tagawa  (1990)  et  Michelassi 
Cl  Shih  (1991)  ont  did  icstds. 

Dcs  rdsultais  seroni  prdsentds  pour  deux  cas  de  couches 
limites  turbuicntes  qui  se  ddvcloppent  sur  une  plaque 
plane,  cn  presence  d'injections  paridtales  (Vuillerme, 
Foucault,  Dorignac,  Deniboire  et  Bousgarbids,1992). 

3.  MODKLES  DH  CALCUL 

3.1  Moyennes  spatiales  et  moyenne 
turbulente 

Les  divcrscs  equations  de  uanspoit  sont  lout  d'abord 
moyenndes  siaiistiquement  au  sens  turbulent.  Nous 

noicrons  indiffdremment  u  ou  u  la  valour  moyenne  au 
sens  turbulent  de  la  variable  u,  et  u'  sa  fluctuation  au 
sens  turbulent.  Puis  les  dquations  sont  moyenndes 
spaiialemcni  selon  la  direction  z  dc  la  rangde  de  jets, 
supposde  ici  perpcndiculaire  i  la  direction  x  dc 
rdcoulcmcnt  oansversal  a  I'infini  amont.  La  moyenne 

spatiale  sera  noide  u,  el  sa  fluctuation  spaiiale  (du). 
Dans  tout  ce  qui  suit,  il  faut  en  outre  noter  que  toute 
les  moyennes  spatiales  ou  turbulenics  sont  ponddrdes 
par  la  masse  volumique  p,  hormis  les  moyennes  de  p 
et  dc  la  prcssion  siaiique  P.  Par  exemple  pour  la 
vitesse  u,  nous  aurons  pour  la  moyenne  spatiale  selon 
/.,  sur  une  distance  G: 

Z.+C 

pu  dz 

- 

z 

u  =  -  .  u  =  u  +  du 

-z+G 

p  dz 

r  (1) 

3.2  Equations  du  champ  moyen  pour  la 
couche  limite 

Le  repere  uilisd  (x,y,z)  est  prdcisd  sur  la  figure  1.  Les 
dquations  qui  gouvernent  le  champ  transversal,  au  sens 
dcs  moyennes  turbuicntes  et  spatiales,  sont  celles  de  la 
couche  limite;  dies  sont  donndes  ci-dessous,  en  tenant 
comptc  d'une  pdriodicitd  selon  z,  sur  une  distance  G 
sdparant  deux  orifices  d'injection: 
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aT  ^XY  a -  a  - 

—  -  —  d(pu)du  -  —  d(pv)du 
ax  ay  dx  dy 
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au  av  2 
ay  dx  3 


r  ~ 

3u  dv 
dx  dy 


p  u 


(4) 


_aH,  _aHt 

pu  —  pv  —  = 
dx  dy 


a  —  —  '  ■  a -  a - -p) 

—  (Tyy  -  qy  -  p  (V  H.  )  -  — d(pu)  dH[  -  — d(pv)  dH, 
dy  ‘  dx  dy 

qy  est  le  flux  dc  chaleur  dans  la  direction  y.  Los 

inconnues  soniu,  v,  Hi.  La  masse  volumtque  csi 
calculce  a  partir  de  la  loi  dcs  gaz  parfaiis.  La  pression 
statique  esi  supposce  constanie  scion  y.  Quoique  cciic 
hypothese  soil  classique  dans  un  modclc  de  couchc 
limite,  la  presence  de  valeurs  dlevees  de  la  composanic 
V,  au  voisinage  de  I'injection,  infirmc  cctic  hyixjihcsc; 
aussi,  le  present  calcul  doit  cire  vu  comme  unc 
premiere  etape  uniquemeni. 

Quoique  la  pression  siaiiquc  P  soil  identilicc  avee  sa 
valcur  Pg  dans  la  zone  non  visqueuse  cn  dehors  dc  la 
couche  pariciale,  ceiic  valeur  n  est  pas  imposcc  dans  le 
calcul,  comme  dans  un  mode  direct.  Au  contrairc,  Pg 
esi obienue a  I’aide  dune  equation  qui  U'aduii  le 
couplage  fort  entre  I'ccoulcment  non  vi.squeux  exicrnc 
et  la  couche  visqueuse  refroidic  a  la  paroi.  Lcs 
principales  caracteristiques  de  ce  couplage  sont 
rappelecs  ici. 

Afin  de  stabiliser  le  calcul  dc  couchc  limite,  il  est 
nccessaire  de  reintroduire  un  effet  clliptiquc  a  proximiie 
dc  la  paroi,  qui  a  etc  perdu  suite  a  I'hypothcsc  dc 
parabolisation.  Dans  ce  but  on  resoui  unc  equation  qui 
simule  la  reaction  dc  recoulemcni  non  visqueux 
exteme  a  la  presence  de  la  couche  dc  paroi.  Nous 
uiilisons  unc  technique  de  superposition  dc  domaincs, 
en  ce  sens  que  le  meme  domaine  est  utilise  pour  lcs 
calculs  des  ecoulements  visqueux  ct  non  visqueux;  cn 
consequence,  I'ecoulement  non-visqueux  a  la  paroi  est 
totalement  fictif.  Lcs  deux  ecoulements  cchangcnt  dc 
I'informaiion  a  la  paroi;  ccci  maintien  un  caractcre 
suberilique  au  couplage,  qui  se  comporic  comme  un 
ecoulcment  subsonique,  quel  que  soil  le  nombre  dc 
Mach  de  I'dcoulement  non  visqueux  cxtcmc. 
L'interaction  vi.squeuse-non  visqueuse  est  bascc  sur 
I'utilisation  du  d(5ficit  de  masse  5q,  entre  lcs  deux 
Ecoulements,  dcfinis  par; 


,-h 


5q= 


(P.Ug  -pu)dy 


(6) 


Ccs  deficits  de  masse  sont  introduits  h  la  paroi  dans 
I'Ecoulement  non  visqueux;  ils  induisent  des  courbures 
des  lignes  de  courant,  qui  s'accompagnent  de  variation 
de  la  pression  statique  Pg  selon  y,  dont  seule  la  valeur 
a  la  paroi  est  ici  prise  en  compte.  Les  conditions  d’arret 
de  I'Ecoulement  non  visqueux  restant  inchangEes  dans 
tout  le  calcul,  il  est  Equivalent  de  dEierminer  Pg  ou  ug. 
La  correction  de  Ug  sous  I'effet  des  injection  de  dEbit  8q 
est  donnEe  par  I'Equation  de  PoincarE.  ApiEs  quelques 
calculs  intermEdiaires,  il  vient  (Kulisa,  Leboeuf, 
Klinger,  Bernard  ,  1992) : 


/-’‘I  d  , 

— (5q)+(pv)y^ 


8u,.(M)  =  — 
^  n 


1  dx 


(X-Xp4) 


-  dx 


(7) 


xn 


(7)  est  appclcc  equation  d'intcraction.  Notons  que  cette 
relation  tient  compte  Egalemcnt  d'injection  reelle  de 
iluidc  par  le  terme  (pv)y=0-  Cctic  technique  a  quelques 
avaniagcs.  Tout  d'abord,  elle  rclie  la  correction  de 
viic.s.sc  6ue  au  point  M  siiuE  a  la  paroi,  a  la  rEpartition 
dc  deficit  dc  masse  8q,  cn  amont  et  en  aval,  restituant 
ainsi  I'cffct  clliptiquc.  En  outre,  la  forme  simple  de 
I'Equation  (7)  lui  permet  d’cU'c  rcsolue  simultanEment 
avee  lcs  Equations  dc  la  couche  limite  (1)  h  (5).  Ccci 
confere  une  exccllcnte  stabilitE  au  calcul,  sans 
utilisation  de  relaxation,  et  cn  Evitant  un  cout  de  calcul 
cxccssif,  qui  scrait  liE  a  la  rEsolution  des  Equations 
completes  dc  rEcoulemcnt  non  visqueux. 


3.3  l-e  modele  de  jet  tridimensionnel 


Le  modclc  dc  jet  tridimensionnel  a  EtE  dEcrit  par 
Kuli.sa,  Leboeuf,  Klinger,  Bernard,  (1992),  et  Leboeuf, 
Huang,  Kulisa,  Perrin,  (1991),  pour  une  utilisation 
simplifiEc  dans  un  Ecoulcment  exiErieur  uniforme. 

Nous  redonnons  ici  lcs  ElEments  esscntiels  du  modele, 
sans  prEci.ser  cependant  cn  dEiail  lcs  adaptations 
nEccssaircs  du  calcul  de  jet  dans  un  environnement  de 
couche  limite  cn  paroi.  Pour  un  Ecoulcment 
siationnairc,  les  Equations  de  conservation  de  masse, 
quaniitc  dc  mouvement  ct  Encrgie  sont  Ecrites  dans  un 
rcpcrc  curviligne  orthogonal  (s,  n,  b),  liE  ^  la 
trajcctoirc  du  jet;  cette  ligne  particulierc  est  dEPinie  ici 
comme  le  lieu  du  maximum  dc  I'cxces  de  vitesse  Vg 
dans  le  jet,  par  rapport  ^  l  Ecoulcmcnt  transversal  au 
jet.  Unc  hypothese  de  parabolisation  est  ensuite 
utilisEe  scion  s;  cn  consEquence,  le  gradient  de  pression 
scion  s  est  impose  par  I'Ecoulement  transversal  au  jet 
En  utilisant  la  rEgle  limite  dc  Leibnitz  pour 
uansformcr  un  bilan  rEalisE  sur  une  tranche  de  jetde 
longueur  ds,  ccs  Equations  sont  intEgrEes  sur  une 
section  transversalc  a  du  jet. 

Cette  formulation  intEgrale  a  deux  consEquences.  Elle 
change  la  nature  dcs  Equations  prEcEdentes,  qui  de 
paraboliques  deviennent  hyperboliques.  Le  processus  de 
moyenne  ainsi  introduit  nEcessite  I'utilisation  de 
fermetures  particuliEres,  en  particulier  sur  la  frontiEre 


du  jet.  Nous  les  rappelons  ici.  II  existe  une  zone 
potentielle  ^  proximity  de  rorifice,  dans  laquclle  la 
vitesse  du  jet  reste  constante.  La  section  transversale 
du  jet,  dans  le  plan  (n,b),  a  une  forme  elliptique  dont  Ic 
rapport  des  axes  varie  lineairement,  depuis  I'orifice 
jusqu'k  une  valeur  fix^e  entre  2  et  4,  ^  la  fin  de  la  zone 
potentielle.  L'entrainement  de  fluide  de  I'ecoulement 
trans.ersal  dans  le  jet  a  deux  origines:  un  effet  de 
diffusion  turbulente  Ei,  simuld  comme  dans  un  jet 
mono-dimensionnel,  et  un  effet  tridimensionnel  E2 
approch6  par  un  apport  de  masse  sur  la  face  aval  du  jet. 
Cet  apport  de  masse  est  traduit  par  un  puits  situe  sur  la 
face  aval  du  jet.  Dans  le  cadre  d'une  approximation 
localement  potentielle,  il  est  alors  possible  de  relier  la 
trainee  de  pression  AFp  induite  par  le  ehamp  de  vitesse 
Ii6  au  puits,  ^  la  valeur  de  l'entrainement  E2.  La 
trainte  de  pression  est  fmalement  ddterminee  a  I'aide 
d  un  coefficient  de  trainee  Cq  dont  la  valeur  thdorique 
pour  un  jet  de  section  circulaire  est  2;  cette  valeur  est 
utilisde  ^ns  tous  les  calculs.  Un  modcle  simplifie  de 
force  de  frottement  est  utilise  avec  un  coefficient  de 
frottement  constant.  Des  lois  analytiques  dccrivant  les 
repartitions  de  la  composantc  de  vitesse  v^  ci  de  la 
temperature  d'arret  Ti  sur  o  sont  employees.  Les 
composantes  de  vitesse  scion  n  et  b  sont  deduites  de 
singularitcs  tourbillonnaircs  localisecs  sur  la  face  aval 
du  jet;  Icur  intensite  est  deduite  d'une  equation  de 
transport  de  la  composantc  0.$  du  vcctcur  tourbillon. 
integrde  sur  les  deux  demi-ellipses  incluses  dans  a. 

Les  inconnues  du  systdme  d'dquations  precedent  sont 
I'exces  de  vitesse  maximum  dans  le  jet  Avs,niax. 
surface  de  la  section  transversale  a.  Tangle  Op  forme 
entre  les  directions  s  et  x,  ct  Tcxccs  de  la  tempdrature 
maximum  dans  le  jet  ATi_maxi  dans  la  zone 
potentielle,  Avs,max  est  remplacde  par  le  rapport 
entre  la  surface  du  noyau  potcntiel  ct  a. 

3.4  Equations  du  modele  de  turbulence 

Seul  Taspect  cindmatique  du  modcle  de  turbulence  .sera 
traitd  ici.  La  fermeture  turbulente  du  problcmc  rcvicnt 
a  ddterminer  la  composantc  de  cisaillemcnt  du  tenscur 
de  Reynolds  moyennde  selon  z,  qui  apparait  dans  (3). 
et  que  nous  rappelons  ici: 


P  P  ^  (8) 

Dans  un  cas  gdndral,  la  valeur  donnee  par  (8)  est  trds 
diffdrenie  de  celle  trouvde  dans  une  couchc  limitc 
bidimcnsionnelle,  dtant  donndc  la  prdscncc  d'une 
information  propre  au  jet  sous  Tintdgrale. 

Pour  moddliser  cette  tension  de  Reynolds  moyennde 
selon  z,  certains  auteurs  ont  conigd  la  viscositd 
turbulente  de  la  couche  limite  par  un  effet  de  jet 
(Miller,  Crawford  ,  1984;  Kulisa,  Lcbocuf,  Perrin, 
1991): 


'  =  ■(^.20 


d  u  d  V 
.  \  dy  9x 


‘.jet a  ay  ax  ;  (9) 

,  ou  2D  est  la  valeur  donnde  par  un  moddle  adaptd  4 
un  calcul  de  couche  limite  bidimensionnelle.  Dans  le 
modele  de  Kulisa  (1991),  la  part  du  jet  est  donnd  par 

2  rr 

v,3et=  '  ^^Smax  Y  = 


yest  la  fonction  de  Van  Driest,  qui  permet  de 
distribucr  v  sur  la  section  a,  a  est  une  constante 
tenant  compte  des  dchelles  intdgrales  dans  le  jet  et  AV 
cst  Texces  de  vitesse  dans  le  jet  par  rapport  4 
Tdcoulemcnt  transversal.  Noions  que  v  tjet  est  une 
grandeur  tridimensionnelle  qui  est  moyennde  selon  z. 

Cette  demarche  est  cependant  trds  restrictive,  car  elle  ne 
licni  pas  compte  d'une  influence  directe  du  jet  sur  la 
valeur  bidimensionnelle  moyenne  v  t(2D)'  En  outre, 
la  relation  (9)  ignore  les  variations  ( du  et  dv)  du 
champ  de  vitesse  selon  z;  en  effet  la  moyenne  spatiale 
de  la  relation  locale  de  Boussinesq  donne: 


3  u  3  V 
dy  8x 


/'3d(  u  )  d  d  (  V  ) 


Le  modcle  quo  nous  dccrivons  ici  est  basd  sur  les 
equations  de  uansport  de  Tdnergie  cindtique  turbulente 
k  ct  de  Ic  taux  de  dissipation  turbulente  E.  Les  formes 
locales  dc  ccs  equations  s'dcrivcni; 
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E  (15) 

Deux  modclcs  a  bas  nombre  de  Reynolds  ont  dtd 
lesids.  Le  moddle  de  Nagano  el  Tagawa,  (1990),  s’dcriu 


f,  =  1,  f2  =  1  -  0.3  ex; 
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Nous  uulisons  6galcment  Ic  modcle  dc  Michclassi  ct 
Shih  (1991),  qui  ne  depend  pas  expliciicmcnt  de  la 
distance  y'*';  cette  caracteristique  est  importante  pour  Ic 
uaitement  paniculier  dc  I'orifice  d'in  jcciion. 
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Lors  dc  I'ulilisaiion  pratique  dc  ccs  modetes,  nous 
utiliserons  une  hypoihesc  dc  parabolisation, 
caraetdristique  d'une  couchc  limitc;  Ics  termes  dc 
diffusion  conicnant  des  ddrivdes  scion  x  scront  done 
climinds. 

Ces  Equations  de  transport  dc  grandeurs  lurbulcntcs 
(12)  Cl  (13)  sont  ensuite  moyenndcs  scion  /.,  scion  unc 
dCiiiarche  similairc  5  cclle  employee  pour  obtenir  ics 
dquaiions  (2)  ^  (5).  Apres  calcul,  nous  obtenons: 
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Lcs  termes  sources  Sk  et  Sg  rcprcscntcnt  la 
contribution  dcs  jets  sur  Ic  champ  turbulent  moyen. 

4.  METHODE  NUMERIQUE 


Lcs  equations  prcccdcntes  ont  6t6  rdsolucs  ^  I'aide  d'un 
.schema  dc  differences  finics  de  Keller  pour  les 
equations  parabolisccs;  ('equation  (7)  est  ecrite  It  la 
paroi,  ct  cst  resoluc  cn  mcme  temps  que  lcs  equations 
dc  la  couchc  limitc  (Kulisa,  Lcbocuf  Klinger,  Bernard, 
1992).  Lcs  equations  dc  transport  des  grandeurs 
lurbulcntcs  ont  ete  resolucs  de  manidre  ddcoupiee,  une 
Ibis  calcuie  Ic  champ  de  vitesse  moyen,  suite  ^  la 
solution  dcs  equations  (2)  (7)  ct  du  modeie  de  jet 
iridiincnsionncl.  La  valcur  de  vt  obtenue  J  I'aide  de  k 
ct  £  n'a  pas  ete  reiniroduitc  dans  Ics  equations  de  la 
couchc  limitc  (2)  a  (5).  Pour  les  rdsultats  presentes 
dans  ce  papier,  le  champ  de  vitesse  moyen  est  done 
uniquement  obtenu  a  I'aide  d'un  module  de  turbulence 
dc  longueur  de  melange  de  Cebeci-Smith.  L'emploi 
d  une  methode  de  marche  de  I'amont  vers  I'aval  se 
iraduit  par  des  couis  dc  calcul  panic ulierement  faibles, 
qui  permet  son  utlisation  sur  une  station  de  travail.  En 
ouU'c,  Ic  couplage  des  equations  de  la  couche  limite 
avee  la  simulation  de  I'ecoulcmcnt  non-visqueux, 
donnee  par  I'equation  (7),  se  traduit  par  une  excellente 
siabilite  du  code. 

5.  VALIDATIONS  DU  MODELE 

Dcs  resuliats  sont  presentes  pour  deux  cas  de  couches 
limites  turbulentes  qui  se  developpent  sur  une  plaque 
plane,  cn  presence  d'injcctions  discretes  (Vuillerme, 
Foucault,  Dorignac,  Deniboire  et  Bousgarbies,1992). 
Lcs  conditions  d'injections  sont  les  suivantes  : 
diameire  dcs  tubes  d'injcction  D=  0.(X)5  m,  distance 
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entre  lubes  G=0.015  m,  cpaisseur  dc  la  couclic  liiniic 
en  amont  de  I'injeciion  5  =0.010  m,  vitcssc  cxidricure 
5  la  couche  limiie  Ue=  30  m/s,  taux  d'injcction  Uj/  Ue 
=  2/3  el  5/3;  angle  d'injcction  45°,  icmpdraiurc  dcs  jcis 
=  340°K,  iemp<5rature  du  fluide  iransvcrsal  =  30I°K, 
icmpdrature  de  la  paroi  loin  des  injections  =  310°K. 
Seulc  les  rdsultats  cindmatiques  scront  analyses  ici. 

Un  cxcmple  dc  variations  selon  la  direction  y  normalc 
a  la  paroi  ct  dans  Ic  plan  de  symdtrie  z=0,  de  la 
composanic  u  de  la  viiesse,  cst  donnec  dans  la  figure  3 
pour  les  deux  taux  d'injcction  Uj/  Ue  =  2/3  el  5/3;  ces 
rcsultats  soni  prdsenics  apres  un  calcul  de  couche 
limiie  cl  dc  jet,  sans  lenir  compie  du  modclc  de 
turbulence  k-e.  Nous  remarquons  que  la  perturbation 
introduite  par  le  jet  ^  taux  d'injcction  elcve  cst  ires 
forte. 

Lc  test  du  modclc  de  turbulence  k-e  .sans  icrmcs-source 
cst  louid'abord  rdalisc  dans  le  plan  dc  symciric  /.=(), 
qui  sc  rapprochc  lc  plus  d'unc  configuration 
bidimcnsionnclle,  et  en  utili.sant  les  rcsultats 
iridimcnsionncls  non  moyennes  du  calcul  du  calcul  de 
couche  limitc  ct  dc  jet.  Les  deux  modelcs  a  bas  nomhre 
de  Reynolds  dc  Nagano  ct  Tagawa  (1990)  et  Michela.ssi 
et  Shih  (1991)  ontctc  utilises.  Pour  le  premier,  les 
fonclions  d'amortissement  nc  sont  pas  utilisces  dans 
I’orificc  d'injcction  puisque  lc  parametre  y*"  n'esi  pas 
defini.  Les  figures  4  ct  5  prtJscntcni  les  rcsultats  pour 
les  taux  d'injcction  2/3  et  5/3  rcspectivcment,  dans  les 
sections  dc  mesures  x=- 1 D,-  0.5D,  OD,  -i-O.SD,  + 1 D. 
+2D.  L'axc  du  jet  cst  situc  a  x=0;  I'orificc  d'injcction 
.s'dlcr.d  dc  x=-0.5D  it  x=-i-0.5D.  D'unc  maniere 
gcndralc,  lc  modclc  dc  Michclassi  ct  Shih  donne  de 
mcillcurs  rcsultaLs:  lc  modclc  dc  Nagano  et  Tagawa  a 
en  effet  tendance  a  surc.stimer  les  variations  de  la 
tension  dc  Reynolds  a  proximitc  dc  la  paroi.  Ce 
comportement  est  lid  a  I'utilisation  de  I'dchclIc  locale 
dc  turbulence  L=k*'^/e  dans  les  fonctions 
d'amortissement  du  modclc  dc  MichcUcssi  ct  Shih, 
alors  que  ces  dcmicrcs  sont  supprimccs  au  niveau  de 
I'orificc  pour  Ic  modclc  dc  Nagano  ct  Tagawa.  La 
difference  entrr;  les  deux  modelcs  dcvicni  ccpendiini 

ndgligcabic  pour  y>0.003  m.  Quoique  la  vitcssc  u  soil 
a.sscz  bicn  predilc,  mcme  dans  la  zone  d'injcction 
(figure  3),  en  pariiculicr  pour  la  locali-sation  du 
maximum  de  vitesse  scion  y,  il  cxistc  un  net  dccalagc 
sur  la  position  du  maximum  dc  la  tension  dc  Reynolds 
entre  les  valcurs  predites  ct  mcsurccs  (x=-().5D  a 
-I-0.5D);  il  c.st  probable  que  I'hypoihcsc  dc  Boussinesq 
ne  .soil  pas  acceptable  dans  cette  zone.  A  I'aval  de  la 
zone  d'injcction  (x>-i-0.()()5  m),  I'accord  enue 
predictions  ct  mesures  cst  ncttcmcni  plus  .satisfai.sani. 
Dcs  comparaisons  similaircs  sont  donnccs  dans  les 
figures  5  pour  lc  taux  d'injcction  5/3.  Deux  pics  de 
tensions  dc  Reynolds  apparaisseni  sur  ces  figures  pour 
x>0  m;  CCS  deux  pics  s'dioignent  dc  la  paroi  pour  les 
sections  aval.  Alors  que  lc  pic  situc  dans  la  zone 
exteme  dc  la  couche  limitc  pcui  cu'c  approchc  ptu  le 
calcul,  Ic  pic  situc  a  proximitc  dc  la  paroi  cst 
totalcmcni  ignord.  Enfin  les  valcurs  cxpcrimcntalcs 
trds  dievdes  pour  les  tensions,  cn  ptuticulicr  sur  la  face 


aval  dc  I'orifice  (x=-i-lD),  sont  sous-esiimds  par  le 
calcul. 

11  scmbic  que  le  calcul  ne  reproduise  pas  du  tout 
failure  dc  I'dvolution  dc  la  tension  turbulcnie  ^  la  paroi 
sous  I'cffct  du  jet;  cc  comportement  est 
particulicrcmcnt  flagrant  cn  x=-i-2D,  pour  laquelle  le 
calcul  inverse  compldtcment  I'dvolution  de  la  tension 
dc  Reynolds  it  la  paroi,  alors  que  la  prddiction  ^ 
I'cxtdricur  dc  la  couche  cst  corrccic. 

Plusicurs  hypothdscs  peuvenl  ctre  dmises  pour 
expliquer  cc  phdnomdne: 

a)  Tout  d'abord,  lc  role  du  moddlc  dc  Boussinesq  dans 
lc  calcul  doit  cue  soulignd;  I'utilisation  de  cclui-ci 
empechc  de  determiner  lc  pic  posiiif  de  tension  prds  de 
la  paroi;  un  comportement  similaire  a  did  observd  par 
Pinho  Brasil  (1992),  a  I'aidc  d'un  code  rdsolvant  les 
equations  dc  Navicr-Slokcs  uidimensionnclles,  mais  en 
utilisant  un  modclc  dc  turbulence  du  type  k-e  avec  lois 
dc  ptuois. 

b)  11  lain  noicr  que  nouc  modclc  ignore  compldiemcni 
les  structures  lourbillonnaircs,  appclds  i22.  ^3,  ct  f24 
au  debut  de  cc  texte,  ct  qui  sont  lidcs  a  la  vorticiid 
propre  de  la  couche  limitc  de  paroi.  Il  .scrait  intdressant 
de  quantifier  les  diverses  grandeurs  turbuicntes  lidcs  ^ 
ces  structures:  ccpcntlant,  noions  que  les  rdsultats  de 
Piiiho  Brasil  ( 1992)  qui  prdsentent  les  tourbillons  t22, 
ue  nuiiurent  pas  clairement  un  execs  de  k  dans  ccs 
zones. 

c)  Enfin.  rappelons  que  nouc  calcul  nc  tient  pas 
coinpte  de  la  dellexion  du  jet  dans  lc  tube  d'injcction 
lui-meme,  qui  cst  ires  imporianic  pour  les  faibles  taux 
d'injection  (Bergelcs  et  al,  1976);  ccci  conduit  a  de 
fortes  augmentations  du  taux  dc  turbulence  prds  de  la 
ptirouBcrgclds  ct  al,  1976);  cependant,  les  cxpdricnces 
luenees  avec  un  conduit  d'injcction  court  (1/d  <  3.5), 
telles  que  cellcs  uaitees  ici,  pcuvcni  cue  influencdes 
par  un  dccollcmeni  a  I'cnude  du  conduit,  cc  qui  modifie 
forienicnt  les  suucturcs  turbuicntes  issues  dc  forifice 
(Pieuzyk,  Bogard,  Crawford,  1989).  11  cxistc  done  une 
ceriaiiic  imprecision  conccmani  les  informations 
turbuicntes  issues  dc  forifice,  cn  pariiculicr  lide  ^ 
fexistence  possible  d'unc  zone  polcniicllc  dans  lc  jet, 
qui  doit  reduire  lc  niveau  dc  turbulence  dans  Ic  jet 
(Charbonnicr,1992),  ou  d'unc  zone  dc  mdlange 
turbulent  introduite  par  un  ddcollcmcni  dans  lc  conduit, 
qui  pourrait  accroitre  lc  niveau  dc  turbulence  dds 
I'orificc. 

d)  Finalcmcni,  dcs  phdnomcnes  instationnaircs  plus  ou 
moins  pdriodiqucs  existent  pcut-clrc  dans  ccs  mesures 
et  qui  pourraicni  expliquer  cn  panic  les  fortes  valcurs 
dc  tensions  mcsurccs  a  la  paroi;  dc  ids  phdnomdncs 
out  did  observds  par  Charbonnicr  (1992)  pour  un  jet 
normal  a  la  paroi.  el  un  taux  d'injcction  dc  0.56,  suite 
il  finiroduciion  dc  fluide  cxtdricur  dans  la  zone  amont 
dc  I'orificc,  qui  induil  un  batlcmcntdc  la  frontidre 
exicrnc  du  jet,  mais  aussi  au  comportement  du  sillage 
a  I'aval. 

Les  calculs  moyennds  scion  z  .sont  prdsentdes  sur  les 
figures  6  ct  7,  pour  les  deux  taux  d'injcction  2/3  et  5/3 
rcspcciivcmcnt,  cn  utilisant  cciic  fois-ci  les  champs  de 
vitcs,sc  cn  moyenne  d'cspacc.  Les  grandeurs  moycnndcs 
scion  z  oni  dcs  dvolutions  bcaucoup  plus  lisses  que 
cellcs  prdsentdes  cn  z=0  sur  les  figures  4  et  5.  Les 


rdsultats  obtenus  sans  tennes-source  turbulent  du  Jet 
Sk  ou  Se  sont  peu  6loign6s  de  ceux  obtenus  dans  unc 
couche  limite  bidimensionnelle.  Les  tennes-source  de 
jet  ont  6t&  introduits  dans  le  calcul;  seuls  le  terme  (c) 
de  S|c  (dquation  19)  et  la  forme  complete  de  I'^quation 
1 1  ont  6t&  utilises;  le  terme  Sg  a  6l6  ignord  compte 
tenu  du  degrd  d'approximation  du  modcle  de  tuii)ulcnce 
employd  pour  le  calcul  de  jet.  Nous  constatons  une 
nette  amdlioration  de  la  prddiction  cn  tenant  compte 
des  termes-source  de  jet.  Une  analyse  ddtaillcc  de 
I'importance  des  lermes  des  dquations  (19)  et  (21)  rcsic 
cependant  k  mener  pour  confirmer  ces  premiers 
rdsultats. 

6.  CONCLUSIONS 

Une  rdsolution  des  dquations  de  k  et  e  a  did  rdalisdc 
dans  le  but  de  calculer  le  champ  turbulent  dans  une 
couche  limite  en  ptdsence  d'injection  discretes  li  la 
paroi.  L'objectif  de  disposer  d  une  mcihodc  dc  calcul. 
plus  Idgdre  que  la  resolution  dirccte  dcs  dquations 
tridimensionnelles  de  Navicr-Slokes,  nous  a  conduit  a 
rechercher  I'utilisation  dc  mdlhode  bidimensionnelle. 
Dans  ce  but,  les  equations  de  conservauon  dcs 
grandeurs  turbulentes  sont  moyennecs  scion  la 
direction  spatiale  z,  parallele  a  la  rangec  d'orificcs 
d'injection.  Des  termes-source,  lids  aux  jets, 
apparaissent  alors  dans  les  dquations  moyennees;  ces 
termes  sont  ddduits  du  calcul  d'un  jet  tridimcnsionncl. 
Un  modele  de  turbulence  a  bas  nombre  dc  Reynolds  a 
dtd  employd;  le  moddle  dc  Michclassi  ci  Shih  scmblc 
donner  de  meilleurs  rdsultats  par  rapport  au  modcle  dc 
Nagano  et  Tagawa,  essenticllemcnt  car  les  fonciions 
d’amortissemcni  basdes  sur  dcs  dchclics  locales  dc 
turbulence  ont  pu  dire  uiilisccs  dans  rorilicc 
d'injection. 

Les  rdsultats  du  moddle  ont  did  compards  avee  les 
mesures  rdalisdes  au  CEAT  de  Poitiers,  pour  unc 
couche  limite  turbulente,  avec  deux  taux  d'injection 
(2/3  et  5/3).  Les  rdsultats  de  la  comparaison,  pour  le 
plan  mddian  z-0,  sont  assez  satisfaisanis  pour  le  faible 
taux  d'injection  2/3.  Cependant,  pour  le  fort  taux 
d’injection  5/3,  il  apparait  un  pic  dc  tension  dc 
Reynolds  ^  la  paroi,  dans  la  zone  d'injection,  qui  csi 
completemeni  ignord  par  le  modcle  aciucl  ba,sd  sur 
I'hypothdse  de  Boussinesq.  Les  prddiciions  sont  cn 
gdndral  de  meilleure  qualiid  dans  la  zone  extemc  dc  la 
couche  limite.  II  importc  maintenantde  prdciscr  la 
contribution  au  niveau  dcs  informations  turbulentes, 
des  structures  tourbillonaires  qui  apparaissent  dans  la 
couche  limite,  sous  I'influcncc  du  jet. 

Les  informations  moyenndes  selon  z  prdsenicnt  dcs 
variations  beaucoup  plus  faibles  scion  la  normale  y  ii 
la  paroi.  La  prddiction  est  cependant  fortcmcni 
amdliorde  lorsque  les  termes  sources  dc  jet  sont 
introduits.  Cependant,  compte  tenu  dc  la  simplicitd  du 
moddle  de  turbulence  rcicnu  jusqu'ici  pour  le  jet,  nous 
n'avons  pas  ici  ddiermind  lous  les  termes  sources  dans 
les  dquations  de  transport  de  k  ci  dc  e.  Cc  rdsuliai  devra 
done  ctre  confirmd  ultdrieurement. 
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Figure  1 .  Structure  d'un  jet  it  fort  taiix  d'injection. 
Rep6re  local. 


Figure  2.  Visualisation  dcs  lignes  de  courant  paricialcs 
(Bousgarbi^,  Brizzi,  Foucault ,  1991). 
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Figure  4.  Comparaisons  enire  Ics  mesures  dc  uV  ci  Ics 
calculs  dans  le  plan  median  z=0.  Taux  d'injcciion  Uj/ 
Ue  =  2/3. 0  mesures  ref.  34,  - —  calcul  avec  Ic  modclc 

de  Nagano  et  Tagawa , _ calcul  avec  Ic  modclc  dc 

Michelassi  et  Shih  ;  a)  x=-lD,  b)  x=0,  c)  x=0.5D,  d) 
x=lD,  e)x=2D 


Figure  S.  Comparaisons  entre  les  mesures  de  u'v  '  et 
les  calculs  dans  le  plan  median  z=0.  Taux  d'injection 

Uj/  Ue  =  5/3. 0  mesures  rdf.  34, _ calcul  avec  le 

moddle  dc  Nagano  et  Tagawa;  a)  x=- 1 D,  b)  x=0  ,c) 
x=0.5D.d)  x=lD,e)  x=2D 
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Discussion 


QUESTION  1: 

DISCUSSOR:  D.T.  Vogel,  DLR 

What  is  the  difference  between  your  work  and  the  work  of  Schonung  and  Rodi? 
AUTHOR'S  REPLY: 

There  are  three  differences.  First,  our  formulation,  based  on  Herring’s  space  averaged 
method,  gives  us  all  the  source-terms  in  Navier-Stokes  and  k-e  equations.  Secondly,  the 
turbulence  model  takes  into  account  the  specific  turbulent  scales  of  the  jet  in  the  k-e 
equations.  The  third  difference  is  that  our  computational  domain  covers  the  injection 
region. 

QUESTION  2: 

DISCUSSOR:  D.T.  Vogel,  DLR 

What  happens  if  the  jet  passes  through  the  boundary  layer  as  for  higher  blowing  rates  and 
blowing  angles? 

AUTHORS  REPLY: 

For  the  case  with  a  blowing  ratio  of  five-thirds,  the  jet  does  penetrate  into  the  outer  part  of 
the  boundary  layer.  Our  model  accounts  for  this  by  considering  source  terms  in  the 
inviscid  flow. 

QUESTION  3: 

DISCUSSOR:  F.  Baron,  EDF/DER  Dept.  Machines 

Which  of  the  two  low-Reynolds-number  models  do  you  prefer? 

AUTHOR’S  REPLY: 

It  is  very  difficult  to  draw  a  conclusion  at  this  time.  The  two  models  differ  primarily  in 
their  damping  functions.  The  Nagano-Tagawa  model  explicitly  involves  the  distance 
from  the  wall  which  is  a  problem  above  a  hole.  Here,  we  used  a  high-Reynolds-number 
model  instead.  For  the  Michelassi-Shih  model,  even  though  the  local  length  scales  and 
damping  functions  are  used,  the  coarse  grid  yields  questionable  results.  Therefore,  we 
can't  tell  which  model  is  best  and  presently  keep  both  for  our  use. 


Coupling  of  3D-Navier-Stokes  External  Flow 
Calculations  and  Internal  3D-Heat  Conduction 
Calculations  for  Cooled  Turbine  Blades 
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1  Abstract 

The  problem  of  cooled  gas  turbine  blades  is  theoretically 
investigated.  The  presented  code  solves  the  3D-Reynolds 
averaged-Navier-Stokes  equations  for  the  external  passage 
flow  and  the  3D-heat  conduction  equation  for  the  interior 
of  the  blade.  Both  calculation  schemes  are  coupled  without 
any  modelling  of  the  heat  transfer  boundary  conditions  at 
the  blade  surface. 

In  this  paper  calculations  are  presented  for  a  thin  hollow 
flat  plate  and  a  typical  guide  vane  blade  with  a  simple  cool¬ 
ing  channel  configuration.  Both  geometries  are  cooled  by 
prescribing  fixed  heat  transfer  boundary  conditions  at  the 
inner  boundaries. 

Additionally  numerical  results  are  compared  to  analytical 
data.  The  agreement  is  quite  satisfactory. 


2  List  of  symbols 

A  cell  face  surface 

Cp  specific  heat 

u  dissipation 

e  energy 

/  load  vector 

K  stiffness  matrix 

/  axisJ  chord  length 

n  number  of  flow-solver  timesteps  per  coupling  step 

N  shape  function 

Nu  Nusselt  number 

Pr  Prandtl  number 

p  pressure 

q  heat  flux  density 

r  radius 

Re  Reynolds  number 

T  temperature 

t  time 

u  velocity 

V  finite  volume 

X,  y,  z  cartesian  coordinates 
X,  Ip,  T  cylindrical  coordinates 
y  distance  from  wall 

a  heat  transfer  coefficient 

e  residual 

r  boundary  with  spec,  heat  transf.  coeff. 

A  thermal  conductivity 

p  viscosity 

V  Nabla  Operator 

n  integration  domain 

u>  rotational  speed 

weighting  factor 
p  density 

r  shear  stress 

B  dimensionless  temperature 

r),  (  local  FEM-coordinates 

Superscripts 

e  element 

T  transposed 

y  volumetric 

+  wall  coordinate 

•  virtual 


Subscripts 

1 

center  of  cell  next  to  the  wall 

a 

ambient 

c 

cooling  fluid 

f 

friction 

local  node  number 

in 

inlet 

1 

based  on  the  axial  chord  length 

n 

normal  direction 

t 

total 

w 

wall 

X,  y,  2 

in  direction  of  cartesian  coordiantes 

X,  V?,  r 

in  direction  of  cylindrical  coordiantes 

3  Introduction 

The  requirement  for  lower  specific  fuel  consumuption  or 
higher  thrust  to  weight  ratios  in  modern  jet  engine  de¬ 
sign  generally  results  in  higher  turbine  inlet  temperatures. 
Nowadays  turbine  inlet  temperatures  up  to  1750  K  and  even 
more  are  realized,  whereas  the  blade  temperatures  are  lim¬ 
ited  to  a  maximum  value  of  approximately  1150  K.  This 
necessitates  an  effective  turbine  blade  cooling. 

Designing  a  new  blade  cooling  configuration,  the  design 
engineers  have  to  take  care  that  the  maximum  material 
temperatures  and  stresses  inside  the  blade  are  sufficiently 
small.  Therefore  temperature-field  calculations  have  to  be 
performed  which  are  usually  based  on  heat  transfer  bound¬ 
ary  conditions  obtained  by  experiments  or  boundary  layer 
calculations. 

Deriving  blade  surface-heat  transfer  coefficients  from  exper¬ 
iments  requires  test  blades  and  a  suitable  testrig.  Generally, 
time  consuming  and  expensive  runs  have  to  be  performed  to 
measure  the  local  heat  transfer  coefficients  for  different  hot 
gas  inlet  conditions. 

When  deriving  the  heat  transfer  coefficients  from  bound¬ 
ary  layer  calculations  3D-effects  of  the  real  gas  flow  are  not 
taken  into  account.  The  necessary  pressure-  or  velocity- 
distribution  along  the  surface  is  usually  taken  from  experi¬ 
ments  or  CFD-calculations. 

Meanwhile  there  are  several  publications  on  3D-heat  trans¬ 
fer  calculations  with  fixed  thermal  boundary  conditions, 
[Ij,  [4],  [9|.  A  thermal  coupling  between  flow  and  struc¬ 
ture  is  performed  only  by  a  few  authors  [10],  [13],  [14],  [15]. 
Most  of  this  work  is  based  on  a  2D-approach  [lOj,  [l3],  [15]. 
Vogel  [14]  at  first  coupled  a  3D-finite  volume  Navier-Stokes 
code  with  a  3D-flnite  volume  heat  conduction  program.  Re¬ 
solving  of  cooling  channels  was  difficult  because  therefore 
a  complex  multiblocking  inside  the  blade  would  have  been 
necessary.  Blade  cooling  was  here  simulated  by  prescribing 
constant  hub  and  tip  temperatures. 
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In  the  here  presented  paper  a  steady  state  3D-Navier-Stokes 
flow  solver  is  coupled  with  a  steady  state  3D-finite  element 
heat  conduction  solver.  The  finite  element  approach  for  cal¬ 
culating  the  blade  temperature  distribution  offers  excellent 
possibilities  to  resolve  complex  cooling  channel  geometries. 
The  wanted  temperature  distribution  inside  the  blade  re¬ 
sults  directly  from  the  passage  flow  calculation  thermally 
coupled  with  the  blade-heat  conduction  calculation.  Ther¬ 
mal  boundary  conditions  have  to  be  specified  at  the  end- 
walls  and  at  the  cooling  channel  surfaces.  Xo  further  ther¬ 
mal  boundary  conditions  are  necessary.  Heat  transfer  co¬ 
efficients  at  the  outer  blade  surface  are  here  obtained  as  a 
result  of  the  calculation. 

Furthermore  this  method  offers  the  possibility  to  take  care 
of  the  thermal  interactions  between  flow  and  blade  when 
calculating  the  heat  fluxes  into  the  blade. 

.411  coupling-calculations  were  performed  in  3D  with 
Reynolds-numbers  of  10^,  so  that  the  flow  was  treated  as 
laminar  and  the  currently  implemented  Baldwin-Lomax  tur¬ 
bulence  model  was  not  used.  The  calculation  of  the  temper¬ 
ature  gradients  at  the  wall  were  made  without  using  any 
model. 


4  Program  Description 

To  compute  the  hot  gas  flow  through  a  turbine  stator  or 
rotor  a  5-block  finite  volume  Navicr  Stokes  flow  solver  was 
developed  (FLOWNS,  Fig.  1).  The  flow  solver  is  also  able 
to  compute  heat  transfer  problems  by  simultaneously  solv¬ 
ing  the  energy  equation. 

The  computation  of  the  temperature  distribution  inside  the 
blade  is  performed  with  a  finite  element  code  (BLADFE, 
Fig.  1),  offering  the  possibility  to  model  complex  shapes  of 
internal  cooling  channels. 

A  third  program  (COUP,  Fig.  1)  controls  the  correct  ther¬ 
mal  coupling  at  the  common  boundaries  of  the  two  different 
and  completely  independent  grids. 

The  three  programs  were  combined  to  a  program  system, 
where  each  program  acts  as  a  single  processor  with  well 
defined  functions.  Every  n  time  steps  of  the  flow  solver 
COUP  calls  the  finite  element  solver  and  returns  the  new 
wall  temperatures  back  to  the  flow  solver.  Fig.  1.  This  cycle 
is  repeated  until  a  choosen  maximum  number  of  coupling 
steps  is  performed.  The  value  of  n  can  be  freely  choosen  by 
the  user. 


+  + 


FLOW 

INTERIOR 

SOLVER- 

COOLING 

BOUNDARY 

BOUNDARY 

CONDITIONS 
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Figure  1;  Program-system  scheme 


4.1  Finite  Element  Program 

The  used  program  is  based  on  the  Finite  Elment  Analysis 
Program  FEAP  written  by  R.L.  Taylor  and  extended  by 
J.M.  Bettencourt,  [3].  The  program  was  extended  in  such 
a  way  that  it  can  be  used  as  a  subroutine  and  that  the 
boundary  conditions  can  be  set  when  the  routine  is  called. 
Although  the  program  is  able  to  calculate  with  temperature- 
dependant  heat  conductivities  the  heat  conductivity  was  set 
constant  to  save  computing  time. 

Isoparametric,  20-node  3D-heat  conduction  elements  were 
used  to  build  the  blade-mesh,  Fig.  2.  Geometry  and  Tem¬ 
perature  distribution  inside  those  elements  are  described  in 
local  coordinates  tj  and  f,  which  vary  between  —1  and  -f  1. 
The  six  limiting  surfaces  are  defined  byf  =  ±l,  77  =  ±1  and 
Q  =  ±1.  The  temperature  and  the  related  spatial  coordi¬ 
nates  are  defined  by 

r  =  £r,A.(0 

1  =  1 

21) 

1  =  1 

where  the  T,  are  ihe  temperatures  and  the  .V,  are  the  co¬ 
ordinates  of  the  element  nodes.  .V,  are  the  shape  functions, 
which  define  the  influence'  of  temperature  and  coordinate 
of  each  of  the  20  nodes  on  the  point  ^  in  which 

temperature  and  coordinates  are  to  be  calculated.  These 
shape  functions  are  of  the  serendipity  type  and  are  defined 
for  the  8  corner  nodes  by 

•V.  (0  =  '(1  -  60(1  -  q,r;)(i  4-  caiU  +  n,n  +  Of  -  2) 

{,  =  ±  1,  q,  =  4: 1  and  =  il, 
for  nodes  9.  11,  13,  15  by 

.V,  ({■)  -  \[\ -  V)[\  r  n,n)(\  +  U) 

r,,  =  xl,  6  =  =1, 

for  nodes  10.  12.  11,  16  by 

-V,  {0  -  1(1  -  d-'Ki  +  60(1  +60 
6  =  +1-  6  =  -1. 

and  for  nodes  17.  18,  19.  20  by 

iO  -  1(1  -  C-')(1  +  60(1  +  '?.V) 

6  =  =1.  V.  =  ‘1- 


Figure  2;  Isoparamteric  20-node  finite  element,  [17] 
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Generally,  the  nonlinear  heat  conduction  equation 


4.2  Navier-Stokes  Solver 


V^AVT(i)i-q''  =0  (1) 

is  to  be  solved.  Because  solving  a  discretised  differential 
equation  never  leads  to  the  exact  solution,  eq.  1  becomes 

V^\VT{x)  +  q''  =  i{x) 

FEAP  uses  the  method  of  weighted  residuals  for  the  solu¬ 
tion.  The  basic  principle  of  this  method  is  that  the  residuals 
c  (f )  multiplied  with  a  weighting  factor  'I'  (x)  and  integrated 
over  the  whole  computing  domain  must  become  zero: 

(V^'AVT  (£)  +  ?'  )  (x)  dn  =  0 

The  weighting  functions  are  chosen  to  be  the  same  as  the 
shape  functions.  This  is  Galerkins  principle; 

•Adding  the  boundary  conditions  and  discretizing  by  ele¬ 
ments  leads  to  the  equation  system 

Vii/. 

^  (K'T"  -  r)  =  0 

with 

K'  =  j^^v'y'xvyuii-J^.w:aN;dr  (2) 

r  =  -  f  q'  dn  ^  f  y:aT..  dr  (3) 

Jw  Jl' 

=  1 . 20. 

yEL  is  the  number  of  Elements.  K  is  the  element  stiffness 
matrix,  T  is  the  solution  vector,  which  contains  the  tem¬ 
peratures  at  all  element  nodes  and  f  the  load  vector  of  the 
equation  system  containing  the  boundary  conditions.  i1  is 
the  computational  domain  and  F  is  that  part  of  its  boundary 
on  which  convective-type  boundary  conditions  are  specified. 
When  calculating  the  element  matrices,  equations  2  and  3 
are  transformed  into  local  coordinates  (,  q  and  C.  The  inte¬ 
gration  is  carried  out  by  Gauss- Legendre  integration,  which 
is  exact  and  easy  to  perform.  The  value  which  is  to  be  inte¬ 
grated  is  taken  at  exactly  defined  Gauss-points  inside  the  el¬ 
ement  and  multiplied  with  special  Gauss-weighting  factors. 
The  products  are  summed  up  and  devided  by  the  element 
volume,  which  is  easily  determined  in  local  coordinates.  The 
result  is  a  very  good  approximation  of  the  exakt  integral 
value. 

The  calculations  presented  here  were  performed  with  three 
Gauss  points  per  edge  (Fig.  5),  which  is  a  good  compromise 
between  resulting  accuracy  and  necessary  computing  time. 
To  minimize  the  amount  of  required  storage  the  bandwidth 
of  matrix  K  was  reduced  by  renumbering  the  nodes  of  the 
produced  FE.M-grids  with  the  Reverse  Cuthill-McKee  algo¬ 
rithm.  Basic  principle  of  the  Cuthill-McKee  algorithm  is  to 
achieve  minimum  differences  between  the  nodenumbers  of 
each  element.  Inverting  the  new  numbering  can  reduce  the 
bandwidth  further  more,  |12]. 

Further  details  on  the  applied  skyline  technique  used  to 
store  matrix  K  and  the  applied  equation  solver  are  given 
in  ref.  [171. 

FEAP  results  are  compared  with  analytical  solutions  for  a 
hollow  cylinder  in  ref.  [3].  The  agreement  between  calcula¬ 
tion  and  theory  is  found  to  be  very  good. 


The  Reynolds-averaged  Navier-Stokes  equations  (eq.  4)  are 
numerically  solved  using  a  finite  volume  technique  with  a  cell 
centred  difference  approximation  to  represent  the  convection 
and  diffusion  terms  in  space  and  a  three  step  Runge-Kutta 
algorithm  for  the  time  discretization.  Stability  is  gained 
by  using  a  residual  averaging  method  which  can  be  run  ei¬ 
ther  implicit,  or  if  the  user  wishes,  explicit.  The  maximal 
timesteps  which  lead  to  a  stationary  solution  are  calculated 
from  the  CFL-criteria  (11). 

The  algebraic  Baldwin-Lomax  turbulence  model  [2{  cou¬ 
pled  with  the  Cebecci-Smith  model  [6J  to  account  for  the 
freestream  pressure  gradient  is  used  to  calculate  the  turbu¬ 
lent  viscosity  of  the  Boussinesq  theorem  [5J.  The  turbulent 
Prandtl  number  used  for  the  modelling  of  the  turbulent  heat 
fluxes  is  found  from  an  expression  given  by  Kays  and  Moffat 
|8)  and  [14],  Furthermore  it  is  possible  to  run  the  code  with 
and  without  a  wallfunction  in  the  laminar  and  turbulent 
case. 

The  governing  equations  in  conservative  form  are 


A  at 


f  H  •  fidA  =  [ bfidA  +  f  SiidA  (4) 

Joi'  All'  Aiv 


where  Q  is  the  vector  of  the  conservative  variables,  i.e.  den¬ 
sity,  momentum  density  and  total  energy  density.  H  repre¬ 
sents  the  flux  vector,  D  the  diffusion  vector,  5  the  source 
vector  and  I  the  unit  vector. 
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The  stress  tensor  t  is  given  by  .Newton’s  law  and  the  heat 
flux  q  is  expressed  by  Fourier's  law: 

q  =  —XqradT  (.1) 

Due  to  the  central  differencing  scheme  in  the  spatial  dis¬ 
cretization  odd-even  point  decoupling  will  occur  and  lead  to 
saw  tooth  waves  or  wiggles.  This  difficulty  is  resolved  by 
adding  a  certain  amount  of  artificial  dissipation  to  the  NS- 
model  to  prevent  wiggles  and  to  permit  shock  capture.  The 
artificial  dissipation  values  are  additionally  stored  upon  the 
viscous  values  {D)  of  each  equation  (with  exception  of  the 
dissipation  quantity  of  the  continuity  equation). 

Eq.  4  can  be  written  in  semidiscrete  approximation  as: 

^  =  F(Q)  (6) 

Eq.  6  respresents  an  ordinary  system  of  linear  differential 
equations.  This  system  is  solved  by  the  second  order  explicit 
three-stage  Runge-Kutta  scheme  [llj; 


=  Q", 

Q(|)  q(0)  +  Afr(Q‘“>), 

(5(»  =  (?>'  + Af[(l 

qw  =  Af[(l  -  fl)F(<?"”)  + 

g("+u  ^  g(.i)  (7) 
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4.2.1  Modelling  of  the  wall  temperature  gradient 
on  coarse  grids 

Heat  transfer  calculations  on  coarse  grids  can  only  be  per¬ 
formed  by  modelling  the  wall  temperature  gradient,  or,  if 
the  Reynolds  analogy  is  used,  by  modelling  the  wall  shear 
stress. 

The  Reynolds  analogy  implies  that  under  certain  flow  con¬ 
ditions  the  dimensionless  temperature-  and  velocity- profiles 
are  identical.  Therefore  the  wall-temperature  gradient  can 
be  calculated  from  the  velocity  profile.  When  using  the 
Reynolds  analogy,  the  modelling  of  the  velocity  profile  near 
the  wall  is  generally  done  with  the  help  of  a  laminar  or  tur¬ 
bulent  wall  function.  The  velocity  in  the  near  wall  grid  cell 
is  influenced  by  the  variation  of  the  sltin  friction  factor  c/. 
For  laminar  flows  c/  is  exactly  determined  by: 


^  =  0.332Re’‘i 

For  turbulent  flows  c/  reads  as: 


(8) 


(9) 


Ur  is  calculated  from  the  logarithmic  law  of  the  wall. 
■Although  the  code  is  equipped  with  the  feature  to  perform 
heat  transfer  calculations  using  the  Reynolds-analogy,  it  was 
not  used  for  the  presented  calculations. 


4.2.2  Numerical  approach 

As  mentioned  earlier,  the  system  of  equations  (eq.  1)  is  nu¬ 
merically  solved  by  using  the  finite  volume  method  with 
(second  order)  central  differences  for  the  convective  and  dif¬ 
fusive  terms.  The  code  uses  structured  multi  block  meshes. 
For  turbomachinery  geometries  a  mesh  configuration  using 
a  five  block  system  consisting  of  one  ‘O’  and  four  ‘H’-meshes 
delivers  a  good  resolution  of  the  leading  and  trailing  edge 
of  the  blade  (Fig.  3).  Furthermore  the  ‘O’-mesh  around 
the  blade  allows  a  constant  orthogonal  distance  of  the  first 
streamwise  ({-)  gridline.  This  detail  is  important  for  the 
heat  transfer  calculation. 

The  heat  transfer  coefficient  is  defined  as: 


I  ,ir 

_  ^  fluid 

“  Tn-  - 


(10) 


Ta  should  be  the  temperature  at  the  edge  of  the  thermal 
boundary  layer.  Due  to  the  difficulty  to  find  this  edge  T„ 
is  set  equal  to  7*,^,  i.e.  a  is  defined  with  the  known  total 
temperature  at  turbine  inlet. 

dn  in  eq.  10  can  simply  be  discretized  by  An,  with 
An  =  \yn.  y,,  is  the  normal  distance  of  the  first  ^-gridline 
from  the  wall. 


periodic  boundary 


H-mesh 

^  O-mesh 

H-mesh 

^  blade  ^ 

H-mesh 

j 

H-mesh 

periodic  boundary 


Figure  3:  Symbolic  block  mesh  configuration 


.411  calculations  discussed  in  this  paper  are  carried  out  for 
small  Reynolds  numbers,  i.e.  Re  <  100000  (based  on  the 
axial  chord  length).  That  means  that  the  flow  is  laminar. 
The  3D- Navier- Stokes  code  is  completely  vectorized  for  the 
use  on  vector  computers.  Quick  information  about  the  blade 
to  blade  flowfield  and  the  required  Reynolds  number  for  the 
direct  heat  transfer  calculation  were  obtained  with  a  2D- 
FMG-Multigrid  code  written  in  C-language,  which  is  able  to 
run  on  every  computer,  even  on  a  PC  with  enough  extended 
memory  (RDP  =  4.5  ■  10~'‘„;*^(,,p  on  PC  486  33Mhz).  The 
2D-version  is  also  an  useful  tool  for  the  developement  of  the 
3D-code. 


4.3  Coupling  Procedure 

Neglecting  radiation,  the  heat  flux  density  leaving  the  flow 
area  at  the  blade  surface  is  equal  to  the  Fourier-heat  flux 
density 


g/imd  = 


Fig.  4. 


(11) 


This  assumption  can  be  made  because  the  flow  velocity  in 
the  near  wall  region  is  sufficiently  small  to  be  neglected. 
When  performing  a  coupling  step  the  temperature  calcula¬ 
tion  inside  the  blade  is  made  with  fi.xed  boundary  conditions 
and  T,.  at  the  cooling  channel  surfaces  and  variable  a'  and 
7*^  at  the  flow  surface,  where 

a"  = 

t:  = 


A/Zuij 

An 

7',. 


(12) 

(13) 


With  the  resulting  wall  lempetalutes  this  leads  to  a  Newto¬ 
nian  heat  flux  density  into  the  blade  of 


</«,.*■  -  "'(7);  -  /'„■)•  (I'l) 

Inserting  eqns.  12  and  13  in  eq.  14  and  comparing  with  eq.  11 
shows  that  the  wall  heat  flux  balance 


<i>dodr  =  a-(r;  -  T„.)  =  ^(T,  -  T„.)  =  gyn.,rf  (15) 
is  automatically  satisfied. 

The  advantage  compared  to  calculating  with  real  heat  trans¬ 
fer  coefficients  is  that  T„.  in  eq.  14  does  not  have  to  be  known 
when  the  coupling  step  is  performed.  The  determination  of 
T^.  would  require  an  iterative  procedure  within  each  coupling 
step,  which  is  time  consuming  especially  for  blade  materials 
with  low  thermal  conductivity,  [15  . 


FLOW 


Figure  4:  Coupling-principle.  FE  =  finite  element, 
FV  =  finite  volume 
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The  coupling  procedure  starts  when  the  first  n  Navier 
Stokes-time  steps  are  finished,  where  n  is  a  value  which  can 
be  choosen  by  the  user.  The  coupling  is  performed  on  plane 
grids  which  are  generated  by  unwrapping  both  the  finite  ele¬ 
ment  (FE)-  and  the  finite  volume  (FV)-surface.  The  corner- 
points  of  the  FV-coupling  grid  in  fig.  5  are  the  centerpoints 
of  the  FV-blade  surface  cells,  because  this  is  the  location 
where  the  temperature  is  calculated. 

The  boundary  conditions  (eqns.  12  and  13)  have  to  be  spec¬ 
ified  for  every  surface-Gauss  point  of  all  surface-FE.  There¬ 
fore  for  every  surface-Gauss  point  the  corresponding  FV-cell 
is  searched,  see  Fig.  5.  The  values  of  An  and  T,  are 

taken  at  the  four  cornerpoints  of  the  corresponding  cell  and 
are  bilinearily  interpolated  . 


The  next  n  Navier  Stokes  steps  are  calculated  and  the  cou¬ 
pling  procedure  starts  again,  until  a  chosen  maximum  num¬ 
ber  of  couplings  has  been  performed. 

The  convergence  of  the  blade’s  surface  temperature  can  be 
controlled  after  each  coupling  step  in  terms  of  its  average 
value  and  location  and  quantity  of  the  maximum  tempera¬ 
ture  difference  to  the  prior  coupling  step. 


Figure  6:  Interpolation  of  T^.  for  an  FV-cell  (FE  — >  FV) 


Figure  5:  Interpolation  of  a’  and  T\  for  a  Gauss  point 
(FV  FE) 

With  the  obtained  boundary  conditions  a  FEM-calculation 
is  performed  and  the  resulting  new  wall  temperatures  arc 
returned  to  the  flow  solver. 

The  back-interpolation  of  the  at  each  FV-cornerpoint  is 
done  on  the  FE-grid  in  the  same  way  as  described  above. 
Therefore  the  FE  interpolation  grid  is  build  by  taking  the 
temperatures  at  the  eight  surface  nodes  and  at  the  point 
(^  =  0,q  =  0)  ‘in  the  middle’  of  the  element  surface,  see 
Fig.  6. 


5  Results 

Calculations  were  made  on  two  different  geometries.  The 
first  was  a  flat  hollow  plate  cooled  on  its  internal  boundary 
(Figs.  7  and  8),  the  second  was  a  typical  guide  vane  blade 
cooled  by  27  cylindrical  cooUng  channels.  Figs.  11  and  12. 

In  case  1  the  flow  calculation  was  performed  on  the  5-bIock 
grid  shown  in  Fig.  7.  The  3D-grid  was  generated  by  stacking 
the  hub-grid  shown  in  Fig.  7  in  radial  direction.  Fig.  8  shows 
both  the  FE-  and  the  FV-grid  at  the  leading  edge  of  the 
plate. 


Figure  7:  Hub  section  of  the  5-block  FV-grid  for  the  flat 
plate  calculation 
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Figure  8;  FV-  and  FE-grid  at  the  leading  edge  of  the 
hollow  flat  plate 

Setting  the  internal  heat  transfer  coefficient  to  a  compar¬ 
atively  high  value  resulted  in  a  nearly  constant  outer  wall 
temperature  close  to  the  inner  ambient  temperature.  There¬ 
fore  the  calculated  Nu- numbers 


Nv-t  =  ^  (16) 

(a,  from  eq.  10)  could  be  compared  with  the  anlytical  val¬ 
ues,  which  are  given  for  a  flat  plate  of  thickness  zero,  con¬ 
stant  wall  temperature  and  full  cooling  length  by  Eckert  [7': 

Nu,  =  0.332  -  (17) 

’  X 


Further  downstream  the  theoretical  boundary  layer  thick¬ 
ness  becomes  equal  to  that  one  of  the  plate  with  finite  thick¬ 
ness  and  the  values  compare  very  well. 

The  resulting  temperature  distribution  in  the  plate’s  leading 
edge  is  shown  in  Fig.  10. 


Figure  9:  Nu-number  of  the  flat  plate 


Both  curves  are  plotted  in  Fig.  9. 

The  difference  between  the  calculated  and  the  analytical 
curve  in  the  region  close  to  the  leading  edge  is  believed  to 
be  due  to  the  influence  of  the  plate’s  finite  thickness. 

The  boundary  layer  of  an  inflntesimai  thick  plate  immedi¬ 
ately  downstream  its  leading  edge  would  be  very  thin,  caus¬ 
ing  strong  velocity  gradients.  Using  the  Reynolds-analogy, 
this  leads  to  very  high  Nusselt  numbers. 

When  calculating  the  hollow  flat  plate  with  finite  thickness, 
the  curvature-change  between  the  plate’s  leading  edge  and 
its  straight  section  nearly  leads  to  a  flow-separation  at  the 
beginning  of  the  straight  section.  This  results  in  a  thick 
boundary  layer  and  small  velocity-gradients  in  the  whole 
downstream  region;  the  Nusselt  numbers  are  smaller  than 
in  the  theoretical  case. 

Because  this  phenomenon  is  not  taken  into  account  in  eq.  17, 
the  calculated  curve  in  Fig.  9  may  represent  the  heat  trans¬ 
fer  distribution  of  a  realistic  flat  plate  with  finite  thickness 
better  than  the  analytical  curve. 


Outer  surface 


Figure  10:  Distribution  of  dimensionless  temperature 
6  =  in  the  leading  edge  region  of  the 
hollow  flat  plate 


For  case  II  the  FV-  and  the  FE-grid  are  shown  in  Fig.  11. 
A  simple  cooling  geometry  was  used  and  discretized  as  in¬ 
dicated  in  Fig.  12.  Again,  the  internal  thermal  boundary 
conditions  were  set  constant.  The  cooling  temperature  was 
choosen  to  be  close  to  the  free  stream  temperature  to  keep 
temperature  gradients  small,  as  recommended  in  ref.  [4j. 
However,  the  influence  of  the  temperature  gradient  on  the 
resulting  heat  transfer  coefficient  was  not  studied  in  this 
work. 


Figure  11:  FE-  and  FV-grid  of  the  calculated  cooled 
guide  VBjie  blade 


Figure  12:  Cross  section  of  FE-  and  FV-grid  at  the  lead¬ 
ing  edge  of  the  guide  vane  blade 


Fig.  13  shows  the  resulting  temperature  distribution  inside 
the  blade.  The  used  cooling  geometry  just  leads  to  small 
differences  between  the  temperature  distributions  of  the  sev¬ 
eral  cross  sections. 

The  distribution  of  the  wall  temperatures  and  the  resulting 
heat  transfer  coefficients  at  the  blade  surface  are  plotted  in 
Fig.  14  and  Fig.  15.  The  influence  of  the  passage  vortex 
transporting  hot  fluid  from  the  adiabatic  hub  and  tip  to  the 
suction  surface  can  be  seen  in  the  regions  of  higher  temper¬ 
ature  and  heat  transfer  coefficient  compared  to  midspan. 
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Figure  13:  Distribution  of  dimensionless  temperature 
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Figure  14:  Distribution  of  dimensionless  temperature 
B  =  j?—  at  the  unwrapped  blade  surface 
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Figure  IS:  Distribution  of  Nu-number  at  the  unwrapped 
blade  surface 


Fig.  16  shows  the  heat  transfer  coefficient  at  midspan,  com¬ 
pared  with  the  anlytical  values  calculated  with  eq.  17. 
Strictly  speaking,  eq.  17  is  valid  only  for  2ero-curvature  ge¬ 
ometries  and  zero-pressure  gradients.  Although  these  condi¬ 
tions  are  usually  not  fullhlled  for  turbine  flows,  eq.  17  can  be 
used  to  obtain  an  estimate  of  tendencies  and  of  the  level  the 
Nusselt-numbers  should  be.  The  differences  at  the  suction 
side  are  believed  to  be  due  to  the  strong  curvature  of  the 
blade  surface  and  the  strong  acceleration  of  the  flow,  which 
causes  the  analytical  values  to  be  predicted  too  high. 

At  the  pressure  side  curvature  and  acceleration  are  smaller 
than  at  the  suction  side  and  this  leads  to  a  good  agreement 
between  analytical  and  calculated  values. 


s/I 

Figure  16:  Nu-number  of  the  guide  vane  blade  at 
midspan 


All  these  calculations  are  made  determining  the  wall  tem¬ 
perature  gradients  directly  (tom  the  computational  grid,  see 
chapter  4.3.  No  model  was  used  to  obtain  or  to  modify  these 
gradients. 

The  finite  volume  grid  for  the  flat  plate  calculation  consisted 
of  132864  cells  and  the  corresponding  finite  element  grid  of 
544  elements  with  3536  nodes.  For  the  flow  calculation  of 
the  guide  vane  blade  a  finite  volume  grid  of  118944  cells  was 
used  and  the  blade  was  discretised  by  2024  elements  with 
10831  nodes. 


The  j/'*' -values  calculated  by 


differed  for  the  calculation  of  the  flat  plate  between  0.07  and 
0.56  with  an  average  value  of  0.21  and  for  the  guide  vane 
blade  between  0.07  and  0.84  with  an  average  value  of  0.43. 
The  Reynolds  number  based  on  axial  chord  length  was  in 
both  cases  10''. 

All  calculations  were  performed  on  an  IBM  RS-6000  Work¬ 
station  with  128  MB  RAM  and  25  MFLOPS  (nominal).  The 
computing  time  per  timestep  was  35  seconds  for  the  guide 
vane  blade  and  40  seconds  for  the  flat  plate.  These  values  are 
averaged  and  proportional  include  the  computational  time 
of  the  heat  conduction  calculation.  The  calculations  were 
carried  out  with  10  Navier-Stokes  timesteps  per  coupling- 
step.  No  difference  was  found  to  the  results  of  runs  per¬ 
formed  with  one  coupling  step  per  Navier-Stokes-timestep. 
For  both  cases  the  presented  results  were  obtained  after  4000 
timesteps;  the  guide  vane  blade  calculation  converged  by  an 
order  of  2.5  and  the  flat  plate  by  an  order  of  3. 


6  Conclusions 

The  thermal  coupling  of  a  3D-flow  solver  and  a  3D-heat 
conduction  solver  was  sucessfuUy  performed.  The  resulting 
heat  transfer  coefficients  compare  satisfactory  with  analyti¬ 
cal  data.  A  full  thermal  interaction  between  flow  and  blade 
can  be  realized  and  influences  of  the  3D-flow  on  the  temper¬ 
ature  distribution  can  be  detected. 

In  this  paper  calculations  were  carried  out  for  laminar  flows 
with  Reynols  numbers  of  10'*.  For  this  case  the  prediction 
of  the  blade  temperature  distribution  was  possible  without 
modelling  the  heat  transfer  conditions  at  the  blade  surface. 
Aspects  of  future- work  will  be  the  implementation  of  a  two- 
equation  turbulence  model  and  a  laminar/ turbulent  tran¬ 
sition  model.  Furtheron  the  flow  solver  is  planned  to  be 
extended  to  also  calculate  external  flows  and  to  run  on  any 
number  of  blocks. 

The  influence  of  higher  Reynolds  numbers  and  realistic  tem¬ 
perature  gradients  on  heat  transfer  has  to  be  investigated. 
The  resulting  heat  transfer  coefficients  of  the  guide  vane 
blade  are  planned  to  be  compared  with  experimental  data 
that  are  now  under  preparation. 

Additionally,  a  coupling  with  an  internal  flow-solver  for  sim¬ 
ple  cooling  geometries  is  planned. 
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Discussion 


QUESTION  1: 

DISCUSSOR:  J.  Salva  Monfort,  Escuela  Tecnica  Superior  de  Ingenieros  Aeronauticos 
What  boundary  conditions  have  you  used? 

AUTHOR’S  REPLY: 

We  used  the  standard  boundary  conditions.  At  the  inlet  we  prescribed  the  total  pressure, 
total  temperature  and  flow  angle.  At  the  outlet  we  prescribed  the  static  pressure. 
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SUMMARY 


The  aim  of  this  work  is  to  show  how  the 
metal  temperature  measured  in  a  convergent- 
divergent  nozzle  and  in  a  turbine  exhaust 
diffuser  of  a  turbofan  engine,  can  be 
predicted  with  reasonable  approximation 
using  the  data  available  in  the  open 
literature.  It  is  shown  how  the  simplified 
fluid  dynamic  equations  with  the 
appropriate  experimental  correlation  allow 
the  prediction  of  these  results  in  other 
flight  conditions  than  those  tested. 

LIST  OF  SYMBOLS 


C  =  specific  heat  at  main  stream 

fm 

temperature. 

specific  heat  at  cooling  flow 

temperature. 

D^=  Hydraulic  diameter 

d  =  local  curvature  diameter 
h  =  convective  heat  flux  coefficient 
K  =  thermal  conductivity  coefficient 
L  =  inner  blade  passage  length 

^2  ''z 

M  =blowing  factor  — ^ 

N^=  Nusselt  number 
P^=  Prandtl  number 
q  =  heat  flux 

^g2~  Rsybolds  number  for  the  cooling 
^2  ‘'2 

parameters  — = — = - 

*^2 

R  =  Reynolds  number  based  on  x,s,d. 

x,s,d 

s  =  cooling  slot  height. 


absolute  gas  temperature. 

T  =  recovery  temperature  =  T  +0.9X7  -T  1 
r  *  L  ®j 

T^=  actual  wall  temperature 

Tg^  =  adiabatic  wall  temperature 

^oo’^eoO  ~  stagnation  temperature 

of  the  main  stream. 

T„=  T  +  0,  72  [t-  T  1 
*  <0  '  L  aw  coj 


T^=  cooling  injection  temperature. 

X  =  distance  from  the  point  of  injection. 
Ac=  correcting  factor  due  to  spectral 
overlapping . 

c^=  inner  face  wall  emissivity. 

gas  emissivity  =  €^^2^002^  '^H2oPh2o'*= 

7)  =  film  cooling  effectiveness 
U  =  gas  dynamic  viscosity 

e  =  angle  from  stagnation  point  in  profile 
leading  edge, 
p  =  density 

•Ssusity  and  viscosity  at  a 
temperature  7^ 

a-  =  Stefan-Boltzman  constant. 

it 

^  =  non  dimensional  distance 

-0,25  ^ 

(>» 


Subscripts 

g  =  gas 
w  =  wall 

1,2  =  cold  gas  injection 

1  INTRODUCTION 

The  modern  engine  solid  surfaces  exposed  to 
internal  flow  need  improved  thermal 
protection  because  high  temperature  cycles 
are  used  to  increase  performance.  During 
the  past  decades,  different  cooling  methods 
have  been  used  to  reduce  the  metal 
temperature,  therefore  minimizing  the 
required  amount  of  cooling  air. 

The  simplest  way  to  cool  surfaces  is  by 
convective  cooling.  In  this  process,  heat 
flows  by  conduction  from  exposed  metal 
surfaces  to  un-exposed  ones,  which  are 
cooled  by  air  flowing  usually  parallel  to 
it.  Convective  cooling  is  used  whenever  low 
levels  of  cooling  effectiveness  are 
required.  This  limitation  exists  due  to  the 
fact  that  the  air  supply  is  somehow 
limited.  On  the  other  hand,  high 
effectiveness  levels  tend  to  increase 
thermal  stress  problems  [1-3]. 

A  special  type  of  convective  cooling  is  by 
means  of  impingement.  It  is  used  whenever 
large  heat  transfer  coefficients  are  needed 
on  the  un-exposed  surfaces  [4-8].  Another 
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method  to  obtain  high  heat  transfer 
coefficients  is  to  place  fins  or  ribs 
normal  to  the  coolant  flow  path  [9]. 

When  higher  levels  of  cooling  effectiveness 
are  required  it  is  necessary  to  use  more 
sophisticated  alternatives.  The  most  common 
method  is  to  insert  a  secondary  fluid  into 
the  boundary  layer  on  the  surface  which  is 
to  be  protected.  There  are  different  means 
of  injecting  this  fluid  such  as  ablation, 
transpiration  and  film  cooling.  In  ablation 
cooling,  a  heat  shield  ablates  and 
secondary  fluids  enter  the  boundary  layer 
[10]  In  transpiration  cooling  the  coolant 
enters  the  boundary  layer  through  a  porous 
material  [11-13].  Both  methods  are  used  to 
protect  the  region  where  coolants  are 
added.  Unfortunately  the  application  of 
these  systems  is  difficult  because  ablation 
has  a  limited  time  span  and  porous 
materials  are  not  strong  enough  to  be  used 
in  engines.  The  basic  mechanism  of  film 
cooling  is  the  introduction  of  a  secondary 
fluid  at  several  locations  along  a  surface 
to  protect  that  surface  not  only  in  the 
injection  area  but  also  in  the  downstream 
region  [12-14]. 

Thermal  studies  on  aircraft  engines, 
particularly  modern  ones  with  large  flight 
envelopes,  require  a  great  amount  of 
testing  and  instrumentation.  Designers  have 
different  tools  for  obtaining  engine 
component  temperature  predictions.  These 
tools  can  be  classified  as:  1)  theoretical, 
2)  experimental  and  3)  numerical  methods. 
Theoretical  analysis  is  usually  aimed  at 
finding  parameters  to  describe  the 
temperature  of  an  adiabatic  wall  downstream 
of  the  coolant  injection  [15].  Real  and 
three-dimensional  effects  are  studied  on 
test  rigs  with  controlled  conditions 
[16-18].  Predictive  numerical  calculations 
are  being  widely  used  nowadays  for 
different  cooling  applications  and 
configurations,  because  they  help  to  speed 
up  the  design  and  to  reduce  the  number  of 
experiments  [19-20]. 

In  this  paper  a  method  to  predict  full 
scale  engine  temperatures  is  described. 

This  method  combines  the  fluid  dynamic 
equations  with  semi-empirical  data  obtained 
from  the  open  literature. 

The  result  is  an  easy  to  use  procedure. 

2.  NOZZLE  COOLZMO  PREDICTION 

The  prediction  of  the  petal  temperature  of 
a  convergent-divergent  nozzle  has  been 
performed  through  a  computer  code  that  uses 
correlation  models  available  in  the  open 
literature  with  actual  data  obtained  from  a 
test  program  that  includes  a  reduced  scale 
hot  test,  a  full  scale  rig  test  and  a  DVE 
(Design  Verification  Engine)  program. 

The  film  cooling  produced  when  the  relative 
cold  layer  is  Injected  at  the  beginning  of 
the  convergent  petal  of  the  nozzle, 
produces  a  reduction  in  the  metal 
temperature  along  the  petal. 

The  heat  transfer  rate  is  modelled  by: 

[’■»  -  v] 


Fig.l.  Single  slot  film  cooling 
configuration. 


The  convective  coefficient  h  is  calculated 
independently  from  the  adiabatic  wall 
temperature 

This  magnitude  is  related  to  the  concept  of 
effectiveness  of  the  film  cooling,  figure 
1: 


The  correlation  found  more  suitable  for  the 
flow  conditions  and  geometry  is  the  model 
of  Kutatelache  &  Leanter,  in  reference  [14] 
because  the  flow  can  be  considered 
twodimensional  and  compressible  and  the 
difference  of  temperature  between  the  wall 
and  the  main  stream  is  important. 

The  effectiveness  is  given  from  this 
reference  by  the  expression: 


_ _ 2 _ 

1  +  [o,33  (4.0  +  -  i] 

When  the  cooling  injection  is  made  by  two 
consecutive  slots,  the  total  effectiveness 
can  be  treated  as  the  combination  of  two 
cooling  layers  where  the  external 
temperature  for  the  inner  flow  is  the 
"adiabatic  wall  temperature"  for  the 
external  one  [21],  figure  2. 
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and  the  total  effectiveness  is: 


+  t)2  (1  -  Djj 


Fig. 2.  Double  slot  film  cooling 
configuration. 
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1.  SUMMARY 

This  paper  describes  the  numerical  simulation  of  tran¬ 
sonic  flows  through  film-cooled  turbine  cascades.  The 
modelization  of  coolant  injection  hcis  been  imple¬ 
mented  in  a  computational  code  which  solves  either 
the  laminar  or  the  Reynolds-averaged  Navier-Stokes 
equations  in  cascades.  Turbulence  effects  are  ac¬ 
counted  for  by  means  of  the  eddy  viscosity  concept. 
Two  turbulence  models  have  been  implemented  in  the 
code.  The  first  is  the  Baldwin-Lomax  algebraic  model 
and  the  second  is  the  two-equation  k-u  model  pro¬ 
posed  by  Wilcox.  Both  models  have  been  coupled  with 
a  Navier-Stokes  solver  in  a  simple,  robust  and  efficient 
way.  The  numerical  solution  of  both  the  flow  and  the 
turbulence  model  equations  is  based  on  a  cell  centred 
finite  volume  scheme  and  on  an  explicit  Runge-Kutta 
method  for  time  integration. 

The  code  has  been  applied  to  compute  the  treinsonic 
flow  in  a  casc^lde  of  nozzle  guide  vanes  (NGVs)  devel¬ 
oped  by  Alfa  Romeo  Avio  S.p.A..  The  computations 
have  been  performed  both  for  a  cascade  of  “solid”  vane 
profiles  and  for  a  cascade  of  “cutted”  vane  profiles  that 
allow  coolant  flow  ejection  through  a  slot  on  the  pres¬ 
sure  side  near  the  trailing  edge.  The  NGV  cascade  is 
still  under  testing  and  at  present  only  the  experimen¬ 
tal  data  for  the  “solid”  NGV  cascade  are  available  for 
code  validation. 

The  computational  results  presented  in  the  paper 
show  that  the  proposed  coupling  of  the  k-u  model 
with  the  explicit  Navier-Stokes  solver  does  not  seem 
to  suffer  from  the  stiffness  problems  often  character¬ 
izing  other  two-equation  turbulence  models. 

2.  INTRODUCTION 

To  increase  the  performance  of  advanced  gas  turbines 
it  is  necessary  to  rise  the  turbine  inlet  gas  tempera¬ 
ture.  Available  materials  can  withstand  such  high  en¬ 
try  temperatures  only  if  some  cooling  technique  such 
as  convection,  impingement  or  film  cooling  is  used.  A 


detailed  analysis  of  the  effects  of  such  cooling  meth¬ 
ods  upon  the  aerodynamic  performance  and  cooling 
effectiveness  is  therefore  very  useful  for  aerodynamic 
designers. 

Modern  computer  codes  for  turbulent  flow  analysis  are 
thus  required  to  simulate  very  localized  details  of  the 
flow.  Several  factors  have  helped  to  reach  this  goal, 
such  as  the  availability  of  turbulence  models  of  rather 
general  validity,  fast  numerical  algorithms,  and  com¬ 
puters  allowing  to  obtain  fine  grid  solutions  at  a  rea¬ 
sonable  cost  and  in  a  reasonable  time.  However,  much 
work  is  still  to  be  done  both  to  compare  the  emalysis 
methods  among  them  and  to  assess  the  computed  pre¬ 
dictions  with  respect  to  the  experimental  data. 

In  this  work  we  have  developed  a  Navier-Stokes  solver 
that  can  simulate  the  coolant  ejection  through  holes 
or  slots  and  that  uses  optionally  one  of  two  types 
of  turbulence  models.  The  first  model  considered  is 
the  Baldwin-Lomax  algebraic  model,  Ref.  [1],  which  is 
probably  the  most  widely  used  algebraic  model,  and 
the  second  is  the  two-equation  k-u  model  proposed  by 
Wilcox,  Ref.  [2],  which  has  several  physical  and  nu¬ 
merical  interesting  features.  For  comparison  purposes 
we  have  used  the  same  explicit  Navier-Stokes  solver  in 
conjunction  with  the  two  above  mentioned  turbulence 
modeb.  The  developed  code  has  been  applied  to  the 
challenging  problem  of  coolant  ejection  through  a  slot 
placed  on  a  step  of  the  blade  pressure  side  near  the 
trailing  edge.  In  order  to  obtain  an  extensive  com¬ 
parison  of  the  two  turbulence  models,  the  computa¬ 
tions  have  been  perrformed  both  on  the  “solid”  blade 
(i.e.  the  original  blade  profile  without  the  step  for  the 
coolant  ejection)  and  on  the  “cutted”  blade.  For  the 
“cutted”  blade  we  considered  both  the  case  of  no  fluid 
injection  and  that  of  4%  of  fluid  injection. 
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3.  MATHEMATICAL  MODEL  AND  NU¬ 
MERICAL  SOLUTION 

3.1  Governing  Equations 

The  governing  equations  are  the  Favre  mass-averaged 
Navier-Stokes  equations.  The  averaging  process  gen¬ 
erates  the  Reynolds  stresses  as  additional  unknowns  in 
the  equations  of  conservation  of  momentum  and  en¬ 
ergy.  By  making  the  Boussinesq  approximation  that 
the  Reynolds  stress  tensor  is  proportional  to  the  mean 
strain-rate  tensor  and  by  using  a  simple  algebraic  tur¬ 
bulence  model,  the  averaged  equations  of  motion  look 
exactly  as  the  laminar  equations,  except  for  the  molec¬ 
ular  viscosity  and  heat  conduction  coefficients  that  are 
expressed  as  sum  of  a  laminair  and  a  “turbulent”  part. 
On  the  other  hand,  by  using  the  two-equation  k-u 
model  and  still  retaining  the  Boussinesq  hypothesis, 
the  complete  set  of  equations  of  motion  and  of  the 
turbulence  model  read  as: 

^  +  =  0  (1) 


where  the  mean  strain-rate  5y  is 


,  _  1  dui  duj 

3  dxj  dxi 


(8) 


The  Boussinesq  hypothesis  assumes  that  the  Reynolds 
stress  tensor  is  proportional  to  the  mean  strain-rate 
tensor,  that  is 


Tij  =  2/i, 


1  dvik  . 

Zdxu'r 


(9) 


The  total  heat  flux  vector  is  given  by 


where  Pr  and  Prt  are  the  laminar  and  turbulent 
Prandtl  numbers  and  have  been  assumed  equal  to  0.72 
and  to  0.9,  respectively.  The  values  of  the  closure  co- 
eeficients  0,  /3* ,  y,  y' ,  a,  a*  that  appear  in  the  equar 
tions  have  been  established  by  Wilcox,  Ref.  [2],  and 
are  given  by: 


5  d 


dxi  dxj 


(2) 


13  =  3/40,  /3*  =  9/100,  y  =  5/9,  y*  =  1, 

ff  =  1/2,  =  1/2  (11) 
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d  r.  .  .dk 
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~(pk)  ^(pujk)  =  Tij  -  P^pwk 
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dxj 
,  ,  ^  dk 


(4) 


d 

dxj 
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where  t  is  time,  Xj  position  vector,  Uj  velocity  vector, 
p  den8ity,p  pressure,  p  and  pi  molecular  and  eddy 
viscosity  coefficients,  the  sum  of  the  viscous  and 
Reynolds  stress  tensors,  and  qj  the  sum  of  the  viscous 
and  turbulent  heat  flux  vectors.  The  quantities  E  = 
e  +  u,u,/2  k  and  H  =  h  +  u,Ui/2  -f  k  are  total 
internal  energy  and  enthalpy,  respectively;  e  and  h 
denote  internal  energy  and  enthalpy,  and  h  =:  e  + 
p  I p.  The  turbulent  mixing  energy  k  and  the  specific 
dissipation  rate  w  define  the  eddy  viscosity  coefficient: 


Pt 


The  total  stress  tensor  is  given  by 


(6) 


nj_2p[Sij  +rij  (7) 


As  almost  all  two-equation  turbulence  models,  also 
the  k-u)  model  includes  an  evolution  equation  for  the 
turbulent  kinetic  energy.  The  other  equation  of  the 
model  can  be  interpreted  as  the  evolution  equation 
for  the  ratio  of  the  turbulence  dissipation  rate  e  to 
the  turbulent  mixing  energy  k.  A  distinctive  feature 
of  the  k-w  model  is  that  it  does  not  require  damping 
functions  in  the  viscous  sublayer  and  that  the  equa¬ 
tions  are  less  stiff  near  the  wall;  this  is  very  useful 
because  it  is  possible  to  extend  the  model  down  to  the 
wall  without  introducing  wall  functions  that  could  be 
questionable  for  general  flows  and  without  suffering 
too  much  from  the  stability  problems  typical  of  other 
models  near  the  wall. 

3.2  Numerical  Solution 

We  use  a  finite  volume  discretization,  whereby  the 
computational  domain  is  partitioned  into  quadrilat¬ 
eral  cells  and  the  integral  form  of  Eqs.  (l)-(5)  is  ap¬ 
plied  to  each  cell.  By  taking  advantage  of  the  diver¬ 
gence  theorem  the  volume  integral  of  spatial  deriva¬ 
tives  reduces  to  the  surface  integral  of  fluxes,  which 
need  to  be  evaluated  at  cell  interfaces.  The  convec¬ 
tive  fluxes  in  Eqs.  (i)-(3)  are  evaluated  at  each  face 
as  the  arithmetic  mean  of  the  fluxes  in  the  cells  which 
share  that  face.  This  is  equivalent  to  a  centred  dis¬ 
cretization  of  first  order  derivatives  that  can  decou¬ 
ple  the  solution  and  induces  oscillations  near  shock 
waves  and  stagnation  points;  following  Jameson’s  ap¬ 
proach,  Ref.  [4],  we  add  a  controlled  amount  of  artifi¬ 
cial  dissipation  given  by  a  blend  of  second  and  fourth 
order  spatial  differences  of  conservative  variables:  in 
this  work  particular  attention  was  devoted  to  limit 
the  amount  of  added  artificial  viscosity  in  order  to 
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do  not  alter  the  computed  total  pressure  losses.  The 
main  advantage  of  Jameson’s  approach  is  that  it  is 
very  efficient,  especially  if  one  uses  the  convergence 
acceleration  techniques  that  have  been  proposed  in 
the  literature.  The  convective  fluxes  in  Eqs.  (4), (5) 
are  evaluated  by  an  upwind  method  belonging  to  the 
class  of  the  so-called  projection-evolution  methods  or 
higher  order  Godunov  methods.  In  this  class  of  meth¬ 
ods  the  numerical  approximation  of  the  variables  in¬ 
side  each  computational  cell  is  reconstructed  to  the 
desired  order  of  accuracy  by  using  the  average  values 
of  the  variables  in  that  cell  and  in  the  neighbouring 
ones;  considering,  for  example,  the  one-dimensional 
case  we  can  obtain  values  of  the  variable  u;  at  t  ±  1/2 
by  means  of  the  equation 

<4  =^i±rk  (^A-  -f  -^A+)  (12) 

where  A"*"  =  —  Wi,  A~  =  Wi  —  Wi-i  and  t  and 

<t>  control,  respectively,  the  accuracy  and  the  degree  of 
upwinding  of  the  reconstruction.  When  using  higher 
order  reconstruction  (^  =  1)  some  monotonicity  con¬ 
straint  is  needed  in  order  to  avoid  spourious  minima 
and  maxima  in  the  reconstructed  solution.  After  the 
reconstruction  process  has  been  completed,  we  can  use 
one  of  the  so  called  Riemann  solvers  that  can  be  found 
in  the  literature  in  order  to  introduce  a  proper  up- 
winding  in  the  evaluation  of  the  numerical  flux  from 
the  couple  of  variable  values  that  have  been  recon¬ 
structed  at  cell  interfaces.  The  results  presented  in 
this  work  have  been  obtained  by  using  a  simple  con¬ 
stant  reconstruction  in  the  k  and  u  equations  and  the 
local  Lax- Friedrichs  numerical  flux,  that  is: 

/.•+i  =  ^[/(«''^)  +f{w~)  -A(u)+  -u;-)]^^i 

(13) 

A  =  max  (|A'*’  | ,  |A~  |) 

where  A  is  the  maximum  absolute  eigenvalue  of  the  Ja¬ 
cobian  matrices  of  /(u;+)  and  /(w);  on  account  of 
the  weak  coupling  between  Eqs,  (4), (5)  and  Eqs.  (1)- 
(3)  for  A  we  simply  use  the  convective  velocity.  It  is 
worth  mentioning  that  the  outlined  procedure  could 
also  be  applied  to  evaluate  the  convective  flu.xes  in 
Eqs.  (l)-(3),  and  in  fact  many  existing  upwind  meth¬ 
ods  use  this  approach.  However,  in  this  work  we 
wanted  to  examine  the  effects  of  changing  only  the 
turbulence  model  in  a  code  based  on  the  well  known 
Jameson’s  approach. 

To  compute  the  surface  integral  of  diffusive  fluxes  one 
needs  to  know  the  derivatives  of  velocity  components, 
temperature,  k  and  ui  at  cell  faces;  a  mean  value  of 
these  derivatives  is  obtained  by  applying  the  diver¬ 
gence  theorem  to  an  auxiliary  control  volume  placed 
around  each  face  and  having  the  vertices  at  the  cell 
centres  of  the  cells  sharing  that  face  and  at  the  end 
points  of  the  face.  By  doing  so  one  needs  the  variables 
at  grid  points  and  these  are  obtained  by  a  simple  arith¬ 


metic  average  of  the  variables  in  the  cells  surrounding 
that  grid  point. 

The  time  integration  of  the  discretized  form  of 
Eqs.  (l)-(5)  is  performed  by  an  explicit  multistage 
llunge-Kutta  algorithm;  in  this  work  we  used  both 
the  three  and  the  five  stage  schemes  with  the  coeffi¬ 
cients  advised  by  Jameson,  Ref.  [5],  The  convergence 
toward  steady  state  is  improved  by  using  the  local 
time  step  to  advance  the  solution  of  Eqs.  (l)-(5)  and 
the  variable  coefficients  implicit  residual  smoothing, 
described  in  Refs.  [6], [7],  for  Eqs.  (l)-(3).  The  source 
terms  in  Eqs.  (4), (5)  are  evaluated  implicitly  at  the 
beginning  of  the  multistage  algorithm.  As  a  result  of 
these  implementations  solutions  can  be  marched  with 
a  local  CFL  number  up  to  3  for  the  three  stage  scheme 
and  up  to  6  for  the  five  stage  scheme.  Each  computa¬ 
tion  takes  about  4000  Runge-Kutta  multistage  cycles 
to  reduce  the  RMS  of  the  density  time  derivative  of 
about  four  orders  of  magnitude;  the  convergence  of 
the  k-ui  model  is  checked  looking  at  the  maximum 
modulus  and  at  the  RMS  of  the  eddy  viscosity  time 
derivative.  Marching  with  the  k-tj  model  the  code  re¬ 
quires  30%  more  CPU  time  per  cycle  than  with  the 
algebraic  model.  In  all  the  computations  with  the  k-ui 
model  we  start  the  turbulent  solution  from  the  lam¬ 
inar  one,  this  being  not  necessarily  well  converged. 
The  k  field  is  initialized  to  its  freestream  value  and 
the  initial  w  distribution  is  computed  from  Eq.  (6), 
assuming  the  eddy  viscosity  distribution  equal  to  the 
laminar  one.  In  our  experience  this  crude  initializa¬ 
tion  has  always  been  sufficient  to  start  the  turbulent 
computations  without  compromising  the  stability  of 
the  coupled  solution. 

3.3  Boundary  Conditions 

The  boundary  conditions  for  the  Navier-Stokes  solver 
are  rather  standard.  The  flow  variables  at  the  inflow, 
assumed  subsonic,  are  computed  by  using  the  set  val¬ 
ues  of  total  enthalpy,  entropy,  and  flow  direction  and 
the  extrapolated  Riemann  invariant  ^lssociated  with 
the  characteristic  running  from  inside  the  domain. 

At  the  outflow  the  static  pressure,  corresponding  to 
the  prescribed  outlet  Mach  number,  is  set;  the  effects 
of  spourious  reflections  from  the  downstream  bound¬ 
ary  are  reduced  by  placing  the  outlet  boundary  at  a 
distance  from  the  trailing  edge  greater  than  one  ax¬ 
ial  chord.  The  numerical  boundary  conditions  are 
computed  by  extrapolating  from  the  interior  the  char¬ 
acteristic  variables  of  the  flow,  assumed  locally  one¬ 
dimensional  in  the  axial  direction. 

At  solid  walls  the  velocity  is  zero  and,  by  neglecting 
the  pressure  gradient  in  the  normal  direction,  the  pres¬ 
sure  is  set  equal  to  that  of  the  first  cell  adjacent  to  the 
surface;  moreover  adiabatic  wall  condition  is  ttssumed. 
The  solid  wall  boundary  conditions  have  been  modi¬ 
fied  in  the  cells  interested  by  coolant  injection;  in  these 
cells  the  boundary  condition  treatment  is  exactly  the 
same  as  for  an  inflow  boundary.  Hence,  the  mass  flow 
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rate  of  injected  fluid  is  not  given  directly  but  results 
from  the  computation;  to  obtain  a  specifled  value  of 
mctss  flow  rate  the  entropy  must  be  properly  adjusted. 

Periodicity  conditions  are  enforced  along  the  periodic 
boundaries. 

When  using  the  k-w  model,  boundary  conditions  must 
be  provided  at  inflow  and  solid  wall  boundaries;  at 
the  outflow  k  and  w  are  freely  convected  out.  In 
the  present  computations,  at  the  inflow  boundary  k 
is  evaluated  from  the  given  inlet  turbulence  intensity 
and  ui  is  computed  by  assuming  the  eddy  viscosity  co¬ 
efficient  equal  to  the  laminar  one.  At  solid  walls  k 
is  zero  and  ui  is  computed  by  following  the  approach 
suggested  by  Wilcox  in  Ref.  [3l.  In  this  paper  Wilcox 
describes  a  procedure  that  cissigns  to  w  at  a  perfectly 
smooth  surface  a  value  sufficiently  high  to  guarantee 
that  the  surface  is  hydraulically  smooth.  The  pre¬ 
scribed  value  of  u  can  be  deduced  from  the  relation 

w  >  100—  (14) 

u 

where  u-,  is  the  friction  velocity  and  u  is  the  kinematic 
viscosity.  This  relation  is  more  general  than  the  orig¬ 
inal  analytical  formula,  Ref.  [2],  because  it  does  not 
make  any  reference  to  geometrical  quantities  such  as 
the  distance  from  the  wall  and  can  be  easily  applied 
also  in  three-dimensional  geometries. 

4.  APPLICATION  TO  A  NGV  CASCADE 
The  code  has  been  applied  to  compute  the  transonic 
flow  trough  a  NGV  cascade  for  an  outlet  isentropic 
Mach  number  M2u  =  1.07  and  a  Reynolds  num¬ 
ber  based  on  the  outlet  isentropic  conditions  Ile2>i  = 
0.55  10®.  In  all  the  computations  the  inlet  boundary 
value  for  k  was  deduced  from  the  experimental  value 
of  the  inlet  turbulence  intensity  equal  to  4%;  the  inlet 
boundary  value  of  w  was  computed  by  assuming  the 
inlet  eddy  viscosity  coefficient  equal  to  the  laminar 
one.  In  the  following  we  present  the  results  of  the  com¬ 
puted  flow  through  a  cascade  of  “solid”  blades  (i.e.  the 
original  blades  without  the  step  for  the  coolant  ejec¬ 
tion)  and  through  a  cascade  of  “cutted”  blades  with 
coolant  mass  flow  rate  equal  to  0%  and  4%  of  the  inlet 
mass  flow  rate.  In  the  computations  with  coolant  ejec¬ 
tion  the  inlet  total  temperature  of  the  coolant  is  set  to 
its  design  value  (0.39  times  the  total  temperature  at 
cascade  inlet)  and  the  entropy  is  adjusted  in  order  to 
obtain  the  required  coolant  mass  flow  rate;  on  account 
of  the  great  difference  between  total  temperatures,  the 
coolant  density  is  much  higher  than  that  of  the  main 
stream.  At  present  we  can  compare  experimental  and 
computational  results  only  for  the  cascade  of  “solid” 
blades;  the  computational  results  for  the  cascade  of 
“cutted”  blades  with  and  without  coolant  ejection  will 
serve  to  show  and  to  discuss  the  different  predictions 
of  the  two  turbulence  models. 


4.1  NGV  Cascade:  “solid”  blades 
Fig.  1  shows  the  C-type  computational  grid  which 
consists  of  320  x  48  with  208  cells  on  the  blade  and 
56  cells  along  each  side  of  the  wake.  The  rather  gen¬ 
erous  number  of  cells  along  the  wake  was  chosen  in 
order  to  reduce  the  numerical  diffusion  downstream 
of  the  trailing  edge.  The  grid  cells  are  properly  clus¬ 
tered  near  the  blade  surface  and  the  wake  cut  and  the 
distance  of  the  cell  centres  nearest  to  the  wall  veuies 
between  6  •  10“®  and  2  •  10"“'  times  the  blade  chord; 
the  resulting  non-dimensional  distance  varies  be¬ 
tween  0.4  and  1.3.  Particular  attention  was  devoted 
to  obtain  a  smoothly  varying  grid  in  order  to  preserve 
the  numerical  accuracy  of  the  scheme. 

Fig.  2  displays  the  comparison  between  experimental 
and  computed  isentropic  Mach  number  distributions 
on  the  blade  surface:  the  predictions  from  the  two 
turbulence  models  are  quite  similar  and  both  display 
a  significant  discrepancy  with  respect  to  the  experi¬ 
mental  data  in  the  recompression  zone  on  the  suction 
surface.  In  this  case  the  discrepancy  is  neither  due 
to  the  poor  behaviour  of  turbulence  models  in  the 
shock-boundary  layer  interaction  nor  to  pressure  re¬ 
flections  from  the  downstream  boundary.  Instead  it 
must  be  ascribed  to  the  procedure  used  in  the  exper¬ 
iments  to  set  the  downstream  pressure,  that  causes  a 
spourious  influence  on  the  suction  side  blade  pressure 
distribution.  This  is  clearly  confirmed  by  the  results 
displayed  in  Fig.  3,  obtained  by  halving  the  distance 
of  the  downstream  boundary  from  the  trailing  edge. 

The  Mach  contours  for  the  two  turbulence  models, 
shown  in  Figg.  4,5,  display  appreciable  differences 
only  in  the  wake  downstream  of  the  trailing  edge;  it  is 
likely  that  in  this  region  the  k-w  model  does  a  better 
job  in  predicting  the  wake  diffusion. 

Much  more  evident  is  the  difference  of  the  eddy  vis¬ 
cosity  fields  predicted  by  the  Baldwin-Lomax  and  k- 
^  models.  From  the  contour  plots  of  the  ratio  ftt/fii, 
Figg,  4,5,  it  appears  that  the  algebraic  model  predicts 
an  eddy  viscosity  distribution  less  smooth  than  the  k- 
wj  model;  moreover,  the  pr  distribution  in  the  wake 
seems  badly  captured  by  the  Baldwin-Lomax  model. 
As  an  example  of  the  near-wall  resolution  used  in  the 
computations,  Fig.  6  compares  the  predicted  near¬ 
wall  velocity  profiles  with  the  law  of  the  wall  (with 
constants  equal  to  0.41  and  5.1  for  the  logarithmic 
part)  on  the  rear  part  of  the  blade  suction  side.  The 
two  velocity  profiles  are  quite  similar  (this  is  true  all 
along  the  blade)  and  the  mesh  is  fine  enough  to  prop¬ 
erly  resolve  the  laminar  sublayer  and  the  logarithmic 
part  of  the  inner  portion  of  the  turbulent  boundary 
layer. 

Looking  at  the  overall  results,  reported  in  Table  1, 
concerning  the  mixed  out  kinetic  energy  loss  coeffi¬ 
cient  and  exit  flow  angle  we  can  see  that  both  the  k- 
w  and  the  Baldwin-Lomax  predictions  are  sufficiently 
close  to  the  experimental  data.  It  is  worth  to  men- 
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tion  that  using  the  grid  having  the  distance  from  the 
downstream  boundary  to  the  trailing  edge  halved,  the 
predicted  loss  coefficient  is  .0394  for  the  jk-w  and  .0409 
for  the  Baldwin-Lomax  model.  The  mixed-out  flow 
angle  is  -71.7  degrees  for  both  models. 

4.2  NGV  Cascade:  “cutted”  blades 
The  computational  grid,  shown  in  Fig.  7,  has  the 
same  number  of  cells  of  the  previous  case  but  the 
greater  mesh  resolution  required  in  the  coolant  ejec¬ 
tion  zone  results  in  a  slightly  different  distribution  of 
grid  points. 

Looking  at  the  computational  results  with  0%  coolant 
mass  flow  rate,  Figg.  8-10,  we  can  make  almost  the 
S2ime  considerations  of  the  previous  case  about  the 
different  results  of  the  two  turbulence  models.  In  par¬ 
ticular  we  can  notice  the  exceedingly  high  eddy  vis¬ 
cosities  and  the  higher  global  loss  coefficient  predicted 
by  the  Baldwin-Lomax  model.  Figg.  13,14  show  a 
more  detailed  comparison  of  density  and  con¬ 
tours  in  the  step  region.  It  appears  clearly  that  the 
algebraic  model  predicts  an  eddy  viscosity  distribu¬ 
tion  much  more  random  and  much  higher  than  the  k- 
ui  model.  As  a  consequence,  the  density  distribution 
is  more  spreaded  in  the  Baldwin-Lomaix  prediction. 
The  different  eddy  viscosity  field,  product  of  the  two 
models,  is  also  rensponsible  for  the  large  difference  in 
velocity  and  temperature  profiles  in  the  recirculation 
region,  see  Figg.  11,12.  Looking  at  these  results,  we 
feel  that  the  Baldwin-Lomax  model,  as  crude  as  it 
stands,  is  not  well  suited  for  this  complex  flow  situa¬ 
tion  and  probably  needs  some  ad  hoc  modifications  in 
the  outer  layer  formulation. 

The  Ccise  with  4%  coolant  mass  flow  rate  required  to 
set  the  k  and  w  inlet  values  of  the  injected  fluid;  lack¬ 
ing  the  experimental  data,  we  tried  a  couple  of  choices: 
in  one  Ccise  we  set  k  and  w  equal  to  the  values  at  the 
cascade  inlet  and  in  the  other  case  we  set  the  same 
value  of  k  and  a  much  lower  value  of  w.  In  the  sec¬ 
ond  case  the  choice  of  ui  was  guided  by  the  following 
reasoning.  In  Ref.  [2]  Wilcox  suggests  a  boundary 
condition  for  u>  that  takes  into  account  surface  mass 
injection  into  a  boundary  layer;  the  proposed  formula 
is 

w  =  -^Sb  (15) 

1/ 

where  Uj  is  the  friction  velocity,  u  is  the  kinematic 
viscosity  and  Sb  is  a  function  of  the  non-dimensional 
normal  velocity  at  the  wall  =  Vu,/xit.  Wilcox 
gives  for  Sb  a  formula  that  correlates  well  the  com¬ 
puted  and  the  experimental  sublayer  velocity  profiles 
“'*’=/  (y'*’)  lor  values  of  up  to  about  1.  In  our  ap¬ 
plication  the  proposed  formula  for  Sb  does  not  apply 
directly  because  is  much  higher  than  1  and  because 
we  have  a  fluid  injection  into  a  region  of  stagnant  fluid 
rather  than  a  surface  mass  transpiration  into  a  devel¬ 
oped  boundary  layer.  However,  retaining  the  func¬ 
tional  dependency  of  w  from  the  ratio  Uf/i'  and  con¬ 


sidering  that  UI  lowers  in  presence  of  fluid  injection, 
we  tried  a  boundary  value  of  u  given  by  w  = 
Obviously,  this  choice  lead  to  computed  eddy  viscosity 
coefficients  much  higher  than  in  the  previous  case. 

Besides  the  usual  plots  of  Figg.  15-17,  in  this  case 
it  is  interesting  to  look  at  the  detail  of  the  coolant 
ejection  region,  Figg.  20,21.  We  can  observe  that 
the  eddy  viscosity  distributions  from  the  two  models 
are  totally  different,  and  even  considering  the  k-w  re¬ 
sults  obtained  with  the  second  choice  for  the  u  inlet 
boundary  value  (not  reported  here),  the  k-ui  model 
predicts  a  much  lower  level  of  (it.  As  a  consequence, 
the  density  distribution  (hence  the  temperature  dis¬ 
tribution)  predicted  by  the  Baldwin-Lomax  model  is 
much  more  diffused  and  this  should  be  very  important 
for  the  cooling  effectiveness  predicted  by  the  two  mod¬ 
els  and  not  considered  in  the  present  work.  As  for  the 
case  with  0%  coolant  mass  flow  rate,  we  cm  observe 
large  disagreements  in  the  velocity  and  temperature 
profiles  in  the  step  region,  as  shown  in  Figg.  18,19. 
In  this  case  detailed  experimental  data  should  be  very 
helpful  in  providing  guidance  for  the  evaluation  of  the 
two  turbulence  models. 

5.  CONCLUSIONS 

A  Navier-Stokes  code  with  an  algebraic  and  a  two- 
equation  turbulence  model  has  been  developed  and 
used  to  predict  the  flow  in  a  transonic  film-cooled 
NGV  cascade. 

The  coupling  of  the  two-equation  F-w  model  with  the 
explicit  Navier-Stokes  solver  has  proven  very  success¬ 
ful  and  not  much  affected  by  the  stiffness  problems  of 
other  two-equation  turbulence  models. 

The  application  of  the  code  to  the  difficult  problem 
of  coolant  ejection  through  a  slot  has  pointed  out  re¬ 
markable  differences  in  the  flow  predicted  by  the  two 
models  in  the  coolant  ejection  region;  this  should  be 
extremely  important  in  predicting  the  film  cooling  ef¬ 
fectiveness. 

In  the  next  future  we  will  perform  a  careful  valida¬ 
tion  of  the  code  predictions  with  avaliable  data  of  film 
cooled  turbine  blades. 

ACKNOWLEDGEMENTS 
The  authors  would  like  to  thank  Alfa  Romeo  Avio 
S.p.A.  for  permission  to  publish  computational  results 
and  experimental  data  concerning  the  NGV  cascade. 

REFERENCES 

[1]  Baldwin,  B.S.,  Lomax,  H.,  “Thin  Layer  Approx¬ 
imation  and  Algebraic  Model  for  Separated  Tur¬ 
bulent  Flows”,  AIAA  paper  no.  78-257,  1978. 

[2]  Wilcox,  D.C.,  “Reassessment  of  the  Scale- 
Determining  Equation  for  Advanced  Turbulence 
Models”,  AIAA  Journal,  vol.  26,  no.  11,  1988. 


4a -6 


[3]  Wilcox,  D.C.,  “A  Half  Century  Historical  Re¬ 
view  of  the  k-u  Model” ,  AI AA  paper  no.  91-0615, 
1991. 

[4]  Jameson  A.,  Schmidt,  W.,  Turkel,  E.,  “Numeri¬ 
cal  Solutions  of  the  Euler  Equations  by  Finite- 
Volume  Methods  Using  Runge-Kutta  Time- 
Stepping  Schemes”,  AIAA  paper  no.  81-1259, 
1981. 

[5]  Jameson  A.,  “Transonic  Flow  Calculations”, 
Dept,  of  Mechanical  and  Aerospace  Engineer¬ 
ing,  Princeton  Univ.,  Princeton,  NJ,  MAE  Kept. 
1651,  1984. 

[6]  Martinelli,  L.,  “Validation  of  a  Multigrid  Method 
for  the  Reynolds- Averaged  Equations”,  AIAA 
paper  no.  88-0414,  1988. 

[7]  Swanson,  R.C.,  Radespiel,  R.,  “Cell  Centered  and 
Cell  Vertex  Multigrid  Schemes  for  the  Navier- 
Stokes  Equations”,  AIAA  Journal,  vol.  29,  no. 
5,  1991. 


Figure  2;  Blade  isentropic  Mach  number  distribution. 


Figure  1:  Computational  grid,  “solid”  blades 


Figure  7:  Computational  grid,  “cutted”  blades 
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Figure  10:  Blade  isentropic  Mach  number  distribu¬ 
tion,  “cutted”  blades,  rhcoot  =  0% 
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Figure  11;  Velocity  profile  at  x/c  =  0.85 
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Figure  17:  Blade  isentropic  MacH  number  distribu¬ 
tion,  “cutted”  blades,  thcooi  =  4% 
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Discussion 


QUESTION  1: 

DISCUSSOR:  P.  Harasgama,  ABB 

You  use  an  adiabatic  wall  for  your  calculations.  Can  you  implement  different  wall 
boundary  conditions  in  order  to  predict  heat  transfer? 

AUTHOR'S  REPLY; 

The  code  is  already  suited  to  impose  a  temperature  distribution  at  wall  and  hence  predict 
the  heat  transfer. 

QUESTION  2: 

DISCUSSOR:  P.  Harasgama,  ABB 

Table  1  shows  that  the  loss  predicted  by  the  algebraic  model  is  higher  than  that  by  the  k-co 

model.  However,  Figure  6  shows  that  u"*"  vs  y'*’  is  almost  the  same.  Could  you  explain 
why  the  predicted  losses  are  quite  different? 

AUTHOR'S  REPLY: 

The  largest  difference  between  the  predictions  is  only  in  the  rear  part  of  the  blade  near  the 
trailing  edge.  This  is  probably  caused  by  the  very  different  behavior  of  the  two  models  in 
the  wake  regions. 

QUESTION  3: 

DISCUSSOR:  O.  Oymak,  Middle  East  Technical  University 

As  can  be  seen  from  the  governing  equations,  there  is  a  time  dependency.  I  would  like  to 
ask  two  questions  What  are  the  initial  conditions  for  k  and  (o,  and  what  are  the  boundary 
conditions  on  o). 

AUTHOR'S  REPLY: 

For  steady  flow,  if  the  method  is  correct,  the  solution  is  unique.  Therefore,  the  initial 
conditions  are  not  important.  At  the  inlet,  k  is  prescribed  according  to  the  inlet  turbulence 
intensity.  In  addition,  m  is  deduced  by  setting  the  eddy  viscosity  equal  to  the  laminar 
value  of  viscosity. 

QUESTION  4: 

DISCUSSOR:  K  Broichhausen,  MTU 

Near  the  trailing  edge  region  of  the  "cutted"  blades  you  have  a  strongly  skewed  grid 
coupled  with  large  gradients  in  the  boundary  conditions.  Do  you  think,  as  shown 
yesterday  in  the  paper  by  A.  Beeck,  that  the  results  with  the  Baldwin-Lomax  turbulence 
model  are  improved  if  the  ejection  hole  is  also  modeled? 

AUTHOR'S  REPLY: 

To  my  experience  the  skewedness  of  the  grid  does  not  matter  and  this  can  be  easily 
checked.  With  our  boundary  conditions  one  takes  the  pressure  (and  hence  velocity) 
variations  into  account  along  a  line  at  the  exit.  If  the  boundary  layer  flux  inside  the 
channel  is  adequately  resolved,  one  may  impose  the  conditions  inside  simply  by 
extending  the  grid  inside. 
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QUESTION  5: 

DISCUSSOR:  D.T.  Vogel,  DLR 

Which  boundary  conditions  did  you  apply  for  the  jet,  especially  for  k?  How  did  you  model 
the  eddy  viscosity  in  the  jet  region  using  the  Baldwin-Lomax  model? 

AUTHOR’S  REPLY: 

Lacking  any  experimental  information,  k  and  O)  were  set  equal  to  the  freestream  values. 
Other  choices  were  tested  (up  to  12%  turbulence  intensity)  but  the  related  differences  in  the 
computed  solution  are  much  less  significant  than  those  due  to  the  turbulence  model  itself 

QUESTION  6: 

DISCUSSOR:  C.  Hah,  NASA  Lewis 

The  numerical  results  show  that  the  wake  does  not  decay  enough  even  after  interaction 
with  the  trailing  edge  shock.  Could  you  comment  about  this? 

AUTHOR'S  REPLY: 

The  trailing  edge  shocks  are  in  this  case  quite  weak  so  have  little  effect  on  the  decay. 
Wakes  are  not  correctly  simulated  by  any  eddy-viscosity  model. 

QUESTION  7: 

DISCUSSOR:  E.  Benz,  University  of  Karlsruhe 

Have  you  already,  or  is  it  planned  to  test  the  code  by  comparing  it  with  simple  test  cases 
(e.g.,  backward  facing  step,  tangential  film-cooling  experiments)  where  a  lot  of 
experimental  and  numerical  results  are  available? 

AUTHOR’S  REPLY: 

In  the  near  future  it  is  planned  to  test  both  models,  including  a  version  of  the  k-e  model, 
for  the  backward  facing  step. 
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Navier-Stokes  Analysis  of  Three-Dimensional  Flow 
and  Heat  Transfer  inside  Turbine  Blade  Rows 
C.  Hah 

NASA  Lewis  Research  Center 
Cleveland,  Ohio 
U.  S.  A. 


SUMMARY 


This  study  presents  a  numerical  method  for  solving 
the  three-dimensional,  Navier-Stokes  equations  for  un¬ 
steady,  viscous  flow  and  heat  transfer  through  multiple 
turbomachinery  blade  rows.  The  method  solves  the  fully 
three-dimensional  Navier-Stokes  equations  with  an  im¬ 
plicit  scheme  which  is  based  on  a  control  volume  ap¬ 
proach.  A  two-equation  turbulence  model  with  a  low 
Reynolds  number  modification  is  employed  in  the  present 
study.  A  third-order  accurate  iipwinding  scheme  is  user! 
to  approximate  convection  terms  while  a  second  order  ac¬ 
curate  central  difference  scheme  is  used  for  the  discretiza¬ 
tion  of  viscous  terms.  A  second-order  accurate  scheme  is 
employed  for  the  temporal  discretization. 

The  numerical  method  is  applied  to  study  the  un¬ 
steady  flow  and  heat  transfer  field  of  the  High  Pressure 
Fuel  side  Turbo-Pump  (  HPFTP  )  of  the  Space  .Shuttle 
Main  Engine  (  SSME  ).  The  stage  calculation  is  per¬ 
formed  by  coupling  the  stator  and  the  rotor  flow  fields 
at  each  time  step  through  an  over-laid  grid.  Numerical 
results  for  the  complete  geometry  with  the  vane  trail¬ 
ing  edge  cutback  are  presented  and  compared  with  the 
available  experimental  data. 


INTRODUCTION 


Advanced  design  in  rocket  propulsion  requires  increased 
durability  and  performance  of  turbomachinery  compo¬ 
nents.  To  achieve  these  very  aggressive  design  goals, 
accurate  prediction  of  the  aero-  and  thermal-  loading 
and  the  characteristics  of  flow  unsteadiness  and  three- 
dimensional  effects  is  essential. 

Significant  developments  in  numerical  methods  for 
the  analysis  of  turbomachinery  flows  have  been  made  over 
the  last  decade  (  Davis  et  al.  [1987),  Dawes  (1986).  Den¬ 
ton  [1986],  Giles  [1988],  Hah  (1986),  Moore  and  Moore 
[1985],  Rao  and  Delaney  [1990]  etc.  ).  Three-dimensional 
steady  flow  calculations  based  on  the  Reynold.s-averaged 
Navier-Stokes  equation  are  now  relatively  well  established 
and  routinely  used  to  optimize  blading  and  flow-path 
contours.  At  the  present  time,  design  optimization  of 
multiple  blade  rows  is  performed  by  running  isolated  blade 
calculations  or  a  simple  steady  state  multiple-blade-rows 
calculation  (  Copenhaver  et  al.  (1992).  Dawes  [1991], 
Denton  and  Singh  (1979).  Ni  (1989).  etc.  )  Although 


these  optimization  procedures  ba.sed  on  steady  flow  cal¬ 
culations  work  relatively  well  for  most  turbine  designs, 
unsteady  flow  and  heat  transfer  analysis  might  be  nec¬ 
essary  when  unsteady  loading  and  local  heat  transfer  in¬ 
formation  is  required. 

Recently,  various  unsteady  flow  analysis  methods  have 
been  developed  for  the  simulation  of  multiple  blade  row 
interactions  (  for  example.  Chen  (1988).  Erdos  et  al,  (1977). 
Giles  (1988).  .Jorgenson  and  Cliima  (1989).  Rai  [1987]. 
Rao  and  Delaney  (1990).  etc.  ).  However,  most  un¬ 
steady  flow  analysis  for  turbomachinery  blade  rows  are 
conducted  with  two-dimensional  or  rpiasi  three-dimensional 
configurations  because  of  the  extremely  high  cost  of  three- 
dimensional  analysis. 

In  this  study,  a  three-dimensional,  viscous,  and  un¬ 
steady  flow  and  heat  transfer  calculation  procedure  for 
multiple  blade  rows  is  developed  and  applied  to  anal- 
ize  the  flow  field  of  the  first  stage  turbine  of  the  High 
Pressure  Fuel  side  Turbo-Pump  (  HPFTP  )  of  the  Space 
Shuttle  Main  Engine  (  SSME  ),  The  numerical  proce¬ 
dure  Is  the  direct  extension  to  unsteady  flow  calculation 
of  a  steady  Navier-Stokes  code  which  has  been  tested  and 
applied  for  a  wide  range  of  turbomachinery  flows  (  Hah 
(198.9.  1987).  Hah  and  VVennerstrom  (1990).  Copenhaver 
et  al.  (1992)  ). 

Although  several  unsleadv  flow  and  heat  transfer  stud¬ 
ies  for  the  current  SSME  flow  field  have  been  reported 
previously  (  for  example.  Chen  (1988).  Griffin  and  Mc- 
Connaughy  (1989).  etc.  ),  the  full  three-dimensional  ge¬ 
ometry  with  the  vane  trailing  edge  cutback  (  figure  1  ) 
has  not  yet  been  studied.  The  numerical  results  are  com¬ 
pared  with  the  currently  available  tneasured  data  on  the 
time-averaged  and  time-depeinlent  flow  and  heat  transfer 
quantities. 


GOVERNING  EQUATIONS 


The  following  Reynolds- averaged  Navier-Stokes  equa¬ 
tions  are  solved  for  the  current  problem. 
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where  f/,  =  mean  velocity,  n,  =  flnctnntion  velocity,  t  = 
total  energy,  fj,  =  angular  velocity. 
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It  is  well  known  that  neither  the  convent  tonal  mix¬ 
ing  length  type  turbulence  model  nor  any  .standard  two- 
et|Uation  type  turbulence  model  describes  tnrluiience stresses 
properly  in  the  region  behind  a  shock  wave  or  in  the  ,sep. 
arated  How  regions.  Several  recent  studies  iiniicale  that 
significant  improvement  can  be  achieved  when  the  stan¬ 
dard  two-equation  model  is  modified  to  include  the  low 
Reynolds  number  effects.  For  the  currenv  study,  a  stan¬ 
dard  two-equation  model  is  modified  to  include  the  low 
Reynolds  number  effects  following  the  studies  of  Chien 
[1982).  The  following  additional  transport  etpiations  .tie 
solved  for  the  turbulent  shear  stresses. 
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No  attempt  was  made  to  optimize  constants  of  the  tur¬ 
bulence  modeling  equations  for  this  study.  Therefore. 
standard  values  of  various  o  mts  of  the  turbulence 
model  are  used:  the  values  at 


(  \  =  0,09.  C'l  =  1.3.5,C!  -  '.oc  =  1.0. 
cr,  =  1,.3,C3  =  Q.C^l'i.f’,  =  0..j 


NUMERICAL  METHOD 


The  unsteady  flow  effects  on  the  current  turbine  stage 
are  due  to  the  interactions  of  the  potential  flow  fields  and 
the  stator  wake  with  the  rotor  flow  field.  Consequently, 
any  instantaneous  flow  variable  can  be  split  into  three 
components:  the  time-averaged  components,  the  peri¬ 
odic  fluctuation  due  to  the  motion  of  the  rotor  relative 
to  the  stator  frame,  and  the  turbulent  fluctuation.  The 
sum  of  the  first  two  parts  is  the  phase-averaged  value 
which  is  a  function  of  time  and  space.  The  present  study 
aims  to  numerically  solve  for  this  ensemble-averaged  flow 
field.  The  effects  of  the  turbulent  fluctuation  are  included 
through  the  turbulence  model.  The  turbulence  is  repre¬ 
sented  through  the  ensemble-averaged  turbulence  kinetic 
energy  and  the  turbulence  dissipation  rate.  These  two 
turbulence  variables  are  obtained  by  solving  unsteady 
semi-empirical  transport  equations. 

The  ensemble-averaged  flow  variables  in  the  current 
unsteady  flow  field  can  be  efficiently  obtained  by  coupling 
the  time-dependent  stator  flow  with  the  time-dependent 
rotor  flow,  riierel'ore.  two  flow  fields  are  solved  with 
coupled  time-dependent  interface  Ijountlary  conditions, 
..\s  shown  in  the  computational  grid  (  figure  2).  an  in¬ 
terface  is  used  to  transmit  flow  conditions  between  two 
zones.  .A  sliding  over-laid  grid  is  used  for  the  present 
application.  .A  three-dimensional  steady  Navier-Stokes 
code  which  has  been  successfully  tested  for  a  wide  range 
of  turbomachinery  flows  (  Hah  [1983.1987]  )  is  extended 
to  execute  time  accurate  calculation.  During  the  develop¬ 
ment,  it  was  found  that  high-order  discretization  schemes 
are  necessary  for  both  the  space  and  the  time  discretiza¬ 
tion  to  avoid  excessive  numerical  dissipation.  For  the 
time-dependent  terms,  an  implicit  second-order  scheme 
is  used. 


where  n  -  l.n.n  -f  I  denote  lime  levels  and  St  the  time 


step. 

For  unsteady  flow  calcuiatiotts.  the  size  of  the  time 
step  is  primarily  determined  by  the  requirement  for  phys¬ 
ical  accuraev.  However,  the  titne  step  is  also  restricted  by 
the  numerical  stability.  For  the  current  implicit  time  in¬ 
tegration  approach,  a  sub-iteration  is  performed  at  each 
time  step.  The  number  of  sub-iterations  is  determined 
by  the  size  of  the  time  step  and  is  typically  eight  to  ten 
for  the  present  application. 

At  each  time  step,  the  goverttittg  equations  are  solved 
with  an  implicit  relaxation  method  using  a  fully  conser¬ 
vative  control  volume  approach.  .A  third-order  accurate 
interpolation  scheme  is  u.sed  for  the  discretization  of  the 
convection  terms  and  central  dilTerencing  is  used  for  the 
diffusion  terms.  The  method  is  of  second-order  accu¬ 
racy  with  smoothly  varying  grids,  l  or  convenience,  the 
governing  equations  are  transformed  to  generalized  coor¬ 
dinates  as  follows. 
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where  F',,  is  the  diffusion  coefririenl,  6',  is  a  velocity  com¬ 
ponent  along  the  transformed  coordinates  {(.ij.v).  and 
5^  consists  of  additional  body  force  terms  and  pressure 
terms.  A  3-point  central  difference  approximation  is  used 
for  ail  the  diffusion  terms  and  a  modified  cpiadratic  up- 
winding  scheme  is  used  for  convection  tertns, 

I3ecause  the  coefficients  of  the  linite  difference  eipia- 
tion  (7)  are  based  on  the  values  at  the  previous  step,  the 
resulting  pU,  does  not  satisfy  mass  conservation.  I' wo 
corr‘'ction  steps  are  needed  to  satisfy  the  mass  con.serva- 
'ion  at  each  iteration. 

The  two  correction  steps  are  as  lollows: 


-  [pU,)”  =  -  w'-T! 

-A,(P’'+' -  p-i  Ibi 


For  eqs.  (8)  and  (9),  the  mass  conservation  condition  is 
imposed  as 

XipU,)”  =  A.lpfn)"*'  =  A.tpf.l"  =ti  UUl 

By  combining  eq.  (10)  with  etis.  (8)  and  (9).  i’ois.son- 
type  equations  are  obtained  for  (/•"  -  P")  and  (P".- 
P')  and  the  value  of  {pU)^*' .  P”*'  is  calculated  with 
the  corrected  pressure.  With  the  correction  step  in  eip. 
(S)-(IO).  density  is  handled  rather  implicitly  atid  (/»(  ’,  I 
and  P  are  updated.  A  single  implicit  step  is  ttsed  to 
calculate  k.e.  and  e  with  the  corrected  values  of  pl\  aiul 
P- 


The  first  stage  turbine  of  the  High  Pressure  Fuel  side 
Turbo-Pump  (  HPHTP  )  of  the  Space  Shuttle  Main  En¬ 
gine  (  SSME  )  consists  of  41  stator  vanes  and  63  rotor 
blades.  To  obtain  a  solution  with  all  of  the  unsteady  in¬ 
formation,  the  entire  flow  passage  should  be  calculated. 
This  is  not  a  practical  option  at  the  moment  because 
of  the  required  computer  resources.  Alternatively,  two 
stator  passage  and  three  rotor  passages  ran  be  calcu¬ 
lated  with  a  time-lagged  boundary  condition  treatment 
to  account  for  the  uneven  number  of  blades  (  Erdos  el 
al.  [1977]  ).  However,  this  approach  also  leipiires  large 
amount'  of  computer  memory.  Previous  studies  in  two- 
rlimension  showed  that  the  overall  aerodynamic  charac¬ 
teristics  are  predicted  very  well  wiih  a  one-lo-one  flow 
passage  with  a  rescaled  rotor.  1  he  main  objective  of 
the  current  study  is  to  predict  the  unsteady  aerodynamic 


characteristics  of  the  turbine  stage  with  the  correct  sta¬ 
tor  geometry  which  has  a  significant  trailing  edge  cut¬ 
back.  Therefore,  the  numerical  procedure  was  applied  to 
a  single  blade  passage  for  each  blade  row,  with  the  ro¬ 
tor  scaled  to  the  stator  pitch.  The  scaling  of  the  rotor 
for  the  single  passage  calculation  was  done  such  that  the 
pitch-to-chord  ratio  remained  unchanged.  Six  computa¬ 
tional  nodes  are  used  to  describe  the  tip  clearance  of  the 
rotor  (  0.019  inches  ).  The  steady  multi-blade-row  solu¬ 
tion  was  performed  first,  and  this  solution  was  used  as 
an  initial  condition  for  the  unsteady  calculation.  Eight 
cycles  of  the  blade  pass  were  typically  required  to  obtain 
periodicity  of  the  solution.  The  current  computational 
grid  was  generated  to  give  an  orthogonal  grid  near  the 
leading  edge  and  near  the  blade  surface  where  the  most 
important  flow  phenomena  occur.  With  this  grid,  spa¬ 
tial  periodicity  at  the  periodic  surfaces  is  not  enforced 
for  the  grid,  so  the  physical  periodicity  condition  is  han¬ 
dled  inside  the  code  using  an  interpolation  function.  The 
grid  consists  of  50  nodes  in  the  blade-to-blade  direction. 
35  nodes  in  the  spanwise  direction,  and  204  nodes  in  the 
streainwise  direction.  The  standard  boundary  conditions 
for  the  three-dimensionai  blade  row  calculation  (  Halt 
and  Wennerstrom  [1990]  /  are  applied  for  the  stage  inlet 
and  exit.  ..Xpproximateiy  five  fray  5MP  single  processor 
(T’f  hours  are  required  to  advance  the  solution  for  each 
cycle. 


RESULTS  AND  DISCUSSION 


The  current  numerical  method  has  been  applied  to 
sliidy  the  time-dependent  flow  and  heat  transfer  field 
of  the  first  turbine  stage  of  the  High  Pressure  Fuel-side 
T'urbo-Pump  of  the  Siir.ce  Shuttle  Main  Engine.  The 
main  objective  of  the  current  study  is  to  investigate  the 
effect  of  the  trailing  edge  cut  bark  of  the  stator  on  the 
aero-  and  heat-load  of  the  stage.  I'lie  results  for  the  flow 
field  are  presented  first.  The  results  for  the  heat  transfer 
analysis  are  presented  in  the  second  part  of  this  section. 


STEADY  AND  UNSTEADY  FLOW  FIELD 


falrulaled  time-averaged  static  pressure  distributions 
at  10  percent.  50  percent,  and  90  percent  span  of  the 
blades  are  compared  with  the  measured  time-mean  static 
pressure  distribution  on  the  stator  (  .Susan  et  al.  [1991]  ) 
in  figure  3.  The  calculated  pressure  field  agrees  well  with 
the  measured  time-mean  pressure  field.  For  the  current 
SSME  turbine  stage,  the  pressure  drop  across  each  blade 
row  is  relatively  small  compareil  to  some  highly  loaded 
turbine  stages.  Therefore,  the  unsteady  envelope  of  the 
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static  pressure  distribution  on  the  stator  blade  surface 
is  quite  small.  Previously  reported  numerical  results  for 
the  stator,  which  did  not  model  the  trailing  edge  cutback, 
showed  almost  uniform  pressure  profiles  along  the  radial 
direction.  However,  the  present  results  indicate  that  the 
lift  forces  on  the  blade  change  near  the  hub  .section  due  to 
the  trailing  edge  cutback.  The  calculated  static  pressure 
distribution  on  the  rotor  blade  surface  at  five  different 
times  during  one  cycle  of  the  blade  passage  are  shown  in 
figure  4.  The  blade'loading  seems  to  be  fluctuating  more 
in  the  tip  region  than  in  the  hub  region  because  of  the 
blade  interaction. 

The  calculated  .Mach  number  contours  across  the  blade 
passage  at  two  different  times  are  given  in  figure  .5.-Changes 
in  the  rotor  flow  field  when  the  rotor  moves  through 
the  stator  wakes  are  shown  in  figure  .5.  Due  to  the  tip 
clearance  flow  and  the  endwall  boundary  layers,  three- 
dimensional  effects  are  significant  in  the  endwall  regions. 
.•\t  the  90  percent  span  of  the  blade,  the  unsteady  effects 
are  more  pronounced  than  at  other  radial  locations.  .\1- 
though  the  overall  effects  of  the  blade  interactions  (  both 
the  potential  and  the  wake  interactions  )  are  relativelv 
small,  ihe  influence  of  the  stator  flow  Held  on  the  rotor 
flow  field  is  still  evident  in  figure  -t. 

f'alculated  velocity  vectors  near  the  blade  surface  at  a 
given  time  are  shown  in  figure  (i.  .Small  three-dimensional 
effects  due  to  the  cutback  in  the  stator  are  shown  in  the 
stator  flow  field.  For  the  rotor  How  field,  typical  railially 
inward  and  outward  fluid  inorements  are  observed  ne,ir 
the  suction  and  pre.ssure  surfaces  of  the  blade.  X'elocily 
vectors  near  the  lip  of  the  rotor  blade  are  shown  in  fig¬ 
ure  7.  The  formation  of  the  I i|i-clearattre  vorle.x  near  the 
suction  side  of  Ihe  hlaile  is  clearly  illustrated  in  this  lie- 
ure.  However,  this  xorleN  seems  iclativelv  weak  as  shown 
in  figure  S  . 

The  calculated  flow  angles  at  Ihe  rotor  inlet  and  the 
rotor  exit  are  giren  in  figure  9  for  different  live  different 
limes  during  one  cycle  of  the  blade  pa.ssage.  The  angles 
shown  in  figure  9  are  mass-areragt'd  vtdiies  across  the 
pitch-wise  direction.  .Again,  relatively  small  changes  in 
the  flow  angles  duiiitg  the  cycle  are  calculated. 


HEAT  TRANSFER  FIELD 

Figure  10.  shows  a  coittpari.soii  tween  the  calcu¬ 
lated  and  the  measured  heat  transfer  coefficient  of  the 
stator.  The  experimental  data  are  for  the  low  Reynolds 
number  case  (  Dunn  and  Kim  [1991]  ).  The  Stanton  num¬ 
ber  is  defined  with  the  stage  inlet  density  and  the  stage 
inlet  total  velocity.  The  overall  trend  in  the  distribution 
of  the  blade  surface  Stanton  number  is  rea.sonably  well 
calculated.  However,  significant  disagreements  between 
the  data  and  the  calculation  are  observed  near  the  end 
wall  region.  On  the  pressure  side,  the  numerical  analysis 
underpredicts  the  heal  transler.  On  the  suction  surface, 
the  analysis  calculates  a  shorter  laminar  flow  region  than 
the  rnea-sured  data  show.  1  lu’  currently  eniployed  tur¬ 
bulence  model,  which  is  known  to  be  able  to  siimdate 
flow  transition  when  the  free  stream  turbulence  is  rela¬ 
tively  higii.  does  not  predict  the  flow  transition  properly 


for  the  present  flow  which  has  very  low  incoming  turbu¬ 
lence  intensity.  The  measured  Stanton  numbers  at  the 
90  percent  span  are  much  lower  than  those  at  the  mid¬ 
span.  The  numerical  solution  does  not  predict  this  large 
variation  in  the  spanwise  direction.  I'urther  study  is  nec¬ 
essary  to  verify  both  the  experimental  and  the  numerical 
results. 

Comparisons  between  the  calculated  and  the  mea¬ 
sured  heat  transfer  at  10.  oO.  and  90  percent  span  of 
the  rotor  are  shown  in  figure  II.  The  calculated  val¬ 
ues  are  obtained  by  time-averaging  instantaneous  values 
from  the  present  unsteady  solution.  Figure  11  indicates 
that  the  overall  agreement  is  reasonably  good  especially 
on  the  pressure  side  of  the  blade.  On  the  suction  side, 
the  agreement  is  good  at  mid-span  and  90  percent  span. 
However,  the  numerical  analysis  does  not  predict  lower 
heat  transfer  immediately  after  the  leading  edge.  Over¬ 
all.  the  agreement  .seems  better  for  the  rotor  than  for  the 
stator.  This  migltt  be  due  to  the  nature  of  the  current 
turbulence  model. 


CONCLUDING  REMARKS 


File  unsteady  t hr(X‘-(limensional  flow  and  heat  trans¬ 
fer  field  inside  the  first  .stage  turltine  of  the  High  Pressure 
Fuel-side  Turbo  Pump  of  the  Space  Shuttle  Main  Engine 
has  ixx'u  numerically  stu(li<’il  with  the  Reynolds-averaged 
Navier-Slokes  e(|uatious.  The  num<-riral  scheme  is  based 
on  a  fully  conservative  coni  rol  volume  approach.  .A  third- 
order  accurate  spare  disciet  i/at  ion  and  a  second-order  ac¬ 
curate  time  discreti/.itiuii  are  applied  to  avoid  excessive 
numerical  dissipation  with  a  limited  compulational  grid. 
.A  lwo-e(|ualion  t iirbulem f  model  i^  u.sed  for  turbulence 
i  losure.  The  numeiical  results  agrtx'  well  with  the  ciir- 
retitlv  arailable  nu'asiired  data  lor  the  flow  field.  Ft>r  the 
heal  transfer  field,  the  o\-erall  I  rend  is  reasonably  well  cal¬ 
culated.  However,  significant  ilisasreemenis  are  observed 
near  the  hub  region.  Fnilher  Miidy  is  necessary  to  verify 
hot  h  I  lie  experimental  and  the  numerical  results  near  the 
endwall  of  the  stage.  Further  development  of  transition 
modeling  is  essential  for  improved  heat  transfer  predic¬ 
tion  especiallv  for  Ihe  stator.  Some  three-dimensional 
flow  and  heat  transler  elfecis  due  to  the  trailing  edge 
cutback  of  the  stator  are  also  observed  in  the  numerical 
solution.  The  current  numericai  a|>proarh  seems  <|uile 
efficient  in  terms  of  computer  resource  requirements  for 
the  unsteady  analvsis  of  the  multiple  blade  row  interac¬ 
tions.  F'urther  verification  ainl  application  of  this  type 
of  tool  to  the  aero-  and  thermal-analysis  of  multi-blade 
rows  will  enhance  the  understanding  i>f  multi-stage  flow 
physics. 
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Fig.  1.  Stator  vane  with  trailing  edge  cutback. 


Fig.  2.  Computathmai  grid. 


Fig.  3.  Time-averaged  pressure  distribution  on  vane. 


Fig.  4.  Unsteady  pressure  distribution  on  blade 


Fig.  9a.  Unsteady  flow 


Discussion 


QUESTION  1; 

DISCUSSOR:  D.T.  Vogel,  DLR 

Which  boundary  conditions  did  you  apply  for  the  unsteady  calculations  at  the  inlet  and 
outlet? 

AUTHOR'S  REPLY: 

Total  temperature  and  total  pressure  were  specified  at  the  inlet  of  the  stage  along  with  flow 
angles  at  the  inlet.  At  the  exit,  the  static  pressure  is  specified.  All  the  boundary  conditions 
were  handled  using  a  non-reflecting  treatment. 

QUESTION  2: 

DISCUSSOR:  D.T.  Vogel,  DLR 

Is  it  only  possible  to  calculate  stator  and  rotor  with  the  same  pitch? 

AUTHOR'S  REPLY: 

We  can  calculate  any  combination  of  blade  numbers  in  the  rotor  and  the  stator  with  the 
time-stored  boundary  condition  treatment. 

QUESTION  3: 

DISCUSSOR:  D.T.  Vogel,  DLR 

What  about  the  time  step  size  of  you  calculations  relative  to  steady  state  calculations? 
AUTHOR'S  REPLY: 

We  are  using  sub-iteration  at  each  time-step.  Therefore,  there  is  no  numerical  restriction 
on  time-step.  Usually  it  takes  about  7-8  blade  passes  to  reach  a  converged  unsteady 
solution. 

QUESTION  4: 

DISCUSSOR:  J.W.  Chew,  Rolls  Royce 

Have  you  compared  your  unsteady  calculation  with  steady  flow  models? 

AUTHOR'S  REPLY: 

Yes.  The  time-averaged  results  from  the  unsteady  solution  are  different  from  the  pure 
steady  solution.  We  have  seen  differences  both  in  secondary  flow  structure  and  local  heat 
transfer  coefficients. 
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SUMMARY 


The  aim  of  this  work  is  to  show  how  the 
metal  temperature  measured  in  a  convergent- 
divergent  nozzle  and  in  a  turbine  exhaust 
diffuser  of  a  turbofan  engine,  can  be 
predicted  with  reasonable  approximation 
using  the  data  available  in  the  open 
literature.  It  is  shown  how  the  simplified 
fluid  dynamic  equations  with  the 
appropriate  experimental  correlation  allow 
the  prediction  of  these  results  in  other 
flight  conditions  than  those  tested. 

LIST  OP  SYMBOLS 


C  =  Specific  heat  at  main  stream 

poo 

temperature. 

Cp2=  specific  heat  at  cooling  flow 

temperature . 

Djj=  Hydraulic  diameter 

d  =  local  curvature  diameter 
h  =  convective  heat  flux  coefficient 
K  =  thermal  conductivity  coefficient 
L  =  inner  blade  passage  length 

^2  ''2 

M  “blowing  factor  — ^ 

p  V 

OJ  00 

Nusselt  number 
Pj.=  Prandtl  number 
q  =  heat  flux 

*^®yuolds  number  for  the  cooling 

P2  ''2 

parameters  — = — = - 


R-  =  Reynolds  number  based  on  x,s,d. 
x,s,d 

s  “  cooling  slot  height. 

T^=  absolute  gas  temperature. 

T_  “  recovery  temperature  =  T  +0,9rT  _-r  1 
4  ®  L  ®J 

T^=  actual  wall  temperature 

=  adiabatic  wall  temperature 

“  static  and  stagnation  temperature 
of  the  main  stream. 

T.-  V  T.] 


T cooling  injection  temperature. 

X  =  distance  from  the  point  of  injection. 
Ac=  correcting  factor  due  to  spectral 
overlapping. 

e  =  inner  face  wall  emissivity. 

V 

Cg=  gas  emissivity  =  '=H20^H2o"*‘' 

1)  =  film  cooling  effectiveness 
u  =  gas  dynamic  viscosity 

e  =  angle  from  stagnation  point  in  profile 
leading  edge, 
p  =  density 

density  and  viscosity  at  a 
temperature 

(T  =  Stefan-Boltzman  constant. 


C  =  non  dimensional  distance 

^  ,-0,2S 
X 


H.  S 

Subscripts 


^e2  ^2 


P* 


g  =  gas 
w  =  wall 

1,2  =  cold  gas  injection 

1  INTRODUCTION 

The  modern  engine  solid  surfaces  exposed  to 
internal  flow  need  improved  thermal 
protection  because  high  temperature  cycles 
are  used  to  increase  performance.  During 
the  past  decades,  different  cooling  methods 
have  been  used  to  reduce  the  metal 
temperature,  therefore  minimizing  the 
required  amount  of  cooling  air. 

The  simplest  way  to  cool  surfaces  is  by 
convective  cooling.  In  this  process,  heat 
flows  by  conduction  from  exposed  metal 
surfaces  to  un-exposed  ones,  whic’.i  are 
cooled  by  air  flowing  usually  parallel  to 
it.  Convective  cooling  is  used  whenever  low 
levels  of  cooling  effectiveness  are 
required.  This  limitation  exists  due  to  the 
fact  that  the  air  supply  is  somehow 
limited.  On  the  other  hand,  high 
effectiveness  levels  tend  to  increase 
thermal  stress  problems  [ 1-3 ] . 

A  special  type  of  convective  cooling  is  by 
means  of  impingement.  It  is  used  whenever 
large  heat  transfer  coefficients  are  needed 
on  the  un-exposed  surfaces  [4-8].  Another 
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method  to  obtain  high  heat  transfer 
coefficients  is  to  place  fins  or  ribs 
normal  to  the  coolant  flow  path  [9}. 

When  higher  levels  of  cooling  effectiveness 
are  required  it  is  necessary  to  use  more 
sophisticated  alternatives.  The  most  common 
method  is  to  insert  a  secondary  fluid  into 
the  boundary  layer  on  the  surface  which  is 
to  be  protected.  There  are  different  means 
of  injecting  this  fluid  such  as  ablation, 
transpiration  and  film  cooling.  In  ablation 
cooling,  a  heat  shield  ablates  and 
secondary  fluids  enter  the  boundary  layer 
[10]  In  transpiration  cooling  the  coolant 
enters  the  boundary  layer  through  a  porous 
material  [11-13].  Both  methods  are  used  to 
protect  the  region  where  coolants  are 
added.  Unfortunately  the  application  of 
these  systems  is  difficult  because  ablation 
has  a  limited  time  span  and  porous 
materials  are  not  strong  enough  to  be  used 
in  engines.  The  basic  mechanism  of  film 
cooling  is  the  introduction  of  a  secondary 
fluid  at  several  locations  along  a  surface 
to  protect  that  surface  not  only  in  the 
injection  area  but  also  in  the  downstream 
region  [12-14]. 

Thermal  studies  on  aircraft  engines, 
particularly  modern  ones  with  large  flight- 
envelopes,  require  a  great  amount  of 
testing  and  instrumentation.  Designers  have 
different  tools  for  obtaining  engine 
component  temperature  predictions.  These 
tools  can  be  classified  as:  1}  theoretical, 
2)  experimental  and  3)  numerical  methods. 
Theoretical  analysis  is  usually  aimed  at 
finding  parameters  to  describe  the 
temperature  of  an  adiabatic  wall  downstream 
of  the  coolant  injection  [15].  Real  and 
three-dimensional  effects  are  studied  on 
test  rigs  with  controlled  conditions 
[16-18].  Predictive  numerical  calculations 
are  being  widely  used  nowadays  for 
different  cooling  applications  and 
configurations,  because  they  help  to  speed 
up  the  design  and  to  reduce  the  number  of 
experiments  [19-20]. 

In  this  paper  a  method  to  predict  full 
scale  engine  temperatures  is  described. 

This  method  combines  the  fluid  dynamic 
equations  with  semi-empirical  data  obtained 
from  the  open  literature. 

The  result  is  an  easy  to  use  procedure. 

2.  NOZZLE  COOLINO  PREDICTION 

The  prediction  of  the  petal  temperature  of 
a  convergent-divergent  nozzle  has  been 
performed  through  a  computer  code  that  uses 
correlation  models  available  in  the  open 
literature  with  actual  data  obtained  from  a 
test  program  that  includes  a  reduced  scale 
hot  test,  a  full  scale  rig  test  and  a  DVE 
(Design  Verification  Engine)  program. 

The  film  cooling  produced  when  the  relative 
cold  layer  is  Injected  at  the  beginning  of 
the  convergent  petal  of  the  nozzle, 
produces  a  reduction  in  the  metal 
temperature  along  the  petal. 

The  heat  transfer  rate  is  modelled  by: 


Fig.l.  Single  slot  film  cooling 
configuration. 


The  convective  coefficient  h  is  calculated 
independently  from  the  adiabatic  wall 
temperature  T^^. 

This  magnitude  is  related  to  the  concept  of 
effectiveness  of  the  film  cooling,  figure 
1: 


The  correlation  found  more  suitable  for  the 
flow  conditions  and  geometry  is  the  model 
of  Kutatelache  &  Leanter,  in  reference  [14] 
because  the  flow  can  be  considered 
twodimensional  and  compressible  and  the 
difference  of  temperature  between  the  wall 
and  the  main  stream  is  important. 

The  effectiveness  is  given  from  this 
reference  by  the  expression; 


When  the  cooling  injection  is  made  by  two 
consecutive  slots,  the  total  effectiveness 
can  be  treated  as  the  combination  of  two 
cooling  layers  where  the  external 
temperature  for  the  inner  flow  is  the 
"adiabatic  wall  temperature"  for  the 
external  one  [21],  figure  2. 
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and  the  total  effectiveness  is: 


T) 


*  ^2  (I  - 


Fig. 2.  Double  slot  film  cooling 
configuration. 
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The  convective  coefficient  h  is  obtained 
from  semiempirical  correlation  for  film 
cooling  with  a  high  velocity  compressible 
boundary  layer. 

As  the  blowing  factor  M  <  2  the  correlation 
used  is  the  one  proposed  by  Lefebre  [22]. 
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The  wall  temperature  of  the  petal  is 
obtained  for  an  equilibrium  model  where  the 
convective  and  radiative  heat  transfer 
with  the  cavity  between  the  nozzle  petals 
and  the  fairing  flap,  and  the  conduction 
along  the  petal  are  modeled  in  the 
classical  way. 

It  may  be  of  interest  to  note  that  the 
radiative  heat  transfer  with  the  hot  gas  of 
the  main  flow  is  modeled  as  (15  i<  23]. 
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3.  N022LE  THERMAL  TESTS 

The  model  resulting  from  this  information 
gave  good  results  for  wall  temperature 
estimation  always  with  a  conservative 
margin  that  the  test  in  the  scale  model 
helped  to  reduce  (figure  3).  The  full  scale 
results  with  fixed  convergent-divergent 
nozzle  tested  in  a  hot  rig  showed  very  good 
agreement  between  the  predictions  and  the 
actual  values  from  the  thermocouples  and 
thermal  paints,  (see  figures  4  and  5). 


Tu/Tref 


Fig. 5.  Thermal  points,  predicted 
temperature  and  thermocouples  values  in 
fixed  condi  nozzle. 


When  the  true  variable  convergent-divergent 
nozzle  was  tested  in  the  Design 
Verification  Engine  (DVE)  the  differences 
between  the  prediction  and  the  measurement 
in  the  beginning  of  the  divergent  petal 
were  important.  But  if  a  cooling  ingestion 
through  the  gap  in  the  throat  is 
considered,  this  disagreement  disappears 
and  the  model  appears  to  be  consistent  and 
to  give  accurate  temperature  predictions. 
(Figure  6) . 

4.  EZHADST  DirFOSER  COOLXMQ  CXRCOZT 


ReM/ve  X  pos/Uon 

Fig. 3.  Initial  prediction  and  scaled  hot 
test  results  along  nozzle  petal. 


The  cooling  circuit  of  the  exhaust  diffuser 
has  been  designed  with  a  method  that 
modelise  the  more  relevant  fluid  factors 
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Tu/Tre£ 


Which  receives  strong  radiative  heat  flux 
from  the  afterburner.  The  dominant  feature 
in  this  part  of  the  cooling  circuit  is  the 
combination  of  cross-flow  and  impingement 
cooling.  The  radial  geometry  simplifies  the 
mathematical  model  which  follows  the  scheme 
of  [26]. 

The  calculation  of  the  flow  through  the 
holes  in  each  station  is  also  modified  to 
allow  for  the  cross  flow.  Correlation  from 
[27]  is  used  to  take  this  effect  into 
account.  The  convective  heat  coefficient 
produced  by  the  impingement  is  modelled 
following  [4  &  28]. 

To  reproduce  this  correlation  here  is 
bevond  our  limits,  so  our  advice  is  to 
consult  the  original  papers. 

Wall  temperature  is  obtained  by  a  thermal 
balance  between  external  and  internal 
radiative  heat  flux  and  the  impingement  as 
already  commented.  Upon  the  reheat  luminous 
flame  emissivity  and  radiative  terms  of 
this  equilibrium  are  modelled  after 
references  [3  &  15]. 


Fig. 6.  Predicted  and  measured  temperatures 
with  and  without  throat  cold  air  injection. 


around  the  circuit  and  use  the  available 
data  in  the  open  literature.  This 
prediction  method  includes  theoretical 
analysis  and  semienpirical  correlations 
coupled  to  numerical  simulation  wherever 
further  refinement  is  required.  A  more 
detailed  description  of  this  design  method 
has  been  given  elsewhere  [24].  Therefore 
here  we  will  only  comment  at  the  asoects 
related  to  the  general  objectives  of  this 
paper . 


The  geometry  of  the  cooling  circuit  can  be 
seen  in  figure  7,  the  fixed  blade  diffuser 
cascade  has  an  inner  passage  with  cooling 
capillaries  in  the  trailing  edge.  The 
thermal  analysis  of  the  blades  requires  a 
detailed  numerical  process  with  NASTRAN 
code  for  the  solid  pieces  and  CFD  code  for 
the  convective  heat  transfer  in  the  blade 
boundary  layer.  But  for  the  purpose  of  the 
circuit  flow  prediction  a  simpler  model  is 
used  estimating  the  internal  friction 
coefficient  using  [25]  and  the  inner  heat 
flux  with  the  expression  from  [2]. 
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The  mean  blade  temperature  is  fixed  by  a 
heat  equilibrium  analysis  where  the 
external  heat  transfer  is  modelled  in  the 
leading  edge  with  the  correlation 
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1.14  R 


1/2  „  0.4 
ed 


2  a 
n 


and  in  the  rest  of  the  blade  surface  with 
the  standard  Nusselt  value  for  turbulent 
boundary  layer. 

The  remaining  heated  flow  which  reaches  the 
plenum  is  forced  to  cross  the  perforated 
wall  to  impinge  onto  the  rear  wall.  This  is 
needed  to  enhance  the  cooling  of  this  wall 


The  flow  behavior  inside  the  lateral  double 
wall  is  calculated  in  a  similar  way  with 
the  simplification  that  no  impingement 
effect  is  present. 

The  mass  flow  and  thermal  predictions  are 
performed  jointly  in  an  iterative  mode.  It 
starts  with  a  hypothetical  mass  flow  at  the 
beginning  of  the  circuit.  Its'  purpose 
being  to  match  the  pressure,  at  the  exit 
located  downstream  of  the  cascade,  obtained 
by  the  program  with  the  actual  value. 


Fig. 7.  Exhaust  diffuser  cooling  circuit. 


5.  EXHAUST  DIFFUSER  TEMPERATURE  ASSESSMENT 

Calibration  tests  were  carried  out  to  check 
the  mass  flow  predicted  through  the  cooling 
circuit.  It  was  performed  in  a  rig  that 
reproduces  the  geometry  and  flow 
conditions,  and  is  divided  into  two  phases 
to  obtain  separately  the  mass  flow  through 
out  both  capillary  trailing  edge  tubes  and 
discharge  exit  downstream  blade  trailing 
edge. 
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Fig. 8.  Results  of  calibration  test  mass 
flow  through  capillary  cooling  tubes  in  the 
blade  trailing  edge. 


4.8 


Figures  (8  and  9]  show  the  comparison 
between  experiments  and  theoretical 
predictions  for  the  capillary  tubes  and  the 
total  cooling  mass  flow. 

The  engine  validation  tests  were  performed 
to  assess  the  pressure  and  temperature 
predictions.  We  will  focus  on  the  cone, 
lateral  and  rear  walls  where  no  further 
calculation  was  performed.  The  figures 
[10,11  and  12]  show  the  comparison  of 
predicted  and  measured  temperature  in  the 
range  of  compressor  speed,  while  figure 
[ 13 ]  shows  the  relative  error  for  both 
temperature  and  pressure  in  several  circuit 
locations. 


Rtmv  LP  eompntssorspRua  OV 


Fig. 11.  Comparison  between  predicted  and 
experimental  values  of  temperature  at  the 
periphery  of  the  diffuser  rear  wall. 
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PRESSURE  RAVO 

Fig. 9.  Results  of  calibration  test.  Total 
cooling  mass  flow  in  exhaust  diffuser 
cooling  circuit. 
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Fig. 10.  Comparison  between  predicted  and 
experimental  values  of  temperature  at  the 
center  of  the  diffuser  rear  wall. 
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Fig. 12.  Comparison  between  predicted  and 
experimental  values  of  temperature  at  an 
intermediate  section  of  the  lateral  wall 


6.  COMCLDSIOMS 

The  comparison  between  predicted  and  actual 
test  results  of  calibration  rigs  and  engine 
test  beds  shows  that  for  design  purposes 
the  accuracy  obtained  is  enough  and  no 
other  complicated  method  is  needed. 
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Fig. 13.  Differences  between  prediction  and 
measured  values.  P,  T  and  M  are  pressure, 
air  temperature  and  metal  temperature 
respectively. 


Relevant  engineering  design  parameters, 
such  as  metal  temperatures,  pressures  and 
mass  flow  were  predicted  within  3%  of 
accuracy.  It  is  possible  to  explore  a  broad 
range  of  flight  envelope  points  using  this 
simple  design  tool.  Further  improvements  on 
the  modeling  of  reheat  radiative  properties 
would  be  needed  if  greater  accuracy  were 
required. 
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Discussion 


QUESTION  1: 

DISCUSSOR:  J.  Saiva  Monfort,  Escuela  Tecnica  Superior  de  Ingenieros  Aeronauticos 
Can  you  explain  in  more  detail  how  you  have  calculated  the  cooling  flux  through  the 
capillary  tubes  in  the  trailing  edges  of  the  blades? 

AUTHOR'S  REPLY; 

The  flow  through  the  cooling  capillary  tubes  in  the  trailing  edge  of  the  blades  is  calculated 
using  the  same  turbulent  one-dimensional  equations  as  for  the  main  passages  of  the 
blade.  Some  problems  of  choking  due  to  the  high  heat  transfer  can  arise.  In  this  case,  it  is 
necessary  to  detect  the  Mach  number  increase  and  to  reduce  the  mass  flow  for  that 
capillary  tube  accordingly. 

QUESTION  2: 

DISCUSSOR:  D.T.  Vogel,  DLR 

You  used  many  of  empirical  constants  in  your  calculations.  Are  these  constants  related 
to  your  special  problem,  or  is  it  possible  to  calculate  other  cooling  configurations? 
AUTHOR'S  REPLY: 

The  correlations  used  are  all  chosen  from  open  literature  taking  into  account  the 
geometry  and  dimensionless  parameters  of  the  problem.  Please  refer  to  the  original 
paper  to  find  out  if  it  can  be  applied  to  other  configurations. 
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j  14.  Abstract 
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I  The  Conference  Proceedings  contains  the  38  papers  presented  at  the  Propulsion  and  Energetics 
I  Panel  80th  Symposium  on  "Heat  Transfer  and  Cooling  in  Gas  Turbines”  which  was  held  from 
1 2th—  1 6th  October  1 992  in  Antalya.  Turkey.  The  Technical  Evaluation  Report  and  the  Keynote 
Address  are  included  at  the  beginning,  and  discussions  follow  most  papers. 

The  Symposium  was  arranged  in  the  foUowng  Sessions;  Turbine  Blades:  External  Heat  Transfer 
(9);  Turbine  Blades:  Internal  Heat  Transfer  (6);  Measurement  Techniques  (4);  Rotating  Disks, 
Labyrinth  Seals  and  Shafts  (7);  Combustors  (4);  Design,  Interactions  (3);  and  Prediction  Methods 
(5). 

Heat  transfer  and  cooling  in  gas  turbines  are  still  key  factors  for  achieving  high  performance, 
increased  life  and  improved  reliability.  Any  progress  in  this  field  will  lead  to  a  reduction  of 
maintenance  cost  and  fuel  consumption.  The  purpose  of  the  Symposium  was  to  bring  together 
experts  from  industry,  research  establishments  and  universities  to  discuss  fundamental  and 
applied  heat  transfer  problems  relevant  to  gas  turbines,  to  exchange  practical  experience  gained 
and  to  review  the  state  of  the  art. 
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Blades:  Internal  Heat  Transfer  (6);  Measurement  Techniques  (4);  Rotating  Disks.  Blades:  Internal  Heat  Transfer  (6);  Measurement  Techniques  (4);  Rotating  Disks, 
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Methods  (5).  Methods  (.3). 


Is  ill 
.1 1 1 
s  1  Is  2 

o  ^  .c  -I  '.S 
“o  =  2 

O  ft 

W  VS  W)  5  eo 

U  ft  S  ©0 

•2  2  a 

00  i:  c  2 

5-S  ai  s  C 

a.  o  §  g  « 

=  s-isl  5.S 
’S  <  C  I  2 
a  = 'I  s  g  2 

“2  l-gj  2 

s  S  3  1=  u 

I  2  I  S  2  I 
I  "8  8  S'  g 

S  >  "o  ^42 
>g  ^'2  ts  i  " 

ft  ^  5  w  ^ 

■"  =  S  E  8  § 
■3^  oi-q'S 

O  “  c»  (/I  55  g 
O  "O  S  C  =  n 
2  5i  S'  “ 
•a  S  2  X  «  o 

§  S  I  2i  -O  s 

c  2  S  ’C 
«  fc 

u  rt>  .  tr  ft 


Tx  »  =  tS  ^ 

«2i  ^  a»  '2  O. 

g  ^  o  op  3  X 

c  5  ft  O  e  ^ 

<d  2  ft  4) 

i  p  C  ©0  g  w 

E  r  c  i  .y 

«  *2  p  *0  o 

3  t  c  ^ 

=  i  2  2  2  & 


jc  m  ty)  t/) 

^2  f  If 

■2  S  .2  J 

c  2  I  ^  I 

■?  a  '2  2  V 

J  1  I  s  2 

■g  -o  E  c  . 

"  H  £  S 

^  a  2  -E 

x:  —  c  ^ 

£  e  5  =■  2 

h*  C  ft 
O  1>  ft 

^  o  So 
43  2  o-a  o 
«i  t  c  2 

£■  S  S.  g  s  t: 

•“  S:,s|  i  S 

=  =  F  =  J  -S 
°  ^  2  I  2  >5 
«  ^‘1  S  2  2 

<9  *21?  S’jCS  S  iS 

•S  6  u  iJ  «5 

u  a  I  ;$  V 

.1  2  S  S  2 -S 

T3  O  3  ^  > 

^  5  w  E  ^  g 

2  >  *45  '5 

S  -  s  “ 

s>l !■§  I  2 

q  -a  "  .B  -  ■q 

'oo  §  s  i  I  § 

8“"  W  4/»  O  G 

•p  P  c  i3  *c3 
u  3  2  V  Ck.  Sb 

•o  g|  i-s-g 

§  2  -a  “  -2  g 

.5  i  2  S  'C 

,2  «  >!  I  -a  S. 

e  e  ^  SpS  g 

§  I  e  2  g  “ 

2  E  .2  u  g  <s 
„  o  tJ  -B  3  a 

Bizi’S  3 

s  IL2  2I  s. 


..  C  TJ 

-S'! 

^  <9 
CD  »J  II 


ft 

®  S 

<9  V) 

E  Ta 

-S  6  r 

sil 

■g  -If 
s5s 


js  eo  2  <«  a> 

^  O  ^  a  2? 

2  ^  ^  S  S 
•g  e  .2  J 
g'Si-o  s 

■?  qa  g  2  « 
u  -e  ^  X  o 

2  >  C.2  2 

o  ts  e  .5  - 

o  I  5  I 

**-  IS  ^  S  t: 

9  (ft  a  s 
2  P  O  ^  ® 

i'isll 

Os  P  2  u  ^ 

S-S-J  I  i 
=  sF 1 1 ^ 
1  g  2  s  i 
E  := ‘I  s  »  2 

ft  *ft  ft  P  C9 

•g  E  o  2  g 

=  •§  I  s|.s 

15  -o  0  g  D.  “ 

B  I  o  ^,2-^ 

IS  o.*®  ^  5  ^ 

“.Is-S  I  2 

C  ^  ^  .5  ft  "D 


G  •©  2  -S  ft  *0 

*"  S  SS  £  S  ft 

00  G  p  0  ,C  " 

P  ^  ft  "O 

IS  Ip  4)  *P  *0  2> 

g—  o  lA  o  c 

H  S  ’-S  ■«3 

^  ft  ^  ^  ^ 

is  G  ft  .. 

■D  2  2  X  8 

s  K  c  «  _  c 

rt  t>  *3  ^  ft  4> 

G  2  4>  S  -ft 

f  E  -S  “6 

Cl>  (ft  o  *3  o. 

^  ^  o  ^  £S  X 

G  5  ft  a  c  « 

w  2  ft  ^  5  — 

i=  E  -2  s>  g  2 

ft  o  ^  ‘r  G  ‘c 

a  *ft  3  p  ^  o 

S  S  "O  C  rr 

I  S.  2  2  2 


■S>S  5  I  I 
1 1  § 
g’S.I’sl 

■>  =  g  2  •- 
V  s  X  wj  - 

2  *  q-2  • 
w  "p  P  .£  ^ 

«  u  ^  2  6 
^  w  2  .E 
*“  2  *  g  -c 

o,  I 'g  =  3 

2  8  5  S 

O  <g  S  S  M. 

>2  2  o.x  o 
op  b  c  2 

"  i.^E  H  S 

5<  c|  2-5 

2  -S -a  8  2  2 

.S'sISll 

•e  -g  8  2  ^  s 

2  il 

s  l-s  -  i  K 
ac1.=  I  o 

p  ^  ”  .S  ft  *0 

» s  I  i  I  g 

G  J>  w  S  ^  *0 

2  IP  4>  *G  q> 
O  w  ««  ©  G 

o  1?  S  C  a  -3 

u  »  S  V  S'  BO 
_  8  §  fr  S'  u 
e  £  S  u  *  e 

"  S  '1  h  "S  g 

h  ■“  E  ■g  "  5 

I  i's  s>'3  K 

1  S  s  f  g  “ 
^  I  -S  S'  1 1 
a  I  S  -c  I  ‘8 

2  t:  <6  -a  g  a 

a  Si.2  2  I  a 


ISBN  92-835-0701-0  ISBN  92-835-0701-0 


